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Introduction 

WEAR is a persistent service condition in many engineering applications with important economic and 
technical consequences. In terms of economics, the cost of abrasion wear has been estimated as ranging from 1 
to 4% of the gross national product of an industrialized nation. The effect of abrasion is particularly evident in 
the industrial areas of agriculture, mining, mineral processing, and earth moving. Likewise, wear is a critical 
concern in many types of machine components; in fact, it is often a major factor in defining or limiting the 
suitable lifetime of a component. An important example is the wear of dies and molds. 
Wear generally is manifested by a change in appearance and profile of a surface. Some examples illustrating 
these types of changes are shown in Fig. 1. Wear results from contact between a surface and a body or 
substance that is moving relative to it. Wear is progressive in that it increases with usage or increasing amounts 
of motion, and it ultimately results in the loss of material from a surface or the transfer of material between 
surfaces. Wear failures occur because of the sensitivity of a material or system to the surface changes caused by 
wear. Typically, it is the geometrical or profile aspects of these changes, such as a dimensional change, a 
change in shape, or residual thickness of a coating, that cause failure. However, a change in appearance and the 
nature of the wear damage also can be causes for failure. An example of the former would be situations where 
marring is a concern, such as with optical scanner windows, lens, and decorative finishes. Examples of the 
latter include valves, which can fail because of galling, and structural components, where cracks caused by 
wear can reduce fatigue life (Ref 1, 2). In addition to these differences, the same amount or degree of wear may 
or may not cause a wear failure; it is a function of the application. For example, dimensional changes in the 
range of several centimeters may not cause wear failure on excavator bucket teeth, but wear of a few 
micrometers might cause failure in some electromechanical devices. As a consequence of these differences, 
there is no universal wear condition that can be used to define failure. The specific nature of the failure 
condition generally is an important factor in resolving or avoiding wear failures. It can affect not only the 
solutions to a wear problem but also the details of the approaches used to obtain a solution. While this is the 
case, there are some general considerations and approaches that can be of use in resolving or avoiding wear 
problems. 

The file is downloaded from www.bzfxw.com



 

Fig. 1  Examples of wear showing loss of material, changes in dimension, and changes in appearance. (a) 
Erosion damage on a butterfly valve component. (b) Fretting damage on a friction band. (c) Sliding wear 
on a cam follower 

The types of activities generally required for the resolutions of wear problems are:  

• Examining and characterizing the tribosystem 
• Characterizing and modeling the wear process 
• Obtaining and evaluating wear data 
• Evaluating and verifying the solution 

While these activities roughly follow the sequence in the list, they generally are interwoven, and the overall 
approach is somewhat iterative in practice. For example, some modeling considerations might influence the 
details of the examination of the tribosystem, or failure during the verification can lead to additional 
tribosystem examination and modeling. Brief descriptions of the need for and the nature of these types of 
activities are presented in the following sections. More detailed treatment of these activities can be found in Ref 
3 and 4. 

References cited in this section 

1. K. Budinski, Incipient Galling of Metals, Proc. Intl. Conf. On Wear of Materials, ASME, 1981, p 171–
185 

2. C. Lutynski, G. Simansky, and A.J. McEvily, Fretting Fatigue of Ti-6Al-4V Alloy, Materials 
Evaluation Under Fretting Conditions, STP 780, ASTM, 1982, p 150–164 

3. R.G. Bayer, Mechanical Wear Prediction and Prevention, Marcel Dekker, 1994 

4. R.G. Bayer, Wear Analysis for Engineers, HNB Publishing, New York, 2002 

 

 



Fundamentals of Wear Failures  

Raymond G. Bayer, Tribology Consultant 

 

Examination and Characterization of the Tribosystem 

Wear is a system characteristic or phenomenon; it is not a materials property. Materials wear differently in 
different wear situations, and different materials wear differently in the same situation. Therefore, it is 
necessary to examine and characterize a number of different parameters, not simply the worn part. A 
tribosystem consists of all those elements that influence the wear process. The basic elements of a tribosystem 
are:  

• Contacting materials 
• Geometrical parameters (shape, size, roughness) 
• Relative motion 
• Loading 
• Type of lubrication 
• Environment 

This tribosystem concept can be extended to include those elements or factors that affect the fundamental ones 
listed. In practice, it generally is appropriate to think of the tribosystem as at least extending to the mechanism 
or device in which the wear occurs. The tribological aspect number (TAN) is a method for characterizing 
tribosystems (Ref 5). This system is useful in evaluating the relevance of data and determining the most 
appropriate simulation test. The wear situation is described in terms of the contact velocity, contact area, 
contact pressure, and entry angle. 
The purpose of the examination and characterization is to be able to define the tribosystem at the point of 
contact or wear site. It is necessary to define to some degree all of the basic parameters for that contact 
situation. The degree that is necessary generally is not the same for all the basic parameters. It depends on a 
number of factors. Fundamentally, it depends on the potential sensitivity of the wear to the various parameters 
in the particular service environment. It is influenced also by the detail that is needed to obtain a solution and 
the type of solution that is acceptable. For some engineering situations, a very crude description might be 
sufficient, such as describing the tribosystem as being a lightly loaded, lubricated contact at low sliding speed 
in an ambient room environment. However, greater detail is always desirable and generally necessary. 
Typically, magnitudes of most parameters, material identification, and details about the nature of the contact 
geometry, loading, and relative motion, are necessary. 
The examination of the tribosystem should include also the inspection and measurement of the wear scars. The 
shape, morphology, and location of the wear scars provide important information generally needed to 
characterize the tribosystem and the wear process. Quantifying the amount of wear, particularly in terms of 
depth, generally is useful as well. The magnitude of the wear can support the characterization of the wear 
behavior and aid in the identification of a solution when used in conjunction with various models and analytical 
relationships. A generally good practice in examining wear scars is to examine them using several different 
methods, such as visual, low-power optical, and scanning electron microscopy (SEM). In many situations, 
magnifications between 30 and a few hundred are most useful. 
In addition to these methods for examining wear scars, a variety of other methods are often used. These 
procedures can and often do include methods to characterize materials, measure dimensions and surface 
roughnesses, determine loads, determine contact stresses, and determine environmental conditions. Some of 
these techniques are discussed in other articles in this Volume, as well as in Ref 3, 4, 6. 
In general, the amount of wear or root cause that results in the failure should be identified and defined. A 
criterion for acceptable wear also should be identified. Both pieces of information generally are important in 
developing an economical and practical solution. These factors should be determined as part of the examination 
and characterization process. 
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Characterization and Modeling of the Wear Situation 

Wear behavior is different in different service environments. The significance of factors and parameters tends 
to change with the type of wear situation. Significant wear phenomena also tend to be different. As a 
consequence, some form of characterization of the wear process is not only helpful but also generally needed to 
resolve or avoid future wear failures. The characterization enables the sorting and identification of appropriate 
information on wear behavior, model development, and selection of wear data. The most useful method of 
characterization is to classify the situation in terms of broad types of wear and then refine these in terms of 
specific operational features. The term abrasive wear is used to describe situations where the principal cause of 
the wear is scratching or cutting by abrasive particles. The term nonabrasive wear is used to describe all other 
wear situations involving contact between two solid bodies (for example, sliding). The term erosion is used 
where the wear is caused by a fluid, a stream of particles, or bubbles (in the case of cavitation), not by contact 
between two solid bodies. The operational classification for nonabrasive wear situations (Table 1) is directly 
based on the characterization of the elements of the tribosystem at the contact. The nominal type of motion, that 
is rolling, sliding and impact, and in the case of sliding, lubricated or nonlubricated wear, often are considered 
as major subcategories of nonabrasive wear situations. Some subcategories for abrasive wear and erosion 
situations, and operational elements that are often significant, are given in Tables 2 and 3. 

Table 1   Operational attributes of nonabrasive wear 

Attribute Variations 
Motion  

With slip    Rolling 
Without slip 
With slip    Impact 
Without slip 
Unidirectional or reciprocating 
High speed or low speed 

   Sliding 

Fretting or gross sliding 
Lubricated or not 
Type of lubricant 

Lubrication 

Lubricant 
Heavy or light Load 
Constant or variable 



 Impact or not 
Point, line, or area Contact geometry 
Conforming or nonconforming 

Contact stress Above or below yield 
Hostile or nonhostile 
High temperature or low temperature 
With or without abrasive particles 

Environment 

pH level 
Materials Type-to-type or dissimilar 

Table 2   Subcategories of abrasive wear 

Attribute Variations 
Number of bodies One-body (abrasive surface) or two-body (loose particles between 

surfaces) 
Stress level High stress or low stress 
Surface alteration Scratching, polishing, or gouging 
Presence of fluid Dry abrasion or slurry abrasion (particles in fluid) 
Relative hardness of particles to 
surface 

Surface harder or softer than particles 

Table 3   Subcategories of erosion 

Type Variables 
Grazing or high angle of incidence Particle erosion 
High or low temperature 
Grazing or high angle of incidence 
High or low temperature 

Cavitation erosion 

Corrosive or noncorrosive fluid 
Grazing or high angle of incidence 
High or low temperature 

Slurry erosion 

Corrosive or noncorrosive fluid 
Grazing or high angle of incidence 
High or low temperature 

Droplet erosion 

Corrosive or noncorrosive fluid 
Grazing or high angle of incidence 
High or low temperature 

Jet erosion 

Corrosive or noncorrosive fluid 
It often is desirable and helpful to augment this type of classification with a characterization of the principal 
wear mechanism or mechanisms involved. Generally, for engineering purposes, characterization in terms of 
broad generic types of wear mechanisms is adequate, and often, the most useful. Identification and 
characterization in terms of specific mechanisms generally are not as useful or needed since they can change 
with materials and other tribosystem parameters. Wear mechanisms generally can be grouped into six generic 
types:  

• Adhesive mechanisms 
• Single-cycle deformation mechanisms 
• Repeated-cycle deformation mechanisms 
• Chemical mechanisms 
• Thermal mechanisms 
• Tribofilm mechanisms 
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More than one type of mechanism can be involved in a wear situation. Also, these individual mechanisms can 
interact sequentially to form a more complex wear process. However, one mechanism generally is the 
controlling and primary mechanism. The relative importance or occurrence of individual mechanisms can 
change with changes in tribosystem parameters. Therefore, materials can exhibit transitions in wear behavior as 
a result of changes in other operational parameters, such as load, velocity, and friction (Ref 7). The wear map 
for unlubricated sliding between steels (Fig. 2) illustrates such transitions (Ref 8). 
 

 

Fig. 2  Wear-mechanism map for unlubricated sliding of a steel couple. The normalized pressure is the 
contact pressure divided by hardness. The normalized velocity is the velocity multiplied by the ratio of 
the radius of the contact to the thermal diffusivity. The contour lines are lines of constant normalized 
wear rate. Pin-on-disk configuration. Source: Ref 8. 

Except for adhesive and tribofilm mechanisms, these generic types are possible with all types of relative motion 
involving one or two solid surfaces. Adhesive and tribofilm mechanisms generally are limited to sliding contact 
between two solid surfaces. Adhesive wear mechanisms are those involving adhesion and transfer of material. 
Single-cycle deformation mechanisms are mechanical processes, which occur as a result of a single 
engagement, such as plastic deformation or cutting. Repeated cyclic deformation mechanisms are mechanical 
processes, which require repeated engagements, such as fatigue or ratcheting. Chemical or oxidative 
mechanisms are wear processes in which the rate-controlling parameters are those associated with a chemical 
reaction at the surface, such as oxidation or corrosion. Similarly, thermal mechanisms are wear processes where 
the rate-controlling mechanism is associated with temperature. Tribofilm mechanisms are those that involve the 
formation of layers of wear debris on and between surfaces and the loss of material from these layers. Tribofilm 
mechanisms tend to be significant in unlubricated sliding situations, particularly between polymers and metals. 



Wear also can be classified in relative terms as mild and severe. This classification is based on the nature of the 
wear, not the amount. The differentiation is primarily in terms of the features of the wear scars and secondarily 
by wear rate. Coarse features and high wear rates are characteristics of severe wear. Examples of mild and 
severe sliding wear are shown in Fig. 3. Most types of wear mechanisms have mild and severe forms, and most 
materials can exhibit both types of behavior. Transitions between these two states are often sharp and can be 
associated with most parameters of the tribosystem; speed, temperature, load, and lubrication are the most 
common. Severe wear behavior usually cannot be tolerated. Consequently, if the wear observed is severe, the 
minimum corrective action required to solve the wear problem is to make changes (by selecting more wear-
resistant materials or by modifying other parameters, for example, shape and load) to achieve mild wear 
behavior. Because of the typical large difference in wear rates between these states, many times such changes 
are adequate, particularly in applications that are less sensitive to wear. 
 

 

Fig. 3  Examples of mild and severe wear morphology. (a) A lubricated sliding wear scar on steel in the 
mild wear regime. (b) The appearance of the same type of scar in the severe wear regime 

Generally, by characterizing the wear situation in these manners, there is sufficient information to formulate a 
model and to assess the significance of various parameters, including materials, which can be changed to 
resolve the wear problem. 
Modeling is an essential element in resolving wear failures. The characterizations of the tribosystem and the 
wear situation provide the basis for models. Simple phenomenological models sometimes are adequate. 
However, more complex models, using analytical relationships for wear behavior, always are superior and 
sometimes necessary. Through the modeling activity, reasons for the failure and measures needed to resolve the 
wear problem both are identified. Models are particularly useful when they involve analytical relations to 
identify the significance of parameters and to assess the significance of proposed changes. The incorporation of 
analytical relationships generally facilitates the identification of causes and minimizes the amount of testing 
associated with obtaining a solution. 
An effective model for a wear situation may be as simple as concluding that, because of too much clearance, 
fretting occurred. Based on this model, two solutions can be proposed. One solution is to select materials that 
are more resistant to fretting wear. The second is to change tolerances to reduce the clearance. This method is 
an example of a simple phenomenological model. A more elaborate model would be describing the wear 
situation as unlubricated mild sliding, impact, or rolling wear, and using analytical models for these wear 
situations to develop relationships between wear and design parameters. These relationships would then be used 
to evaluate the effects of changing different design parameters to achieve adequate wear behavior. Case studies, 
which further illustrate this type of modeling and the use of these models, can be found in Ref 3 and 4. 
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Obtaining and Evaluating Wear Data 

No matter which type of model is developed, the resolution of the problem involves the use of material wear 
data. For phenomenological models, this is generally in the form of rankings or relative wear performance for 
different materials obtained from tests or prior experience. For models involving analytical relationships, this 
generally is in the form of values for empirical wear coefficients, associated with the underlying wear 
equations. All equations proposed for wear have such coefficients (Ref 9). Because of the wide range of wear 
behavior possible and the system nature of wear, the applicability of any data generally depends on how closely 
the conditions of the test used to obtain the data simulate those of the wear situation (Ref 5, 10). If the test 
produces a poor simulation, then the data are less applicable. This concept applies to wear data obtained from 
wear tests done for a specific situation, from material suppliers, or from the technical literature. Generally, the 
best simulation and, hence, the more relevant data are obtainable with wear tests done for the specific situation. 
However, this is usually the least feasible in many engineering environments. On the other hand, vendor and 
technical literature data generally are based on tests that provide less simulation, and their relevance needs to be 
assessed in terms of the simulation that they provide. Some form of extrapolation is generally involved with the 
use of such data. Often it is the trends in such data that are important. The key to the simulation is to ensure that 
the appropriate wear mechanisms occur in both the test and the application. 
A testing approach that may be used in conjunction with a phenomenological model is testing that simulates the 
wear situation and establishes a correlation. This approach is most often used for materials solutions to wear 
problems, but it can be used for other parameters, such as roughness, load, or lubrication. Such a test can then 
be used for rankings. With the use of a reference or central material, an estimate of the improvement in the wear 
situation can be obtained (Ref 9). 
The usefulness, methodology, and general types of laboratory, bench, and component tests are summarized in 
Ref 11. 
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Evaluation and Verification of Solutions 

The development of a model and possible solutions to resolve or avoid a wear problem typically involves 
making assumptions, interpolating and extrapolating data, and often working with incomplete information 
about the tribosystem or conditions of operation. Because of the complex nature of wear behavior, it is 
important to provide some structure and control to the normal engineering practice of evaluating and verifying 
solutions and designs. Generally, this structure and control involve the characterization and control of hardware 
and operating conditions and identifying a procedure for monitoring wear. Ideally this procedure should involve 
the measurement of wear as a function of usage or exposure. This often facilitates, simplifies, and shortens the 
verification by allowing the determination of stable wear behavior and projecting improvement and life, as 
illustrated in Fig. 4. Frequently, the relationship between usage and a measure of wear often used in 
engineering, such as depth or width, is nonlinear; that is, doubling the amount of usage does not result in 
doubling the wear depth but results in something less than double. Because of the precision and variation 
typical of these measurements in engineering situations, it generally is adequate and preferable to select 
measurement intervals on a log or semi-log basis, such as decades or half decades. An example would be 
measurements after one, ten, one hundred, five hundred, and a thousand hours of operation, rather than after 
one hundred, two hundred, three hundred hours, and so on. 
 

 

Fig. 4  Example of a log-log plot of wear data used to identify stable wear behavior and projecting wear. 
A straight line in this type of plot is indicative of stable behavior. 

The characterization of the hardware and operating conditions serves two purposes. One, it insures that the 
conditions and materials are as they should be. The other purpose is that in the event that wear behavior is 
unsatisfactory, this information is needed for the continuation of the process to resolve the wear problem. All 
the tribosystem elements should be characterized. However, the principal parameters to characterize in most 
cases are material conditions, dimensions, roughness, and adjustments. If multiple tests can be done, or if 
different conditions can be included in a single test, it is useful and desirable to sort the hardware into different 
categories, particularly ones representing extremes, to determine the range of wear behavior that would be 
associated with these differences. This concept is particularly true when such differences are large and may be 
significant. The same approach should be used for operating conditions, when there are pronounced differences 
over the range of these parameters. 
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Avoiding Wear Failures 

The ideal way of addressing a wear failure is by designing the mechanism initially to give adequate life (Ref 3). 
This approach is sometimes referred to as wear design. This method is similar to that of resolving a wear failure 
and becomes identical to it once there are some testing results. With design, the initial step is not the 
examination of hardware, as is the case with a failure, but developing various scenarios about the operation of 
the device and what constitutes a wear failure. As a minimum, the initial design should follow good tribological 
design practices and be selected to ensure that severe wear is avoided. For some applications, this approach 
may be adequate. For applications that are more sensitive to wear, analytical relationships for detailing the wear 
process may then be used to further refine and evaluate designs. Once hardware is built and some testing done, 
worn parts are available for examination, and the activities are identical to those that started with a wear failure. 
It is essential to determine the root cause of the wear failure. 
Wear failures and problems tend to be very individualistic in terms of wear behavior and what constitutes a 
failure. Because of this tendency, there is no one type of solution or model that can be used as the basis for a 
solution. There are, however, some common elements in approaches that are used to resolve or avoid wear 
problems, and these have been described. Combined, they provide a general methodology for approaching wear 
failures. A key aspect in resolving wear failures is to recognize that wear is a system property or characteristic 
and not a materials property. While material changes are often involved in solutions to wear problems, this is 
not the only way of resolving such problems. Often, changes in other parameters are adequate by themselves or 
required in conjunction with a material change. Very often a key to the resolution of a wear problem is by 
detailed examination of worn parts and studying the operation of the device. While not always necessary, the 
use of analytical relationships for analyzing wear failures and developing solutions is feasible, generally 
worthwhile, and recommended (Ref 4). Further information about techniques used to investigate wear failures, 
as well as information about failure modes and wear behavior in different situations, is presented in other 
articles of this section. Several of the references (Ref 3, 4, 5) provide additional information about wear 
behavior, testing, and the use of analytical relationships for wear that are useful in resolving and avoiding wear 
failures. 
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Abrasive Wear Mechanisms 

Of all the areas where abrasive wear is a problem, probably the most severe environment is in the excavation, 
earth moving, mining, and minerals processing industries, where component deterioration occurs in a wide 
variety of equipment, such as bulldozer blades, excavator teeth, rock drill bits, crushers, slushers, ball mills and 
rod mills, chutes, slurry pumps, and cyclones. However, abrasive wear is not limited to these activities. 
Abrasion presents problems in many wear environments at one point or another, even though it may not be the 
primary wear mechanism to begin with. In any tribosystem where dust and wear debris are not, or cannot be, 
controlled and/or excluded, abrasive wear is eventually a major problem. The wear of parts, the cost of repair 
and replacement of these parts, and the associated downtime related to these activities result in significant costs 
to many industries. 
The individual factors that influence abrasive wear behavior are shown in Table 2. For both the abrasive and 
wear material, the majority of factors that affect abrasive wear behavior are related to their respective 
mechanical properties. Also of importance is the mechanical aspect of the abrasive/wear material interaction. 
Chemical processes, however, are also important, that is, corrosion or oxidation, because they directly influence 
the rate of wear of a material in the environment of interest. 

Table 2   Factors influencing abrasive wear behavior 

Abrasive properties Particle size 
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Particle shape 
 
Hardness 
 
Yield strength 
 
Fracture properties 
 
Concentration 

Contact conditions Force/impact level 
 
Velocity 
 
Impact/impingement angle 
 
Sliding/rolling 
 
Temperature 
 
Wet/dry 
 
pH 

Wear material properties Hardness 
 
Yield strength 
 
Elastic modulus 
 
Ductility 
 
Toughness 
 
Work-hardening characteristics 
 
Fracture toughness 
 
Microstructure 
 
Corrosion resistance 

The influence of the parameters listed in Table 2 can be explained by their effect on the mechanism by which 
material is removed from a worn surface. The simplest model of abrasive wear is one in which rigidly 
supported hard particles indent and are forced across the surface of the wear material. Depending on the 
properties of the abrasive and wear materials, one of several wear mechanisms (Fig. 4) may occur (Ref 7, 10):  

• Plowing occurs when material is displaced to the side, away from the wear particles, resulting in the 
formation of grooves that do not involve direct material removal. The displaced material forms ridges 
adjacent to grooves, which may be removed by subsequent passage of abrasive particles. 

• Cutting occurs when material is separated from the surface in the form of primary debris, or microchips, 
with little or no material displaced to the sides of the grooves. This mechanism closely resembles 
conventional machining. 

• Fragmentation occurs when material is separated from a surface by a cutting process and the indenting 
abrasive causes localized fracture of the wear material. These cracks then freely propagate locally 
around the wear groove, resulting in additional material removal by spalling. 



 

Fig. 4  Microscopic mechanisms of material removal between abrasive particles and the surface of 
materials. Source: Ref 6  

The plowing and cutting mechanisms involve predominately plastic deformation of the wear material, while the 
third mechanism also involves fracture. Thus, the dominant mechanisms that occur for a particular operating 
condition are influenced to a great extent by the plastic deformation and fracture behavior of the wear material. 
Materials that exhibit high fracture resistance and ductility with relatively low yield strength are more likely to 
be abraded by plowing. Conversely, materials with high yield strength and with low ductility and fracture 
resistance abrade through fragmentation (Ref 7, 10, 11). 
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Additional wear mechanisms can operate in materials that exhibit a duplex microstructure or that are made up 
of two or more component phases (e.g., a composite-type material, such as a high-chromium white iron, or a 
composite drill bit, such as diamond or tungsten carbide inserts in a steel matrix), the individual components of 
which vary in their mechanical properties. Under some abrasive wear conditions, removal of the softer phase 
(usually the matrix) can occur by one or more of the previously mentioned mechanisms. This process then 
leaves the harder phase unsupported, in which case it may either become detached from the wear surface by a 
pull-out mechanism or be more susceptible to wear by fragmentation. In addition, the presence of an interface 
between the various components of the composite may promote cracking and fragmentation of the harder 
phase, particularly under impact-abrasion conditions. 
The rate of material removal (or its wear rate) for any of the previously mentioned processes is influenced by 
the extent of indentation of the wear material surface by the abrasive particle. This depth of indentation, for a 
given load, is a function of the hardness of the wear material and the shape of the abrasive particle. Angular 
particles indent the wear surface to a greater extent than rounded particles, leading to higher wear rates. In 
addition, angular particles are more efficient in cutting and machining (Ref 11). 
The hardness of the wear material, or more particularly, the hardness of the worn surface, is an important 
parameter in determining the resistance of a material to abrasion. An increase in the surface hardness of the 
wear material reduces the depth of penetration by the abrasive particle, leading to lower wear rates. However, 
an increase in the hardness of a material is also accompanied by an attendant reduction in its ductility, resulting 
in a change in the abrasion mechanism, for example, from predominately plowing and/or cutting to 
fragmentation (Ref 12). 
For mechanisms involving predominately plastic deformation, that is, plowing and cutting, the wear rate can be 
expressed through the following parameters (Ref 7, 9): the probability of wear debris formation, the proportion 
of plowing and cutting processes, the abrasive particle shape and size, the applied stress, and the hardness of the 
wear surface. 
For brittle materials (e.g., ceramics), a transition from a purely cutting mechanism to one that also involves 
fragmentation occurs when the nature of contact changes from elastic-plastic indentation to Hertzian fracture 
(Ref 11). The conditions under which this transition occurs are dependent on the size and shape of the abrasive 
particles, the applied stress, and the hardness of the wear surface. In addition, the fracture resistance of the wear 
material, as measured by the fracture toughness, is also important. Decreasing the hardness of the wear 
material, and increasing the fracture toughness, increases the critical abrasive size at which the transition to 
fragmentation occurs. Thus, reducing the hardness of brittle materials, or alternatively, increasing their fracture 
toughness, leads to lower wear rates (Ref 7, 10). 
Abrasive wear mechanisms involving plastic deformation, cutting, and fragmentation occur predominantly in 
materials with relatively high elastic modulus, that is, metals, ceramics, and rigid polymers. As the elastic 
modulus decreases, the nature of the abrasive/wear material contact changes, with localized elastic deformation 
becoming more significant. The probability of wear occurring by plastic deformation mechanisms decreases, 
such that for elastomers, cutting mechanisms can occur only with contact against sharp abrasive particles. For 
contact against blunt abrasive particles, the two main wear mechanisms are tensile tearing and fatigue. 
For the abrasive wear of polymeric materials, the following material parameters are important (Ref 10): elastic 
modulus and resilience, friction coefficient, tensile strength and tear resistance, elongation at break, and 
hardness. The wear behavior of elastomers is particularly sensitive to abrasive impingement angle, because this 
influences the dominant modes of deformation and hence, the wear mechanisms. At low impingement angles, 
tensile tearing occurs, and the tear resistance of the material is important. At impingement angles close to 90°, 
the behavior of the elastomer is essentially elastic, and resilience is a major factor in determining wear 
resistance. For abrasive wear conditions in which significant energy levels are dissipated in the abrasive/wear 
material contact, elastomeric linings are usually designed such that impingement angles are as close to 90° as 
possible. 
Contact Pressure. In general, higher contact pressures between the abrasive particle and the wear surface in 
abrasive wear situations cause higher wear rates. As the force applied to an abrasive particle increases, the 
contact pressure between the abrasive and component wear surface also increases. As the contact pressure nears 
and exceeds the yield strength of the wear surface in the contact zone, the depth of abrasive penetration 
increases. For a given length of relative motion between the abrasive and the wear surface, deeper penetration 
generally removes more material or causes damage to a larger volume of material. The contact pressure/wear 
rate relationship has been discussed in more detail by several authors (Ref 13, 14, 15, 16, 17, 18, 19). 



One of the more general (and generally accepted) wear equations was developed by Archard in 1953 (Ref 20):  
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where W is volume of worn (removed or disturbed) material, K is a constant related to probability of surface 
contact and debris formation, s is sliding distance, P is applied load, and pm is flow pressure (related to 
hardness) of wearing surface. 
The constant K is usually treated as a material property and is determined empirically. Typical values for 
various materials have been established through extensive wear testing (Ref 20). Sliding distance is one part of 
the volume aspect of affected material. Applied load combined with the flow pressure/hardness provide a 
measure of the depth of penetration of abrasive particles and supply the second volume dimension. 
Abrasive Characteristics. Abrasive particle size has a significant effect on material wear, with the greatest effect 
being for nonmetals (i.e., ceramics and polymers) (Ref 21). In nonmetals, the effect of particle size is associated 
with changes in the predominant mechanism of material removal. Ceramics undergo a transition to 
fragmentation above a critical abrasive particle size, whereas elastomers undergo a transition from elastic 
behavior to either tearing or fatigue. 
In metals, the effect of abrasive particle size is minimal for particle sizes >100 μm. Below this particle size, the 
wear rate decreases rapidly with decreasing particle size (Ref 11). This particle size effect is usually attributed 
to the nature of the abrasive/wear material contact, with decreasing size favoring elastic rather than plastic 
contact. 
Abrasive hardness, or the ratio of hardness (Vickers) of the wear material to the hardness (Vickers) of the 
abrasive (H/Ha), is a critical parameter in abrasive wear. It is well known that the abrasive wear rate decreases 
as the hardness of the worn surface approaches that of the abrasive (Ref 10, 14, 15, 16, 19). When the hardness 
of the worn material exceeds that of the abrasive, the wear rate decreases rapidly. Figure 5 shows this particular 
effect for metals and ceramics. 

 

Fig. 5  Effect of abrasive hardness on wear behavior of metals and ceramics. Source: Ref 7 
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This ratio effect of H/Ha on abrasive wear results from a change in the nature of the contact mechanics. At H/H a 
ratios between 0.6 and 0.8, the contact conditions give rise to extensive plastic deformation. At higher H/Ha 
ratios, the nature of the contact becomes essentially elastic (Ref 10, 11, 22). As a result, wear rates decrease, 
unless material is removed by mechanisms other than cutting and plowing, for example, fragmentation. 
As the hardness of the worn surface approaches that of the abrasive, plastic flow of the abrasive may occur, 
leading to a reduction in the cutting ability of the abrasive particle. In addition, it is possible to fracture the 
abrasive when the plastic zone in the abrasive particle reaches a critical size (Ref 10, 19). This effect for the 
abrasive particle is analogous to the transition from purely cutting to fragmentation in the abrasion of brittle 
materials. 
The effect of H/Ha on wear behavior is also influenced by the size and compressive strength of the abrasive 
particles. Coarse abrasives are more likely to fracture than fine abrasives, partly due to a decrease in tensile 
strength with increasing particle size. In addition, fracture of the abrasive may regenerate sharp facets and 
produce loose abrasive fragments, which in turn increase wear rates. Loading conditions also have an effect, 
because increasing the contact stress between abrasive and wear material increases the probability of fracture of 
the abrasive particles. 
Contact Conditions. It is difficult to assess the effects of individual contact conditions on the wear interactions 
among abrasive and wear material, because their effect is synergistic in nature. Force, impact level, velocity, 
and impingement angle combine to influence the wear rate of the material. 
Increasing the contact stress between the abrasive and the wear surface results in greater indentation depths and 
an increased tendency for fracture and fragmentation in both brittle wear materials and abrasives (Ref 10, 19). 
This generally leads to increased wear rates, although exceptions may occur if the abrasivity of particular 
minerals decreases with failure of the abrasive particle. The effect of nominal contact stress on the relative 
abrasion rating of a range of metallic materials is shown in Fig. 6. 
 
 

 

Fig. 6  Effect of nominal contact stress on relative abrasion rating of metallic wear materials. QT, 
quenched and tempered. Source: Ref 5  

The general effect of increasing nominal contact stress levels is to increase wear rates; however, the occurrence 
of significant impact during the abrasive/wear material contact may also accelerate the rate of material removal. 
This acceleration results from the increased amount of kinetic energy dissipated during contact. This energy 



may arise either from the moving abrasive particles or from the moving wear surfaces, as in the case of impact 
crushers. For brittle materials, increased fragmentation occurs under impact conditions, whereas elastomers 
may only suffer an increase in cutting and tearing modes, associated with insufficient elastic recovery. 
The nominal force level may also determine the level of constraint experienced by abrasive particles. Under 
low-stress abrasive conditions, the abrasive particles can be free to rotate as they move across the surface of the 
wear material and are less likely to indent and scratch the surface. The tendency for the abrasive particle to 
rotate also depends on the abrasive particle shape, with angular particles being more likely to slide rather than 
roll. Increasing the nominal force acts to constrain the abrasive particle in its orientation to the wear surface, 
thereby increasing the wear rate. 
The effect of velocity on wear behavior is associated with the dissipation of kinetic energy during abrasive/wear 
material contact. For a large number of abrasive wear environments, the velocity of abrasive particles is 
relatively low (<10 m/s) and therefore of little importance. However, in slurry pumps, that is, the transport of 
abrasive particles in slurry or pneumatic form, the effect of velocity is significant. Under these conditions, the 
wear rate is proportional to velocity (W α Vn, where W is the wear rate, V is the velocity of the abrasive, and n is 
a constant for the abrasive/wear material synergism). The value of n falls in the range of 2 to 3, although the 
exact value for any particular condition is dependent on the properties of both the abrasive and wear material 
and on the angle of impingement (Ref 10, 22, 23). For softer abrasives, n tends to increase with decreasing 
abrasive particle size. For brittle materials and high impingement angles, the value of n tends toward the higher 
extreme. 
In erosion, a change in abrasive impact velocity can lead to a change in the dominant wear mechanism (Ref 24), 
resulting in a change in wear rate. Higher values for n are associated with increased cutting and fragmentation. 
Figure 7 depicts the effect of erosive particle velocity on the wear of a range of materials. 
 

 

Fig. 7  Effect of impact velocity on erosive wear. Source: Ref 12 

The influence of impingement angle on wear depends on the properties of the wear material and is associated 
with changes to the dominant wear mechanism. At high impingement angles (60 to 90°), brittle materials 
typically experience elevated wear rates, resulting from increased fragmentation and spalling. Conversely, 
elastomers are more effective under these conditions, because much of the impact energy can be dissipated 
through elastic deformation. 
At low impingement angles (10 to 30°), elastomers cut and tear more readily, leading to increases in wear rates. 
Hard, brittle materials usually perform better under these conditions. For materials intermediate in their 
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mechanical properties, for example, some metals, the effect of impingement angle depends on the ductility of 
the material (Ref 24). The effect of impingement angle on the erosive wear behavior of a number of materials is 
shown schematically in Fig. 8. 
 

 

Fig. 8  Effect of impingement angle on erosive wear. Source: Ref 12 

Properties of the Wear Material. The properties of the wearing material that influence wear behavior are 
grouped into the following categories: mechanical properties, microstructure effects, and other properties 
(corrosion resistance, friction, thermal effects). Because abrasive wear is primarily a mechanical process, 
particularly in the absence of corrosive environments, mechanical properties are of major importance, whereas 
the role of microstructure depends on the severity of the wear environment. The following discussion is 
patterned after the approach of Mutton (Ref 10) and Moore (Ref 11). 
Mechanical Properties. The resistance to indentation (hardness) is an important variable in determining abrasion 
resistance. Laboratory wear tests indicate that the abrasive wear resistance for particular material types 
increases with increasing hardness (Fig. 9). However, large differences in abrasion resistance can also occur at 
similar hardness levels. These differences arise from variations in the plastic flow characteristics of the various 
materials, which in turn influence the predominant wear mechanism (Ref 7). The general relationships between 
abrasion resistance and hardness for plowing and fragmentation are similar to those shown in Fig. 10 for pure 
metals and ceramics. 



 

Fig. 9  Abrasion resistance versus hardness for various material types in high-stress pin abrasion tests 
(silicon carbide abrasive). Source: Ref 6  

 

Fig. 10  Influence of hardness and E/σy on dominant wear mechanism. Source: Ref 5 

In the absence of fragmentation, plowing and cutting involve plastic flow of the wear material either in front of 
or to the sides of the indenting abrasive particles. The plastic flow behavior of the material can be characterized 
by the ratio E/σy where E is the elastic modulus and σy is the flow stress of the non-work-hardened material. 
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Decreasing E/σy favors a cutting mechanism, in which a high proportion of material is removed as microchips. 
Increasing the hardness of the wear material has a similar effect, as shown in Fig. 10. 
Although Fig. 10 indicates that changing E/σy can significantly affect the dominant wear mechanism, its impact 
on wear resistance is not as clearly established. For a constant value of E, a decrease in σy favors plowing. This 
should lead to lower material wear rates. However, decreasing σy also decreases hardness, which favors greater 
depths of indentation and a reduction in the wear resistance of the material. For materials of equivalent 
hardness, the general trend is for wear resistance to increase with higher E/σy values (Ref 11). 
The wear material properties discussed thus far (i.e., hardness, elastic modulus, and flow strength) relate to 
material behavior at relatively low strains. For example, the plastic strain produced by indentation hardness 
testing of metals is typically between 8 and 10%. During the abrasive wear process, the extent of plastic strain 
experienced by a worn surface may approach these values. For these cases, the behavior of the wear material at 
high plastic strains is important, and here, high values of the work-hardening coefficient and ductility are 
favorable. 
Tensile strength and ductility are also important mechanical property parameters in a wear environment, 
especially for polymers, which undergo elongations-to-fracture approaching 500%. Laboratory wear studies 
indicate that the wear resistance of both rigid and ductile polymers is roughly proportional to the work of 
rupture, which is defined as the product of the rupture stress and elongation-to-fracture. 
The abrasion resistance of polymers also increases with increasing indentation resistance, although this 
relationship is not as well defined for polymers as it is for metals and ceramics. This is due in part to the 
viscoelastic nature of polymer deformation behavior. In addition, the absolute hardness levels for polymers are 
much lower than those for metals and ceramics. 
For elastomeric materials such as natural rubbers and polyurethanes, the deformation behavior during abrasive 
wear may be entirely elastic, in which case resilience or hysteresis loss is important. High resilience favors 
increased abrasion resistance, while increasing hysteresis losses under high impact levels result in material 
breakdown, exacerbated by heat buildup. 
For materials that undergo wear by fragmentation, abrasion resistance varies with fracture toughness. However, 
the contribution from microcracking and fragmentation depends on the severity of the wear environment, in 
particular the applied load and abrasive particle size. 
For metals and ceramics, the general form of the relationship between wear resistance, hardness, and fracture 
toughness (Kc) is illustrated in Fig. 11 (Ref 25). For low-fracture-toughness materials (>14 MPa m , or 13 
ksi in ), wear resistance increases with increasing fracture toughness, despite a marked decrease in hardness. 
The increase in the wear resistance of the material results from a reduction in the fragmentation contribution to 
the total wear rate. For materials with high fracture toughness, wear occurs by cutting and plowing only. Hence, 
the wear rate of the material is controlled by the indentation resistance. In this case, wear resistance decreases 
with decreasing hardness. 
 

 

Fig. 11  Schematic relationship between wear resistance, hardness, and fracture toughness. Source: Ref 6  

The transition from fracture (fragmentation) to plastic deformation (cutting and plowing) is dependent on the 
critical groove size (pcrit) and the contact stress. These parameters, in turn, also depend on the ratio of fracture 



toughness to hardness (Kc/H). From Fig. 11, maximum abrasion resistance is obtained by optimizing the ratio 
Kc/H while maintaining the indentation hardness or groove size slightly below that at which the transition to 
fragmentation occurs (Ref 11). 
Increasing the severity of the wear environment, by increasing either the applied load or the size, hardness, or 
angularity of the abrasive particles, shifts the transition from fragmentation to cutting/plowing to higher values 
of fracture toughness (Fig. 11). This results in a decrease in the maximum wear resistance. 
Microstructure. Microstructural effects on abrasive wear depend on the overall magnitude or scale of the wear 
environment. For high-impact loads, large abrasive particle size, and so on, the size of the microstructural 
features is generally much smaller than that of the abrasive wear damage. In this case, the role of microstructure 
on wear resistance is limited to its effect on bulk mechanical properties. Abrasive wear rates, particularly for 
materials that exhibit homogeneous microstructures, may correlate with bulk hardness (Ref 11). Figure 12 
shows the effect of microstructure and hardness on the high-stress abrasion resistance of steels. Over a limited 
hardness range (200 to 300 HV, or 2.0 to 3.0 GPa), relative abrasion resistance decreases in the order (Ref 11): 
austenite > bainite > pearlite > martensite. 
 

 

Fig. 12  Effect of microstructure and hardness on the abrasion resistance of steels: high-stress abrasion, 
alumina abrasive. Source: Ref 7  

This effect can be attributed to the influence of microstructure on plastic deformation behavior. However, 
bainitic and martensitic microstructures offer greater abrasion resistance at higher hardness levels (>400 HV, or 
4.0 GPa). 
At lower loads, and with smaller abrasive particle sizes, microstructural features are more effective as discrete 
components, and the mechanical properties of individual phases assume increased importance. This occurs 
when the size of the microstructural features is approximately equal to, or larger than, that of the abrasive. 
Under these conditions, materials with duplex microstructures, for example, alloy white irons and some 
ceramics, are more sensitive to microstructural effects. In such materials, size, spacing, and volume fraction of 
the harder phase, as well as the mechanical properties of both hard and soft (matrix) phases, can significantly 
affect wear behavior. Thus, the abrasion resistance of the material either increases, decreases, or remains the 
same by increasing the volume fraction of the harder phase. The net effect depends on the various contributions 
of the plowing, cutting, fragmentation, and pull-out mechanisms to the total wear rate. Figure 13 shows 
schematically this behavior for alloy white irons and alloy carbide materials. The transition from increasing to 
decreasing abrasion resistance with increasing carbide volume fraction is associated with the relative 
contributions of fragmentation of the carbides and plowing/cutting of the matrix to the total wear. Carbide 
hardness, and size relative to that of the wear damage, also influences these trends (Ref 11, 26). 
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Fig. 13  Influence of microstructure on abrasive wear behavior of alloy white irons and chromium 
carbide materials. Source: Ref 5  

Other Properties. Wear processes that involve plastic deformation (i.e., cutting and plowing) also generate 
significant increases in temperature at the wearing surface. These increases occur as a result of frictional energy 
dissipation at the interface between the wearing surfaces. Under these circumstances, the wear behavior is 
influenced by characteristics such as the friction coefficient and thermal conductivity of the two wear bodies. In 
materials that exhibit low values of thermal conductivity, one of two additional effects may arise, depending on 
other material properties. Localized thermal expansion in ceramics may result in additional material loss by 
spalling; conversely, localized temperature increases in polymers may give rise to melting. Materials that 
exhibit low friction coefficients under dry sliding conditions (e.g., some polymers and finely ground ceramics) 
suffer less degradation through frictional temperature rise effects. 
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Wear Failure Analysis 

Table 3 presents the procedural sequence used in general failure analysis studies. Failure analysis studies can be 
broken down into the following major categories through the collection of documentary evidence: service 
conditions; materials, handling, storage, and identification; interviews; field investigation; laboratory analysis; 
and dimensional analysis (Ref 2). The same general procedure is used in analyzing wear failures. 

Table 3   General fracture failure analysis procedural sequence 
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Step 1: Determine prior history  
Review documentary evidence 
 
   Test certificates 
 
   Mechanical/wear test data 
 
   Pertinent specifications 
 
   Correspondence 
 
   Interviews 
 
   Depositions and interrogatories 
 
Review service parameters 
 
   Design or intended operating parameters 
 
   Actual service conditions 
 
      Temperature data (magnitude and range) 
 
      Environmental conditions 
 
      Service loads/stresses 
Step 2: Clean failed parts or specimens  
Step 3: Perform nondestructive tests  
Macroscopic examination of wear/fracture surface 
 
   Presence of color or texture 
 
      Temper colors 
 
      Oxidation 
 
      Corrosion products 
 
      Contaminants 
 
   Presence of distinguishing surface features 
 
      Shear lips 
 
      Beach marks 
 
      Chevron markings 
 
      Gross plasticity 
 
      Large voids or exogenous inclusions 
 
      Secondary cracks 
 



   Direction of propagation 
 
   Fracture origin 
 
Detection of surface and subsurface defects 
 
   Magnaflux 
 
   Dye penetrant 
 
   Ultrasonics 
 
Hardness measurements 
 
   Macroscopic 
 
   Microscopic 
 
Chemical and microstructural analysis 
 
   Macrochemistry (“wet” chemical analysis) 
 
   Spectrographic analysis 
 
   X-ray diffraction 
 
   Electron beam microprobe analysis 
Step 4: Perform destructive tests  
Metallographic (light microscopy, scanning electron microscopy, transmission electron microscopy) 
 
   Macroscopic 
 
   Microscopic 
 
      Structure 
 
      Grain size 
 
      Cleanliness 
 
Mechanical tests 
 
   Tensile 
 
   Impact 
 
   Fracture toughness 
 
Corrosion tests 
 
Wet chemical analysis 
Step 5: Perform stress analysis  
Step 6: Store and preserve parts or specimens  
Source: Ref 1  
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Wear is a systems problem (Ref 5, 27). The process of accurately detailing an abrasive wear failure consists of 
a series of defined tasks undertaken by the failure analysis specialist. Each task is designed to obtain specific 
information from the failed components and system. These tasks are generic to most failure analysis 
investigations and can be summarized in the following list (Ref 28):  

1. Identify the actual materials used in the worn part, noting also the operating environment, abrasive 
causing the material loss, the wear debris, and any lubricant used (as needed). 

2. Identify the specific wear mechanism, or combination of wear mechanisms, that caused the loss of 
material or change in the surface dimensions: adhesive wear, abrasive wear, corrosive wear, surface 
fatigue, erosive wear, and so on. 

3. Determine the change in the overall dimensions to the surface configuration between the worn surface 
and the original surface. 

4. Determine the relative motions involved in the tribosystem that caused the loss of material, for example, 
abrasive wear, including the direction and velocity of the relative motion. 

5. Determine the force or contact pressure between mating surfaces or between the worn surfaces, that is, 
the counterfaces and the abrasive particles, on both the macroscopic and the microscopic level. 

6. Determine the wear rate by calculating the material loss over some unit of time or distance. 
7. Determine the coefficient of friction (if possible). 
8. Identify the type of lubricant used and its effectiveness in slowing down material loss, for example, was 

the grease, oil, modified surface, naturally occurring oxide layer, adsorbed film, or intentional foreign 
material beneficial or not. 

9. Establish whether the observed wear is normal or abnormal for the particular application. 
10. Devise a solution, if required. 

In most failures, some or even most of this information is simply not available. The more information that can 
be accurately determined, however, the better the chances of making a successful determination of cause and 
therefore, chance of remediation. These steps are used in each of the example failure analyses in this article. 
In order to perform effective analyses of abrasive wear failures, it is not enough to have a broad-based 
knowledge of the mechanical situation found in the wear environment. A good background in metallurgy, 
ceramic science, or materials science is also necessary. In addition, access to investigative diagnostic tools is 
required for examination of worn surfaces and structures on both a macroscopic and microscopic level (Ref 29). 
This includes methods such as optical and electron microscopy, electron spectroscopy for chemical analysis, x-
ray diffraction, low-energy electron diffraction, and Auger electron spectroscopy. Above all, a well-
documented plan of investigation is needed before any analysis is begun. 
Once a plan of investigation is decided on, it is then necessary to develop a case history of the failure, 
documenting as much as possible all aspects of the problem. This may not be easy to do, because in most cases, 
detailed operating records are not kept. However, it is important to collect as much information about the 
operating history of the component as possible in this portion of the investigation. More importantly, it is 
necessary to determine at this stage whether the component and associated parts were operating properly, that 
is, as they were intended. If they were not, then it is easy to correct the problem by specifying the correct 
operating procedures and then to monitor subsequent operational situations to see if the same problem occurs. 
However, in many cases, operation of the component and associated parts was within limits. In these instances, 
a thorough examination of the parts is necessary, using some or all of the analytical tools mentioned previously. 
It is important, however, to examine the worn surfaces of the part of the failed component prior to its 
disassembly. Doing this provides a broad operational overview of the failure of the component, or more 
precisely, how all the parts fit together and operated. At this point in the analysis process, all operational 
questions need to be answered. Once a record is obtained, no matter how incomplete, the component can be 
broken down into its constituent parts, as was done in the case studies investigated in this article. Then the wear 
surfaces can be analyzed for manufacturing and/or material defects or any other unusual occurrences, and a 
preliminary determination as to the cause of the wear failure expounded. This may or may not lead to 
remediation procedures. If it does, these steps can be investigated on subsequent components to see if the 
failure was properly resolved (such as a change in material used for the parts or a redesign of the part to 
eliminate a possible design feature leading to accelerated wear). Of course, the material or design requirements 



to solve an abrasive wear failure, or any failure for that matter, may prove to be too expensive, leading to other 
solution approaches, such as the complete redesign of the component and the associated parts that failed. 
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Examples of Abrasive Wear 

Example 1: Jaw-Type Rock Crusher Wear. Although rock crushing and mineral comminution components are 
expected to lose surface material during their operating lifetime, this loss of material still results in reduced 
and/or eliminated component function and leads directly to failure. In this type of system, mineral ore flows 
down a feed chute into the upper portion of the crushing zone, which consists of two plates, one stationary and 
one moving. The chunks of rock enter at the top and are reduced in size each time the jaws cycle toward each 
other. The mineral then moves through the crushing zone until it reaches the desired size at the bottom, where 
the crushed pieces exit through the gap at the bottom of the plate assembly each time the plates separate to 
accept new rock. 
Figure 14 shows the jaw crusher wear plates after processing a quantity of mineral ore. In this case, the crusher 
plates are of the size and type outlined in ASTM G 89. The plates were quenched-and-tempered, low-alloy steel 
(~0.30 wt% C at 514 HB hardness), with an elliptical motion of the movable plate relative to the fixed plate 
(Ref 30). In this case, the entering rock is 50 to 75 mm (2 to 3 in.) in size. On exiting the jaw crusher plate 
assembly, the mineral is approximately less than 6 mm (0.2 in.) in size. Notice that for this jaw crusher 
configuration, the stationary plate absorbs the most severe gouging-abrasive wear (right side of the plate). Table 
4 summarizes the damage characteristics on both the stationary and moveable plates. 
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Fig. 14  Photograph of the movable (top) and stationary (bottom) wear plates from the jaw crusher. The 
feed moves across the plates from left to right, so the most severe wear occurs at the exit area toward the 
right. 

Table 4   Jaw crusher plate damage summary 

Location 
(from top) 

Typical event 
size 

Plate   

mm in. 

Damage type 

mm in. 

Relative 
material loss 

Displacement 
direction 

Zone 
1 

0–50 0–2 Blunt with flow 12 0.5 None Up 

Zone 
2 

50–100 2–4 Mixed rm 25 1.0 Minor Up 

Zone 
3 

100–
175 

4–7 Sharp and deep, 
rm 

25 1.0 Moderate Up 

Moveable 

Zone 
4 

175–
210 

7–
8.3 

Small, direct 
penetration 

6 0.25 Minor Up 

Zone 
1 

0–50 0–2 Blunt, direct 
penetration 

12 0.5 None None 

Zone 
2 

50–100 2–4 Sharp, direct 
penetration 

18 0.75 Moderate Up 

Stationary 

Zone 
3 

100–
210 

4–
8.3 

Sharp, rm 12 0.5 Majority Up 

rm, relative movement direction; that is, direction the surface metal is flowing 
Example 2: Electronic Circuit Board Drill Wear. Very small drill bits are used for drilling holes in electronic 
printed circuit boards (PCBs). To be economical, the drilling process must be completed quickly, because of the 
large number of holes in each board. This high-speed drilling operation thus requires automatic drilling 
machines capable of identifying hole location, starting and stopping quickly, and changing worn drill bits as 
needed. The maximum drilling rate for the system is the rate of maximum drill bit breakage. Generally, the 
optimal drilling conditions are determined by pushing the drilling conditions to their limit, that is, until drill bit 
failure. The failure of the drill bits is then analyzed. 
Commercial drill bits vary in size, but popular sizes for drilling holes in PCBs are on the order of 0.343 to 0.457 
mm (0.0135 to 0.0180 in.) in diameter by 6.35 mm (0.25 in.) in length. In this case, the drill bits are made of 
cobalt with approximately 50 vol% of uniformly distributed 0.1 μm sintered WC particles in the cobalt matrix. 
Vickers hardness of the drill bits was measured at 1589 HV. The PCBs are composite materials, with layers of 
fiberglass epoxy resin sandwiched between copper layers. A PCB contains as many as 14 layers of copper and 
fiberglass-resin layers. The glass fibers in the fiberglass have a hardness of 500 HV, while the copper has a 
hardness of 40 HV. 



The drilling process is computer operated and numerically controlled. Typical operating conditions are as 
follows: the feed for drilling PCB holes is approximately 2000 mm (80 in.)/min. The speed corresponds to the 
number of drill bit rotations per minute, and for this application, it was between 80,000 and 100,000 rpm. The 
hit rate, or the number of holes drilled in a particular time interval, was 80 holes/min. After 1500 hits, the drill 
bits were resharpened. The material removal rate (MRR) is 4.8 mm3/s and is given by the following equation 
(Ref 31):  

²
4000r

dMRR nf π
=  

 
where d is the diameter in millimeters, n is the rotational speed in revolutions per second, and fr is the feed per 
revolution in millimeters. 
In this study, a sharp, new 0.343 mm (0.0135 in.) diameter drill bit was loaded into a tool holder and operated at 
the appropriate drilling conditions to drill a hole in a PCB. Figure 15 shows the results of this operation: a hole 
0.3404 mm (0.0134 in.) in diameter. Notice that the hole has sharp edges and round, straight internal 
dimensions. The drill bit made chips of fiberglass and copper foil while cutting through the PCB. The glass 
fibers break by brittle fracture on impact with the cutting edge of the drill bit. Intense stress develops under the 
surface of the glass fiber where it makes contact with the bit, generating a plastic zone and a median vent crack 
in the plane of the stress field. Lateral cracks also develop and curve back to the fiber surface, liberating wear 
debris of glass fibers and epoxy. When the drill bit cuts through the layers of copper, ordinary ductile metal 
chips form by shearing. The chips tend to flow up the rake face of the drill bit and deposit in the flute, causing 
copper buildup on the edge. 
 

 

Fig. 15  A scanning electron micrograph of the details of a hole drilled with a new, sharp drill bit. Note 
the clean hole with only a minor amount of damage to the hole periphery. 

One way a drill bit fails is by catastrophic breakage from, for example, too high a load applied to the bit. A dull 
drill bit is susceptible to the buildup of wear debris on the flute. As wear debris accumulates on the bit, the 
friction force between the bit and hole increases. The increased friction generates additional heat, exacerbating 
wear debris buildup on the bit cutting edge. This reduces bit strength and increases hole size, a direct result of a 
change in bit diameter due to thermal expansion. The buildup of wear debris also rounds the cutting edge. Thus, 
in order to maintain cutting efficiency, the cutting force must be increased, which leads to increased shear stress 
on the drill bit shank. When the applied shear stress exceeds that of the bit material, it fractures, usually in the 
region between the spiral flutes and the shank. 
Another way that drill bits ultimately fail is by accelerated wear. Drill bits typically have a break-in period, 
where sharp burs on the drill bit are worn away. This break-in period is followed by steady-state wear when the 
majority of the holes are drilled with uniformly acceptable characteristics (Fig. 15). The majority of the tool 
lifetime is spent in the steady-state wear regime. Taylor's tool lifetime equation can be used to predict this time 
(Ref 32):  
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VTn = C  
where V is the cutting speed, T is the tool life, C is a material-dependent constant, and n is a constant that 
depends on tool material and cutting conditions. Eventually, the sharpness of the bit degrades to a point where 
edge wear-debris accumulation becomes a problem. At this point, the drill bit has effectively failed, because the 
characteristics of the hole have significantly changed (Fig. 16). Examining Fig. 16, it is clear that the worn drill 
bit has slid away from the intended hole location by 0.3810 mm (0.015 in.), approximately one drill bit 
diameter. The margins of the hole are also rounded, and it is now oversized by 12.6%. 
 

 

Fig. 16  A scanning electron micrograph of a hole drilled with a worn drill bit. Note that the final position 
of the hole is not where the drilling started (i.e., the drill wandered across the surface before “biting”) 
and the ragged nature of the periphery of the hole. 

The microstructure of these drill bits has been optimized, so that further improvements in hardness and wear 
resistance may not be possible. However, some things can be done to increase the productivity of the drilling 
operation by properly determining drill bit life and changing them at the beginning of the accelerated wear 
phase of the tool. One way to do this is by measuring the drilling force on the chuck, using a three-axis force 
dynamometer. When the cutting force deviates from the steady-state constant force condition, the bit must be 
resharpened or replaced. Feeds and speeds of the drilling operation in combination with changing the cutting 
angle of the drill bits may also lower the number of fractured bits. 
Example 3: Grinding Plate Wear Failure Analysis. In this example, a 230 mm (9 in.) diameter disk attrition mill 
was scheduled to grind 6.35 mm (0.25 in.) diameter quartz particles to a 0.075 mm (0.003 in.) diameter powder. 
Due to severe wear on the grinding plates, however, the unit was unable to complete the task of grinding the 
rock. The unit was disassembled and an analysis performed to determine the cause of plate failure. Several 
steps were used to analyze the disk attrition mill failure, which included both an analysis of the grinding plates 
and the rock to be comminuted. Historical information was collected about the disk attrition mill and used to 
compare the present operating conditions with previous conditions where acceptable product was produced. 
Several wear mechanisms were identified and used to make recommendations for future improvements. 
Grinding Plates. The disk attrition mill is shown in Fig. 17. It consists of a heavy gray cast iron frame, a gravity 
feeder port, a runner, and a heavy-duty motor. The frame and gravity feeder weighed over 200 kg (440 lb) and, 
in some areas, was over 25 mm (1 in.) thick. Gray cast iron is considered ideal for the machine frame and base, 
because it absorbs vibration and promotes smooth, quiet operation during grinding. To obtain the operating 
speed of 200 rpm, a gear system is used to transmit the torque from the 2 hp motor. The runner consisted of a 
50 mm (2 in.) diameter shaft and two gray cast iron grinding plates (i.e., the parts used to grind the mineral). 



 

Fig. 17  Photograph of the attrition mill, showing placement of the attrition mill wear plates 

In Fig. 18, a new, unused grinding plate (left) is a 230 mm (9 in.) diameter and 25 mm (1 in.) thick disk of gray 
cast iron with a hardness of 338 HV and 0.1 mm (0.004 in.) graphite flakes, which are an excellent absorber of 
vibrations during mineral grinding. Radiating outward from the center are six cutting flutes that are used to 
shear and fracture the quartz particles. The 32 mm (1.25 in.) wear ring on the outside of the plate grinds the 
broken rock fragments to their final size. The procedure used to grind quartz in the disk attrition mill included: 
(1) setting the space between the gray cast iron plates to zero clearance, (2) turning on the unit, and (3) feeding 
in quartz between the plates. The quartz was precrushed to 6.35 mm (0.25 in.) diameter and then fed directly 
into the feed hopper at a rate of 0.5 kg (1 lb)/min. The process continued until approximately 4.5 kg (10 lb) of 
the 75 μm product was deposited in the collection tray. The product was removed from the collection tray and 
the process repeated. Eventually, the machine failed due to grinding plate wear. 
 

 

Fig. 18  Macrographs of new (left) and worn (right) attrition mill wear plates 

Characterization of the Quartz Feed. Quartz from western Oregon was the primary feed material used in the 
attrition mill. This rock has a Mohs hardness of 7, corresponding to a Vickers hardness of between 700 and 800 
kg/mm2. The quartz mineral possesses a rupture strength of 70 MPa (10 ksi) in the transverse direction. On 
slow cooling, quartz forms a tetrahedral silicate structure, with silicon at the center and oxygen atoms 
occupying the corners. Quartz fractures conchoidally along crystallographic planes when fractured. The sharp, 
angular shape of the quartz particles has a significant effect on the wear behavior of the grinding plates in the 
attrition mill, with quartz attrition leading to failure of the part in the following way. 
When the quartz particles are pulverized by the rubbing action between the rotating plate and the stationary 
plate, particles become embedded in the two grinding plates and abrade through, scratching the wear ring 
surfaces at the edge of the plate. Initially, the clearance between the plates is set to zero, but as the quartz 
particles flow into the space between the plates, they wedge them apart. The particles wedged between the 
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plates can see an elastic force equal to 4.05 kN, leading to compressive stresses on the particles of 0.12 MPa 
(17 psi), sufficient to overcome the transverse rupture strength of 0.07 MPa (10 psi) for the quartz. 
Additionally, the quartz particles are twice as hard as the cast iron grinding plates and cause severe wear by two 
distinct wear mechanisms, illustrated in Fig. 19. Because the quartz particles are sharp and angular, gouging 
abrasion was the primary mechanism of material removal (Fig. 20) at the wear ring on the edge of the grinding 
plate. The forces generated during gouging abrasion are higher than the yield strength of the cast iron, and these 
areas plastically deform under the compressive force of the quartz. The angle that the cutting edge of the 
particle makes with the wear surface is often referred to as the rake angle in cutting during machining 
operations. The plowing mechanism of material removal is illustrated in Fig. 21. In this case, a particle is 
oriented such that a “blunt” edge is presented to the grinding plate, and material is pushed to the sides of the 
particle as it passes through the lathe, piling up material at the periphery of the wear groove. In the machining 
wear mechanism, also illustrated in Fig. 21, particles are oriented so a “sharp” edge is presented to the grinding 
plate, and these particles cut into the plate and remove a chip from the surface. The chips are discontinuous, due 
to the flake graphite incorporated in the gray cast iron. The gouging, cutting, and plowing process continues 
until the thickness of the plate has been reduced to the point where no adjustments can be made to zero, the 
clearance between the stationary and moving plates. 
 

 

Fig. 19  An optical macrograph of a segment of the attrition mill wear plate showing gouging abrasion 
near the inner ring and grinding abrasion near the outer ring 

 

Fig. 20  Optical micrograph of a cross section at the plate ring showing gouging abrasion. Notice the deep 
depressions with deformed material and cracks. 



 

Fig. 21  Optical micrograph of a cross section of the outer section of the attrition mill wear plate showing 
no gouging abrasion and little plastic deformation. Along the upper wear surface are shallow wear 
grooves from grinding abrasion. 

From the failure analysis study on the wear plates, suggestions for improving the wear life can be made. 
Evidence from the wear patterns on the face of the grinding plates suggest that modifications to plate design 
may reduce overall wear and improve mill efficiency. The cutting flutes on the grinding plates show uniform 
gouging wear on both sides of the cutting edges, as illustrated in Fig. 19. This means that the cutting edge of the 
grinding plate, per se, is not involved in the actual shearing of the quartz particles but only in crushing them. 
The clearance between the flutes could, therefore, be reduced, providing more shearing action to the particles 
before they reach the inner wear ring. 
Several material changes could also be made that might extend the life of the grinding plates. Lower cost is the 
main advantage of using gray cast iron for the wear material of the grinding plates. A negative consequence of 
using gray iron is that it has a high wear rate and can contaminate the product with the substantial iron debris as 
it wears. The ratio of iron to quartz is approximately 0.5. Because no indications of severe impact wear were 
noted, and because fracture and spalling were not observed, a harder plate material such as white cast iron or a 
work-hardening manganese steel could be used. Either material would lead to a larger value of the hardness 
ratio, possibly leading to lower wear. The manganese steel has a second attractive property: good high-
temperature strength. High-temperature strength is important, because the temperature between the grinding 
plates during operation can reach 900 °C (1650 °F). These high temperatures can significantly reduce the 
strength and wear resistance of the gray cast iron grinding plates. 
Example 4: Impact Wear of Disk Cutters.* Steel disks are used on large tunnel-boring machines to continuously 
cut away at rock faces. Although material is worn from the disks through indentation and scratching wear 
processes (Fig. 22), one of the predominant material removal mechanisms is material fracture near the edges of 
the disk cutting face (Fig. 23). 
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Fig. 22  Scanning electron micrograph showing the surface wear on the disk cutter, which shows 
elements of indentation/impact and scratching or gouging 

 

Fig. 23  Disk cutter, comprised of H13 tool steel, showing material fracture at edge of contact surface 

Because of the dominance of the fracture process on the material removal rate, it was decided that a tougher 
material should be tried to provide increased fracture resistance. The original disk material was an H13 tool 
steel. The proposed replacement alloy was a medium-carbon steel, which had a lower hardness but greater 
fracture toughness and impact toughness.  
 
Material Hardness, 

HRC 
Fracture toughness, 
(KIc) 

Charpy impact energy at 24 °C (75 
°F) 

MPa m   ksi in   J ft · lbf   

H13 tool steel 55–57 14–22(a)  13–20(a)  3–4 2–3 
Medium-carbon 
steel 

49–51 130 118 28–33 21–24 

 
(a) Depending on direction of crack growth 
Higher-toughness disks were placed on the head of a tunnel-boring machine, along with those made of H13. 
Despite having significantly less toughness than the medium-carbon alloy steel, the H13 disks exhibited what 
could be equated to 1.7 times longer life. 
Examination of the cutting edge of the tougher steel disk revealed even larger fracture areas, similar in 
appearance to spalls (Fig. 24). As with many field-return worn components, further surface examination at 
higher magnifications revealed no useful information, due to continued wear and oxidation. Instead, nital-
etched metallographic cross sections were prepared through the wear surfaces of disks made of each material. 
Figure 25 shows a cross section taken near the edge of the contact surface of an H13 disk. This image shows 
that plastic flow due to the high contact pressures has led to mushrooming at the edge of the disk cutting face. 
Cracking is subsequently initiating from these mushroomed regions. Figure 26 shows similar cracking in the 
lower-hardness alloy steel. The cracked zone is significantly larger and thus would lead to more extensive 
material removal, once crack growth is completed. Closer examination of these cracked regions revealed that 
cracks are typically following white-etching shear localization bands (Fig. 27). These bands likely form in a 
single impact event and are believed to be nano-crystalline ferrite, with all other elements trapped in solution 
(Ref 33, 34, 35). Hardness values within the band have been found to approach 1000 HV. Due to the brittleness 
of this layer, subsequent load cycles lead to cracking and spallation along the shear localization band. The 



lower hardness and plastic flow stress of the medium-carbon alloy steel resulted in the formation of larger shear 
localization bands and thus, larger spalls with more rapid material removal. 
 

 

Fig. 24  More severe material fracture/spalling on surface of disk made from tougher, medium-carbon 
alloy steel 

 

Fig. 25  Micrograph showing the edge of the contact face in an H13 disk. Mushrooming is occurring due 
to contact pressures and resulting metal flow. Cracks resulting from fatigue or fracture at localized shear 
bands are leading to material removal 
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Fig. 26  More extensive cracking observed in tougher but softer medium-carbon steel 

 

Fig. 27  Micrograph showing cracking along white-etching localized shear zone 

Example 5: Identification of Abrasive Wear Modes in Martensitic Steels. Wear modes experienced by a given 
component can be quite diverse, depending on wear environment and component function. The abrasive wear 
modes experienced by steels in typical applications may be broadly divided into three categories: low-stress 
scratching, high-stress gouging, and impact or indentation. Scanning electron micrographs of these different 
wear modes are shown in Fig. 28. Wear rates of a given material depend strongly on wear mode and although a 
material may perform well in one mode of wear, it may not perform well in another. 



 

Fig. 28  Scanning electron micrographs showing the three modes of abrasive wear typically found in 
steels: (a) low-stress scratching, (b) higher-stress gouging, and (c) impact or indentation 

For martensitic steels, wear rate is most strongly dependent on material hardness. Figure 29 shows approximate 
lines of normalized wear rate versus hardness for the different wear modes. Data is plotted against Vickers 
hardness rather than Rockwell C, because Vickers hardness directly relates to material yield strength, while the 
Rockwell C scale has no such direct correlation. Figure 29 shows that low-stress scratching has the strongest 
correlation with hardness. As the severity of wear increases, the dependence on hardness decreases. For 
gouging and impact wear, other material attributes, such as toughness and work-hardening ability, begin to play 
a larger roll in dictating wear rate. This difference in dependencies leads to materials that perform well in one 
wear mode but not in others. Figure 30 shows some materials that change the ranking when wear mode is 
changed. While the 50 HRC ground-engaging steel performs as expected, given its hardness in low-stress 
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scratching, as the severity of wear environment increases, it becomes the favored material. In contrast to the 50 
HRC steel, the steel composite material performs very well in low-stress scratching (due to the presence of hard 
phases) but more poorly as the wear severity increased, due to its low material toughness. 
 

 

Fig. 29  Bands of normalized wear rate versus hardness for low-stress scratching, high-stress gouging, 
and impact wear. Low-stress scratching shows the strongest dependence on hardness, while impact 
abrasion shows the least. The scatter in the impact abrasion data suggests a growing contribution of 
material attributes other than hardness. 

 

Fig. 30  Correlation of hardness with wear rate for three materials. The two 50 HRC materials both 
exhibit the same low-stress scratching wear resistance. However, as the wear severity increases, the steel 
designed for ground-engaging tools (steel A) exhibits moderate improvements in gouging wear and 
significant improvements in impact abrasion resistance. In contrast, due to the hard phases, the 
composite material performs better than would be expected, given its bulk hardness; however, due to its 
low fracture toughness, it performs significantly worse in more severe wear modes. 

The dependency of the wear performance on a given material or wear mode emphasizes the need to know the 
wear mode being experienced by a component. Unfortunately, components returned from field service rarely 
reveal information as clearly as seen in Fig. 28. Such surface features are frequently damaged by corrosion. 
Therefore, another means of identifying wear modes is desired. One such method used for martensitic steels is 
to examine the polished and etched cross section of the wear surfaces. Figure 31 shows cross sections taken 
through the surface of components experiencing the three wear modes discussed. In low-stress scratching, there 
is essentially no subsurface microstructural modification of the steel. Even the few microns just below the 
surface show little or no evidence of plastic deformation (Fig. 31a). As the stress and severity of the abrasive 



event increase, microstructural modification becomes more evident. This may be manifested as a deep, 
plastically deformed layer (evident in structural deformation) or in white-etching layers (Fig. 31b). The white-
etching layers are believed to be extremely fine-grained ferrite, with all alloying elements in solution (Ref 33, 
34, 35, 36, 37). In most cases, the formation of white-etching layers indicates a higher-stress abrasive event. 
However, it is also reflective of the material condition. Figure 32 shows two cross sections that were exposed to 
the same high-stress abrasive conditions. The material exhibiting white-etching layer formation is 
approximately 20 HRC softer than that with only slight surface plasticity. Impact abrasion is manifested in the 
appearance of severe plastic deformation at the surface and the presence of white-etching localized shear bands 
below the surface (Fig. 31c). The shear bands are created in a single impact event and are again the result of 
very high strains leading to what is believed to be the same structure as observed on the surface of components 
experiencing gouging wear (Ref 33, 34, 37). Identification of these wear modes may be used to help guide 
materials selection and processing to improve the wear resistance of components. 
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Fig. 31  Metallographic cross sections of the worn surface regions showing (a) no microstructural 
modification in low-stress scratching, (b) white-etching layers in high-stress gouging, and (c) subsurface 
white-etching shear bands resulting from impact abrasion 

 

Fig. 32  Metallographic cross sections of wear surfaces of two materials that experienced the same high-
stress abrasion. (a) At 60 HRC, the material exhibited no white-etching layers, while (b) at 20 HRC 
points, softer, significant gouging and white-etching layer formation is observed. 

Footnote 

* *The authors would like to recognize Donald Sherman of Caterpillar Inc. for his original work in this 
investigation. 
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Fretting Wear Failures 
 

Introduction 

FRETTING is a wear phenomenon that occurs between two mating surfaces; initially, it is adhesive in nature, 
and vibration or small-amplitude oscillation is an essential causative factor. Fretting frequently is accompanied 
by corrosion. Fretting of ferrous materials in air produces a characteristic reddish-brown debris of ferric oxide, 
which, when mixed with oil or grease, produces debris that is often referred to as “blood,” “cocoa,” or “red 
mud.” In components that are lubricated so that ordinary corrosion is not likely to occur, the presence of reddish 
brown debris is indicative of fretting. If a component is not lubricated, the presence of oxide powder may not 
necessarily signify fretting but, rather, wear. Fretting also occurs in nonoxidizing materials, such as gold, 
platinum, and cupric oxide. The debris formed by many nonferrous metals is largely unoxidized and is larger in 
particle size than ferrous materials are. If fretting occurs in an inert or protective atmosphere, little debris is 
produced. 
The general characteristics of fretting wear, with an emphasis on steel, are reviewed in this article. This review 
is followed by several examples of failures related to fretting wear. Common sites for fretting are in joints that 
are bolted, keyed, pinned, press fitted, or riveted; in oscillating bearings, splines, couplings, clutches, spindles, 
and seals; in press fits on shafts; and in universal joints, base plates, shackles, and orthopedic implants. 
Generally, fretting occurs at contacting surfaces that are intended to be fixed in relation to each other but that 
actually undergo minute alternating relative motion that is usually produced by vibration. There are exceptions, 
however, such as contact between balls and raceways in bearings and between mating surfaces in oscillating 
bearings and flexible couplings. 
 

Fretting Wear Failures  

 

Fretting Wear 

In general, fretting occurs between two tightly fitting surfaces that are subjected to a cyclic, relative motion of 
extremely small amplitude. For oxidizing metals, one of the immediate consequences of the process in normal 
atmospheric conditions is the production of oxide debris, hence the term fretting wear, or fretting corrosion, is 
applied to the phenomenon. The movement is usually the result of external vibration, but in many cases, it is the 
consequence of one of the members of the contact being subjected to a cyclic stress (that is, fatigue), which 
gives rise to another and usually more damaging aspect of fretting, namely the early initiation of fatigue cracks. 
This characteristic is termed fretting fatigue, or contact fatigue. Fatigue cracks also may initiate where the 
contacting surfaces are under a very heavy normal load or where there is a static tensile stress in one of the 
surfaces. There are cases where the movement is not simply tangential but is complicated by the normal force 
also oscillating to the extent that the surfaces lose contact in each cycle. This leads to a hammering effect, 
which is termed impact fatigue. In this case, the phase relationship between the two motions can be an 
important factor. 
Other terms that have been used to designate fretting-type damage are false Brinelling, which is applied 
particularly to bearings where the craters caused by the vibration of the ball against the race are circular and 
resemble Brinell impressions, and “fitting rust,” where gages or shims are clamped together and experience 
vibration. 
The terms fretting and fretting corrosion are widely accepted now in most languages, but the term 
reiboxydation still is used in Germany, and corrosion de trepidation is used occasionally in France. 
Fretting was first reported by Eden, Rose, and Cunningham in 1911 (Ref 1), who found that brown oxide debris 
was formed in the steel grips of their fatigue machine in contact with a steel specimen. It was not until 1927 that 
the first investigation of the process was conducted and two machines were designed to produce small-



amplitude rotational movement between two annuli in the first case, and an annulus and a flat in the second 
case (Ref 2). The movement was controlled by a long lever system. Because the resultant debris on steel 
specimens was the red iron oxide α-Fe2O3, which had risen from a chemical reaction with oxygen in the air, 
Tomlinson (Ref 2) coined the phrase fretting corrosion. The investigation also established that the damage 
could be caused by movements with amplitudes as small as a few millionths of an inch (~125 nm, or 1250 Å) 
and the important fact that relative movement, which was termed “slip,” had to occur. 
The next important stage in the development of fretting studies was made in 1941 when fretting damage was 
produced on the gage length of steel fatigue specimens and a subsequent reduction in fatigue strength was 
found due to the pitting of the surface of between 13 and 17% (Ref 3). This result was to be expected, but later 
investigations, particularly that presented in Ref 4, showed that the conjoint action of fretting and fatigue, 
which is the usual case in practice, was much more dangerous, producing strength-reduction factors (SRFs) of 2 
to 5 and even greater. In 1958, studies demonstrated that fretting accelerated the crack initiation process greatly. 
In normal fatigue, crack initiation may account for 90% of fatigue life, whereas in fretting fatigue, initiation 
could occur in 55% of the fatigue life. 

Fretting Wear in Mechanical Components 

Because vibration is one of the main causes of the fretting movement, it follows that the most likely area for it 
to occur is in machinery. The contacts between hubs, shrink and press fits, and bearing housings on loaded 
rotating shafts or axles are particularly prone to fretting damage, but because the movement arises from 
alternating stresses in the shaft surface, the problem is more one of fatigue than wear (Ref 6). However, wear 
rather than fatigue can be a problem in bearing housings. Thin-shell bearings are used universally in diesel 
engines, and such bearings involve an interference fit between the bearing and the housing. If the contact 
pressure is not high enough, movement can occur, giving rise to the fretting damage shown in Fig. 1 (Ref 7). 
 

 

Fig. 1  Fretting damage incurred in a bearing shell component because of insufficient contact pressure 
between the shell and housing of a bearing. Source: Ref 7  
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Flexible couplings and splines, particularly where they form a connection between two shafts and are designed 
to accommodate some slight misalignment, can suffer severe fretting wear. Examples of such cases are 
described in Ref 8. 
Jointed structures are another source of fretting problems. It has been reported (Ref 9) that there is no such 
thing as a static joint on an aircraft. An aircraft structure is largely an assemblage of aluminum and steel 
components riveted together or joined by fasteners. Even in a simple riveted joint, there are at least three 
possible sites where fretting can occur (Fig. 2):  

• Between the riveted panels 
• Between the underside of the rivet head and the panel 
• Between the shank of the rivet and the rivet holes 

Typical fretting damage is shown in Fig. 3. 
 

 

Fig. 2  Locations (indicated by F) prone to fretting in an aluminum-steel riveted joint 

 

Fig. 3  Fatigue crack generated by fretting damage at a rivet hole 



Turbines, both steam and gas, operate under conditions that subject these components to fretting damage. There 
are three main sites:  

• The point at which the turbine disk is either shrink fitted onto the driving shaft or attached to the shaft 
by means of a bolted flange 

• The position where the blades are fixed into the disk by either a dovetail or fir-tree type fixture 
• The place where snubbers at the outer ends of the blades contact those on adjacent blades 

The first two sites are more likely to be areas for fatigue crack initiation, but loss of material by wear of the 
snubbers will give rise to increased vibration of the blades and the onset of impact fretting. In some turbines, a 
wire is threaded through holes in the outer ends of the blades to dampen down vibration. In this case, the 
frictional energy dissipated in the fretting process is the effective agent and may be considered one of the few 
cases where fretting is beneficial. 
The rotors of electrical generators have slots along their lengths in which the windings are located. These are 
held in place by wedges. Fretting can occur between the wedges and the undercut portion of the winding 
channel with the development of fatigue cracks in the rotor. These problems in turbines and generators are 
discussed in Ref 10. 
Steel ropes are used widely as mooring ropes, haulage ropes, mining ropes, and on cable cars. Overhead power 
lines are in effect ropes made up of aluminum wires wound on a steel support rope; more recently, they have 
been made up entirely of aluminum (the all-aluminum conductor). Any bending movement or alternating 
tension can result in local movement in the numerous interwire contacts. Most ropes include some form of 
internal lubrication to lessen the effects of such movement. Again, one of the main dangers is fatigue failure of 
a wire, which increases the load on the remaining wires. However, in the locked coil rope that is designed with 
shaped wires to give an almost solid outer structure (Fig. 4), fretting debris with a greater volume than that of 
the metal from which it was formed can lead to the forcing apart of the wires, with the escape of lubricant and 
the ingress of a corrosive atmosphere. The accumulation of debris also leads to a reduction in flexibility at this 
point, and, in the case of a mining rope, can cause jolting when this part of the cable passes on to the winding 
drum. 
 

 

Fig. 4  Cross sections of typical locked-coil track strand wire rope construction. 

In steam generators and heat exchangers, flow-induced vibration results in fretting between the tubes and the 
supports, or baffles through which they pass. In the past, this phenomenon appears to have been a particular 
problem in the nuclear power industry (Ref 11, 12) and chemical processing plants (Ref 13). A large 
contribution to the fretting in these industries is from impact fretting, which is discussed in the section “Impact 
Fretting” of this article. 
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Another example where movement is an integral part of the modus operandi of the device is the leaf spring 
used at one time in automobiles and railway rolling stock. It consists of an assemblage of steel plates, whose 
purpose is to dampen down vibration transmitted from the wheels to the carriage. Accumulation of debris could 
result in the plates not moving easily over one another and a stiffening of the spring. 
The accumulation of debris is also the main problem in the fretting of electrical contacts (Ref 14). Because the 
oxide debris is nonconducting, interference or distortion of electrical signals can be generated in telephone 
equipment and also in computer connections. In some countries, aluminum conductors are used in domestic 
electrical circuits. Here, the movement is due to temperature variations and is, therefore, of extremely low-cycle 
frequency. However, the buildup of aluminum oxide in connections can cause the formation of electrical arcs, 
which in extreme instances has led to houses being burned down. 
The transportation of goods by road or rail obviously means that these items are subjected to vibration. This 
fact gave rise to the classic case of fretting in the bearings of automobiles being transported by rail from Detroit 
to the West Coast of the United States. As the bearings were stationary, fretting occurred between the loaded 
balls and the race, giving rise to the false Brinelling mentioned previously. This has also been a problem with 
the transport of stacks of aluminum sheets with highly polished finishes. It also led to the abandonment of using 
stacked aluminum trays to transport food stuffs. Another example involved the transport of live ammunition in 
aluminum boxes, because the fretting debris was found to be pyrophoric. In a case investigated by the author, 
high-purity (HP) aluminum “logs” (cylinders 250 mm, or 10 in., in diameter) were transported by rail to the 
plant where they were to be extruded as buss bars. Black marks (that is, fretting debris) were noticed on the 
cylinders (Fig. 5) that gave rise to serious surface tears on extrusion (Fig. 6). 
 

 

Fig. 5  Typical fretting marks on a high-purity aluminum cylinder 

 



Fig. 6  Surface tears caused by fretting damage when aluminum cylinders in Fig. 5 are extruded 

Fretting can occur also in certain orthopedic devices, particularly fracture fixation devices such as bone plates. 
These devices are used to hold together the parts of fractured bone. They consist of plates of corrosion-resistant 
materials that are attached to the bone by means of screws of the same material. Fretting can occur between the 
underside of the screw head and the countersink of the hole in the plate. Fretting in this case results in 
disruption of otherwise protective films and the continual release of heavy metal ions into the body fluids, with 
possible toxic reactions. This aspect of fretting in aqueous electrolytes is discussed in detail subsequently. 
Fatigue failure is also possible (Fig. 7). 
 

 

Fig. 7  Fracture in an orthopedic bone plate. A failure was caused by fretting damage (loss of protective 
oxide layer) in the countersunk portion of the plate. 

The possible situations in which fretting can occur are legion, and it is possible in this review to give only some 
typical examples. In most of the cases described, suitable methods of overcoming the problem have been 
forthcoming as the result of detailed investigation; these studies are described in detail in the section 
“Prevention of Fretting Damage” in this article. 
At one time, the author was approached by a professor of dentistry from Paris, who was convinced that the 
spots of damage (caries) that develop between contacting teeth, particularly the molars, were a form of fretting 
corrosion due to the relative movement occurring during chewing and swallowing, and certainly the examples 
he produced looked very much like it. This theory extends the possibility of fretting damage to materials other 
than metals. With increased use of polymers, both simple and reinforced, in addition to ceramics, this is an area 
where further examples of a somewhat different kind are likely to be encountered. Some research already is 
being devoted to the topic and is described in the section “Parameters Affecting Fretting” in this article. 

Parameters Affecting Fretting 

Experimental investigations have concentrated on the effect of specific physical variables (such as amplitude of 
slip, normal load, frequency of vibration, and the circumstances of the fretting situation, such as type of contact, 
mode of vibration, and the condition of the surfaces) to indicate how the problem can be overcome in the future 
design of contacting components. These results are discussed in detail next. 
Amplitude of Slip. It established that relative movement is essential for fretting to occur and that extremely 
small movements of the order of a few nanometers were capable of causing damage (Ref 2). This aspect of 
fretting—the lower limit of slip—has more recently been the subject of investigation (Ref 15, 16). One of the 
problems in experimental work has been the control and measurement of small amplitudes of movement. The 
most satisfactory method that avoids possible losses due to elastic deformation in the supports or actuators is to 
concentrate on the situation of partial slip. This method is studied best with a contact consisting of a ball 
(typically, a bearing ball) on a flat, a situation that was analyzed by Mindlin. Figure 8 shows the form of contact 
of a ball on a flat developed by Mindlin from the Hertzian solution for a stationary contact. On the application 
of a tangential force or a torsional force, slip occurs over an outer annular region of the circle of contact. If the 
applied force is oscillating, then fretting occurs in the slip region. This method was used to verify the Mindlin 
analysis (Ref 17). Later, it was demonstrated that the stress distributions are somewhat distorted, but the basic 
idea remains the same. The center of the contact region (that is, the nonslip region) remains locked. The 
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amplitude of movement in the slip region for torsional excitation presumably rises from zero at the inner 
boundary to some greater value at the outer edge. The dimensions of the damage area closely approach these 
limits. 

 

Fig. 8  Mindlin analysis of partial slip for a ball in contact with a flat and subjected to a tangential force 

In some investigations (Ref 15, 16), the amplitude of slip at which damage was detected on steel specimens 
under a load of 88 N (8.8 kgf) was 0.06 μm (2.4 μin.). A narrow annulus of damage was detected at an 
amplitude of 0.1 μm (4 μin.). As the amplitude was increased, the damage area, characterized by the appearance 
of the typical reddish-brown oxide, increased in width, with the outer radius remaining constant. This situation 
has been investigated using a linear vibratory motion (Ref 19), where it was found that the annulus of damage 
for a fixed amplitude increased in width with the number of fretting cycles, but the outer radius remained 
constant (Fig. 9). 

 

Fig. 9  Relation between diameter of fretting scar and the number of cycles for a ball on a flat under 
conditions of total slip. P, 437 N (43.7 kgf); P max, 1.2 GPa (175 ksi); amplitude of movement, 8 μm (320 
μin.); frequency, 50 Hz 

In some experiments (Ref 15, 16), the damage was detectable by profilometry of the flat surface at an amplitude 
of 0.53 μm (21 μin.) and was said to be severe at 2.8 μm (110 μin.). The level of slip amplitude at which slip 
occurs over all of the contact area depends on such factors as the normal load and the mechanical properties of 
the materials. In heavier loads used in other experiments (Ref 20), which were sufficient to produce a Brinell 
impression, the slip annulus was extremely narrow, and it is doubtful whether total slip could ever be achieved 
under these conditions (Fig. 10). Under more normal conditions (amplitude 8 to 25 μm, or 320 to 1000 μin.; 
normal load 135 N, or 13.8 kfg), it was found that total slip occurred at an amplitude of 25 μm (1000 μin.) (Ref 
19). At this amplitude and higher, the radius of the damage circle increased linearly with the number of cycles. 



 

Fig. 10  Annulus of fretting damage produced by contact of a ball on a flat under heavy normal load 

The amplitude of slip where the slip becomes total has been termed the critical amplitude Δ. In another study, a 
crossed-cylinder arrangement was used with steel specimens (Ref 21), and the relation between the critical 
amplitude and normal load was mapped (Fig. 11). These results are somewhat different from those reported in 
Ref 15 and 16, where the experimental values agree well with calculations based on elastic theory (Fig. 12). 
The discrepancy is attributed to plastic deformation occurring in the crossed-cylinder experiments (Ref 22). 
 

 

Fig. 11  Plot of normal load versus critical amplitude as a function of normal slip for a crossed steel 
cylinder arrangement. Source: Ref 21  
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Fig. 12  Comparison of the theoretically predicted diameter of the nonslip region versus slip amplitude 
based on experimental data 

In other investigations, using a variety of different contact geometries and different methods of assessing the 
wear rate and plotting the results as the specific wear rate (that is, the loss of material per unit of sliding 
distance per unit of applied normal load), the curves are of the form shown in Fig. 13. The curves are sigmoidal, 
with the specific wear rate becoming constant at amplitudes >100 μm (>0.004 in.) (that is, identical with 
unidirectional sliding or reciprocating sliding wear rates), providing a possible upper limit for the slip amplitude 
for the case of true fretting. 

 

Fig. 13  Plot of specific wear rate versus amplitude of slip. Each core is the result of a separate 
investigation 

The small-amplitude characteristic of fretting is the basis for many of the important features of the process. It 
means that the relative velocities of the two surfaces are much lower, even at high frequencies, compared with 
conditions in unidirectional sliding. At a frequency of 25 Hz and an amplitude of 25 μm (1000 μin.), the 
average velocity is 1.25 mm/s (0.0492 in./s), whereas sliding speeds in bearings are of the order of 1 m · s. 
Debris tends to stay where it is generated, so that high spots (for example, machining marks) become imprinted 
on the other surface if it has a higher degree of finish (Fig. 14). The debris may never become exposed to the 
atmosphere and can become compacted under the compressive load, often changing its appearance, as 
discussed in the section “Effect of Debris on Wear” in this article. 



 

Fig. 14  Marks produced by a machined surface fretting against a polished flat 

Normal Load. When two surfaces are placed in contact and loaded, plastic deformation of contacting high spots 
(asperities) occurs (Ref 23). However, certain contacts (for example, sphere on flat and cylinder on flat), where 
the contact area tends to be extremely small, still conform to the elastic theory of Hertz because the overall 
contact is determined by the elastic stress field developed in the hinterland, or bulk, of the material. In most 
practical cases of contact between conforming surfaces, plastic deformation is to be expected at contacting high 
points. The real area of contact, A, is therefore directly proportional to the applied load, P:  

o

PA
p

=  
 

(Eq 1) 

where p0 is the yield pressure and approximately equal to 3Y, and where Y is the yield stress in tension. Because 
fretting occurs only at contacting areas, it follows that the amount of wear should be directly proportional to the 
applied load. This generally is found to be the case if the amplitude of slip is kept constant. In the early stages, 
there is a running-in period in which metal-to-metal contact predominates (Fig. 15). This contact can be 
detected by measurement of contact resistance, which remains low, and depends for a given number of cycles 
on the magnitude of the load (Fig. 16). These observations are discussed in greater detail in the section 
“Mechanism of Fretting Wear” in this article. 
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Fig. 15  Plot of fretting wear versus number of cycles for mild steel with 90 μm (0.0036 in.) slip amplitude 
in both dry air and nitrogen atmospheres. Source: Ref 24  

 

Fig. 16  Relation between initial period of metal-to-metal contact and normal load 

Frequency. In the initial study of the effect of frequency (Ref 24), an increase in wear volume at low 
frequencies was found for a given number of cycles. This rise was related to the formation and disruption of 
oxide films and was considered in Ref 25. The question was considered more recently and investigated as a 
means of speeding up fretting wear tests, assuming that high frequencies had no significant effect (Ref 25). The 
range of frequencies investigated was from 10 to 104 Hz, using steel specimens in a crossed-cylinder contact. 
The conclusion was that, in the partial-slip situation, although there was little effect on measurable wear, the 
increase in the interfacial strain rate at high frequencies led to increased fatigue damage and increased corrosion 
due to the rise in temperature. However, in the total-slip situation, there was little effect over the frequency 
range 100 to 20 × 104 Hz, and these high frequencies could be used in accelerated tests. 
Not all movements that can lead to fretting damage take place at anything like the frequencies just mentioned. 
Relative movement can be due to differential thermal expansion, which, if arising from diurnal changes in 



temperature, can have a frequency of only a few cycles a day. The pressurizing of airplane cabins is in a similar 
frequency range. The movement of mooring cables due to water flow is of considerably higher frequency but is 
assumed to be ~0.1 Hz. In such circumstances, the environmental and corrosion effects have much greater 
importance, as can be seen by the extrapolation of the results reported in Ref 24 to lower frequencies (Fig. 17). 
 

 

Fig. 17  Plot of wear versus frequency of fretting vibration 

The area of low frequency has been investigated mainly in relation to electrical contacts. In many of these 
investigations, the low-frequency movement (0.003 to 0.03 Hz) has been produced by cyclic heating and 
cooling of a copper rod. This cycle allows also very low amplitudes to be investigated (Ref 27). Extensive work 
in the United States (Ref 28) and in Canada (Ref 29) has explored the effect of different contacting surfaces on 
the contact resistance under fretting conditions. In these studies, the aim was to maintain metal-to-metal contact 
throughout the working life of the contact. A complication in such experiments is the formation of a friction 
polymer from carbonaceous impurities in the atmosphere, which can have a profound effect on the contact 
resistance. For separable connectors, gold plating appears to be the most satisfactory surface, although cheaper 
coatings are actively being sought (Ref 30) and are discussed further in the section “Prevention of Fretting 
Damage” in this article. 
Type of Contact. As discussed in the section “Effect of Debris on Wear” in this article, the ease with which 
debris can escape from the contact region is an important factor in the fretting process itself. It also gives rise to 
further problems by contamination of other surfaces (in a machine, for example). 
The original design of an apparatus with torsional vibration of annulus on flat (Ref 2) has much to commend it 
because no part of the contacting surfaces becomes exposed, and for debris to escape, it must move at right 
angles to the direction of motion. Another slight advantage is that the amplitude of slip has a small variation 
from the inner to the outer edge and can therefore be used to investigate the effect of amplitude in one test. 
With flat contact surfaces, however, the initiation and development of areas of wear damage are sporadic no 
matter how carefully the surfaces are prepared and the alignment controlled. Contact pressure is usually 
expressed as the nominal value calculated from the apparent area of contact and the applied load. Measurement 
of the real area of contact would require contact resistance measurements at the outset of the test, or it could be 
calculated with a knowledge of the yield pressure (Eq 1). Contacts consisting of geometrical surfaces such as 
sphere on flat, cylinder on flat, and crossed cylinders allow some initial calculations based on elastic theory of 
the area of contact and stress distribution therein. However, these quantities are rapidly changed as the wear 
process proceeds. Also, such contacts increase the possibility for debris to escape. It was shown that the escape 
of debris in the crossed-cylinder arrangement is greatly influenced by the direction of motion (Ref 31). The 
arrangement shown in Fig. 18(a) allows the debris to escape by being pushed out by the axial movement of the 
upper cylinder, leading to more frequent metal-to-metal contact and a higher wear rate than the arrangement 
shown in Fig. 18(b). However, in experimental investigations, the ease and cost of preparing specimens are 
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significant factors, and the crossed-cylinder arrangement is one of the most convenient. It also mirrors the 
situation of contact between wires in steel ropes. 
 

 

Fig. 18  Two test directions for determining fretting in a crossed-cylinder arrangement. (a) Parallel to 
axis of lower specimen. (b) At right angles to axis of lower specimen 

Type of Vibration. In most experimental investigations, the vibration is simple harmonic motion of constant 
amplitude. This may be the case in practical cases of rotating shafts, but it is very far from situations in which 
frequencies may vary and pass through areas of resonance. In addition, aircraft structures will be entirely under 
the influence of random loading with no fixed frequency or amplitude. The same can be said of ropes and 
cables in moorings, overhead ropeways, and elevator ropes. 
There have been few investigations into this aspect of fretting wear. A detailed analysis of the vibrations in one 
of the bearings supporting the shaft of an ac/dc generator operating onboard a ship was conducted (Ref 32). 
Spectra of the relative displacements in the axial, tangential, and radial directions were determined in the 
frequency ranges 0 to 500 Hz and 0.5 to 10 kHz, with no load and under full load. Although it was not possible 
to distinguish between elastic movement and rigid body movement, it was assumed that amplitudes >1 μm (>40 
μin.) were due to the latter. The amplitude range was from 4.30 to 10-4 μm (173 to 0.004 μin.) in die frequency 
range <250 Hz, with several of the peaks being >0.05 μm (>2 μin.). The tangential component under full load 
had an upper limit of 8 μm (320 μin.), and combining this with the movements in the axial and radial directions 
gave a vector sum of 12 μm (480 μin.), at which considerable fretting damage was experienced. The analysis 
indicated that there was significant relative motion normal to the fretting surface. 



This latter observation has been investigated in the construction of a tribometer that allowed frequency 
variations, phase differences between tangential and normal vibration, and the control of resonance (Ref 33). 
Three areas were identified:  

• Subresonant loading conditions in which the damage was said to resemble typical fretting damage 
• Resonant conditions in which the surface damage was significantly less due to the lower dissipation of 

energy due to friction 
• Superresonant operation, which showed tearing of the surface that was associated with a phase shift of 

90° between the tangential and normal vibrations 

Impact Fretting. In the section “Type of Vibration,” the effect of a cyclically varying normal force 
superimposed on the tangential movement is considered for situations in which the two surfaces remained in 
constant contact. The circumstances where the two surfaces can become separated during some part of each 
cycle are somewhat different because of the contribution of impact. As mentioned earlier in the section 
“Fretting Wear in Mechanical Components,” this is a problem frequently encountered in heat exchangers, 
where pipes or fuel rod containers are restrained by supports or baffles but experience vibration as a result of 
fluid flow. 
Two types of wear can be distinguished in the practical case encountered in nuclear reactors. The first type 
involves whirling of the tube, resulting in intermittent unidirectional sliding and is obviously not fretting. The 
small-amplitude movement that results in fretting-type damage is the result of flow-induced vibrations. The 
important parameters are impact force, clearance between tube and support, support plate thickness, and 
frequency. The wear rate for stainless steel increases by an order of magnitude for a tenfold increase in impact 
force, and a similar increase for a fourfold increase in the clearance. Increasing the support plate thickness from 
10 to 20 mm (0.4 to 0.8 in.) reduces the wear rate from 0.7 to 0.2 μm (30 to 8 μin.) per 106 cycles. At 
frequencies below 40 Hz, there is no effect of frequency, but at higher frequencies the wear rate is reduced due 
to the reduction in contact time per cycle (Ref 34). These results were obtained at room temperature, whereas in 
operation, these devices would be at a higher temperature and thus the wear rates could be profoundly 
influenced both by temperature and environment; such effects are discussed in the section “Environmental 
Effects.”  
Many years of work (Ref 35) indicated that the combination of impact and fretting was more severe than 
fretting alone, whereas much of the work on tube and tube support vibration suggests that the impact 
contributes little to the wear rate and that continuous contact is more damaging (Ref 36, 37). An important 
variable in considering this type of motion is the phase relation between the normal and tangential vibrations. 
Differences are to be expected between impact at maximum tangential velocity and zero velocity. Also, the 
time period per cycle that contact is made is of great significance. In Ref 34, the following contact times per 
cycle are quoted as a function of frequency:  
Frequency, 
Hz 

Contact time per 
cycle, s 

Difference between impact at maximum tangential velocity and 
zero velocity, % 

26 0.022 57 
40 0.010 40 
60 0.005 30 
Rigs have been constructed to study the effects of these phase relationships, particularly under severe 
environmental conditions (Ref 34). 
Surface Finish. Early observations of practical examples of fretting damage suggested that the more highly 
polished the contacting surfaces are, especially if flat, the worse the damage will be. On polished aluminum 
where the debris is largely Al2O3 (corundum) with a high hardness, it could spread the damage, whereas on a 
rough surface the debris can escape into the hollows between the real contact areas. There is also the possibility 
that on a rough surface, if the exciting force is of small amplitude, some of the relative movement will be taken 
up by elastic deformation of the asperities. One study shows that a rougher surface suffers less damage (Ref 
38). 
Shot peening is a widely applied surface treatment that produces roughening, work hardening, and a residual 
compressive stress in the surface. The author showed that shot peening a steel surface reduced the coefficient of 
friction in fretting (Ref 39), but this could also be due to work hardening and possibly also to the compressive 
stress. To investigate this phenomenon further, and to try and separate the three effects of shot peening, a series 
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of tests were carried out on treated cylindrical steel specimens. The residual stress and work hardening could be 
removed by annealing, the residual stress could be reduced by controlled tensile straining, and the surface 
roughness could be removed by careful surface polishing (Ref 40). The shot-peened surface of 0.4% C steel had 
a very low value for fretting wear; however, polishing raised the level of wear to that of the unpeened steel. 
Residual Stresses. Because one of the possible mechanisms of fretting damage is surface fatigue, it is to be 
expected that a residual stress field will have some effect on the wear process. Experiments were performed 
with a bearing ball on a bearing steel (1.0C–1.5Cr) specimen that was statically bent to give residual stresses 
over a range of -900 to 900 MPa (-130 to 130 ksi). When the specimen was vibrated with a contact load of 216 
N (22 kgf) and an alternating tangential load of ±20 N (±2 kgf) so that partial slip was occasioned, the depth of 
the wear scar increased with tensile stress but decreased with compressive stress (Fig. 19). 
 

 

Fig. 19  Plot of depth of wear scar versus compressive and tensile residual stresses in the fretted surface. 
Source: Ref 41  

It was shown earlier that residual stresses can be generated by the fretting action (Ref 42) and this has been 
confirmed in further work (Ref 43). In fretting, flat steel surfaces with residual compressive stresses up to 735 
MPa (107 ksi) were generated; these were most important in a direction at right angles to the direction of 
motion. The converse of this effect, namely the modification of existing compressive stresses by fretting, has 
been observed in fretting-fatigue experiments (Ref 44). The stresses fade under normal fatigue but disappear 
much more rapidly under fretting fatigue (Fig. 20). 
 

 



Fig. 20  Fading of surface compressive stress induced with a number of fretting cycles by shot peening 

Finally, the presence of a static tensile stress can lead to the propagation of cracks initiated by the fretting (Ref 
45). 

Materials 

If fretting wear is a possible occurrence in the design of a machine or structure, it may be possible to reduce the 
effect by choosing materials that are more resistant to such damage. This section deals with bulk materials not 
coated or surface treated; coated and surface-treated materials are dealt with in the section “Prevention of 
Fretting Damage.” In addition, information on the behavior of new materials such as composites and ceramics 
also must be considered because of their increasing use in engineering applications. 
Steels have been most extensively studied, largely because of their ability to change mechanical properties over 
a wide range by heat treatment without changing their chemical composition. In experiments with a steel ball 
on a steel flat, in which the hardness was varied from 220 to 850 HV, there was little difference in the wear loss 
(Ref 46). In crossed-cylinder experiments with three alloys of the same crystal structure, increasing hardness is 
shown to lead to a decrease in the critical amplitude between partial and total slip (Ref 47). The materials were 
copper, copper silicon, and austenitic stainless steel, all materials of low stacking fault energy; as a 
consequence, work hardening occurred at low frequencies, but softening set in at high frequencies because of 
the temperature rise. 
In some investigations, notably those described in Ref 48 and 49, the formation of a white etch-resistant layer 
has been detected in fretting of carbon steels (Fig. 21). This material is extremely hard and tends to develop 
cracks. It often is referred to as martensite, and some authors have regarded this as evidence that high local 
temperatures can be developed in fretting. The question of temperature rise is controversial and is discussed 
more fully subsequently. However, if there is a temperature rise, materials that rely on low-temperature heat 
treatment for their optimum mechanical properties (for example, most aluminum alloys) are likely to suffer a 
further type of damage in fretting. 
 

 

Fig. 21  Cross-sectional view of a white layer of martensite produced by fretting of a carbon steel 
connecting rod. Axial stress, 0 to 380 MPa (0 to 55 ksi); contact stress, 40 MPa (6 ksi); fretting cycles, 105. 
Sample was nital etched and viewed with scanning electron microscopy (SEM). 

One development has been die, rapid quenching of liquid metals to produce amorphous metals. Fretting of two 
of these materials, Co-4Fe-2Mo-16Si-12B and Fe-4Si-15B, indicates that they are not wear resistant and 
become embrittled by the fretting action (Ref 50). 
Metals and alloys that rely on a protective oxide film for corrosion resistance can suffer considerable fretting 
damage in environments (for example, ambient air), that would not be considered particularly corrosive. These 
include the more reactive metals such as aluminum, titanium, zirconium, and chromium when used as elements 
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to alloy stainless steels. This aspect of fretting is considered in the section “Environmental Effects” in this 
article. 
When dissimilar metals pairs are fretted against each other, their mutual solubility is a factor in the severity of 
the damage. Nickel, chromium, and iron are damaged severely when fretted against iron or chromium because 
of high mutual solubility; however, the damage is mild when these metals are fretted against copper or silver 
because there is no solubility (Ref 51). 
In the fretting of polymers against steel, the possibility exists that one material will be transferred to the 
opposite surface. Damage arises in this case from platelike iron oxide particles adhering to the polymer; thus, 
the process becomes the fretting of two oxide-coated surfaces. Damage can occur to the polymer by the 
formation of cylindrical wear particles formed by rolling up of thin detached surface layers, which are extruded 
in a direction at right angles to the motion (Ref 52, 53). 
In an investigation of fretting wear of fiber-reinforced polymers (composites) in contact with an aluminum 
alloy, weight loss was used to measure the damage (Ref 54). At amplitudes <900 μm (<0.036 in.), the wear was 
low and showed a slight increase with increasing amplitude. Above 900 μm (0.036 in.), the wear accelerated. 
Wear rate showed a stepwise increase with frequency, the critical frequency being 35 Hz at room temperature 
but reduced to 20 Hz at 80 to 100°C (175 to 212°F) due to a local rise in temperature. Unlike metals, which 
show a linear increase in wear with increasing normal load, these materials show little effect of load up to a 
critical value at a pressure of 20 MPa (3 ksi), above which a rapid increase occurs. Fiber orientation with 
respect to the sliding direction is another variable with these materials. Here the specific wear rate was 
negligible at angles of 0 and 90° between fiber axis and sliding direction, but showed a pronounced peak at 45°, 
as did the coefficient of friction (Fig. 22). 
 

 

Fig. 22  Plot of fretting wear versus fiber orientation angle in a composite 

In experiments involving the fretting of sintered alumina against a wide variety of metallic materials in a 
crossed-cylinder configuration, no detectable wear was found on the alumina, although metal transfer to its 
surface occurred (Ref 55). A similar result was found in fretting a steel ball against alumina, silicon nitride, and 
zirconia in dry air (Ref 56); however, silicon carbide produced equal wear on the ceramic and steel. An increase 
in relative humidity generally resulted in a decrease in wear rate except in the case of silicon nitride, which 
exhibited behavior similar to that of silicon carbide. 
It appears that when oxides such as alumina and zirconia are fretted, there is little damage. Fretting alumina 
against alumina produced no measurable wear, although some polishing of the surface was apparent (Ref 31, 
57) (Fig. 23). 



 

Fig. 23  Fretting mark generated by fretting an alumina cylinder against an alumina flat 

In one of the earliest observations of fretting wear (Ref 58), a steel ball was fretted against the underside of a 
glass microscope slide, and the process was observed under a microscope. This type of experiment has been 
repeated in Japan, but no quantitative measurements of wear have been made. However, valuable information 
has been gained on the initiation of cracks in the glass, a typical brittle material, and on the onset of damage to 
the steel, and is therefore relevant to discussions on fretting mechanisms (Ref 59). 

Effect of Debris on Wear 

Debris oozing from a joint or connection in machinery is often the first indication that fretting damage is 
occurring. In recent years, the role of debris in wear processes has been given considerable attention because it 
can build up between the sliding surfaces and increase the number of interfaces from one to two (Ref 60). This 
is particularly the case in fretting where escape of the debris is greatly restricted compared with unidirectional 
sliding. This section focuses on the form, composition, and role of the debris. 
It is well established that the debris on mild steel and other steels in air is essentially α-Fe2O3, which, when 
finely divided, is reddish brown in color and nonmagnetic. Its hexagonal crystal structure is identical to that of 
α-Al2O3. Under high-compressive loads, it can become compacted, and its color is then black and iridescent. In 
this respect, it is identical to the mineral hematite, which in massive form is blackish but is red when powdered. 
On aluminum, the debris is black and consists of aluminum particles surrounded by Al2O3. The aluminum 
content is 23% and the powder is pyrophoric (Ref 61). In other metals, such as copper and titanium, die debris 
is the expected oxide. In some cases, depending on the method of its production, the debris can contain some 
unoxidized metal. 
The debris is usually in the form of thin platelets a few microns thick and 50 to 100 μm (0.002 to 0.004 in.) in 
diameter, but it can be much smaller, as in Fig. 24, where the debris resulted from fretting steel against a 
polymer. The particle size was shown in this case to be related to the surface energy of the polymer. Sometimes 
fretting occurs between the walls of fatigue cracks, when spherical and cylindrical shapes of debris may result 
due to the very small movements and the high compressive stresses during the compression part of the fatigue 
cycle. 
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Fig. 24  Oxide debris produced when fretting steel against a polymer 

The role of the debris on steel specimens has been demonstrated by performing tests where the fretting surfaces 
were periodically separated and the debris removed (Ref 62), resulting in an increase in the wear rate. 
Conversely, the introduction of α-Fe2O3 powder between the surfaces reduced the wear rate; the resultant 
surfaces were hardly damaged and showed signs of slight polishing. In long-term experiments, the terminal 
stage of fretting was identified as the formation of extensive beds of compacted oxide with a much-reduced 
wear rate (Ref 63). With very small slip amplitudes of less than 10 μm (400 μin.), the wear ceases because the 
oxide beds support the load and separate the surfaces (Ref 64). At higher amplitudes of ≥20 μm (≥800 μin.), the 
wear rate is much reduced; wear continues, however, and occasional metal-to-metal wear still can be detected 
by contact resistance measurements, even after millions of cycles (Ref 65). These observations have 
considerable bearing on the ideas that have been put forward for explaining the mechanism of fretting, which 
are discussed subsequently. The conclusion is, however, that the accumulation of debris between the surfaces in 
compacted layers is more likely to reduce further wear and that abrasion by the oxide debris is not a significant 
contribution to the problem. 
It is interesting to note that in one of the later investigations (Ref 64), it was stated that the debris had some of 
the characteristics of a thixotropic liquid, an observation that had been made in 1951 (Ref 58). 

Environmental Effects 

Obviously, most investigations and reported cases of fretting wear occur in a normal atmosphere where oxygen 
and water vapor are the main corrosive agents, although there is evidence that nitrogen may be involved in 
alloys containing nitride-forming elements. 
Vacuum. An investigation on the effect of reduced air pressure on the fretting of a carbon steel cylinder on a 
flat showed that in a vacuum of 1 mPa (1.5 × 10-7 psi), the coefficient of friction was high at 3.0, and, although 
little measurable wear took place, considerable surface damage occurred due to adhesive transfer of metal, 
which ceased at pressures above 0.1 Pa (1.5 × 10-5 psi) (Ref 66). As the pressure was increased further, the 
coefficient of friction fell to a value of ~1.0 at 10 Pa (1.5 × 10-3 psi), whereas the wear remained low up to this 
pressure. Above 10 Pa (1.5 × 10-3 psi), the coefficient of friction remained constant but the wear rate increased 
rapidly (Fig. 25). Below this critical pressure, any debris formed was black and identified as Fe3O4, but above 
the critical pressure the debris was red and identified as α-Fe2O3. Similar results were obtained with an 
austenitic stainless steel, except in this case, the plastic deformation at the low pressures resulted in martensite 
formation and the growth of surface fatigue cracks (Ref 67). The effects of slip amplitude and normal load were 



investigated on the initiation and growth of such cracks at a pressure of 4 mPa (6 × 10-7 psi); the tests showed 
that the number of cracks decreased rapidly at an amplitude ≥50 μm (≥0.002 in.) but that the length of the 
longest crack increased markedly above this amplitude (Ref 68). The number of cracks increased steadily over 
the load range 8 to 30 N (0.8 to 3 kgf), whereas the length of the longest cracks was greatest at 8 N (0.8 kgf) but 
decreased rapidly at loads above 13 N (1.3 kgf). These results have considerable significance in relation to the 
fatigue aspects of fretting, particularly in connection with space research. Further work on an Fe-Cr-Ni-W 
amorphous alloy (hardness, 1300 HV) fretting against stainless steel gave similar results, although the 
coefficient of friction remained low over the whole pressure range, which was attributed to cylindrically shaped 
debris acting as rollers (Ref 69). 

 

Fig. 25  Effect of atmospheric pressure on the friction and wear of a carbon steel cylinder 

The effect of high pressure has not been investigated extensively. The studies that have been conducted on the 
effects of high pressure have been associated with the nuclear-power industry, specifically relating to problems 
in the advanced gas-cooled reactor (AGR). In this case, the reactor is cooled by carbon dioxide at a pressure of 
4 MPa (40 atm), with temperatures in the region of 600 °C (1110 °F) (see the section “Low and High 
Temperature” in this article). 
Humidity. After oxygen, water vapor is the most significant environmental factor in fretting wear. In a study of 
a wide variety of pure metals tested in a hemisphere on flat configuration and at a slip amplitude of 80 μm 
(0.0030 in.), most metals, such as silver, copper, titanium, and iron, showed a peak coefficient of friction value 
between 10 and 15% relative humidity (RH), with a corresponding peak in wear volume (Ref 70). With 
chromium, the peaks appeared at 5% RH, but with aluminum and nickel the peaks occurred at very low 
humidity. At normal atmospheric humidity (~50% RH), all the metals except nickel showed a gradual decrease 
in fretting wear. This corresponds well with earlier observations on steel specimens (Ref 24). Because 
aluminum alloys are particularly sensitive to the effects of water vapor in fatigue situations due to the reactivity 
of an exposed aluminum surface and the liberation of hydrogen, further work has been devoted to the 
aluminum-zinc-magnesium alloy (Ref 71). Fretting wear was found to be the same in dry air as in dry argon, 
thus discounting oxygen as an active agent; however, in air of 60% relative humidity, the wear rate was much 
higher because the wear debris was nonadherent and, thus, metal-to-metal contact was increased. In addition, it 
was found that softening due to overaging of the surface material in the contact region developed in humid air. 
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As mentioned previously, water vapor has a considerable effect on the fretting wear of certain ceramics, 
particularly silicon carbide and silicon nitride (Ref 56). With silicon carbide, alumina, and zirconia, the high 
rate of wear at 5% RH is greatly reduced at humidities >50%, with a steady decrease in the coefficient of 
friction. Silicon nitride shows a similar wear rate to silicon carbide at 5% RH, but the rate increases linearly 
with time at ≥50% RH. This is related to the propensity for silicon nitride to be transformed into silica. 
Aqueous Electrolytes. Fretting of corrosion-resistant metals in aqueous environments was investigated 
originally because of problems associated with orthopedic implants in the human body. In some of these 
devices, metal-to-metal contacts (for example, screws and bone plates) could suffer fretting due to the activity 
of the patient. In potentiostatic experiments on an austenitic stainless steel, it was found that the corrosion 
current increased linearly with the amplitude of slip at a fixed frequency and also was linearly related to 
frequency at a fixed amplitude (Ref 72). Where potential control was not applied, there were large drops in 
potential with a slow recovery when the fretting action ceased (Fig 26). In studies in physiological saline 
(artificial body fluid) of fretting of type 316L stainless steel and Co-Cr-Mo alloy, the latter was found to have 
the lower wear rate, although the addition of albumin reduced the wear rate of the stainless steel (Ref 73). In 
tests with a fretting simulator using screws and a bone plate of type 316L stainless steel, the weight loss of the 
screws was an order of magnitude greater in 0.9% NaCl compared with the same solution to which 10% bovine 
serum had been added (Ref 74). Measurements of potential drop on fretting obtained in laboratory experiments 
were compared with in vivo measurements on bone plates fitted in sheep walking on a treadmill. The potential 
drop was found to be related to the load at low levels of torque to which the screws had been tightened (Ref 
75). Further experiments on the simulator revealed that the wear weight loss of plates and screws was highest 
for stainless steel (2.8 mg, or 0.043 gr), less for wrought Co-Ni-Cr-Mo (0.65 mg, or 0.010 gr) and lowest for Ti-
6Al-4V ELI (0.13 mg, or 0.0020 gr) (Ref 76), where ELI is extra-low interstitial. It has since been established 
that the effect of proteins on fretting corrosion depends on the relation of the pH of the solution to the 
isoelectric point of the protein. At pH values below the isoelectric point, no effect is seen, but at pH values 
above the isoelectric point there is a reduction in the wear rate (Ref 77). 
 

 

Fig. 26  Potential drop obtained when fretting Ti-6Al-4V (IMI 318) titanium alloy in a saline solution 

The investigation of corrosion-resistant materials under fretting conditions in aqueous electrolytes was 
obviously of considerable interest because the materials rely on a protective oxide film for their corrosion 
properties. Continual disruption of this film is known to produce high corrosion rates, as confirmed by 
measurements of weight loss or volume of pits, which equates to rapid wear rates. The development of offshore 



oil rigs in the 1980s provided many more examples of fretting corrosion occurring on less-corrosion-resistant 
materials, such as the weldable steels used in the construction of the rigs and the steel ropes used to moor them 
in the marine environment. The specific wear rate for a 1.5% Mn steel in air was 1.07 m3/N · m × 10-16, but in 
seawater it increased to 10.0 m3/N · m × 10-16 at 50 Hz and 235.5 m3/N · m × 10-16 at 1 Hz (Ref 78). 
Fortunately, application of cathodic protection of -950 mV versus standard calomel electrode (SCE) reduced 
the wear rate almost to that in air. 
Steel ropes are used extensively in marine conditions. The development of the offshore oil industry has 
increased the use of these ropes as moorings for the oil rigs. The single-strand ropes are made up of layers of 5 
mm (0.2 in.) diameter steel wires; successive layers are spiraled in the opposite sense to the adjacent layers. 
Numerous interwire contacts are referred to as trellis contacts. The fretting behavior of these wires in artificial 
seawater has been investigated extensively (Ref 79). In crossed-cylinder tests with an amplitude of slip of 50 
μm (0.002 in.), a normal load of 3 N (0.3 kgf), and a frequency of 30 Hz, it was found that the wear volume 
after 5 × 106 cycles for the 0.64% C steel was 55 × 10-4 mm3 (34 × 10-8 in.3) in air, 167 × 10-4 mm3 (102 × 10-8 
in.3) in seawater, but reduced to 4 × 10-4 mm3 (2 × 10-8 in.3) when a potential of -950 mV versus SCE was 
applied (Ref 80). In 3.5% NaCl solution the wear was even higher at 214 × 10-4 mm3 (130 × 10-8 in.3), 
indicating that the magnesium salts in the seawater were having some inhibiting effect. The effect of coating the 
wire by hot dip galvanizing was similar to the effect of cathodic protection, reducing the wear to ~10 × 10-4 
mm3 (~6 × 10-8 in.3) in seawater. 
More aggressive solutions have not been investigated widely, apart from two examples by the author. Fretting 
of an austenitic stainless steel in H2SO4 produced severe pitting in the contact region (Fig. 27). In some work 
related to the cooling of suspensions of radioactive solids in concentrated nitric acid, it was found that austenitic 
stainless steel tubes in a crossed-cylinder configuration when fretted in this mixture developed very strong 
adhesion, as though the scouring action of the solid matter had produced clean metal surfaces that were able to 
form cold welds. It is interesting to note that strong adhesion was found when austenitic stainless steel was 
fretted against itself in liquid sodium at 500 °C (930 °F). The force to part the surfaces was calculated to require 
a tensile stress of 500 MPa (73 ksi), greater than the ultimate tensile strength (UTS) of the material (Ref 81). 
 

 

Fig. 27  Local pitting produced when an austenitic stainless steel ball is fretted against an austenitic 
stainless steel flat in 0.1 N H2SO4  

Low and High Temperature. The increasing development of space engineering has meant that dynamic systems 
have to operate not only in vacuum but also at very low temperatures. Fretting of a spherical surface on a flat, 
both composed of austenitic stainless steel, at 4 K (-452 °F) in liquid helium resulted in high friction but little 
wear, very similar to the situation in high vacuum (see the section “Vacuum” in this article). The explanation 
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was similar; that is, oxide films did not grow at this temperature. At 77 K (-320 °F), the friction and wear were 
the same as at 293 K (-68 °F). 
Much more attention has been given to high-temperature fretting in oxidizing atmospheres because this is a 
situation that is very common in practice (for example, in gas turbine aeroengines and in the AGR device). 
Pioneer work (Ref 82) and later studies (Ref 83, 84) showed that there was a great reduction in the coefficient 
of friction and wear when mild steel was fretted in air at temperatures up to 500 °C (930 °F). In argon, 
however, surface damage was severe. At about this time, the reciprocal sliding of certain alloys at high 
temperature in an oxidizing atmosphere was investigated, and it was discovered that many alloys containing 
combinations of iron, nickel, and chromium developed a very smooth oxide, which was termed glaze oxide, 
which had low friction and low wear (Ref 85). A similar type of oxide was found in fretting a nickel-base alloy 
at 540 °C (1005 °F) (Ref 86). Fretting wear tests at amplitudes of 10 and 40 μm (0.0004 and 0.0016 in.) showed 
low coefficients of friction at 280 and 540 °C (535 and 1005 °F) compared with room temperature, and 
corresponding reductions in wear damage (Ref 87). However, if the air pressure is reduced to 1 mPa (l.5 × 10-7 
psi) severe surface cracking is produced (Ref 88). The alloys that are capable of forming the glaze oxide are 
those on which an oxide with a spinel structure can develop (for example, mild steel [FeO · Fe2O3], stainless 
steels [FeO · Cr2O3, NiO · Cr2O3, NiO · Fe2O3], and nickel-chromium alloys [NiO · Cr2O3]). If the oxide film is 
damaged, it is self repairing at the high temperature but does not survive at room temperature (Ref 89). 
Titanium alloys do not behave in quite the same way; however, as shown in Fig. 28, implantation with bismuth 
or barium ions results in very low friction and wear results at temperatures between 400 and 600 °C (750 to 
1110 °F) (Ref 90). For such films to survive, the substrate must have sufficient creep resistance to withstand the 
high stresses in the contact regions; otherwise, cracking can occur (Ref 91) (Fig. 29). 
 

 

Fig. 28  Effect of ion implantation on the coefficient of friction in fretting of IMI 550 titanium alloy at 500 
°C (930 °F) 

 

Fig. 29  Cracking of “glaze” oxide layer because of substrate creep in the fretting contact regions 



Measurement of Fretting Wear 

Profilometry. The very small amount of material that is removed in most fretting experiments renders the 
traditional method of measuring wear by weight loss impracticable. The method of surveying the surface by 
profilometry, where the instrument can plot out an isometric projection of the surface and the computer can 
produce a figure for the volume of the scar below die original surface and also the volume above the original 
surface, gives one of the best quantitative and descriptive assessments of the damage (Ref 92). When this 
method was checked with weight loss measurements, good agreement was found. Figure 30 shows the scar in a 
crossed-cylinder arrangement. 

 

Fig. 30  Two views of an isometric projection of a scar in the crossed-cylinder arrangement 

Holographic Interferometry. Another method that gives a visual impression of the damage is holographic 
interferometry. This practice enables a contour map of the surface to be generated prior to the wear process in 
order to compare it with a similar map generated after the wear has occurred. By using holographic image 
subtraction, very small changes in surface topography can be detected (Ref 93). 
Thin-Layer Activation. A quantitative method applied to measuring fretting wear is known as thin-layer 
activation (TLA). A thin layer of radioactive atoms is produced on the surface by bombardment with a high-
energy ion beam from an accelerator. After wear has taken place, debris is removed and the residual 
radioactivity is measured. A sensitivity of at least 0.2 μm (8 μin.) is claimed (Ref 94). 
Measurement of Axial Distance. A less-sophisticated method for the case of crossed cylinders is the 
determination of wear from the decrease in distance between their axes (Ref 95). The advantage of this method 
is that it allows measurements to be taken without dismantling or disturbing the contact. 

Mechanism of Fretting Wear 

It generally is agreed that when fretting wear is taking place between two flat surfaces or two conforming 
cylindrical surfaces (that is, conditions in which escape of debris is not as easy), the progress with time (or 
number of cycles) can be recognized as occurring in three stages (Ref 96, 97):  

1. Initial stage of a few thousand cycles when metal-to-metal contact is prevalent, resulting in local 
welding, roughening of the surface, high friction, and low contact resistance. Fatigue cracks are initiated 
in this stage if the movement is a result of cyclic stressing (Ref 98). 

2. Formation of beds of compacted oxide with a fall in coefficient of friction and erratic behavior of 
contact resistance as it oscillates between high and low values 

3. Onset of a steady state in which the friction is more or less constant and the contact resistance is 
generally high with occasional momentary falls to a low value 

These changes are illustrated in Fig. 31, 32, 33 and can be recognized in the wear curve (Fig. 15). The length of 
the initial stage depends on the amplitude of slip and the normal load (Fig. 16). 
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Fig. 31  Changes in surface roughness as a function of the number of fretting cycles for metal-to-metal 
contact. (a) As received. (b) 103 cycle. (c) 5 × 104 cycles. (d) 3 × 105 cycles 

 

Fig. 32  Plot of the coefficient of friction versus the number of fretting cycles for three selected materials 
tested on steel. PTFE, polytetrafluoroethylene 



 

Fig. 33  Plot of contact resistance versus the number of fretting cycles 

Observation of the debris on steel shows that it is platelike (Fig. 5). One of the early theories of fretting wear 
maintained that the debris arose by continual scraping and regrowth of oxide film (Ref 99). A modification of 
this idea suggests, from evidence of sections through a fretted surface on a carbon steel, that there are three 
well-defined zones (Ref 100):  

• Zone 1: outer layer of compacted oxide 
• Zone 2: severe deformation in which grains are comminuted and oriented in the fretting direction 
• Zone 3: plastic deformation (from which it is concluded that in the steady-wear state, flakelike debris is 

formed by stripping oxide layers from the metal surface) (Ref 100) 

The opposite point of view is that metal particles, which become progressively ground up and oxidized between 
the fretting surfaces, are removed. The evidence for this is that with reactive metals, such as aluminum and 
titanium, the debris is flakelike but contains metal (Ref 101). Furthermore, even after many millions of cycles, 
metal-to-metal contacts still occur in the fretting of steel flats (Ref 102). In experiments in which steel filings 
were introduced between two hard inert surfaces and subjected to fretting, the metal was soon converted to 
oxide (Ref 103). How the metal particles are generated is still a subject of controversy. However, in certain 
instances, there is evidence that the particles are generated in the later stages of a delamination process (Fig. 
34). 

 

Fig. 34  Typical delamination in the fretted region produced by metal-to-metal contact 
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It is possible that both processes, the removal of oxide and the removal of metal, could be occurring 
simultaneously in different regions of the surface. In the initial stage, peaks and valleys are formed due to local 
welding, and these variations appear to persist (Ref 104). The in-between areas become filled with compacted 
debris that has a layerlike structure, from which oxide flakes can become detached. These areas of compacted 
debris are maintained by metal particles produced by the continuing metal-to-metal contacts. 
Although the oxide debris usually is harder than the metal from which it arises, abrasion by the oxide is not a 
contributory factor on steels to the wear. In fact, the debris, by limiting metal-to-metal contact and possibly 
taking up some of the movement between the surfaces, has more of a protective effect (Ref 60). 

Prevention of Fretting Damage 

The steps that can be taken to reduce or eliminate the damage due to fretting are extremely diverse, and each 
case or prospective case needs to be analyzed individually in order to select the most promising method to be 
applied. In this article, it is possible to give only some general indications of how die problems can be tackled. 
Reference 105 points out that it is useful to know whether the movement is “force controlled” or whether it is 
“displacement controlled.” Force-controlled fretting is experienced in the case of partial slip; therefore, 
increasing the coefficient of friction or increasing the normal load will reduce the slip. In displacement-
controlled fretting, where slip is occurring over the whole interface, the amplitude is constant, and wear will be 
reduced by reducing the normal load as well as the coefficient of friction. 
Improved Design. Because fretting arises only where there is relative movement between two surfaces, the 
elimination of this movement is a prime objective. Fretting often arises as a result of a stress concentration. In 
any case, reducing the stress via improved design (for example, raised wheel seats or stress-relieving grooves in 
hub/axle assemblies) is demanded by fatigue considerations. Increasing the normal pressure by reducing the 
area of contact (when the normal load is to be kept constant) or increasing the normal load will reduce the area 
of slip, but such action may introduce fatigue problems. The ultimate goal is to make the component in one 
piece and to get rid of the junction, but this is not always possible. 
Surface Finish. Rough surfaces are less prone to fretting damage than highly polished surfaces are. Rough 
surfaces can be obtained by shot peening with glass beads or steel shot. Shot peening has the advantage of work 
hardening the surface, although the residual compressive stress appears to have little effect on the wear process; 
It has a considerable effect, however, if fatigue crack initiation and propagation are involved. Shot peening 
often is applied as a surface preparation for the application of coatings. 
Coatings. Surface treatments that radically change the chemical composition of the surface can be divided into 
three categories:  

• Foreign atoms or ions are introduced into the existing surface by diffusion (for example, carburizing, 
nitriding, chromizing, sherardizing, and aluminizing) or by bombardment (for example, ion 
implantation) 

• The surface reacts with a chosen environment to form a compound (for example, oxidation, anodizing, 
and phosphating) 

• An entirely foreign material is applied to the surface (for example, electrodeposition, plasma spray, ion 
plating, physical vapor deposition (PVD) and chemical vapor deposition (CVD) 

Most of these coatings are harder and, consequently, more brittle than the substrate, which, if it is not strong 
enough, will plastically deform in the fretting contact, where local stresses can be high. This plastic 
deformation will crack and break up the coating. If the coating is particularly hard (for example, titanium 
nitride, with a hardness of 300 HV), further damage can occur by abrasion (Ref 106). 
Carburizing and nitriding of steels is a well-established treatment for reducing wear in gears and is also 
effective against fretting (Ref 107). Electrodeposited coatings are used extensively in electrical contacts; gold 
alloys are the preferred coating because they are not subject to oxide formation, which is disastrous in its effect 
on conductivity (Ref 108). 
The growth of oxide films at high temperatures has been specified to provide wear-resistant self-repairing 
coatings. These have been improved by ion implantation, particularly in titanium alloys, to give coatings that 
have low friction and low wear (Ref 90). 



Anodizing is applied to aluminum alloys, and the hard coating provides protection against fretting, but it may 
cause wear of the opposing surface (Ref 109). 
Inserts. Separation of the two surfaces by an insert, either a shim of a soft metal or a shim of a polymer with a 
low elastic modulus, sometimes will be effective. The intention is to take up the movement by either plastic 
deformation or elastic deformation of the material. A combination of metal and polymer can be more effective 
because it combines the advantages of both materials—the low elasticity of the polymer and the good 
conductivity of the metal. Bronze-filled polytetrafluorethylene (PTFE), when fretted against steel, has a very 
low friction coefficient and undetectable wear (Ref 110). 
Lubricants are usually difficult to apply in fretting contacts because of the difficulty of maintaining the 
lubricant in the contact, but lubricants are included in the construction of steel ropes (for example, locked coil 
ropes) (Ref 111). In a survey of the effect of additives to a base mineral on the fretting wear of steel surfaces, 
zinc di-n-octyldithiophosphate was found to be most effective (Ref 112). Solid lubricants applied to the 
surfaces (for example, MoS2) reduce the coefficient of friction initially but eventually tend to wear away (Ref 
113). 
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Fretting Wear Failures  

 

Examples of Fretting Failures 

When steels parts are lubricated properly, the presence of oxide debris often is indicative of fretting. If a part is 
unlubricated or experiences a lack of lubrication, oxide debris may not necessarily signify fretting, but rather, 
other types of wear that can be prevented by proper lubrication. In contrast, fretting may not be completely 
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remedied by lubrication (Ref 114). This doesn't mean that fretting damage cannot be mitigated by lubrication. 
In wire ropes, for example, fretting between strands can be prevented by proper lubrication (Ref 114). 
Fretting differs from ordinary wear further in that the bulk of the debris produced is retained at the site of 
fretting. In ferrous materials, the fretting process creates a mass of reddish oxide particles. Fretting also occurs 
in nonoxidizing materials, such as gold, platinum, and cupric oxide. Fretting debris formed by many nonferrous 
alloys is largely unoxidized and larger in particle size than that of ferrous materials. On the other hand, in hard 
materials such as a tool steel and chromium, the initial wear particles are very small, with much oxide present ( 
114). Little debris is present in an inert or protective atmosphere, although surface damage can be extensive. 
Fretting differs from ordinary wear in that the bulk of the debris produced is retained at the site of fretting. 
If fretting is present, macroscopic examination of the affected surface area can be done after the corrosion has 
been scrubbed off with a paste of alumina and hexane, for example. The examination will reveal very reflective 
areas, as well as depressions and pits containing black patches of Fe3O4, which is produced when the oxygen 
supply is limited. If only ordinary corrosion is present, microscopic examination will reveal small but well-
defined corrosion pits that have produced rust rosettes consisting of the voluminous hydrated iron oxide (Ref 
114). Figure 35 shows a screw hole with fretting and fretting corrosion of a type 316LR stainless steel bone 
plate for an orthopedic implant. The overview (Fig. 35a) of wear on the plate hole shows mechanical and pitting 
corrosion attack, shallow pitting corrosion attack from the periphery of the contact area (Fig. 35b), and the 
effects of mechanical material transport (material tongue in right upper corner), fretting and wear (burnished 
areas), and corrosion (shallow pitting) in Fig. 35(c). 



 

Fig. 35  Fretting and fretting corrosion at the contact area between the screw hole of a type 316LR 
stainless steel bone plate and the corresponding screw head. (a) Overview of wear on plate hole showing 
mechanical and pitting corrosion attack. 15×. (b) Higher-magnification view of shallow pitting corrosion 
attack from periphery of contact area. 355×. (c) Contact area showing the effects of mechanical material 
transport (material tongue in right upper corner), fretting and wear (burnished areas), and corrosion 
(shallow pitting). 355×. (d) Higher-magnification view of Fig. 30(c). 650× 

Another example in Fig. 36(a) shows a portion of a titanium screw head implant with a lip of material that was 
transported by fretting at a plate-hole edge. A flat fretting zone is visible on the screw surface over the material 
lip, which is magnified in Fig. 36(b). A cellular wear structure containing wear debris is present. Figure 36(c) 
shows material destruction and the formation of thin flakes of wear debris. Mechanical deformation is 
superimposed on wear structures in Fig. 36(d). No morphological signs of corrosion have been observed in 
connection with fretting structures. This has been typically found on all contact areas of plate holes and screw 
heads of the titanium implants that were investigated. 
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Fig. 36  Wear on head of titanium screw. (a) Material transport and fretting zone. (b) Close-up view of 
wear structures showing fine wear products. 120×. (c) Wear structures showing generation of small wear 
particles. 1200×. (d) Wear structures with additional fretting structures. 305× 

Fretting in Rolling-Element Bearings 

False Brinelling. The term false brinelling refers to a type of fretting-type damage that occurs in machine 
components such as ball bearings, where craters caused by the vibration of the ball against the race are circular 
and resemble Brinell impressions. Another type of fretting damage observed in machinery is known as fitting 
rust, where gages or shims are clamped together and experience vibration. Fitting rust is the contact corrosion 
that takes place between the bore of the bearing and the shaft or between the outside surface of the bearing and 
the bore of the housing. 
False Brinelling is caused by vibrations or oscillations over a few degrees of arc between rolling elements and 
raceways in a nonrotating bearing. At the contact areas between the rolling elements and raceways, lubricant is 
squeezed out, resulting in metal-to-metal contact and localized wear. False Brinelling does not occur during 
normal running but is found in the bearings of machines subjected to vibration while at rest. False Brinelling 
also has been found to occur during transit. Transport by rail or truck is conducive to this form of damage. Even 



transport by sea does not guarantee immunity, particularly where pronounced vibrations from diesel engines 
may be present. False Brinelling also has been found in the roller-bearing axle boxes of railway cars that have 
been standing for some time in sidings and that are subjected to vibrations from passing trains. When 
equipment is to be transported, the machine should be dismantled, and one of the following preventive 
measures should be adopted: remove the rolling-element bearings and fit temporary wooden packings in their 
place, or use clamps to lock rotors of electric motors rigidly to the frames and, at the same time, relieve the 
bearing of the dead-weight load. In other instances, the machinery could be packed so that the axis of the 
rotating portion is in the vertical plane, thereby preventing damage by stationary indentation. 
There are several features that permit false Brinelling to be distinguished from true Brinelling. True Brinelling, 
or denting, is permanent deformation produced by excessive pressure or impact loading of a stationary bearing. 
Improper mounting procedures, such as forcing of a tight-fitting or cocked outer ring into a housing, are 
common causes of true Brinelling. Improper handling, such as dropping or pounding of bearings, will cause 
true Brinelling. True Brinelling also can be caused by vibrations in ultrasonic cleaning. 
True Brinelling is characterized by hollows or dents produced by plastic flow of metal. Such indentations in 
raceways will be spaced in correspondence to ball or roller spacing, thus differentiating true Brinelling from 
dents made by debris, such as dirt or chips, which usually are spaced randomly. False Brinelling is found on 
those regions of a bearing that are subjected to the heaviest loads, for example, at the six o'clock position in a 
bearing supporting a horizontal shaft; the effect diminishes in a fairly regular manner on either side of this 
position. Figure 37 is a comparison of true Brinelling with false Brinelling. The final grinding marks made 
during the manufacture of raceways can be seen, virtually undisturbed, within the true Brinelled areas of Fig. 
37. 

 

Fig. 37  Comparison of true Brinelling with false Brinelling. (a) In true Brinelling, the surface texture is 
essentially undisturbed. Note grinding marks in the impression. (b) In false Brinelling (fretting), the 
surface is worn away or material is transferred. No grinding marks are visible in the impression. Both 
15×. Source: Ref 116  

In many instances, false Brinelling remains undetected until the machine is started, at which time noisy 
operation is immediately evident. The phenomenon is thought to be a manifestation of fretting. The minute 
movements initiated by vibration cause wear of the contact surfaces, and the fine particles produced rapidly 
oxidize and result ultimately in production of characteristic grooves, with the oxide acting as an abrasive. To 
prevent false Brinelling in bearings of standby equipment, it may be necessary to arrange for continuous slow 
rotation of shafts while nearby machines are running. For a given angular rotation of a shaft resulting from 
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vibration, slightly greater movements of rolling elements relative to raceways will occur in a bearing with a 
greater number of elements. These movements may be greater than those at which false Brinelling develops. 
Therefore, where false Brinelling is not severe, changing to a bearing with a larger number of rolling elements 
or to one of the needle-roller types may be sufficient. 
The corrugated surfaces produced by fretting or false Brinelling form stress raisers that, under subsequent 
conditions of rotation, may produce excessive noise and may cause premature spalling by rolling-contact 
fatigue. Figure 38 shows a portion of a shaft that served as the inner raceway for a drawn-cup needle-roller 
bearing. The rollers left deep and clearly defined impressions on the shaft. The damage was identified as 
fretting, or false Brinelling, because of the dull surface with little or no trace of the original surface finish 
remaining at the bottoms of the indentations, although the shaft also was Brinelled by a very heavy overload. 
 

 

Fig. 38  Severe damage from fretting (false Brinelling) on the surface of a shaft that served as the inner 
raceway for a needle-roller bearing 

Recommendations for reducing fretting in rolling-element bearings include:  

• Keep radial play in the bearings at the lowest practical value. 
• Increase the angle of oscillation (if possible) to secure roller or ball overlap in order to drag fresh 

lubricant into the area. If the surfaces can be separated by lubricant, fretting of the metal cannot occur. 
• Relubricate frequently to purge the red iron oxide debris and reinstate the lubricating film. 
• Use a larger bearing of higher capacity to reduce contact loads. 
• Increase the hardness of the elements as much as possible. The commercial antifriction bearing already 

has fully hardened components. For best results, the shaft, if used as an inner raceway, should be 
hardened to 58 HRC minimum. 

• Use a grease that has been specially formulated to provide maximum feeding of lubricant to areas 
susceptible to fretting damage. If the bearing is oil lubricated, flood it if possible. 

Example 1: Fretting Failure of Raceways on 52100 Steel Rings of an Automotive Front- Wheel Bearing. The 
front-wheel outer angular-contact ball bearing shown in Fig. 39 generated considerable noise shortly after 
delivery of the vehicle. The entire bearing assembly was removed and submitted to the laboratory for failure 
analysis. 



 

Fig. 39  Automotive front-wheel bearing that failed by fretting of raceways on inner and outer 52100 steel 
rings. Dimensions given in inches 

The inner and outer rings were made of seamless cold-drawn 52100 steel tubing, the balls were forged from 
52100 steel, and the retainer was stamped from 1008 steel strip. The inner ring, outer ring, and balls were 
austenitized at 845°C (about 1550°F), oil quenched, and tempered to a hardness of 60 to 64 HRC. 
Investigation. Visual examination of the outer raceway revealed severe fretting and pitting in the ball-contact 
areas at spacings equivalent to those of the balls in the retainer. The areas were elongated, indicating that only a 
slight oscillation of the ring or wheel had occurred. Similarly spaced but less severely damaged areas were 
observed on the inner raceway. 
Conclusions. Failure was caused by fretting due to vibration of the stationary vehicle position without bearing 
rotation. These vibrations were incurred during transportation of the vehicle. This bearing had experienced 
little, if any, service but showed conclusive evidence of fretting between the balls and raceway. 
Recommendations. Methods of securing the vehicle during transportation should be improved to eliminate 
vibrations. 
Example 2: Fretting of Freon-Compressor Shaft because of a Loose Bearing (Ref 114). The shaft-and-bearing 
assembly (Fig. 40a) in a freon compressor was subjected to severe pounding and vibration after six years of 
service. After about one year of service, the compressor had been shut down to replace a bearing seal. One 
month before the shaft failed, a second seal failure occurred, requiring the collar, spacer sleeve, seal, roller 
bearing, and lockwasher to be replaced. 
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Fig. 40  Freon-compressor shaft of 4140 steel that failed by fretting corrosion in the bearing area 
(Example 2). (a) Shaft and bearing assembly. (b) Failed region of shaft, at 2×, showing disturbed metal 
and partly closed keyway. (c) Shaft side of bearing inner ring, at 3×, showing pitting similar to fretting 
damage. (d) Bearing side of spacer sleeve, at 4.5×, showing disturbed metal. (e) Bearing side of 
lockwasher, at 4.5×, showing disturbed metal 



The shaft was made of 4140 steel, heat treated to a hardness of 20 to 26 HRC. The seal, bearing, and 
lockwasher were commercial components. Although the specifications did not call for hard facing of the 
bearing surface on the shaft, maintenance department personnel thought the shaft had been hard faced. 
The shaft, spacer sleeve, roller bearing, and lockwasher were sent to the laboratory for examination. 
Visual examination of the compressor shaft disclosed quantities of disturbed metal and partial closing of the 
keyway at the surface where it was contacted by a roller bearing as shown in Fig. 40(b). The failed surface 
contained a groove approximately 1 mm (0.040 in.) deep and was coated with a black corrosion deposit. The 
spacer sleeve, roller bearing, and lockwasher also were coated with the black deposit. 
Deposits collected from the failed area and from the spacer sleeve, roller bearing, and lockwasher were 
identified by x-ray diffraction as ferric oxide (α-Fe2O3) with minor constituents of metallic iron and copper. 
Discoloration of the deposit was caused by the grease lubricant and mishandling during disassembly. 
Spectrochemical analysis of scrapings taken from an affected area and an unaffected area of the bearing surface 
on the shaft and from areas adjacent to and away from the bearing surface of the shaft indicated that all surfaces 
were fabricated from 4140 steel. These findings discounted the theory that the bearing surface had been hard 
faced. 
Readings taken along the shaft showed that the hardness of the area beneath the bearing was 24 HRC, while the 
area beneath the sleeve had a hardness of 90 HRB (approximately 10 HRC). This suggests that the area of the 
shaft beneath the bearing had been heat treated. The hardness of the inner bearing race was 54 HRC. 
Microscopic examination of the shaft side of the inner bearing race showed pitting similar to that associated 
with fretting corrosion (see Fig. 40c). Examination of the surfaces of the spacer sleeve and of the lockwasher 
that contacted the roller bearing disclosed disturbed metal, indicating there had been movement between the 
sleeve and the bearing and between the bearing and the lockwasher (see Fig. 40d and e). The direction of the 
disturbed metal on the sleeve and the lockwasher showed that movement was both radial and circumferential. 
The peened appearance of the metal that partly covered the keyway indicated movement between the shaft and 
the inner bearing race. The inner bearing race could not move radially, because it was backed by the rollers, 
outer race, and compressor shell, which were in good condition after the failure. Therefore, the shaft must have 
moved radially during failure. Because the lockwasher and spacer sleeve were attached to the shaft and moved 
with it, the circular scratches on the contacting surfaces of the bearing and the sleeve, and those of the bearing 
and the lockwasher, indicate radial motion of the shaft. The scratches on the sleeve and lockwasher were 
approximately 2 mm (0.080 in.) long, which was equal to the loss in diameter of the shaft at the failed area. 
Conclusions. Shaft failure was initiated by fretting between the bearing race and the bearing surface on the shaft 
because of improper bearing installation. Once clearance was established between the bearing and the shaft, the 
shaft began pounding on the inner bearing race, causing final failure of the shaft surface. 
Recommendations. Proper fitting of the shaft and bearing race is essential in preventing movement of the 
bearing on the shaft. Also, the lockwasher and locknut must be installed properly. 
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Introduction 

A MAJOR CAUSE of failure in components subjected to rolling or rolling/sliding contacts (e.g., rolling-contact 
bearings, gears, and cam/tappet arrangements) is contact fatigue. Rolling-contact fatigue (RCF) can be defined 
as the mechanism of crack propagation caused by the near-surface alternating stress field within the rolling-
contact bodies, which eventually leads to material removal. The mechanism of RCF thus differs from the 
delamination theory of wear (Ref 1, 2), which also relies on cyclic loading but in sliding conditions and at 
asperity level. The alternating stress field in RCF is either in pure rolling (e.g., rolling-element bearings), or in 
rolling/sliding conditions (e.g., gear-tooth loading), depending on the absence or presence of gross sliding 
within the rolling-contact region. Microslip (e.g., Heathcote or Reynolds slip [Ref 3]) within the contact region 
is, however, inevitable in both pure rolling and rolling/sliding conditions. The term “RCF” in this article, 
however, refers to pure rolling configurations, except where specific references to rolling/sliding conditions are 
made. 
The material removal in a RCF failure varies from micropitting, macropitting and spalling (Ref 4, 5) in 
conventional bearing steels (Fig. 1) to delamination in hybrid ceramics (Ref 6) and overlay coatings (Ref 7), as 
discussed later. Contact geometry of the bodies subjected to RCF can be conforming (e.g., contact between the 
outer race and roller in a rolling-element roller bearing) or nonconforming (e.g., contact between the inner race 
and roller in a rolling-element roller bearing). The alternating stress field responsible for RCF failure can 
generally be idealized from Hertzian contact conditions in conventional metallic and ceramic materials (e.g., 
bearing steel and Si3N4 ceramics), but the interpretation of stress fields needs to be cautiously approached when 
dealing with layered surfaces (e.g., overlay coatings). The preliminary focus in this article is on RCF of coated 
surfaces, although the stress field conditions are briefly reviewed for the RCF of a homogeneous material 
surface. 



 

Fig. 1  Typical morphology of fatigue spall in rolling-element bearings. (a) Fatigue spall centered on a 
ball bearing raceway. (b) Fatigue spall on 12.7 mm (0.5 in.) diameter steel ball obtained using rolling 
four-ball machine 

Prediction of statistical fatigue life (Ref 8, 9, 10) and failure modes (Ref 4, 11, 12, 13, 14, 15, 16, 17) during 
RCF in conventional bearing steels also has been the focus of hundreds of papers and numerous books (Ref 18, 
19, 20) in published literature. The scope of this article focuses principally on the RCF performance and failure 
modes of overlay coatings, such as those deposited by physical vapor deposition, chemical vapor deposition, 
and thermal spraying. Some background description of RCF in bearing steels is, however, useful and necessary, 
because RCF of steels is important. General background on RCF in bearing steels also helps develop an 
understanding of failure modes in overlay coatings discussed in this article. More detailed description of RCF 
in conventional bearing steels can be seen elsewhere (e.g., Ref 11, 12, 13, 14, 15, 16, 17), along with a general 
discussion of contact fatigue in the article “Fatigue Failures” in this Volume. 
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General Principles of RCF 

General Background. The origin of RCF failure is understood to be stress concentrations, which initiate and 
propagate fatigue crack under cyclic loading. These stress concentrations occur due to surface or subsurface 
stress risers or to the geometry and kinematics of the contacting pair. Figure 2 summarizes a list of these stress 
risers, which have been the subject of numerous scientific investigations that have resulted in the improved life 
of rolling-element bearings (Ref 11). With the introduction of cleaner steels and greater precision in the 
manufacture of bearings, most of the surface and subsurface stress risers listed in Fig. 2 have been addressed. 
Nevertheless, the demand to operate rolling-element bearings in harsh tribological environments of lubrication, 
load, contamination, and temperature push for higher fatigue limits, and thus call for improved understanding of 
the RCF failure modes. 
 

 

Fig. 2  Stress risers initiating rolling-contact fatigue failure 

Four distinct failure modes have been established in rolling-contact bearings (Ref 5). These classifications 
include wear-type failures, plastic flow, contact fatigue, and bulk failures. Although the aim of this article is to 
comprehend RCF failures, wear-type failures that include surface removal and material transfer do not form a 
part of this background; Blau (Ref 13) has given a detailed account of rolling-contact wear (RCW), and he 
differentiates between RCF and RCW in the sense that RCF is a damage accumulation process under cyclic 
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loading, whereas, RCW can be thought of as nucleation sites for initiating fatigue damage. Rolling-contact wear 
is thus critical in components operating in rolling-sliding contact (e.g., gears where the lubrication regime is 
either boundary or mixed). However, the full film lubrication generally seen in rolling-element bearings should 
prevent such damage, except at the start/stop of rolling motion. Similarly, plastic flow and bulk failure depend 
on the bulk thermal and mechanical properties of the bearing materials and can lead to permanent dimensional 
changes. 
The most classical failure mode in rolling-contact components is RCF. Rolling-contact fatigue failure modes 
have previously been classified as pitting, case crushing, peeling, frosting, glazing, surface distress, and so on 
(Ref 15, 16, 17, 21, 22). Some of these terminologies are similar; for example, pitting and spalling are often 
used interchangeably in the European literature (Fig. 1). Littmann (Ref 17) has given an account of the contact 
fatigue damage classification system, and he identified six modes of fatigue failure—inclusion origin, subcase 
fatigue, surface origin, geometric stress concentrations, peeling, and section failure. Later studies classified 
these failure modes as surface originated and subsurface originated ( 23, 24). A more comprehensive 
classification of these failure modes can be found in Ref 25. 
Regardless of the classification system used to categorize failure modes, the mechanism of RCF failure 
generally involves the following characteristics:  

• Stress concentrations either at the surface or subsurface (Fig. 2) 
• Crack initiation either at the surface or subsurface due to stress concentrations 
• Crack propagation due to cyclic loading 
• Spalling or pitting leading to debris 
• Postfailure damage due to misalignment or debris within the contact region 

The exact mode of fatigue failure can substantially vary from failure to failure, and a number of failure modes 
compete to reduce the overall life of rolling bearings. This is mainly due to the synergetic effect of competing 
failure modes in which both surface and subsurface origins of crack initiation and propagation can be 
significantly affected by tribological conditions. Additional factors, such as the role of residual stress; hydraulic 
pressure propagation, coupled with the shape, size, and location of individual surface or subsurface defects; and 
variations in tribological conditions within the contact region, thus present a complex interdependency. 
Characteristics of RCF in Steel.* The stress condition associated with RCF is illustrated schematically in Fig. 3. 
With any condition of rolling, the maximum stress being applied at or very near the contact area is the shear 
stress parallel to the rolling surface at some point below the surface. For normally loaded gear teeth, this 
distance is from 0.18 to 0.30 mm (0.007 to 0.012 in.) below the surface just ahead of the rolling point of 
contact. If sliding is occurring in the same direction, the shear stress increases at the same point. If the shear 
plane is close to the surface, then light pitting can occur. If the shear plane is deep due to a heavy rolling-load 
contact, then the tendency is for the crack propagation to turn inward (Fig. 4). The cracks continue to propagate 
under repeated stress until heavy pitting or spalling takes place (Fig. 5). 
 

 



Fig. 3  Stress distribution in contacting surfaces due to rolling, sliding, and combined effect 

 

Fig. 4  Gear-tooth section. Rolling-contact fatigue. Crack origin subsurface. Progression was parallel to 
surface and inward away from surface. Not etched. 60× 

 

Fig. 5  Gear-tooth section. Rolling-contact fatigue. Crack origin subsurface. Progression was parallel 
with surface, inward, and finally to the surface to form a large pit or spall. Not etched. 60× 

There is always one characteristic (and often two) of RCF that will distinguishes it from other modes of 
surface-contact fatigue. Both characteristics can be observed only by an examination of the microstructure. In 
rolling contact, the surface does not show a catastrophic movement; it remains as the original structure. For 
example, an unetched, polished sample taken near the origin of a subsurface fatigue crack (Fig. 6) very clearly 
shows undisturbed black oxides at the surface. The subsurface cracking could not have been caused by either 
abrasive or adhesive contact; it had to be by rolling. This is always the first evidence to look for when 
determining the type of applied stress. 
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Fig. 6  Gear-tooth section. Rolling-contact fatigue distinguished by subsurface shear parallel to surface. 
Note the undisturbed black oxides at the surface, indicating no surface-material movement. Not etched. 
125× 

The second characteristic is common only in a martensitic steel that contains very little or no austenite and is 
found only at, along, or in line with the shear plane. This is a microstructural feature that has been termed 
“butterfly wings.” If the sample in Fig. 6 is etched properly with 3% nital, the result is the microstructure shown 
in Fig. 7(a). Increasing the magnification to 310× shows more detail (Fig. 7b). This type of microstructural 
alteration is typically associated with an inclusion present, but not always. Extensive and very detailed studies 
of RCF refer to the gray substructure as white bands of altered martensite. It is believed that these substructures 
are caused when, under an extreme shearing stress, movement is called for but is restrained and contained to 
such an extent that the energy absorbed institutes a change in the microstructure ahead of a progressing crack. 
They are never observed when significant amounts of austenite are present; austenite quickly absorbs the 
energy and is converted to untempered martensite. They are also in an area that has not been deformed but has 
definitely been transformed. Each area has distinct boundaries, and the oncoming cracks appear to follow these 
boundaries. It has been noted that some academic studies refer to this same structure as being a transformed 
shear band product formed by adiabatic shear. A more detailed review of microstructural change in contact 
fatigue of steel is provided in the article “Contact Fatigue of Hardened Steel” in Fatigue and Fracture, Volume 
19, ASM Handbook, (Ref 11). 

 



Fig. 7  Same sample as in Fig. 6, showing details of submicrostructure called butterfly wings. 3% nital 
etch. (a) 125×. (b) 310× 

Rolling-Contact Fatigue Testing. The aforementioned complexity in underpinning the exact failure mechanism 
has led to simplified experimental contact model configurations (RCF tribometers), which have been 
extensively used to investigate the influence of changes in bearing materials, residual stress, and tribological 
conditions. Although the correlation between the fatigue life of these model contact configurations and the 
actual life of bearings in service has not been satisfactorily achieved, these RCF tribometers serve three 
important functions:  

• They provide a method to benchmark the performance of existing and new generation of bearing 
materials prior to full-scale testing. 

• They provide an insight to the mechanisms of individual failure modes by allowing the flexibility to 
vary individual parameters, such as lubrication, material cleanliness, contact load, surface roughness, 
and so on. 

• Progressive tests allow the possibility to catalog the history of specific failures, thereby indicating the 
boundaries of failure initiation and propagation either in terms of progressive failure morphology or 
vibration levels, which can be useful for condition monitoring and wear mapping. 

Although the failure mode depends on the tribological conditions selected for individual investigation, some 
test conditions adopted in RCF tribometers can accelerate the RCF failure, for example, by either increased 
contact loading or increased rolling velocity. This alters the elastic/plastic (shakedown) response, lubrication 
regime, and kinematics within the contact region when compared with those in the actual rolling-contact 
bearings. These variations can thus influence the mechanism of fatigue failure, and results of such 
investigations need to be interpreted in accordance with the adapted test conditions. Various researchers have 
compared the underpinning failure mechanisms observed during accelerated testing versus field performance. 
The influence of higher contact pressure on the residual stress profile and changes in white bands are 
considered in Ref 26. The elastic plastic shakedown can be thought responsible for changes that influences both 
the microstructure and also residual stress profile. Results have indicated that martensitic decay is possible for 
long duration tests and high toughness of bearing material of acceptable hardness leads to high RCF life in both 
accelerated and field tests. 
The correct choice of tribometer is also critical for a given application. For example, a four-ball machine can 
simulate the kinematics of a deep-groove rolling-element ball bearing; however, the model contact in this 
tribometer considers a nonconforming contact between the inner race and rolling-element ball, which is not the 
case in an actual bearing. The capabilities of various RCF testing methods have been tabulated (Table 1) to 
compare the features of 13 different RCF tribometers (Ref 13). These tribometers (Ref 26, 27) have the 
capability to vary tribological conditions, for example, lubrication regime, contact configuration, and roll-to-
slip ratio to mimic pure rolling or rolling/sliding motion for various rolling-contact applications. Even within a 
given category of RCF testers, there are generally numerous combinations of test configurations to allow the 
flexibility in experimental design; for example, in a rolling four-ball tester, there are numerous configurations 
(type I, II, III) possible to vary ball kinematics (Ref 28). Another modification to RCF testing has been the 
investigations of artificially induced surface defects (Ref 29, 30), which are thought to act as crack initiation 
sites during the RCF failure. Such investigations are useful in understanding the influence of surface defects on 
RCF failure and may also reduce the RCF testing time; the relevance of such investigations to the tribological 
conditions and failure modes in real bearing applications, however, requires a careful consideration of the 
differences in tribological conditions between them. 

Table 1   Summary of RCF testing methods 

Method Description Ref 
NASA five-ball 
testing apparatus 

Four lower balls, freely rotation 90° apart in a separator; simulates the kinematics of a 
thrust-loaded bearing; the contact angle can be varied; vibration sensor detects failure 
in unattended tests; low- (cryo) and high-temperature testing (to 1000 °C, or 1830 °F) 

26 
(a)  

Flat-washer 16 retained balls rolling in a circle on a flat washer with a 75 mm (3 in.) outside 26 
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testing apparatus 
diameter, 50 mm (2 in.) bore, and 6.4 mm ( 1

4
 in.) thickness; 4.17 GPa (605 ksi) 

contact stress; 1500 rpm; filtered lubricant delivery system; piezo sensor detects 
vibration 

(b)  

Unisteel testing 
apparatus 

Flat washer on retained balls; hanging dead-weight load; contact stress approximately 
4.5 GPa (650 ksi); 1500 rpm; drip feed of lubricant; vibration detection system; 
thermocouples monitor temperature (typically 50 to 60 °C, or 120 to 140 °F) 

26 
(c)  

Rolling-contact 
testing apparatus 

Two hemispherically ground, toroidal rollers loaded against a round bar; 40:1 ratio of 
roller diameter to bar diameter; 2.7 to 5.5 GPa (390 to 800 ksi) contact stress; 12,500 
rpm; drip-feed lubrication; velocity-vibration sensor 

26 
(d)  

Ball-rod testing 
apparatus 
(Federal-Mogul) 

Three 12.5 mm ( 1
2

 in.) balls loaded against a rotating 9.5 mm ( 3
8

in.) outside 

diameter center rod; 3600 rpm; spring load on opposing tapered retaining rings; 
accelerometer coupled with a shutdown device; drip-feed lubrication; stress per ball 
typically 6 GPa (870 ksi) 

26 
(e)  

Cylinder-to-ball 
testing apparatus Symmetrical arrangement of two 19 mm ( 3

4
 in.) balls rolling on a 12.5 mm ( 1

2
 in.) 

outside diameter captive cylinder; coiled-spring load through a multiplying lever; 
small cylinder rpm = 22,677; splash lubrication; maximum contact stress, 5.8 GPa 
(840 ksi) 

26 
(f)  

Cylinder-to-
cylinder testing 
apparatus 

Symmetrical arrangement of two 12.5 mm ( 1
2

 in.) cylinders on two 20 mm (0.8 in.) 

outside diameter captive cylinders; coiled-spring load through a multiplying lever; 
small cylinder, cpm = 20,400; splash lubrication; maximum contact stress less than 
4.4 GPa (640 ksi); vibration sensor terminates test 

26 
(g)  

Ring-on-ring 
testing apparatus 

Crowned rings rolling on their peripheries; ring diameters of 50 and 53 mm (2 and 2.1 
in.) provide “no-slip” condition, but various degrees of slip are possible by changing 
ring diameters; typically 2000 rpm; contact ratio measured by electrical resistance; 
contact stress range typically 0.98 to 3.9 GPa (140 to 570 ksi) 

26 
(h)  

Various types Method of testing for rolling contact fatigue of bearing steels 26 
(i)  

Multiple bearing 
testing apparatus 

Deep-groove ball bearing design; typically 3000 rpm; four bearings on a single center 
shaft; maximum contact stress, 2.9 GPa (420 ksi); accelerometers on the outer 
housing monitor failure 

26 
(j)  

Rolling four-ball 
testing apparatus 

Top ball drives three lower balls in a tetragonal arrangement; lower balls free to rotate 

in the cup; all balls 12.5 ( 1
2

 in.) diam; upper balls spindle speed, 1500 rpm; 5.9 kN 

(1325 lbf) load applied vertically 

26 
(k)  

High-speed four-
ball testing 
apparatus 

Same arrangement as above, but speeds of 15,000 to 20,000 rpm; operating 
temperatures often exceed 100 °C (210 °F) (Plint machine) 

26 
(k)  

“AOL” vertical 
testing apparatus 

11 retained balls clamped between two flat washers; thrust load; recirculating 
lubricant system 

26 
(k)  

Inclined ball-on-
disk testing 
apparatus 

Spindle-held 20.5 mm (0.8 in.) ball rolling on a disk; up to 800 °C (1470 °F); ball 
speed up to 7200 rpm; disk speed up to 3600 rpm; variable slide/roll ratios; traction 
measurements; designed for ceramics 

27 

Note: NASA, National Aeronautics and Space Administration. Further information can be found on the 
following pages of Ref 26: 
(a) p 5–45, 
(b) p 46–66, 
(c) p 67–84, 
(d) p 85–106, 



(e) p 107–124, 
(f) p 125–135, 
(g) p 136–149, 
(h) p 150–165, 
(i) p 169–189, 
(j) p 206–218, 
(k) p 219–236. 
Source Ref 13  
Theories of RCF Failure. The exact mechanism of RCF failure in engineering components needs to be 
appreciated in view of tribological conditions and various crack initiation and propagation sites; nevertheless, 
various theories (discussed subsequently) linking the location and magnitude of cyclic tensile or shear stress 
components to RCF failure are useful in understanding the failure mechanism. Although such theories based on 
cyclic stress components of the Hertzian stress field can sometimes oversimplify the RCF failure mechanism, 
the microscopic investigations comparing the cyclic stress components to RCF failure are compelling. For 
example, the existence of subsurface etchings and butterflies have been related to shear stress components 
under the contact surface (Ref 5, 11, 14, 15, 17). 
Figure 8 illustrates a two-dimensional schematic of the location and magnitude of maximum shear (τmax), 
orthogonal shear (qorth) and maximum tensile (Tmax) stress for a circular, dry-rolling frictionless contact. The 
contact diameter is assumed to be 2a, and τmax has a maximum value vertically below the center of contact 
region in a plane inclined at 45° to the coordinate axis (Ref 11). Its magnitude at any point can be calculated 
using the equation:  

τmax = (σ1 - σ3)/2 = 0.35Po  (Eq 1) 
where σ1 and σ3 are the values of maximum and minimum principal stress, respectively, and Po is the peak 
compressive stress (Hertzian stress). Similarly, the orthogonal shear stress (qorth) acts on planes parallel and 
perpendicular to the surface and is the vector sum of qyz and qzy for a circular contact, that is:  

( )2 2 0.21orth yz zx oq q q P= + =  
 

(Eq 2) 

where x and y are the two axes of the contact circle. For elliptical contacts, x any y indicate the major and minor 
axes of the contact ellipse. Although the magnitude of orthogonal shear stress is the same at the leading and 
trailing edge of the contact region for a dry, frictionless contact, the direction is reversed to give rise to 
maximum qorth(max) and minimum qorth(min) values of orthogonal shear stress (Fig. 8). Hence, the maximum 
amplitude of orthogonal shear stress reversal, Δqorth, is given as:  

Δqorth = (qorth(max) - qorth(min)) = 0.42Po  (Eq 3) 

The file is downloaded from www.bzfxw.com



 

Fig. 8  Two-dimensional schematic of variation in critical stress components with depth for a circular 
rolling contact of diameter 2a  

Values relative to Po indicated in Eq 1–3 will be different for elliptical contacts. Also, the location and 
magnitude of these stresses strongly depend on the value of the friction coefficient within the contact region. As 
the friction coefficient increases, the tangential loading shifts the location of maximum shear stress toward the 
surface. Similarly, the lubrication regime, surface roughness, and residual stress all affect the stress fields. 
Engineering Science Data Units (Ref 31, 32) tabulate the variation in these stress fields with friction coefficient 
and contact ellipse ratio. 
Both maximum and orthogonal shear stress theories have been proposed to act as the subsurface failure modes 
during RCF. Fatigue life prediction theories, for example, the Lundberg-Palmgren theory (Ref 33), is also 
associated with the location of orthogonal shear stress. More recently, equivalent or effective shear stress (qe) 
based upon the von Mises criteria (Ref 32, 33, 34) has been shown to support experimental investigations, that 
is:  

  

(Eq 4) 

where σx, σy, and σz are the direct stress, and qxy, qyz, and qzx are the shear stress values, respectively. This 
failure criterion for homogeneous, isotropic, and ductile materials can be related to the critical value of effective 
shear stress (qe(crit)) using the relation:  

  (Eq 5) 

where σyield is the yield strength of material in uniaxial tension or compression, and τy is the yield stress in 
simple shear (Ref 32). Apart from the subsurface shear stress and von Mises criteria mentioned previously, 
maximum tensile (Tmax) stress criteria is a useful indicator for appreciating RCF failure mechanism in brittle 
materials. It is postulated that cracks initiate and propagate from the tensile stress at the edge of the contact 
region (Fig. 8). The magnitude of Tmax increases with the increase in friction coefficient; however, its location 
remains very near the surface. For a frictionless, dry contact, the value of Tmax can be approximated using the 
relation:  

Tmax = (1 - 2ν)Po/3  (Eq 6) 



where ν is the Poisson's ratio. 
Rolling Bearing Life. Life prediction of a roller or ball bearing is based on the statistical treatment of full-scale 
bearing tests conducted under controlled environments, for example, full-film lubrication regime, dust-free 
environment, and so on. Although these controlled environments are useful indicators of the RCF performance 
of rolling-element bearings, the actual life of a given bearing can significantly vary from the predicted life. It 
was reported that only 10% of all bearing replacements in the field can be attributed to classic RCF failure (Ref 
35), whereas the remaining 90% are made for reasons and conditions not even closely related to RCF (Ref 26). 
Although this highlights the improvements achieved in designing and manufacturing better-quality bearings, it 
also indicates that other factors in addition to RCF need to be considered to predict the life of a bearing. Even 
under the controlled conditions of load, lubrication, and alignment in a dust-, corrosion-, and moisture-free 
environment, there is generally a large scatter in the RCF performance for a given bearing. Bearing 
manufacturers thus provide a statistical probability of the life of a bearing on the basis of experimental results 
conducted at a given load, speed, and lubrication regime. Weibull analysis (Ref 17) can then be used to estimate 
the life expectancy of the bearing. Bearing life is generally referred to as L10, L50 or L90 and indicate the 
probability of failure (e.g., L10 indicates that 10% of the bearings in a given population will fail before a fixed 
number of stress cycles are reached). Lundberg and Palmgren developed a theory that indicates the life of a 
roller or ball bearing at a given load (P) can be approximated using the relation:  

L = (C/P)n  (Eq 7) 
where L is the fatigue life in a million revolutions, C is the load that gives an L10 life of 1 million revolutions, 
and n is a constant for a bearing type (e.g., n = 3 for ball bearings and 10/3 for roller bearings). A detailed list of 
various values of n for different bearing types can be seen elsewhere (Ref 36). The use of a specific value of n 
is critical for a given bearing type, and the product law of probability is in effect (e.g., as the design changes 
from single-row to double-row bearings). Hence, the life of a double-row bearing under similar conditions to 
that of a single-row bearing of identical design will be less than that of a single-row bearing. A detailed account 
of the statistical treatment of life predictions for a variety of bearing types can be found in Ref 36, which also 
indicates the importance of lubrication regime for such analysis. In addition to lubrication regime, material 
shakedown effects (e.g., Ref 37, 38) and the role of residual stress (e.g., Ref 39, 40, 41, 42) on the RCF life can 
be significant. Apart from Weibull analysis and the Lundberg-Palmgren theory, other theories of fatigue-life 
prediction (Ref 18) can also be used. These theories were compared recently using a model roller-race contact 
and the study indicated that the accuracy of individual theories depends not only on the life equation used but 
also on the assumed Weibull slope (Ref 8). The final choice of these parameters should therefore be consistent 
with the experimental investigations. 

Footnote 

* *This section was adapted from L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11 in 
ASM Handbook, 1986, p 593–594. 
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Rolling-Contact Fatigue of Vapor-Deposited Coatings 

Advancements in rolling-bearing technology, such as the introduction of hybrid ceramic bearings that use the 
superior mechanical and thermal properties of ceramic balls, indicated that their full potential could only be 
realized by improving the performance of bearing races. Conventional materials and manufacturing processes 
for the fabrication of steel races were, however, at the limit of established technology, and there was a 
technological gap demanding an innovative approach to further improve rolling-bearing life in hostile 
environments. Overlay coatings such as those deposited by the physical vapor deposition (PVD) processes, 
which had already shown remarkable improvements in the cutting-tool technology, provided this innovation 
and improved the fatigue resistance of coated steel races to match that of ceramic balls. This combination of 
coated races and ceramic balls resulted in rolling bearings of improved performance, for example, higher 
rotational speeds in roller bearings for machine tool spindles (Ref 43) and pump bearings for the space shuttle 
main engines (Ref 44). In addition to steel races, the uses of PVD coatings have now been commercially 
extended to coated rollers and also coated rolling-element balls, thereby extending the performance of 
conventional steel bearings. The versatility of materials available for PVD coating processes provides an exotic 
combination of single- and multilayer functionally graded materials, for example, TiN, CrN, diamond-like 
carbon (DLC), and anti-friction layers of solid lubricants for space technology, for example, MoS2 coatings. 
The scope of this article is, however, limited to the RCF performance of hard overlay coatings in general, with 
specific details of underpinning failure mechanisms of TiN and DLC coatings. 
Physical vapor deposition is a gaseous-state process in which coating material is atomized or vaporized to 
deposit a coating. The success of PVD coatings in rolling-bearing technology (Ref 43, 44, 45, 46, 47, 48, 49, 
50, 51, 52, 53, 54, 55, 56, 57, 58, 59, and 60) owes its existence to the advancements in PVD coating processes 
and, in particular, their ability to deposit these overlay coatings at a lower temperature, that is, with minimum 
residual stress in the coating layer(s) to avoid premature delamination. The commercialization of competing 
overlay coating technologies for RCF applications, for example, chemical vapor deposition (CVD) and thermal 
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spraying (TS), is in its infancy in comparison to PVD. However, despite the enormous success of PVD 
coatings, these competing technologies offer additional technological and economical incentives. For example, 
the coating thickness of CVD and TS coatings can be orders of magnitude greater than that of PVD deposits 
(which is seldom over 5 μm). Rolling-contact fatigue properties of substrate become less important as the 
coating thickness increases beyond the depth of maximum shear stress, providing the ability to combat both 
surface- and subsurface-initiated RCF. In addition, the high deposition rates and low cost of TS in comparison 
to PVD/CVD coatings provide economical incentives. Because the nature of the TS process and the resulting 
coating microstructure are very different from that of PVD/CVD coatings, the investigations of TS coatings for 
RCF applications are covered in a separate section of this article. This section deals with the RCF investigations 
of PVD/CVD coatings. For the description of various PVD, CVD, and TS coating processes considered in this 
article, readers are referred to Ref 48 and 49. 
Despite the enormous success of overlay coatings in improving the RCF performance of rolling bearings, 
theories relating to the life prediction of coated rolling bearings are in their infancy. Most recently, research 
attempts in this field were made for particular bearing types, for example, NU1008 (Ref 44, 45, 46). The 
researchers concluded that RCF life of TiAlN coatings, in general, is consistent with the loading 
recommendations of bearing catalogs. Such investigations are crucial for generic solutions leading to RCF life 
prediction in coated components. Future studies in this area to include the effects of surface roughness, 
lubrication regime, and residual stress (Ref 61) are therefore inevitable before such models can be generally 
applied to estimate the RCF performance of coated rolling bearings. In one such attempt to include surface 
roughness effects (Ref 47), it was concluded that significant improvements in the RCF life of coated bearings 
can be made by applying relatively thicker (coating thickness ≥ 3 μm), well-adhered coatings with fine 
microstructure to avoid cohesive failure in thick coatings. However, due to the inherent complexity of 
interaction of various tribological factors that influence the RCF life prediction of coated surfaces, most of the 
investigations in this field are based on experimental evaluations under accelerated RCF test conditions using 
various RCF tribometers referred to in Table 1. 
Rolling-Contact Fatigue Performance of PVD Coatings. Table 2catalogs the results of various RCF 
investigations of PVD coatings (Ref 43, 50, 51, 52, 53, 54, 55, 56, 57, 58, 59, and 60). It can be appreciated 
from Table 2 that even at relatively high contact stress levels (in excess of 4.0 GPa, or 0.6 × 106 psi), the RCF 
performance of PVD coatings can be well over several hundred-million cycles without failure. These 
investigations indicate that the RCF performance of nitride (especially TiN and HfN) and DLC coatings can 
easily outperform conventional bearing materials, whereas other coating materials such as CrN show a promise 
for the future. Sputtering (either reactive, ionic, or magnetron) and ionic beam deposition have been the 
preferred PVD coating process for nitride and DLC coatings, respectively. 



Table 2   Published findings for RCF performance of PVD coatings 

Coating 
process 

Coating 
material 

Substrate RCF tester Contact 
stress, 
GPa 

Coating 
thickness, 
μm 

Coating 
roughness 
Ra, μm 

Coating 
hardness 

Substrate 
hardness 

RCF life, 
×106 cycles 

Ref 
(year) 

Ionic 
sputtering 

CrN 
 
Mo 
 
TiAlN 
 
TiAlCN 
 
TiCN 
 
TiN + C 

100Cr6 Ball on rod, 
full scale 
bearing tests 
(lubricated) 

Contact 
load of 755 
N for ball 
on rod 

2.5 
 
2.5 
 
2.0 
 
2.0 
 
2.0 
 
1.0 

N/A 1300 
 
650 
 
2900 
 
1800 
 
2200 
 
900 

N/A <100 
(average) 
 
<100 
(average) 
 
>250 
(average) 
 
>250 
(average) 
 
>250 
(average) 
 
>1000 
(average) 

43 
(1996) 

Ion plating TiN Tool steel Ball on 
cylinder 

3.5, 4.6, 
5.1 

2 → 5 0.03 ± 0.01 
 
0.15 ± 0.01 

50 → 60 
HRC 

2300 HV <1.3 
(average) 

50 
(1998) 

Reactive 
sputtering 

TiN M50 bearing 
steel 

Three-ball on 
rod 
(lubricated) 

5.5 0.25, 0.5, 
0.75, 1, 2, 
3, 5 

0.05 → 0.1 30 GPa 59–60 
HRC 

>100 (for 
coating 
thickness 
<1 μm)(a) 

51 
(1998) 

Ion plating, 
magnetron 
sputtering 

TiN 
 
Ti(CN) 
 
CrN 

High speed steel Amsler wear 
tester (dry) 

50 N 
(load) 

1.8–3.5 
 
1.8–3.4 
 
3.5 

0.9 ± 0.1 N/A N/A 1 
 
1 
 
5 

52 
(1998) 

Reactive 
magnetron 
sputtering 

TiN 
 
ZrN 
 

440C stainless 
steel (RCF life 
of 6.3 and 1.7 × 
106 cycles at 4.0 

Three-ball on 
rod 
(lubricated) 

4.0 and 5.4 0.25, 0.5, 
0.75, 1.00 

N/A 55 → 59 
HRC 

59 HRC 36 and 8.7 
(L10)(b) 
 
36 and 5.5 

53 
(1993) 
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HfN 
 
CrN 
 
Mo 
 
TiAlN 
 
TiZrN 
 
(TiAlV)N 

and 5.4 GPa) (L10)(b) 
 
81 and 9.7 
(L10)(b) 
 
21.6 and 2.0 
(L10)(b) 
 
39.9 and 5.0 
(L10)(b) 
 
2.6 and 1.6 
(L10)(b) 
 
21.5 and 
10.8 
(L10)(b) 
 
47.9 and 
10.3 
(L10)(b) 

Reactive 
sputtering 

TiN AISI 4118 steel Two-disc 
(lubricated) 

2.3 0.25–0.5 
 
1.0 
 
2.5 
 
5.0 

N/A N/A N/A >60 
 
10–37 
 
1.0–4.1 
 
<0.1 

54 
(1990) 

Reactive 
sputtering 

TiN AISI 4118 steel Two-disc 
(lubricated) 
roll/slip ≈ 0.25 

2.3 1.0 0.45 2300 
kgf/mm2  

62–64 
HRC 

>33 
(average) 

55 
(1991) 

Reactive 
sputtering 

TiN 
 
TiAlN 
 
CrN 

Si3N4 and M50 Four-ball 
(lubricated) 

5.8 and 6.8 0.3–1.0 N/A N/A N/A <100 for 
0.75 μm 
TiN at 5.84 
GPa(c) 

56 
(1994) 

Magnetron 
sputtering 

TiN/NbN M50 Three-ball on 
rod 

3.4 
 

0.5 0.075–0.1 5200 
kgf/mm2  

561–63 
HRC 

191(d) 
 

57 
(1998) 



(lubricated) 5.2 15(d) (L10 
in hours) 

Ion beam DLHC M50 
 
AISI 52100 
 
AISI 4118 
 
AISI 440C 

Three-ball on 
rod 
(lubricated) 

5.5 0.5 → 1 0.06 → 0.07 N/A N/A 76.4 (L50 
life), 10(e) 
 
232 (L50 
life), 14(e) 
 
327 (L50 
life), 10(e) 
 
22.7 (L50 
life), 3.7(e) 

58 
(1993) 

Ion beam DLC M50 Three ball on 
rod 
(lubricated) 

5.5 0.5 → 1 N/A 11.3 → 
14.7 GPa 
at 25 g 
load 

10.8 GPa 
at 25 g 
load 

1 to 300(f) 59 
(1992) 

Ion beam DLC M50 Three ball on 
rod 
(lubricated) 

4.8 0.33 N/A N/A N/A 91.5 at 23 
°C (73 °F) 
(L50)(g) 
 
45.9 at 177 
°C (73 °F) 
(L50)(g) 

60 
(1997) 

The file is downloaded from www.bzfxw.com



Note: AISI, American Iron and Steel Institute; DLHC, diamond-like hydro-carbon. (a) Best performance at L50 
of 25 × 106 and >100 × 106 with rough and smooth balls, respectively, for coating thickness <1 μm. (b) Best L10 
values quoted, which relate to coating thickness range of 0.5–0.75 μm at two stress levels of 4.0 and 5.4 GPa, 
respectively. (c) All coatings in hybrid ceramic combinations showed improvement in average RCF life, with 
best average improvement by a factor of 2.5 for 0.75 μm TiN coating over uncoated case. (d) L10 values quoted 
in hours for superlattice period of 3–6 nm at respective stress level. Uncoated M50 substrate had L10 of 39 and 9 
h at stress levels of 3.4 and 5.2 GPa, respectively. (e) L50 improvement factor over uncoated case. (f) L50 and L10 
of 13 × 106 and 0.6 × 106, respectively, with no significant influence of coating thickness. (g) L10 of 36.7 × 106 
and 38.4 × 106 at 23 and 177 °C (73 and 351 °F), respectively. 
Although PVD coating deposition parameters used to deposit the coatings for these RCF investigations have 
not been indicated in Table 2, they can have significant influence on coating microstructure and thus its RCF 
performance; for example, for reactive sputtering of TiN coatings, intercolumnar porosity of TiN coatings can 
be decreased by increasing the substrate temperature (Ref 62). However, the influence of PVD deposition 
conditions (parameters) on the RCF performance has not yet been clearly addressed in published literature. For 
now, it can be assumed that the coatings referred to in Table 2 were deposited under the best-known deposition 
conditions available for specific coating material and PVD process. Wherever possible, the RCF performance 
levels in Table 2 are quoted in terms of L10, L50, or average life for statistical comparison. However, these 
results are generally qualitative and should be used as the basis of rating the RCF performance of various 
coatings rather than to predict the statistical RCF life. 
Table 2 also indicates that the RCF results are sensitive to parameters such as coating thickness, substrate 
hardness, and lubrication regime. Even for the best possible combination of coating thickness, substrate 
hardness, and lubrication (e.g., in TiN coatings of less than 1 μm coating thickness), potential RCF 
improvements have been shown to vary, depending on the surface roughness of the contacting pair (Ref 51). 
Such investigations indicate that for very smooth surfaces of rolling-contact bodies, the improvements in RCF 
performance by the application of PVD coatings can be marginal. However, rolling bearings generally operate 
under harsh tribological environments, and potential RCF improvements by surface coatings are generally 
realized in most industrial applications. Table 2 also indicates the significant scatter in RCF performance while 
comparing the results from various accelerated RCF test methods. Even for a given test method and coating, 
variations in stress levels have shown significant variations in potential RCF improvements. Nevertheless, the 
performance indicators referred to in Table 2 have also been shown to match that of full-scale bearing tests (Ref 
63). It is worth appreciating that this dependency of RCF performance on various tribological design 
parameters and RCF test methods is not unique to overlay coatings. Conventional steel bearings often display 
such dependency, with the exception that this interdependency in the case of surface coatings is much more 
complex due to additional influential factors such as coating microstructure, thickness, and interfacial bond 
strength. 
The dependence of RCF performance on the tribological design parameters, such as coating thickness, substrate 
hardness, tribological condition of contact stress, lubrication regime, and surface topography, can actually be 
understood by a generic understanding of underlying failure modes. What dictates the influence of the 
previously mentioned design factors is their sensitivity to initiate and propagate various RCF failure modes, the 
understanding of which cannot only provide better life prediction models but also improved RCF performance 
of coated rolling bearings. As indicated earlier, the lack of data on all coating materials has made it almost 
impossible to ascertain their failure modes, although their RCF performance is represented in Table 2. The 
scope of the remaining section is hence focused to ascertain the underlying failure mechanisms of the two most 
widely used PVD coating materials, that is, TiN and DLC coatings. Before embarking on the discussion of the 
failure mechanism of these coating materials, it is important to appreciate the generics of the tribological design 
approach adapted to improve RCF performance by the application of PVD coatings. 
Tribological Concept of Depositing Thin Coatings to Improve RCF Performance. Physical vapor deposition 
coatings, which are strongly adhered to the substrate, are very thin and seldom over a few microns in thickness. 
These thin coatings generally follow the topography of the substrate material, so that there is no appreciable 
improvement in the surface roughness of the coated substrate. So, how does such a thin coating improve the 
RCF performance? Figures 2 and 8 indicated various crack initiation sites during a contact loading. Obviously, 
such a thin coating in contact with a smooth counterbody marginally affects the depth of orthogonal, maximum 
shear or von Mises stress. Also, the influence of a thin coating on the subsurface stress distribution is marginal 
for low values of coating-to-substrate modulus ratio (Ref 64, 65). Hence, these thin coatings do not improve the 



resistance to subsurface fatigue crack initiation and propagation. However, the near-surface stress field and 
near-surface crack initiation and propagation can be seriously affected by the application of such hard coatings. 
This is achieved by the interaction of the hard coating layer on the counterbody, which initiates its 
micropolishing either in two-body abrasion (e.g., for TiN coatings) or in three-body abrasion (e.g., for DLC 
coatings) to improve the overall RCF performance of the contacting pair by minimizing the stress protrusions at 
individual asperity contact. In essence, these coatings tend to delay near-surface crack initiation, which is 
thought to constitute 90% of the total life to RCF failure (Ref 60). In addition, improvement in frictional 
properties of the contacting pair, for example, by DLC and molybdenum coatings, provides additional 
improvements in RCF performance. 
Rolling-Contact Fatigue Failure Modes of PVD Coatings. Despite numerous studies to comprehend the RCF 
performance of PVD coatings (Table 2), only a few have attempted to outline a fundamental understanding of 
failure mechanisms. Some studies (Ref 51, 53, 54, 55, 58, 59, and 60) only begin to understand the 
underpinning failure mechanisms of PVD coatings, as discussed subsequently for TiN and DLC coatings. 
Failure Modes of PVD-TiN Coatings. The structure of TiN coating deposited by various PVD processes is 
generally columnar with some evidence of equiaxial grains near the interface (Ref 50, 51). These coatings have 
shown good bonding with various substrate steels, for example, M50, 440C, and so on, and also, TiN coatings 
on Si3N4 ceramics (Ref 56) have been successfully applied. Apart from good bonding of TiN coating either 
directly onto the substrate or by functional grading, the most important substrate property, which dictates the 
RCF performance of coated rolling elements, is substrate hardness. The choice of substrate material and coating 
deposition conditions are therefore critical to allow the retention of substrate hardness after deposition. Failure 
to retain substrate hardness after deposition adversely affects the RCF performance (Ref 50, 53). The 
underlying failure mechanism caused by a reduction in substrate hardness is principally due not only to a 
compromise in the ability of substrate to support the coating, but also to microstructural changes associated 
with substrate softening that can result in stress concentrations and create fatigue initiation sites. Hence, 
tribological design of these coatings must not only aim for a well-bonded coating but also for the retention of 
substrate hardness. 
In addition to substrate bonding and its hardness, the most critical parameter that has been shown to 
significantly influence the RCF performance of TiN coatings is coating thickness. TiN-coated cutting tools are 
generally coated up to a coating thickness of 3 μm. However, investigations have shown that such coating 
thickness can adversely affect the RCF performance. In fact, the optimal thickness for improved performance is 
generally reported as approximately 0.5–0.75 μm (Ref 51, 53, 54, and 56). So, why does any increase in coating 
thickness beyond this level adversely affect the RCF performance? The answer to this question lies in the TiN 
coating microstructure, and there are two schools of thought that explain this dramatic influence of coating 
thickness: adhesive failure of thicker coatings (Ref 50, 52, 54, 55) and cohesive failure (Ref 51). 
Polonsky et al. (Ref 51) argued that even in a good-quality PVD (TiN) coating with negligible porosity, the 
columnar coating microstructure becomes coarser away from the interface. Hence, an increase in coating 
thickness causes competitive growth during film deposition. (Although it was assumed that the best available 
deposition conditions were used to deposit the PVD coatings listed in Table 2, it is worth appreciating that these 
are not entirely defect-free coatings, and further improvements in RCF performance of PVD coatings can be 
realized by improved coating microstructure.) The interfaces between these columns thus represent the crack 
initiation sites within the coating microstructure, the probability of which (i.e., defects at column boundaries) 
increases with the coating thickness. Hence, the coating fails cohesively with the increase in coating 
thickness—and the failed coating area is very rough due to shear within the columnar coating microstructure—
rather than adhesively at the interface. Contrary to this, some studies (Ref 50, 52, 54, 55) suggest that the 
weakest section in the coated rolling element is the coating-substrate interface, and hence, the failure is 
adhesive. The substrate hardness can further influence the failure mechanism in TiN coatings, (Ref 50) as 
shown in Fig. 9—that is, cracks propagate perpendicular to the coating substrate interface for softer substrate 
coatings (Fig. 9a), and parallel to the coating-substrate interface for harder substrates (Fig. 9b, c). From Fig. 9, 
it is striking to note that for the scanning electron microscope representation of failed areas for harder substrates 
(Fig. 9b, c), which are more closely related to the tribological conditions reported in Ref 50, the failure is just 
above the coating-substrate interface (i.e., similar to a cohesive failure) rather than at the coating-substrate 
interface. Hence, there seems to be consistent experimental evidence pointing to cohesive, rather than adhesive 
failure of thicker TiN coatings. The theory of adhesive failure presented in Ref 50, 52, 54, and 55 thus relies on 
weakness of the coating-substrate interface to explain the influence of increase in coating thickness on reduced 
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RCF performance. Reference 50 also suggests the theory put forward in Ref 66, which relates the cyclic shear 
stress to crack initiation; this seems unlikely, because the depth of maximum and orthogonal shear stress for the 
smooth, lubricated contacts considered in the experimental study can be an order of magnitude deeper than the 
coating thickness. 

 



Fig. 9  Morphology of cracks leading to rolling-contact fatigue failure of PVD (TiN) coatings. (a) Crack 
parallel to the interface leading to spalled area for hard substrate (60 HRC) TiN coating. (b) Cracks 
parallel to the coating-substrate interface for hard substrate (60 HRC) TiN coating. (c) Cracks 
perpendicular to the coating-substrate interface for soft substrate (50 HRC) TiN coating. Source: Ref 50  

Another reason for the adhesive failure of thicker coatings can be understood by comparing the Young's 
modulus of the coating to that of the substrate material. It is postulated that as the difference in Young's 
modulus increases, thicker coatings resist following the elastically deformed profile of the substrate (under the 
contact region in response to cyclic loading), whereas thinner coatings tend to follow a similar profile to the 
elastically deformed substrate. This could lead to premature failure in thicker TiN coatings. More recently, 
however, work reported on TiAlN coatings (Ref 44) has indicated that as the difference in the modulus between 
the coating and substrate material increases, even for smooth contact surfaces, the coating-substrate interface 
can be subjected to a high degree of shear stress in thin (2–3 μm thick) PVD coatings. Similar results were 
reported in Ref 64. Functional grading of the coating can thus be useful to improve the RCF performance of 
thicker coatings. 
Even if some of the reported failures (Ref 50, 52, 54, 55) were considered truly adhesive, the test 
methodologies in these studies were very much alike (i.e., two-disc machine or its modification) and very 
different to the ball-on-rod test method (Ref 51), which shows cohesive failure. Hence, the model contact 
geometry can be responsible for the change in failure mode, which is also known to influence the failure mode 
in conventional ceramics and steels (Ref 67). Also, there were considerable differences in substrate shakedown 
behavior. Some studies (Ref 51) indicated substrate yielding in the first few cycles, due to high contact stress 
that was above the yield strength of the substrate M50 steel. This shakedown effect (Ref 37, 38) cannot only 
improve the RCF performance by substrate work hardening and improved coating-substrate conformity near 
their interface, but also influence the RCF failure mode. Contrary to this, studies reported in Ref 50, 52, 54, and 
55 did not indicate any such shakedown effects. Hence, the difference between the two test conditions can also 
be thought responsible for the reported differences in cohesive and adhesive failures. 
The tribological explanation of how thinner (0.25–0.75 μm) PVD coatings avoid cohesive and adhesive failure 
and thus improve the RCF life lies in the microcontacts within the Hertzian contact area. Thinner TiN coatings, 
which do not fail during the RCF tests, do not show any change in their surface roughness, apart from surface 
glazing. The surface of the counterbody, generally steel, however, undergoes micropolishing during the RCF 
test. This micropolishing reduces the stress protrusions at the asperity level, which is generally thought to be 
responsible for near-surface initiation of RCF failure. Indeed, it has been confirmed that for very smooth 
counterbodies—for example, grade 24 steel balls in their study (Ra = 0.01 μm)—the contacting surfaces did not 
have any further scope of micropolishing, and hence, no substantial increase in RCF performance was obtained 
(Ref 51). However, it is worth appreciating that it is not only the surface roughness but also the hardness 
difference of the contacting pair and their friction properties, that also dictate the RCF performance of coated 
rolling-element bearings. Rolling bearings generally operate in harsh tribological environments, and the scope 
of improvement in RCF performance by coating application is always realized, for example for self-mated TiN 
couples in pure rolling or rolling/sliding contacts (Ref 52), and by Igartua et al. (Ref 43) for hybrid ceramic 
bearings where the counterbody is a ceramic of similar hardness to a TiN coating. 
The theory of interaction of surface asperities to provide micropolishing and subsequent improvements in RCF 
life also provides some clues as to why nitride coatings (Ref 53), thinner than 0.25 μm provide only marginal 
RCF improvements. According to the aforementioned theories of cohesive and adhesive failure in TiN coatings, 
a thinner coating should theoretically provide a better resistance to both failure mechanisms, that is, thinner 
coatings have less probability of intercolumnar coarsening and hence low probability of cohesive failure. Also, 
thinner coatings should adequately follow the deformed substrate profile, so low stress concentrations at the 
interface should resist adhesive failure. Marginal RCF improvements for coatings thinner than 0.25 μm can, 
however, be explained in terms of the influence of the substrate surface roughness. Even for a smooth substrate, 
the peak-to-valley height of the surface profile can be significantly greater than the average (Ra) surface 
roughness. A thinner coating may, therefore, only provide partial protection to surface asperities, especially in 
the valleys of the surface profile, for example, due to shadowing effects. This can minimize the rate of 
micropolishing of the counterbody, and hence, the delay in crack initiation is not maximized, which is essential 
for optimizing the RCF performance. 
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Failure Modes of PVD-Diamond-Like Hydrocarbon (DLHC)/DLC Coatings. Superior tribological properties of 
DLC coatings (Ref 48) have shown considerable promise in improving the RCF life of coated rolling elements. 
References 58 and 59 and, more recently Ref 60, reported most of the work in this field. As with the TiN 
coatings, these results relate to investigations in mixed lubrication regimes. Except for the room-temperature 
RCF studies reported in Ref 60 (Table 2), where coatings were much thinner (~33 nm) than those considered in 
Ref 58 and 59 (0.5–1 μm), both DLC and DLHC coatings have been shown to provide considerable 
improvements in the RCF life of coated rolling elements. The physical mechanism underpinning such 
improvement is different from that of TiN coatings (mentioned previously); however, the underlying analogy to 
micropolishing is the same. 
In the studies reported in Ref 58 and 59, two tribological mechanisms are thought to be responsible for the 
improvement of RCF life. The first mechanism is three-body abrasion, leading to the micropolishing of the 
counterbody and thus lowering stress protrusions within the contact region at the asperity level. This three-body 
abrasion is thought to be caused by the delaminated DLC or DLHC coating particles during RCF testing, 
which, when mixed with test lubricant, polish the softer surface within the contact region. Wei et al. (Ref 58, 
59) postulated that this mechanism was due to the absence of diamond film at the time of spall or at the end of 
the terminated tests. This essentially refers to the same mechanism of micropolishing as was reported for TiN 
coatings, except for the fact that the micropolishing is in three-body abrasion. The second mechanism thought 
responsible for improved RCF performance is the gradual graphitization of the DLHC film during the RCF test, 
leading to reduced friction at asperity level, and hence a delay in the surface-initiated RCF. This also explains 
the less dramatic influence of the DLC/DLHC coating thickness in the range 0.5–1.0 μm, and further supports 
the theory that coating detachment is responsible for RCF improvement, namely, three-body abrasion. Although 
for much thinner coatings (~33 nm), in which there was no RCF improvement seen at room-temperature tests 
(Ref 60), it is worth appreciating that there was no evidence of delamination, which is thought to be essential 
for micropolishing of asperities and hence, RCF improvement. Tests conducted at a higher temperature (175 
°C, or 350 °F) with these thinner (~33 nm) coatings, however, showed some improvement to the RCF life. The 
exact mechanism leading to this improvement is not clear at this stage. 
Rolling-Contact Fatigue of CVD Coatings. By using smoother contact bodies to suppress the mechanism of 
micropolishing within the coating region (Ref 51), very thin coatings could not provide significant 
improvement in RCF performance. In such cases, coating needs to be relatively thick (coating thickness ≥3 μm) 
and should have very high cohesive strength to provide RCF improvements. Chemical vapor deposition 
coatings, which have the versatility to deposit much thicker layers, can thus provide useful improvements in 
RCF life. Coatings in the thickness range of 3–190 μm have therefore been the focus of some RCF studies. 
However, the establishment of tribological data that could lead to generic design and understanding of failure 
modes in CVD coatings is in its infancy. Rolling-contact fatigue performance data of specific coating types is, 
however, available, as listed in Table 3 (Ref 68, 69, 70, 71, 72, 73). Among these coatings, titanium-base 
nitride coatings have shown RCF performance up to a maximum of 50 million stress cycles. This does not 
match the extraordinary performance indicated earlier for PVD coatings; nevertheless, it is worth appreciating 
that some of these investigations (Ref 68, 69) were carried out to measure the bond strength rather than the RCF 
performance of these coatings, and tests were suspended after a specific number of stress cycles. The best 
performance for CVD coatings was reported in Ref 73 for TiC coatings. They showed that for CVD-coated TiC 
rolling-element balls, bearings can last in excess of 900 million revolutions in full-scale testing, and also that 
CVD coatings delayed the onset of lubricant degradation by reducing the effect of cold welding within the 
microcontact region. 



Table 3   Published findings for RCF performance of CVD coatings 

Coating 
process 

Coating Substrate RCF tester Contact stress, 
GPa 

Coating 
thickness, 
μm 

Surface 
roughness, 
μm 

Coating 
hardness 

Substrate 
hardness, 
HRC 

Fatigue life, 
×106 cycles 

Ref 
(year) 

PACVD TiN 
(TiSi)N 

High-speed 
steel 

N/A Equivalent 
bond stress of 
800 MPa 

3 → 4 0.6 2000 → 
2500 HV 

63–65 5 (suspended 
tests) 

68 
(1995) 

PCVD TiN 
 
TiCN 

High-speed 
steel 

Spherical 0.8 
 
1.7 
 
(estimated) 

2.7 0.04 N/A 63 
 
45–63 

>5 
 
>50 
 
<0.1 at higher 
stress for both 
coatings 

69 
(1997) 

PECVD TiN High speed 
steel 

Cylindrical 
spherical 

Critical stress 
of 0.2–0.7 

N/A 0.04 N/A 65 50 (at lower 
stress level) 

70 
(1998) 

CVD CrC-TiC M50 
bearing 
steel 

Ball on rod, 
disc 

2.76 → 4.83 5.4 0.02 64 HRC 65 5–10 × 106 (L50 
life) 

71 
(1985) 

CVD SiC SiC-TiC 
graphite 

Three ball 
on rod 

5.5 192 0.08 N/A N/A >50 72 
(1995) 

CVD TiC 440C Full scale 40 N load 3 0.005 35,000 
MPa 

N/A >900 × 106 at 
1400 rpm 

73 
(1993) 
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Note: PACVD, plasma-assisted chemical vapor deposition; PCVD, plasma chemical vapor deposition; PECVD, 
plasma-enhanced chemical vapor deposition 
The real advantage of CVD coatings is, however, in their ability to deposit layers that are an order of magnitude 
thicker than PVD coatings. Chao et al. (Ref 72) have recently reported that not only the coating thickness but 
also the beneficial compressive stress tailored in these thicker CVD coatings can be used to combat RCF 
failure. Although the best performance achieved in their setup was in excess of 50 million stress cycles for a 
190 μm thick SiC coating with 680 MPa (100 ksi) compressive residual stress, these tests were suspended due 
to the failure of the steel balls rather than the coating. For those coatings that failed, the failure was cohesive, 
and the authors argued that the failure was due to discontinuous growth of SiC film. Such discontinuous growth 
may, however, be combated by appropriate selection of deposition conditions. In general, limited studies 
indicate that CVD-coated bearings outperform conventional bearing steels (Ref 72, 73), and future studies are 
inevitable to comprehend the underpinning failure mechanisms of these coatings. 
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Rolling-Contact Fatigue of TS Coatings 

Thermal spraying is a molten- or semimolten-state process in which coating material in the form of a wire, rod, 
or powder is heated by combustion, gas plasma, or electric arc and accelerated toward the substrate to deposit a 
coating. The most commonly used classification of TS processes is based on the method of heat generation, and 
the most commonly used processes considered for RCF investigations are high-velocity oxyfuel (HVOF), 
detonation-gun (D-gun), and plasma spraying (PS). Within each category of these processes, there are sub-
classifications, for example, HVOF can be liquid fueled or gas fueled, and PS can be air plasma sprayed (APS) 
or vacuum plasma sprayed (VPS). For details of various TS processes, readers are referred to Ref 49. 
The coating materials available for TS processes range from high-abrasion-resistant ceramics (e.g., Al2O3) and 
cermets (e.g., WC-Co) to abradabale coatings (e.g., polymer-based coatings for aeroengine applications). The 
coating microstructure of TS coatings is lamellar, and their industrial applications are found in aerospace, 
biomedical, automotive, and manufacturing industries. The advancements in TS technology, for example, 
liquid-fuel HVOF systems and VPS, made it possible to attain TS coatings with negligible porosity and 
minimum powder degradation, thereby improving the fracture toughness of TS coatings. Despite recent 
innovations in TS technology and its ever-expanding market share, RCF investigations of these coatings are in 
their infancy (Ref 74, 75, 76, 77, 78, 79, 80, 81, 82, 83). The aim of this section is to comprehend the RCF 
performance and failure modes of TS coatings, with a view to defining the tribological design considerations. 
The rationale behind the RCF applications of TS coatings lies in their competitive advantages, which include:  

• Very high deposition rates (typically 0.0025 kg/s, or 20 lb/h, for HVOF coatings) 
• Ability to deposit thick coatings (up to a few mm) to resist both surface- and subsurface- initiated RCF 
• Ability to produce coatings on large components 
• Ability to restore worn or undersized components, making them environmentally friendly 
• Wide range of coating and substrate materials 
• Low deposition cost 

Rolling-Contact Fatigue Performance of TS Coatings. Table 4summarizes the RCF performance results for 
various TS coatings (Ref 74, 75, 76, 77, 78, 79, 80, 81, 82, 83). As with the RCF performance of vapor 
deposition coating processes (Tables 2 and 3), these results are qualitative and should be considered to rank the 
RCF performance rather than for statistical fatigue-life prediction. These results indicate that the most 
commonly used TS coating material for RCF investigations is WC-Co cermet and Al2O3 ceramic. Among these 



coating materials, the RCF performance of cermets is superior to that of ceramics. The RCF performance of 
these coatings is, however, not as high as that associated with PVD (Table 2) coatings at stress levels greater 
than 3 GPa (0.4 × 106 psi) in point-contact loading. At moderate-to-low stress levels (up to 3 GPa, or 0.4 × 106 
psi), these coatings, however, exhibit a RCF life in excess of 70 million stress cycles without failure. The 
scatter in RCF performance data shown in Table 4 is due to the influence of variations in tribological conditions 
as well as design parameters such as coating thickness, substrate hardness, and complexities in the coating 
microstructure. These design parameters significantly influence the RCF failure modes, as discussed 
subsequently. 
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Table 4   Published findings for RCF performance of thermally sprayed coatings 

Coating 
process 

Coating 
material 

Substrate 
material 

RCF tester Contact 
stress, 
MPa 

Coating 
thickness, 
μm 

Coating 
roughness 
(Ra), μm 

Average 
coating 
hardness 

Substrate 
hardness 

RCF life, 
×106 cycles 

Ref 
(year) 

APS, 
HVOF 

WC-
12%Co 
 
WC-
17%Co 
 
WC-
10%Co-
4%Cr 

DIN 17200 
steel 

Two-disc 
(dry) 

420–600 100 0.12–0.51 758–1208 
HV 

32–37 HRC >10  
(a) 

74 
(1997) 

HVOF WC-Cr-Ni JIS G4105 
steel 

Two-disc 
(lubricated) 

2400–
3000 

20–90 0.2 940 790 HV >20 
(average)(b)  

75 
(1995) 

D-gun WC-
15%Co 
 
Al2O3  

M50 steel Four-ball 
(lubricated) 

3000–
3400 

70 0.04 1200 
 
1050 

658 HV 0.16–0.6 
 
<0.1 

76 
(1997) 

D-gun WC-
15%Co 

M50 steel Four-ball 
(lubricated) 

3400 
 
5200 

50 0.02 1200 600 HV 2.9 
 
0.4 

77 
(1996) 

APS Ni-B-Si-
Cr-Fe-C 

Steel Two-disc 
(lubricated) 

822, 845, 
960, 1086 

200 
 
450 

0.24 N/A 60 HRC <5.5 
 
<3 

78 
(2000) 

HVOF WC-Cr-Ni S45C steel Two-disc 
(lubricated) 

1400 40–90 0.1 920 308–670 
HV 

>20(c)  79 
(2000) 

HVOF, 
D-gun 

WC-
12%Co 

Steel Three-disc 
 
Two-disc 

410 100 0.35 1050, 1150 710 HV … 80 
(1994) 

HVOF WC-
12%Co 

Mild steel Four-ball 
(lubricated) 

1700–
1900 

20 
 
50 
 
150 

0.05 1318 218 HV >70(d) 
 
2–20 
 
15–30 

81 
(1997) 

HVOF WC-
12%Co 

440C steel Four-ball 
(lubricated) 

2700–
3100 

50 
 

0.06 1296 850 <1.5 
 

82 
(2001) 



150 
 
250 

>70(d) 
 
>70(d)  

APS Al2O3-
TiO2 
 
Cr2O3-
SiO2-TiO2 
 
Mo 

A2017 
aluminium 
alloy 

Two-disc 
(lubricated) 

1500 300–350 N/A 805, 1089, 
491 

N/A <10(e)  83 
(1990) 
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(a) Best performance for HVOF WC-Co coating. 
(b) For coatings thicker than 40 μm. 
(c) For positive (≈12%) and zero slip ratio. 
(d) Test suspended after 70 × 106 stress cycles without failure.  
(e) Best performance for molybdenum coatings 
Rolling-Contact Fatigue Failure Modes in TS Cermet (WC-Co) and Ceramic (Al2O3) Coatings. Investigations 
relating to the RCF failure modes of TS coatings are reported in Ref 7, 74, 79, 84, and 85. These investigations 
have classified the fatigue failure modes on the basis of surface and subsurface observations in pre- and post-
RCF conditions. Rolling-contact fatigue failure of TS coatings are generally categorized in four main modes 
and named as abrasion, delamination, bulk failure, and spalling (M1–M4), as indicated in Fig. 10. A summary 
of the underpinning failure mechanisms leading to these failure modes is given subsequently, details of which 
can be seen in the aforementioned references. 
 

 

Fig. 10  Rolling-contact fatigue failure modes of thermal spray cermet and ceramic coatings. Source: Ref 
84  

Abrasive Failure of Coated Rolling Elements. The combined effect of micropitting and surface wear on the 
wear track of components in rolling contact is collectively termed as abrasive failure in TS coatings. This 
failure mode is seen with both ceramic (Al2O3) and cermet (WC-Co) coatings and with all TS coating 
techniques. A typical example of this failure is shown in Fig. 11. Noncontacting three-dimensional 
interferometry of failed wear track indicates that the micropits leading to abrasive failure are, on average, 50 
μm wide and a maximum of 5 μm deep. Abrasive failure mode in TS coatings is thus not significantly different 
to those associated with rolling contact wear rolling contact wear (RCW) in conventional steel bearings; for 
example, Blau (Ref 13) has considered RCW as nucleation sites for initiating RCF. Similar failure was 
characterized as “peeling” during a study of fatigue failure modes of conventional steel ball bearings (Ref 16), 
whereas in Ref 5, this type of failure was characterized as surface distress. In spite of the various terminologies 
used to distinguish similar failure in steel bearings, the underpinning failure mechanism is associated with 



asperity contact in the presence of microslip within the contact region. Gross sliding, though not necessary for 
this type of failure, is thought to promote micropitting. 
 

 

Fig. 11  Abrasive failure of the rolling wear track in thermally sprayed WC-Co coating 

Mechanism of Coating Abrasion in Rolling/ Sliding Contacts. In the case of TS coatings, a similar mechanism 
of asperity contact in the presence of microslip and sliding is responsible for the micropitting and surface wear. 
During partial elastohydrodynamic lubrication (EHL) conditions, that is, when lubrication regime is in the 
mixed region (1 < λ < 3, where λ is nondimensional film thickness), surface asperities come into contact. Under 
these conditions, it was shown that the asperity contact and the EHL film share the load (Ref 86). According to 
Ref 87, these asperity contacts produce high stress concentrations very close to the surface but do not change 
the subsurface Hertzian stress pattern. These stress concentrations due to the interaction of asperities in the 
presence of microslip within the contact region result in shear stress beneath the asperity. Hard coatings such as 
WC-Co and Al2O3 respond to this stress concentration by microcracking and eventual micropitting, which also 
results in the attenuation of near-surface compressive residual stress within the coating material (Ref 88). 
Apart from the mechanism of asperity interactions and subsequent microcracking leading to abrasive failure in 
TS coatings, the criterion of maximum tensile stress at the edge of the contact area for brittle materials is also 
thought to be responsible for the abrasive wear of TS cermet and ceramic coatings. The tensile stress is very 
sharply localized and decays very rapidly at small depths below the surface. For elliptical contacts, this tensile 
stress (Tmax) for a given value of peak compressive stress (Po) can be evaluated from the following relation, 
reproduced here for clarity (Ref 32, 33).  

  
(Eq 8) 

where β is the ratio of minor to major axes of contact ellipse, and n = (1 - β2)0.5. For most of the RCF test 
conditions listed in Table 4, for example, in a rolling four-ball machine, Tmax can be approximated as 324 MPa 
(47 ksi), for example, at a compressive contact stress of 2.7 GPa (0.39 × 106 psi). The fracture stress of WC-Co 
coatings (using the tensile test technique) has been shown to be in the range of 380–690 MPa (55–100 ksi) for 
high-velocity plasma sprayed and D-gun coatings (Ref 89). These values of fracture stress are similar to the 
tensile stresses associated with the Hertzian stress distribution at the edge of the contact region. This indicates 
that even under a fully developed EHL (λ > 3) regime, the microcracks in the coating material, either due to 
coating defects or asperity contact, can propagate due to tensile stress at the edge of the contact area. Hence, 
coating fracture toughness, which is related to coating microstructure via various TS processes and process 
conditions, is critical in controlling abrasive failure; for example, Ahmed and Hadfield (Ref 84) have related the 
poor fracture toughness of APS coatings in comparison to the liquid-fuel HVOF system, with the higher rate of 
abrasive wear in APS coatings. 
Delamination Failure in TS Coatings. Suh initially proposed a delamination theory of sliding wear in 1973 (Ref 
2). Flemming and Suh (Ref 90), Suh and Saka (Ref 91), and Suh (Ref 92) have since performed experimental 
and theoretical analysis supporting the delamination theory. The mechanism of delamination wear includes the 
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propagation of cracks parallel to the surface at a depth governed by material properties and the friction 
coefficient. Although rolling friction prevails in RCF tests and the delamination theory of wear is based on 
sliding friction, nevertheless the similarities of the failure mechanism in both cases are compelling. Typical 
observation of coating delamination at the coating-substrate interface can be seen from Fig. 12 for Al2O3 
coating, whereas the delamination failure within the coating material can be appreciated from Fig. 13 for WC-
Co coating. Coatings of Al2O3, however, have not shown delamination within the coating material but only at 
the coating-substrate interface (Table 4). Sheetlike debris that reached a few millimeters in major dimension is 
produced during this process. 

 

Fig. 12  Adhesive delamination in thermally sprayed Al2O3 coating 

 

Fig. 13  Cohesive delamination in thermally sprayed WC-Co coating (backscattered electron image) 

Mechanism of Coating Delamination in Cermet and Ceramic Coatings. The damage theory of materials begins 
with the premise that material contains a multitude of defects in the form of microvoids (Ref 93) that undergo 
extension due to loading and unloading. A similar approach is adapted to explain the mechanism of coating 
delamination. A TS coating microstructure contains varying levels of micropores, microcracks, and secondary-
phase particles, which act as stress concentration during cyclic loading. The extent of these microdefects varies 
for different coating techniques and also depends on the starting powder, coating process, and its parameters. 
Such is the complexity of microstructure that stress concentrations are inevitable during cyclic loading. During 
rolling contact, these microdefects have a higher tendency for crack propagation at the depths of maximum 
shear stress (τmax) and orthogonal shear stress reversal (τorth) (Fig. 8). The location of these stresses in the 



vicinity of the coating-substrate interface can thus significantly influence crack propagation due to the 
mismatch of coating and substrate properties and a high level of quenching stress at this interface (Ref 94). 
Circumferential cracks similar to those shown in Fig. 14 appear beneath the surface at the depths of maximum 
shear and orthogonal shear stress for WC-Co coatings, whereas in the case of Al2O3 coatings, cracks generally 
appear at the coating-substrate interface. Hence, cohesive and adhesive delamination is observed in cermets 
whereas adhesive delamination is the preferred failure mode in ceramic coatings. 
 

 

Fig. 14  Subsurface crack observations during delamination failure of thermal spray coatings. (a) 
Subsurface cracks in WC-Co-coated rolling cone at the depths of maximum and orthogonal shear stress. 
(b) Propagated subsurface cracks leading to coating delamination during RCF failure of WC-Co coating 

Figure 15 gives a schematic of crack propagation behavior in ceramic and cermet coatings. The process can be 
summarized as follows:  

• Crack initiation: For cermet (WC-Co) coatings, cracks initiate subsurface at different depths under the 
contact region but propagate at the depths of maximum shear stress and orthogonal shear stress (Fig. 
14a). These cracks initiate due to stress concentrations in the presence of microstructural defects. For 
WC-Co coatings thinner than the depth of maximum shear stress, an additional factor of stress 
concentrations is the mismatch of coating-substrate properties at the interface. For WC-Co coatings 
thicker than the depth of maximum shear stress, these cracks initiate within the coating microstructure; 
for coatings thinner than the depth of maximum shear stress, these cracks initiate within the coating 
microstructure as well as at the coating-substrate interface. For ceramic (Al2O3) coatings, cracks 
generally initiate at the coating-substrate interface. 
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• Crack propagation: For WC-Co coatings thicker than the depth of maximum shear stress, initiated 
cracks propagate slowly in response to cyclic loading at their respective depths within the coating 
microstructure (Fig. 14b). For WC-Co or ceramic (Al2O3) coatings thinner than the depth of maximum 
shear stress, the cracks at the coating-substrate interface propagate much faster than the cracks at the 
depth of orthogonal shear stress (i.e., cracks within the coating microstructure) and result in poor RCF 
performance of thinner coatings. 

• Crack extension: For WC-Co coatings thicker than the depth of maximum shear stress, the cracks at 
maximum shear stress extend to greater lengths and ultimately join the cracks at the depth of orthogonal 
shear stress (Fig. 14b). For coatings thinner than the depth of maximum shear stress or for ceramic 
(Al2O3) coatings, the cracks at interface had the greater tendency of reaching the surface independently, 
and, in some cases, they combine with the cracks at the depth of orthogonal shear stress and eventually 
reach the surface. 

• Delamination: For WC-Co coatings thicker than the depth of maximum shear stress, the cracks from the 
depth of orthogonal shear stress reach the surface much more quickly than the cracks at the depth of 
orthogonal shear stress, thereby leading to coating delamination at the depth of orthogonal shear stress. 
Contrary to this, for thinner WC-Co or ceramic (Al2O3) coatings, interfacial delamination takes place. 



 

Fig. 15  Schematic of coating delamination process for cermet and ceramic coatings 

Coating Failure Due to Bulk Deformation. Bulk deformation of substrate material is of primary importance for 
the cases of hard coatings (WC-Co and Al2O3) on a soft substrate. This is because the contact stress can be in 
the elastic range of the coating material and in the plastic range of the substrate. The primary effect of this is the 
plastic flow of substrate, leading to conformity of the contact region and a hump at the edge of the wear track. 
Figure 16 shows a typical example of such a failure in which the substrate could no longer support the coating, 
leading to bending and cracking of coating material in the initial stages of RCF failure. As cyclic loading 
continues, the coating cracks in the middle of the wear track due to its inability to plastically deform under the 
tensile stress caused by the plastic flow of substrate material. During this failure, the plastic flow of the 
substrate continues, and the substrate is pushed up at the edges of the wear track as it conforms to the geometry 
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of the counterbody, leading to subsequent cracking at the edge of the wear track. Further cyclic loading leads to 
crack propagation in tension, and the substrate finally emerges at the edge of wear track. Because the crack 
propagation is progressive due to cyclic loading, this failure mode is categorized as a RCF failure mode. Once 
the conformity of contact is such that the stresses in the substrate are no longer in the plastic region, the 
substrate migration terminates, and a steady state is reached. Figure 17 shows a schematic of this failure mode 
and indicates that substrate hardness should be carefully selected (based on contact loading) to combat this 
failure. The mechanism of bulk deformation is thus strongly dependent on the ability of the substrate material to 
support the coating in relation to the contact stress and is marginally affected by the changes in either coating 
material or process. 

 

Fig. 16  Bulk deformation failure of WC-Co coating, indicating cracks in the middle of the wear track 
and substrate migration at the edge of the wear track 

 

Fig. 17  Mechanism of bulk deformation 

Coating Failure Due to Spalling. Spalling is the most commonly seen RCF failure in steel rolling-element 
bearings. Spalling fatigue is, however, the most rare mode of fatigue failure in TS coatings. Spall in TS coatings 
resembles in appearance the spalls in conventional bearings, as shown in Fig. 18. It differs from delamination 



failure (discussed previously) in the sense that spall is contained within the wear track and is circular or 
elliptical in appearance, with its surface area (or width-to-depth ratio) much smaller than that of delaminated 
coating. A comparison of Fig. 1, 12 and 18 can distinguish the appearance between the two failures. As with 
conventional steel bearings, spalls in TS coatings can initiate from micropits, furrows, grinding marks, or dents 
on the surface of a wear track. Also, subsurface inclusions and defects are known to lead to spalling of rolling 
elements. Examination of the wear track of a spalled specimen in TS coatings indicates that substantial 
micropitting of the wear track occurs before fatigue spall is produced. This highlights the possibility that the 
fatigue spall in TS coatings initiates from the micropits, and subsequent crack propagation takes place due to 
cyclic loading. It is also possible that once initiated, spalling can be assisted by hydraulic pressure crack 
propagation (Ref 4). However, the exact mechanism of fatigue spall, that is, surface or subsurface initiation and 
propagation, in TS coatings is not completely understood at this stage. 
 

 

Fig. 18  Spalling of thermally sprayed WC-Co coating 

Design Considerations for RCF Applications of TS Coatings. The design of surface overlay coatings for 
tribological applications involving Hertzian contact loading not only requires a thorough understanding of the 
tribological conditions, for example, contact stress, lubrication, and friction, but also the influence of coating 
processes, material, thickness, and the role of substrate material properties. Tribologists often have little choice 
about the former but can influence the coating performance by appropriate selection of the latter. The following 
thus provides some insight into the design considerations of coating-substrate material properties, coating 
thickness, and coating processes to combat RCF failure in TS coatings. 
Substrate Material. The mechanism of bulk and interfacial delamination failure mode (discussed above) 
indicated that the four most important design considerations while selecting the substrate material are:  

• Ability to support the coating 
• Higher coefficient of thermal expansion than the coating material, to induce a certain degree of 

compressive residual stress within the coating material 
• Ability to withstand preheat temperature prior to thermal spraying 
• Ability to plastically deform during shot peening prior to the coating process, to promote mechanical 

interlock at the coating-substrate interface 

The ratio (δ = Po/σ, where δ is normalized pressure) of the Hertzian contact stress (Po) to the substrate yield 
strength (σ) is thus a useful indicator in determining the ability of the substrate to support the coating. Figure 19 
shows this effect and indicates that normalized contact stress (Po/σ) can be used to benchmark candidate 
substrate materials. 
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Fig. 19  Influence of normalized pressure on stress cycles (Δ ≥ 1.5, Po = 2.7 GPa, or 0.39 × 106 psi) 

Coating Thickness. Investigations of the delamination failure mode (both cohesive and adhesive) indicated that 
while selecting the coating thickness for a given coating-substrate system, it is critical to shift the maximum and 
orthogonal shear stresses away from the coating substrate interface. Using this technique can also simplify the 
coating design by not having to functionally grade the material to avoid the sharp stress gradient at the interface 
during the Hertzian loading. Hence, the ratio (Δ = ξ/Ψ, where Δ is the normalized coating thickness, ξ is the 
average coating thickness, and Ψ is the depth of maximum shear stress) of the coating thickness to the depth of 
shear stress (Ψ = 0.65b, where b is the length of the minor axis of the contact ellipse) is found to be a good 
indicator of the coating substrate system to combat adhesive delamination. Figure 20 shows this effect and 
indicates that Δ value can have a significant influence on the fatigue performance of coatings. 

 

Fig. 20  Influence of normalized coating thickness on the performance of HVOF coating on 440C steel 
substrate (σ = 1840 MPa, or 267 ksi) 

Coating Material. Investigation of failure modes in TS coatings indicated that the selection of a hard, wear-
resistant coating material requires a consideration of its coefficient of thermal expansion and the ability of the 
coating process to produce a dense coating microstructure. Within the boundaries of materials considered in 
published research (WC-Co and Al2O3), test results indicate that the cermet coatings performance was superior 
to that of the ceramic coatings. This was mainly because of the following three reasons:  

• The lower melting point of cermet material allowed the melting of lamellas during the HVOF processes, 
whereas ceramic was partially melted, resulting in a lower cohesive and adhesive strength. 

• Although higher temperatures during the APS process melted the ceramic particles, the velocities 
achieved are generally much lower than the HVOF system, resulting in porous microstructure and thus 
lower strength. 

• A higher lamella temperature during the APS process would have a high rate of cooling (quenching) on 
impact with the underlying surface, which can lead to internal cracking. 



These factors contributed toward lower adhesive and cohesive strength of ceramic coatings and indicate the 
need for an interfacial layer. With the advancements of high-velocity plasma systems, however, it may be 
possible to improve RCF of TS ceramics in the future. 
Coating Process(es). The most important consideration while selecting the coating process for RCF applications 
is its ability to produce a dense coating microstructure, resulting in a higher mechanical strength. There are a 
number of ways to analyze this, for example, porosity measurements, x-ray diffraction pattern, microhardness 
and bond strength. Experimental research has indicated that a useful measure for RCF applications is to 
compare the indentation fracture toughness (KIc) of the coating material. So far, HVOF-deposited WC-Co 
coatings with KIc ≥ 1.7 MPa m have shown a fatigue life in excess of 70 million stress cycles for coating 
design parameters of Δ ≥ 1.5 and δ ≤ 1.5 (e.g., Ref 84). 
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Introduction 

TECHNICAL CERAMICS used as materials for rolling-contact bearing components show some practical 
advantages over traditional bearing steels. The properties of ceramics, specifically low density and high 
stiffness, are of most interest to gas turbine (Ref 1) and machine tool manufacturers (Ref 2). High hardness, low 
coefficient of thermal expansion, and high-temperature capability are properties also suited to rolling-element 
materials. Silicon nitride has been found to have a good combination of properties suitable for these 
applications. Research over the past three decades on structure, quality control, and manufacturing techniques 
has produced ceramic materials that are a suitable alternative to steel for rolling-contact bearing design. This is 
especially true for hybrid ball bearings; that is, precision angular-contact ball bearings using ceramic rolling 
elements are now offered as standard components within the ball bearing manufacturing industry. 
Rolling-contact fatigue (RCF) is the surface damage process due to the repeated application of stresses when 
the surfaces of two bodies roll on each other. Rolling-contact fatigue is encountered most often in rolling-
element bearings and gears. The failure process of RCF involves fatigue crack initiation and propagation, which 
is related to the characteristics of surface quality, stress distributions, and lubrication condition. Surface crack 
defects are considered as a main factor that causes RCF failure, at the present. It is difficult to detect these 
surface cracks during high-volume production processes, and hence, it is crucially important to understand their 



influence and the fundamental mechanism of the failures they cause. Additional information about RCF is 
provided in the article “Rolling-Contact Fatigue” in this Volume. 
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Surface Crack Defects 

Surface cracks caused by manufacturing pressing faults or blunt impact loads are the most common types found 
on ceramic ball surfaces. Figure 1 illustrates typical images of the crack defects found on the ceramic ball 
surface. Most of the defects are ring cracks. Lateral and radial surface cracks are less common and occur due to 
poor sintering mixture or a sharp indention load. Surface ring cracks are circular, extending for approximately 
1
4

to 1
3

 of the circumference of a circle. These circular cracks have been studied extensively. The fundamental 

basis for an explanation of the ring and cone fracture is provided by the Hertz theory of elastic contact. 
Traditionally, Hertzian cone cracks have been most widely studied in flat, silicate glass plate, using spheres of 
hard steel or tungsten carbide. Extension to ceramics is becoming more prevalent, and the theory of Hertzian 
fracture has been significantly developed during recent years (Ref 3). A typical experiment involves pressing an 
indent into the surface of the solid with a progressively increasing load and observing the pattern of fracture 
that develops under the contact. Under a blunt indent, a well-defined cone-shaped crack pops in when the 
normal load reaches a critical magnitude (Ref 4, 5). The surface tensile stress for visible ring cracking is much 
greater than that required for fracture in bulk tensile test specimens. This has been attributed to the small 
volume acted on by the contact-induced tensile stress. 
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Fig. 1  Typical crack defects found on ceramic ball surfaces under ultraviolet light. (a) Star defect. (b) 
Pressing defect. (c) Single ring crack. (d) Double ring cracks 

Ring crack initiation load of hot isostatically pressed (HIP) silicon nitride bearing balls was experimentally 
studied by some researchers (Ref 6, 7, 8). Initiation of a ring crack was detected using acoustic emission. The 
ring crack initiation load showed considerable scatter and ranged from 3 to 6 kN (corresponding to the 
maximum Hertz contact pressure of 14 and 18 GPa, or 2.0 and 2.6 × 106 psi). The ring crack initiation load is 
much smaller than the crushing load and approximately follows two-parameter Weibull distribution, with a 
shape parameter ranging from 9 to 11. Impact cracking of silicon nitride balls during ball finishing or by 
subsequent handling is a cause for concern, because a surface crack is the type of defect most likely to cause 
failure in a hybrid rolling-element bearing. Ring cracks formed prior to or during the final lapping or polishing 
stage are particularly difficult to detect. Such cracks are not visible with optical techniques, even at high 
magnifications, except after processing with high-sensitivity fluorescent penetrants. Impact cracking of silicon 
nitride balls was investigated, leading to a parameter for assessing impact resistance (Ref 9). Some material 
types were found to be more resistant to impact cracks than others. The types of silicon nitride densified by 
sintering and followed by HIPing and by gas pressure sintering have the best impact resistance. For ball sizes of 
6.35 mm (0.25 in.), the maximum contact pressure of 20 to 25 GPa (2.9 to 3.6 × 106 psi) was required to form 
surface ring cracks; for ball sizes of 12.7 mm (0.50 in.), 10 to 15 GPa (1.5 to 2.2 × 106 psi) was required; for 
ball sizes of more than 20 mm (0.79 in.), 10 to 12 GPa (1.5 to 1.7 × 106 psi) was required. 



A number of theoretical models have been developed that can predict both the fracture load and the subsequent 
length of the cracks (Ref 10, 11, 12). The development of the cone crack from the ring crack in the strongly 
inhomogeneous Hertzian stress field was investigated (Ref 10). Mode I stress-intensity factor at the cone crack 
front was calculated by modeling it as a two-dimensional plane-strain crack in an infinite medium loaded by the 
stresses acting on the location of the cone crack in the corresponding uncracked body. It was assumed that the 
inclined sides of the cone crack followed trajectories of the minimum principal stress, so that it was 
perpendicular to the maximum principal stress. This model predicts that the crack propagation arrests at a depth 
that is related to the applied load. The partial cone cracks can be generated if the indent slides over the surface 
under the action of a combined normal and tangential load. The cracks are initiated at the trailing edge of the 
contact and propagate almost perpendicular to the surface (Ref 13, 14). 
A similar two-dimensional approximation was used to consider the effect of ring crack initiation some distance 
outside of the circle of contact (Ref 15). The model was combined with experiments to measure the fracture 
toughness of carbides based on the initiation of the ring crack. A two-dimensional approximation was used to 
analyze cracks generated by both spheres and flat punches (Ref 12). Circular crack initiation and propagation 
was fully analyzed using a numerical calculation method (Ref 16). A finite-element method was used. It was 
found that the mode II stress-intensity factor was about one-tenth of the mode I stress-intensity factor. A review 
paper discussed ring crack initiation and propagation using analytical techniques (Ref 17). The first two stages 
of surface defect growth show that surface flaws develop into complete rings. In the final phase, the crack 
develops into a cone. 
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Fatigue Crack Propagation in Rolling Contact 

Fracture Mechanics Approach. Fatigue crack propagation is always involved in RCF failure. Many efforts have 
been completed to relate crack propagation behavior with RCF life performance since the publication of a 
delamination wear theory arising from rolling and sliding contact (Ref 18). The bulk of that research was 
focused on the experimental aspects of wear. Only a few attempts have been made to develop analytical models 
for predicting the wear process. The importance of determining analytical models for wear mechanisms has 
been discussed (Ref 19). Wear modes must be described mechanistically to better understand how they occur 
and to develop formulae for wear-material removal. Fracture mechanics has been applied to the analysis of 
wear modes in a number of studies. Numerous researchers (Ref 20, 21, 22) have presented a fracture mechanics 
approach to delamination wear of metals. They analyzed a subsurface crack parallel to the surface of a half-
plane subjected to a Hertzian surface load. The stress-intensity factors at the crack tips were calculated from an 
approximate stress field induced by the contact load in a crack-free half-plane. Several researchers analyzed 
surface cracks at an angle to a surface acted on by a Hertzian contact load (Ref 23, 24). In one study (Ref 23), 
lubrication pressure was considered as a crack opening force; in another (Ref 24), sufficient lubrication was 
taken to exist in the crack, such that the crack-face friction was zero. The analyses were further extended to 
include the effects of subsurface inclusions and asperity perturbations on the pitting crack (Ref 25). Finally, a 
thorough analysis of the surface pitting crack summarized the effects of crack-face friction and lubrication 
pressures on crack propagation and included loading history dependence when regimes of slip and stick were 
considered for the crack (Ref 26). In all of these analyses, mode II stresses were the main cause of crack 
propagation. This caused crack propagation to be highly dependent on the coefficient of friction between the 
crack faces. 
Several attempts have been made to explain the wear mechanisms in brittle materials (Ref 19). In the case of 
brittle materials, cracks may occur on the surface, due to tension or subsurface cracks parallel to the contact 
path due to shear. Friction in rolling and sliding contact can arise from asperity interlock, adhesion, or abrasion 
by debris trapped between the contacting surface and viscous drag of the lubricant. A qualitative model (Ref 
27) was presented to describe the microchipping wear mode in ceramic rollers. It is stated that microchipping 
cracks can form as a result of the stress distribution due to a Hertzian contact. Because the direction of principal 
stresses varies rapidly at an indentation contact, cracks propagating at the surface link or branch to turn parallel 
to the surface, thus providing a mode for wear-material removal. A strong dependence was seen relating the 
wear particle size with the coefficient of friction. Researchers modeled near-surface cracks in zirconia ceramics 
that are subjected to contact loading (Ref 28). It is concluded that frictional contact may have a significant 
influence, especially on the sliding mode (mode II) deformation of the closed crack. In the analysis for a phase-
transforming material, the friction contact between the crack faces may be of even greater importance, because 
the transformation zones at the crack tip(s) showed a marked closing effect on the tips, thus exerting significant 



compressive stresses there. These compressive stresses would, in turn, induce frictional stresses opposing the 
sliding deformation of the crack tips. 
Crack Propagation Testing. Fatigue crack propagation in ceramics has been studied in two modes: long-crack 
and short-crack studies. The long-crack studies (typically with crack lengths of about 3 mm, or 0.12 in.) were 
done with through cracks in precracked specimens, such as single-edge-notched specimens in three- and four-
point bending or tapered double-cantilever beam specimens, or compact tension specimens. Crack lengths were 
monitored optically or by measuring the resistance of a conducting coating. Linear elastic stress-intensity 
solutions for the various specimen geometries are given in standard handbooks (Ref 29). Short-crack 
experiments (typically with cracks less than 250 μm, or 10 mil, in length) were done by bending beams using 
surface cracks introduced from a notch or by indentation. Stress-intensity factors for such surface cracks can be 
obtained from linear elastic solutions for three-dimensional semielliptical surface cracks in bending (and/or 
tension) (Ref 30). The long-crack propagation studies gave results that could be described by the Paris law, but 
the exponent m varied between 12 and 40, which is much larger than the values of 2 to 4 typical of metals. The 
short-crack studies gave much greater crack growth rates than the long-crack studies at equivalent applied 
stress-intensity values. Also, the crack growth takes place in the short-crack studies at stress intensities below 
the threshold value required in long-crack studies (Ref 31). 
Studies of cyclic fatigue in ceramics using long-crack techniques are clearly important in understanding basic 
fatigue phenomena in ceramics, and data obtained in such experiments may apply to design considerations in 
some circumstances. However, the same problem arises as with other uses of long-crack data; that is, ceramics 
having only the naturally occurring short cracks are generally used for load-bearing applications. Thus, fatigue 
data for short cracks are needed. Results on small fatigue cracks in ceramics, however, are very limited. In 
contrast to long-crack results, the small cracks grow at progressively decreasing growth rates with increase in 
size, until finally linking together as the density of cracks across the specimen surface increases; the specimen 
then fails. Small-crack propagation rates display a negative dependency on stress intensity and occur at applied 
stress-intensity levels well below the fatigue crack propagation threshold. 
Mechanisms of cyclic fatigue in ceramics have not yet been definitely established. The possible mechanisms 
have been classified into two categories: intrinsic and extrinsic (Ref 31, 32). The intrinsic mechanism would 
involve the creation of a fatigue-damaged microstructure ahead of the crack tip that would produce a crack-
advance mechanism operating uniquely in cyclic fatigue. Possible mechanisms are alternating crack tip blunting 
and resharpening or, for whisker-reinforced composites, whisker breakage. Extrinsic mechanisms may not 
involve a change in the crack propagation mechanism under cyclic fatigue conditions. Instead, the unloading 
may change the value of the crack tip shielding. Thus, cyclic fatigue might reduce the crack tip shielding effect 
of transformation toughening or crack tip bridging. 
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Rolling Contact Fatigue Test Machine 

Many test-rig types are used to study RCF performance of ceramics. Typically, in such tests, a detector coupled 
with a shutdown device is used to monitor the vibration of the assembly. When a preset vibration level is 
exceeded, indicating the formation of a spall or excessive uneven wear, the test is automatically stopped, and 
the lifetime of the test is recorded. Alternatively, the tests are suspended at different durations to study the wear 
rate. The characteristics of various types of RCF test methods are summarized as follows. 
Modified Four-Ball Machine. A model contact consisting of three lower balls driven by a fourth contacting 
upper ball simulates conditions within a standard deep-groove ball bearing. The upper ball models the bearing 
race, while the cup simulates the bearing outer race, and the three planetary balls represent the balls within a 
ball bearing. The loading geometry is shown in Fig. 2. The machine has a proven history as being useful to 
investigate the RCF resistance of materials under various tribological conditions. Previously, this machine has 
been mainly used by various research staff as an accelerated method to measure the RCF of bearing steels. The 
influence of lubrication type on steel ball RCF was also evaluated using the machine (Ref 33, 34, 35). The 
Institute of Petroleum gathered numerous papers (Ref 36) that describe various test results, ball dynamics, and 
kinematics using the modified four-ball machine. 



 

Fig. 2  Loading configuration of four-ball machine 

This machine has been used to study the RCF performance of hot pressing silicon nitride bearing materials (Ref 
37, 38). Recently, the modified four-ball machine has been used to simulate the rolling contact in hybrid ball 
bearings (Ref 39, 40, 41). 
Five-Ball Machine. Figure 3 shows the contact geometry and the rotating mechanisms of the test rig. The test 
assembly consists of a driven test ball on top of four lower balls, positioned by a separator in the form of a 
pyramid. The four lower balls rotate in a race driven by the upper ball, thus simulating the rolling and sliding 
produced in angular-contact ball bearings. This five-ball machine has been used to investigate the fatigue life of 
high-speed ball bearings with hot pressed silicon nitride balls (Ref 42, 43). 
 

 

Fig. 3  Loading configuration of five-ball machine 

Ball-on-Plate Machine. Figure 4 shows a cross-sectional view of the test rig. The test unit has a unidirectional 
thrust bearing configuration, which consists of three balls or rollers equally spaced at 120° by a retainer and 
loaded between a stationary flat washer and a rotating grooved washer. The rotating washer produces ball 
motion and serves to transmit load to the balls (or rollers) and the flat washer. The ball-on-plate machine was 
used to investigate the RCF performance of silicon nitride (Ref 44, 45). 
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Fig. 4  Loading configuration of ball-on-plate machine 

Ball-on-Rod Machine. Figure 5 shows the loading geometry of the ball-on-rod-type testing machine. Three 
steel balls, 12.7 mm (0.5 in.) in diameter, orbit a rotating 9.53 mm (0.375 in.) diameter cylinder test specimen. 
The thrust load on the bearing cups is applied mechanically by forcing the upper cup toward the lower cup with 
three precalibrated coil springs in the assembly. The rod specimen is rotated by a direct-drive electric motor 
mounted in line with the specimen below the table. The three balls are, in turn, driven by the rod and rotate 
around the rod. Lubricant is supplied by drip feeding onto the top of the rod. The machine has been employed 
to study rolling-contact wear performance (Ref 46, 47, 48, 49). 
 

 

Fig. 5  Loading configuration of ball-on-rod machine 

Disc-on-Rod Machine. A disc-on-rod machine is shown in Fig. 6. Two steel disks, 177.7 mm (7.0 in.) in 
diameter and 12.7 mm (0.5 in.) thick, are pressed against the test specimen, which is held in a spindle and 
driven at 10,000 rpm. The test specimen is a 76 mm (3 in.) long, straight cylinder with a 9.52 mm (0.375 in.) 
diameter. With the known geometry, the contact stresses as a function of load can be calculated. The machine 
provides a means of rapid testing in nearly pure rolling contact. The specimen receives 1,200,000 stress 
cycles/h when driven at 10,000 rpm. Some researchers performed earlier work using this machine (Ref 50, 51). 



 

Fig. 6  Loading configuration of disc-on-rod machine 

Contacting Ring Machine. Figure 7 shows a diagram of the test rig, which uses two disk-shaped specimens 
rotating against each other on their outer surfaces. Geometry of the test specimen can be disks or rings that can 
be mounted on shafts. The contacting outer surface of the specimens can both be flat, or one specimen may 
have a flat surface while the other has a toroidal surface. The rotational speeds of the two disks (ring) can be 
controlled individually with separate motors or by using the gear mechanism; thus, rolling contact with a 
differing amount of sliding (slippage) at the interface can be generated. Typically, the load is applied using a 
compressed coil spring or dead-weight loading systems. Tests can be conducted in either dry or lubricated 
conditions. Profiles of the wear scars on the contact surfaces can be used to estimate the wear volume. The 
contact ring machine has been used to investigate wear performance of ceramics (Ref 52, 53, 54). 

 

Fig. 7  Loading configuration of contacting ring machine 
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Failure Modes of RCF 

As previously discussed, many test-rig types are used to investigate RCF of silicon nitride bearing materials. 
The RCF performance and failure modes were influenced by the test-rig type (Ref 55), and failure modes could 
be changed according to contact geometry. The experimental evaluation of silicon nitride should be conducted 
on a number of model tests before predicting its performance for rolling-element applications. Several failure 
modes of silicon nitride in rolling contact have been reported, that is, spalling fatigue failure, delamination 
failure, and rolling-contact wear. 
Spalling Fatigue Failure. Spalling describes a specific form of surface damage, and it is the most common mode 
of failure in RCF tests. Silicon nitride spalls in a manner similar to bearing steels, which is, in fact, one of the 
reasons for silicon nitride being a good candidate for replacing bearing steels. Other structural ceramics, for 
example, SiC, typically fail by catastrophic fracture due to their low fracture toughness or severe wear by 
microfracture. Catastrophic failure can cause damage to the entire bearing assembly. Typical properties of 
engineering ceramics and bearing steel are shown in Table 1. 

Table 1   Typical properties of engineering ceramics and bearing steel 

Material Density, 
g/cm3  

Elastic modulus, 
GPa (106 psi) 

Hardness, 
kg/mm2  

Toughness, 
MPa m KSi in  

Failure 
mode 

Silicon 
nitride 

3.2 315 (46) 1400–1800 4–7 (3.6–6.4) Spalling 

Silicon 
carbide 

3.1 420 (61) 2000–2400 2–4 (1.8–3.6) Fracture 

Alumina 3.9 390 (57) 1800–2000 3–5 (2.7–4.6) Fracture 
Zirconia 5.8 210 (30) 1100–1400 8–12 (7.3–10.9) Spalling 
Steel 7.8 200 (29) 1000 >16 (>14.6) Spalling 
The spalling fatigue mode has been found in various test machines (Ref 43, 44, 46, 48, 51, 56). For example, 
the fatigue life of hot pressed silicon nitride balls was investigated using a five-ball machine (Ref 43). 
Lubricated contact was studied with 12.7 mm (0.5 in.) diameter balls, Hertz stresses ranging from 4.3 to 6.2 
GPa (0.62 to 0.90 × 106 psi), a shaft speed of 9600 rpm, and a contact angle 30°. There was no evidence of a 
wear mode of failure, only fatigue spalls similar to those found on steel. Life predictions showed that ceramic-
steel contact compared equally to steel-steel contact. Also, the failure mode of hot pressed ceramic was 
investigated, using a disc-on-rod machine (Ref 51). All failures were of a spalling non-catastrophic nature, and 
test loads varied from 4.1 to 5.5 GPa (0.59 to 0.80 × 106 psi). The results inferred that silicon nitride tested 
under various tribological conditions fails in a noncatastrophic spalling mode. Additionally, silicon nitride 
hybrid bearings were tested, using 12.7 mm (0.5 in.) diameter balls, M50 steel rings, and a brass cage (Ref 56). 
Contact pressure ranged between 1.95 and 2.44 GPa (0.28 and 0.35 × 106 psi), and the film parameter was 
approximately 3.5 for all tests. Spalling was identified as the only mode of failure, with no cases of the silicon 
nitride balls fracturing. Statistical analysis showed that bearing life varies in accordance with a power law 
model. Another experimental work (Ref 44) examined the dynamic and static load rating of silicon nitride as a 
bearing material. The ball-on-plate machine was employed. Steel balls revolving around an inner race were 
loaded against a flat testpiece. The maximum contact stress was 6.4 GPa (0.93 × 106 psi), the rotational test 
speed was 1400 rpm, and the lubricant was a turbine mineral oil. Spalling was identified as the most common 
long-term mode of failure. 
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The microstructural variation is a significant factor in the fatigue failure of rolling contact. The RCF 
performance was studied, using eleven silicon nitride bearing materials (Ref 48). Tests were conducted using a 
ball-on-rod machine at maximum contact stresses of 5.93 GPa (0.86 × 106 psi) and rod rotation speed of 3600 
rpm. Research showed that the materials exhibited differences in life span of several orders of magnitude, and 
the failure mode was spalling fatigue. Silicon nitride materials can exhibit a wide range of RCF endurance. 
Under relatively high-stress conditions, fatigue durability increased dramatically as the microstructure tended 
toward finer, more equiaxed grains and a uniform, minimum distribution of second phases. 
Surface defects found on ceramic rolling elements can lead to early or catastrophic failure. Many efforts have 
been made in the past decade to investigate their influence on RCF performance (Ref 39, 40, 57). The failure 
modes of ring, radial, and lateral precracked ceramic elements under rolling contacts have been extensively 
studied (Ref 57). The stages of the ring crack failure process in the form of fatigue spalling on the ceramic 
surface and subsurface were also investigated (Ref 40). The results revealed that the precracked ceramic ball 
failed in a noncatastrophic spalling mode. The typical images of surface failure from artificially induced 
ring/cone cracks are shown in Fig. 8. 
 

 

Fig. 8  Spalling fatigue failure resulting from artificially induced ring/cone cracks (SEM micrographs). 
(a) Single spall. (b) Double spall 

All those results placed high reliance on random crack location and did not focus on the significance of specific 
crack locations. In a study (Ref 58), a new RCF test method was devised for positioning the ring crack, and 
hence, the surface ring crack was located precisely within the contact path. The results showed that the 
“natural” ring crack failure is dependent on the crack location within the contact path. Fatigue failure happens 
only in a few crack locations/orientations. The loading condition geometry of the test machine and the 
geometric orientations are shown in Fig. 9. Surface observations from different crack orientations are shown in 
Fig. 10. A fracture mechanics approach has been utilized to explain the influence of the crack location on RCF 
performance. The reason for differences in RCF performance is that different crack locations have different 
stress-intensity factor values that govern the crack propagation behavior (Ref 59). It should be noted that 
fatigue spalling processes are involved in the original ring crack propagation as well as the secondary surface 
cracks induced as the crack grows (Ref 60). Hence, the fatigue life cannot be simply determined in terms of the 
propagation life of the surface crack, and the subsequent surface damage also plays an important role in the 
whole life prediction. Figure 11 illustrates a typical section image of the spalling fatigue failure found on the 
ceramic balls (Ref 60). 



 

Fig. 9  Loading configuration and ring crack location on the contact track. (a) Loading system. (b) 
Geometric location on the contact track, where a is the radius of the contact circle. (c) Twelve typical 
locations within the contact path 
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Fig. 10  (a)–(c) Surface fatigue damage resulting from “natural” ring cracks and (d) line defects. (a) Ring 
cracks and wear track after 113 million stress cycles at crack location β = 0° and δ = 0, where β is the 
angle of the chord of ring crack to the central line of the contact track, and δ is the distance of the center 
of the ring crack circle to the central line of the contact track (optical micrograph). (b) Incipient failure 
after 27 million stress cycles at the crack location β = 45° and δ = 0 (optical micrograph). (c) Spall SEM 
micrograph after 16 million stress cycles at crack location β = 90° and δ = 0. (d) Spall SEM micrograph 
after 1.4 million stress cycles at β = 90° 

 

Fig. 11  Subsurface observation of spalling fatigue failure (optical micrograph) 

Delamination Failure. Studies of delamination fatigue failure on perfect and artificially precracked silicon 
nitride balls were carried out using a modified four-ball machine (Ref 39, 57, 61, 62). The silicon nitride balls 
were in rolling contact with a steel ball to simulate the rolling condition of a hybrid bearing. The cracks were 
artificially induced, being in the forms of ring cracks or radial and lateral cracks. Testing under high 
compressive cyclic stress and various tribological conditions resulted in delamination failure. Scanning electron 
microscope (SEM) observations enabled the delamination failures to be classified by the location of crack 
initiation and subsequent propagation. For radial- and lateral-cracked balls, failure occurred in three ways: 
lateral-crack-induced spalling, radial-crack-induced surface bulging, and radial-crack-induced delamination. 
The failure mode was also sensitive to the lubricant used, because lubricant could penetrate into the subsurface 
cracks to produce significant hydrostatic pressure. Figure 12 shows typical images of surface damage. 



 

Fig. 12  Surface damage resulting from ceramic-steel contact (scanning electron microscope 
micrographs). (a) Lateral-crack spall. (b) Radial-crack propagation and delamination. (c) and (d) 
Ceramic-ceramic contact at high Hertz contact pressure 

In the case of surface delamination, adjacent radial cracks were propagated and connected, and the 
delamination area showed typical fatigue striations. Residual stress measurement by x-ray diffraction indicated 
compressive stress in the delaminated area. In the case of surface bulging, ferrous debris originating from the 
upper steel ball was trapped under the ball surface. The steel debris, suspended in the pressurized lubricant, was 
forced up through the ball surface. 
Rolling-contact wear is the most common type found on the contact path, and it has been reported by a number 
of researchers. Preliminary work used a modified four-ball machine to assess hot pressed silicon nitride as a 
rolling bearing material (Ref 38). Unlubricated contact was studied at different temperatures at 1500 rpm and a 
maximum Hertzian stress of 5.8 GPa (0.84 × 106 psi). Lubricated contact was also studied at 7.7 GPa (1.1 × 106 
psi) and ambient temperature. Under unlubricated conditions, upper ball wear after 30 min was measured as 0.6 
mg, and the wear track on the ball surface retained modest surface quality. For lubricated contact, failure 
occurred to the upper ball after 20 s, the failure mode being wear and fracture. A silicon nitride upper ball was 
tested in contact with an En31 steel lower ball, and this increased the time of failure to 70 s. 
Wear properties of silicon nitride in dry rolling-sliding contact were studied using a ring-on-roller test machine 
(Ref 52). Under no lubrication and a maximum Hertzian pressure of 1.1 GPa (0.16 × 106 psi), results showed 
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thin, flakelike wear particles that were rich in oxygen and depended on the roughness of the contact surfaces. 
Rolling and sliding wear mechanism experiments were carried out (Ref 53). This work involved the use of a 
large-diameter cast iron roller contacting with a smaller-diameter silicon nitride roller, with an internal steel pin 
lubricated with a standard lubrication oil. Contact pressure was small, that is, 1.37 GPa (0.20 × 106 psi), and 
three types of silicon nitride were tested: hot pressed, pressureless sintered, and reaction bonded. The wear rate 
for the reaction-bonded type was higher, the wear mode being by “grain pullout.” The other two types had 
similar wear rates, the mode of wear being submicron chipping. Rolling-contact friction coefficients were 
0.0056 and all similar. Dry rolling tests (Ref 63) on several ceramics concluded that the silicon nitride wear rate 
was the smallest. A ring-on-disc testing machine was used, with the maximum Hertz stress ranging from 2.5 
GPa to 5 GPa (0.36 to 0.72 × 106 psi). A relation between wear rate and mechanical properties was attempted 
without success, suggesting that a combination of material properties and roughness was needed. Brittle 
fracture was concluded to be the dominant wear mode. 
The effect of composition and physical properties of silicon nitride on rolling wear and fatigue performance 
was studied using a ball-on-rod machine (Ref 47). Three commercial bearing materials were tested at maximum 
contact pressure of 6.4 GPa (0.93 × 106 psi). Wear and fatigue properties were compared to physical properties 
and material composition. It was found that high fracture toughness was not required for high fatigue life and 
wear resistance. Grain-boundary composition did not appear to affect the wear mechanism of these HIP 
materials. Transient wear of silicon nitride in lubricated rolling contact was investigated using a ball-on-rod test 
machine, with the maximum Hertz stress ranging from 5 to 6.5 GPa (0.72 to 0.94 × 106 psi). Wear rate and 
behavior were dependent on the initial surface roughness. 
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Introduction 

IMPACT, OR PERCUSSIVE, WEAR has been defined as “the wear of a solid surface that is due to percussion, 
which is a repetitive exposure to dynamic contact by another body” (Ref 1). This is a restricted definition that 
distinguishes impact wear from erosive wear, which occurs by impact of streams of small particles and which is 
covered elsewhere in this Volume. Impact wear, however, is closely related to erosive wear. The main 
difference is that in impact wear, the bodies tend to be large and contact in a well defined location in a 
controlled way, whereas in erosion, the eroding particles are small and interact randomly with the target 
surface. 
Many industrial situations involve impacting bodies in which failures due to wear can be costly and safety, 
reliability, and quality can be greatly reduced. 
Excessive wear of impacting poppet valves in automotive engines can lead to loss of cylinder pressure and 
ultimately engine failure. Failure of tools used for drilling rock and other media raises cost concerns associated 
not only with the need for frequent replacement of parts, but also with the down time incurred. Impact wear of 
printer typefaces will lead to loss of definition and a subsequent reduction in print quality. Unintentional 
impacts, such as the chattering of tubes carrying, for example, waste from nuclear reactors, can give rise to 
critical safety and reliability concerns. Potential impact wear problems are also found in dental implants and 
heart valves, where health and well being are at stake. 
In this article, some generic features of impact wear are described and one particular application is examined in 
detail. 
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Deformation during Impact. In bodies subjected to repetitive impulse loading, characteristic subsurface zones 
have been observed for a large variety of materials under various test conditions (with both normal and 
compound impact) (Ref 4). 
In general, three subsurface regions can be seen, as shown in Fig. 2. The first, furthest from the contact surface, 
consists of undisturbed base material. The deformation zone, the intermediate region, consists of plastically 
deformed base material. The deformation ranges from zero at the interface with zone 1, to a maximum at the 
interface with the third region, the white layer. The white layer, containing the contact surface, is usually 
homogeneous and finely structured. 
 

 

Fig. 2  Schematic representation of subsurface zones found beneath surfaces subjected to repetitive 
impact loading. Source: Ref 4  

The characteristics of the subsurface regions vary with the impacting materials and the conditions of stress and 
sliding speed at the contact. In some cases, there is strong evidence of crack and void formation in subsurface 
regions (Ref 5), while in others, no cracks are visible (Ref 6). In other specimens, varying degrees of crack 
formation in the white layer or along the deformation zone/white layer interface (Ref 7) have been observed. 
The composition of the white layer is often mixed, consisting of material from both impacting bodies as well as 
constituents of the operating environment. In one-body wear situations, the white layer in one body can be 
entirely made up of material transferred from the second body. 
Subsurface regions form on both impacting bodies and grow very quickly, within a few hundred impacts (Ref 
8). Once formed, the white layer and the deformation zone maintain a steady-state configuration as more 
impacts occur. 
The formation of the white layer has been attributed to adhesion (Ref 9), although mechanical “mixing” and 
diffusion also take place. More probably, a combination of these three occurs to give the specific morphology 
and composition of the white layer. The deformation zone is clearly formed by the repetitive stress cycling. 
Hardness has been noted to increase at the surface of impacting bodies (Ref 2, 5, 9). Within the deformation 
zone this is credited to work hardening, while in the white layer, it is a property of the near surface material 
developed in situ (Ref 9). 
A different subsurface region system develops when a brittle or nondeforming matrix is subjected to repetitive 
impact (Ref 8). A white layer still forms, but the base material tends to remain undeformed (see Fig. 3). 



 

Fig. 3  Subsurface regions for (a) ductile and (b) brittle or non-deforming materials. Source: Ref 9 

Material Removal Mechanisms. The mechanisms by which material can be removed from a surface by repeated 
impacts include the following (Ref 10):  

• Oxidative wear: mild wear regime where contacting bodies are separated by oxide films reducing metal-
to-metal contact 

• Adhesion: a more severe wear regime characterized by material smearing and transfer 
• Abrasion: equally severe, one-body or two-body modes lead to the formation of ploughing grooves 
• Surface fatigue: more severe wear again, leading to subsurface crack nucleation and subsequent 

delamination or spalling of surface material 
• Plastic deformation: while not leading to actual material removal, causes displacement of material from 

the contact area through “mushrooming” 

Several of these mechanisms of impact wear are shown in Fig. 4. 
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Fig. 4  Schematic diagrams of the different mechanisms of impact wear. Source: Ref 11  

The mechanisms occurring in a given impact case are determined by the stress and sliding conditions within the 
contact. For example, in high-strength tungsten carbide bits of rock drilling equipment, surface fatigue leads to 
the formation of spalls (Ref 12). Repetitive impact of metallic components at low stress levels, however, is 
more likely to result in small, submicron wear particles and a highly oxidized surface state. 
Under moderate conditions of normal or compound impact, it has been shown that that wear is caused by a 
process similar to that of adhesive wear during sliding (Ref 3, 13). More severe conditions at the contact lead to 
the occurrence of surface fatigue, subsurface crack growth and spalling (Ref 12, 14, 15, 16). Very large impact 
energies bring about failures due to surface fracture and produce rapid material removal (Ref 17, 18). This 
evolution of wear mechanisms, as the conditions in an impact contact become more severe, is illustrated in Fig. 
5. 

 

Fig. 5  Evolution of impact wear mechanisms as conditions in a contact become more severe 

Oxidative wear tends to occur at low stress levels and can be found in both normal and compound impact 
contacts. Wear rates are low as the contacting surfaces are separated by oxide films, which tend to have better 
lubricating properties than bare metal surfaces. Wear debris is generally fine and predominantly made up of 
metal oxide. Oxidative wear is particularly prevalent in contacts with a small amount of sliding or those in 
which fretting occurs, such as the backprinter device of a hammer striking against a print band (Ref 19). 
Adhesive wear occurs in both compound and normal impact contacts and is characterized by material smearing 
and transfer of material from one contacting body to the other (Ref 20). This occurs as a result of the formation 



of welded junctions at asperity tips, as shown in Fig. 6. Cracks nucleate in the workhardened tips, which break 
away, remaining adhered to the lower surface. This can occur as one-body wear, when material is only 
transferred from one body, or as two-body wear, when transfer occurs from both. 
 

 

Fig. 6  Schematic diagram of the formation of an adhesive transfer particle 

Abrasive wear, mainly found in compound impact contacts, manifests itself as plowing grooves and leads to a 
roughening of the contact surface (Ref 21). The grooves become more accentuated as impact stresses increase. 
However, under closer examination, it can be seen that at higher impact stresses, there is evidence of crack 
nucleation and the formation of flat platelike particles within the grooves (Ref 5). 
Surface Fatigue and Delamination. In general, impact wear failure mechanisms are dependent on the formation 
of the subsurface layers described in the previous section. Fatigue failure in impact is mainly induced in the 
white layer—the subsurface zone including the wear surface (see Fig. 2) (Ref 8, 9, 22, 23). 
Two mechanisms have been identified within the white layer. These explain the occurrence of delamination and 
spalling of impacting bodies respectively (Ref 22), as shown in Fig. 7. 
 

 

Fig. 7  Failure mechanisms induced by the white layer. Source: Ref 22 

In the case of impacting bodies, the white layer builds up on the wear surface as impacts progress and becomes 
intensely work hardened. As a result, microcracks are easily nucleated within the white layer material (see Fig. 
7a). The path of least resistance along which the cracks can propagate is the deformation zone/white layer 
interface and, hence, it is here that delamination occurs (see Fig. 7b). 
This process is thought to be different to the conventional delamination theory (Ref 24, 25), in which increasing 
shear deformation, as a result of bodies sliding against one another under load, leads to the piling-up of 
subsurface dislocations. Under this theory, these cause the nucleation of microcracks, which subsequently lead 
to the occurrence of delamination. 
In addition to the surface white layer, subsurface white layers have been observed at depths of tens to several 
hundred microns in bodies subjected to repetitive impacts (Ref 23). Propagation of cracks in a subsurface white 
layer leads to removal of material between the wear surface and the white layer. 
Spalling occurs when microcracks within the white layer propagate in a direction perpendicular to the wear 
surface and parallel to the flow lines in the deformation zone (see Fig. 7c). The direction of the crack 
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propagation is affected by defects present in the deformation zone. Microcracks in the white layer tend to merge 
with cracks formed at defects in the deformation zone. 
Plastic Deformation. While mass loss in impact wear mainly results from wear debris arising from the 
subsurface zones, wear also occurs as a result of plastic deformation and subsequent “mushrooming” of the 
impacting bodies, leading to the creation of leading and trailing edges (see Fig. 4) (Ref 5, 6, 11). 
Influences on Wear. The largest influences on normal and compound impact wear failures are contact stress 
(Ref 9) and sliding velocity (Ref 8). The magnitude of both directly affects the formation of the subsurface 
zones in the impacting bodies. At low impact stresses, there is some evidence of local fracture and deformation. 
At significantly higher stresses, greater deformation occurs and a distinct deformation zone is formed. Wear 
rates increase with increasing contact stress, as shown in Fig. 8 (Ref 5). The data are plotted as change in 
specimen height rather than mass loss because impact stress was varied by altering the contact area and, 
therefore, the larger-diameter specimens would have lost more mass. 
 

 

Fig. 8  Height change vs. number of compound impact cycles for aluminium 2011 T3 specimens tested 
against 17-4 PH stainless steel counterfaces with varying impact stresses (sliding velocity 5.33 m/s). 
Source: Ref 5  

In bodies impacted with a low sliding velocity, crack formation occurs. At higher velocities, however, the white 
layer is usually quite homogeneous and integrally bonded to its substrate. These two mechanisms lead to 
observations that wear rates both increase and decrease with increasing sliding velocity (see Fig. 9, 10) (Ref 5, 
26). This can be explained by studying data over a greater range of sliding velocities, as shown in Fig. 11 (Ref 
20). As can be seen, the wear exhibits both a maximum and a minimum over the range of sliding velocities 
tested. This phenomenon has also been observed in high-speed sliding wear tests (Ref 27). 
 

 

Fig. 9  Mass loss vs. number of compound impact cycles for aluminium 2011 T3 specimens tested against 
17-4 PH stainless steel counterfaces with varying sliding velocities (impact stress 10.8 MPa). Source: Ref 
5  



 

Fig. 10  Mass loss vs. number of compound impact cycles for 17-4 PH stainless steel counterfaces tested 
with CPM-10V steel specimens (impact stress 69 MPa). Source: Ref 26  

 

Fig. 11  Mass loss vs. sliding velocity for compound impact testing of titanium alloy RMI 5522S 
specimens against 17-4 PH stainless steel counterfaces (impact stress 18.6 MPa). Source: Ref 20  

Specimen stiffness affects the wear rate of both impacting bodies (Ref 21). As shown in Fig. 12, the short, stiff 
specimen wore the counterface and yet hardly wore at all itself. In contrast, the longer, less stiff specimen wore 
considerably more, yet its counterface was worn much less than that with the stiffer specimen. 
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Fig. 12  Mass loss vs. number of compound impact cycles for 1410 steel specimens of varying length run 
against 17-4 PH stainless steel counterfaces (impact stress 69 MPa; sliding velocity 10 m/s). Source: Ref 
21  

Microstructure and bulk material hardness also play a role in impact wear (Ref 5, 28). These are critical in 
determining the development of the white layer and the subsequent crack nucleation and wear debris formation. 
In repetitive normal impact applications with lubrication, it is probable that asperity contact will be frequent, 
except for combinations of low-contact pressure, high-viscosity oils, and low surface roughness. It is likely, 
therefore, that the contact will be boundary lubricated, in which case the surface shear stresses will not differ 
substantially from the dry case. Thus, a boundary-lubricated, normal-impact contact is essentially quasi-dry. 
Wear is, therefore, not likely to be reduced with lubrication of a normal contact. 
In a lubricated compound-impact contact, due to the tendency for a full film to form, a superimposed sliding 
speed is conducive to less wear. This is in contrast to dry impact, where introducing sliding substantially 
increases wear. Lubrication tends to reduce sliding friction, so that even if a full film does not form, damage is 
still greatly reduced in comparison with the dry case. 
In an experimental study, the sliding and impact speeds and the lubricant viscosity were varied to ascertain their 
effect on wear (Ref 29). The results are illustrated in Fig. 13. As can be seen, the highly viscous lubricant 
prevented all wear involving a sliding component. The less viscous lubricant allowed wear at high-impact 
velocities but prevented wear at low-impact viscosities. Results for the lighter lubricant indicate that normal 
impact is more damaging than compound impact. 
 

 

Fig. 13  Results of lubricated compound impact wear experiments (Ref 29). (V is impact velocity and v = 
sliding velocity; ×: v = 0 m/s; •: v = 0.25 m/s; □: v = 1.27 m/s; : v = 3.81 m/s) 



Wear Debris. The size and shape of wear debris particles arising from normal and compound wear varies, 
depending on the material pair and the nominal levels of stress and sliding velocity in the contact. Analysis of 
wear debris from a range of experiments carried out mainly with titanium alloy specimens impacting 17-4 PH 
stainless steel counterfaces at varying contact conditions (6.9 to 69 MPa impact stress and 0.01 to 10 m/s 
sliding velocity) (Ref 30) has shown that:  

• Most observable wear particles fell in the range 0.3 to 0.7 mm. 
• In general, the shape was platelike. 
• A preferred crystallographic orientation exists, as would be expected from the sliding direction. 

Observations were also made that indicate that:  

• Debris stems from both specimen and counterface materials. 
• Metallic particles consist of small and/or distorted primary crystals. 
• Oxide formation occurs. 
• Phase transformation of the metallic constituents may occur. 

The occurrence of oxides in the wear debris indicates that oxygen plays a part in the wear process itself. It is 
probable that at least a portion of the oxides found in debris are formed while the particles are still attached to 
the substrate at the contact interface, although oxidation will also occur after the particles have been broken 
away from the wear surface. 
Phase transformations can provide evidence of local temperatures and/or stress fields and/or interdiffusion of 
species from surrounding materials (Ref 30). In the tests outlined above it was found, for example, that the 17-4 
PH stainless steel yielded debris containing γ-Fe (austenite). In order to transform the martensitic state of the 
17-4 PH stainless steel, a temperature of at least 500 °C is required. 
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Impact Wear of Ceramics 

Material Removal Mechanisms. In both normal impact and compound impact with tangential contact involving 
ceramic bodies, mechanical energy is expended partly in frictional heating and in mechanical deformation that 
leads to wear (Ref 31). Brittle and plastic modes of material removal occur during impact. Brittle deformation 
is linked to the creation of pits (formed when material is adhesively plucked from the surface of one impacting 
body by the other), partial ring cracks, and delamination layers. The removed material is pulverized and 
compacted. At acute contact angles, where the largest slip occurs, the wear debris is also sheared, transferred, 
and redeposited. 
Delamination is generally the dominant wear process. It causes extensive material removal and occurs at all 
contact angles. Figure 14 illustrates four stages of delamination (Ref 31). Stage 1 involves the fracturing of 
substrate material and crushing of wear debris. The depth of fracturing, which is less than the average grain 
dimension, is governed by the normal pressure applied. Eventually the layer of debris becomes thick enough to 
cushion and redistribute the normal stress in the substrate. The impact energy then acts to extrude the debris 
into interstices, and a thin, fine-grained film is created (stage 2). The interface between the film and the 
substrate is a zone of weakness in which cracks can nucleate (stage 3). Lateral propagation and intersection of 
the cracks results in the delamination of platelike debris. 

 

Fig. 14  Diagram of the stages of delamination caused by repeated impact on a ceramic surface. Stage 1 
fracturing on the surface and crushing of debris; stage 2, extrusion of pulverized debris in interstices and 
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compaction of a fine grained film; stage 3, nucleation of cracks along the weak film/substrate interface; 
and stage 4, lateral propagation of interfacial cracks and delamination of the compacted film. Source: 
Ref 31  

Influences on Wear. In repetitive impact of ceramics, two factors influence the magnitude of wear experienced. 
One is associated with the normal stress that is partly accommodated in the brittle fracture of the parent 
materials. The effect of normal stress on wear increases as the angle of contact increases. The second factor is 
related to the tangential stress and accelerates delamination of the protective surface film. The influence of 
shear decreases as the angle (from 45 to 90°) of contact increases. A model illustrating the dependency of 
impact wear to angle of contact is shown in Fig. 15 (Ref 31). The model shows the combined effect of the 
normal and tangential stresses are minimized between these angles. 
 

 

Fig. 15  Schematic illustration of the dependency of the repeated impact of a ceramic object on the angle 
of contact. Source: Ref 31  

Relative humidity has a pronounced effect on the wear mechanism and material removal rate during the 
repetitive impact of ceramics (see Fig. 16) (Ref 32). In dry conditions, as described in the previous section, 
extensive fracture and growth of cracks is promoted along grain boundaries. In humid conditions, however, 
fracture only happens on a small scale due to the occurrence of crack-arrest mechanisms, and, consequently, 
wear rates are reduced. 

 

Fig. 16  Average crater area vs. number of impacts for SN220M silicon nitride counterfaces impacted 
with a SN220M silicon nitride ball at varying humidities. Source: Ref 32  



The machined surface finish has an influence on wear during early cycles of impact, as shown in Fig. 17 (Ref 
33). Wear rates of ground bodies are higher than polished bodies because the latter is protected by a film of 
oxidized wear debris. The wear behavior of a ground surface is characterized by the lateral extrusion of 
elongated ridges and then microfracture of extruded slivers. At higher numbers of impacts, the wear rates of 
polished and ground specimens are almost the same and are characterized by the mechanism outlined in Fig. 
14. 

 

Fig. 17  Crater depth vs. number of impacts for GS-44 silicon nitride counterfaces of varying surface 
finish impacted with a NBD-200 silicon nitride ball. Source: Ref 33  

Machining residual stresses also affect wear. The results shown in Fig. 18 (Ref 34) indicate that impact wear 
decreases with increasing compressive residual stress. It has been suggested that this reduction in wear at high 
residual stresses results from crack growth being impeded (Ref 33). 
 

 

Fig. 18  Impact crater area vs. compressive residual stress for impacts normal to the lay and compressive 
stresses perpendicular to the grinding direction (○), and for impacts perpendicular to the lay and 
compressive stresses parallel to the grinding direction (●), using sintered reaction-bonded silicon nitride 
(SRBSN) counterfaces and NBD-200 silicon nitride balls. Source: Ref 34  

It can also be seen that grinding results in compressive residual stresses that are typically larger in magnitude in 
the direction perpendicular to the grinding direction than in the direction of grinding. 
Impact Failure of Ceramic Coatings. Hard coatings are becoming widely used to increase wear resistance of 
machine parts subjected to repetitive normal impacts or tools used in cutting or cold forming. The thin layers of 
coating can be deposited on any steel component using sputtering techniques, allowing economy in the use of 
expensive materials. Three different failure zones are apparent in ceramic coatings, such as TiN and TiC (Ref 
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35), as shown in Fig. 19, which illustrates a typical indentation formed in a ceramic coating subjected to 
repetitive impact by a hardened steel ball. A central zone of cohesive failure exists in which cracking and 
coating delamination occurs. An intermediate zone is found between the central and peripheral regions on the 
internal side of the rim formed around the indentation. The intermediate zone exhibits adhesive-cohesive failure 
of the coating under the buildup of shear stresses, which arise from plastic strain of the substrate during impact. 
In hard brittle coatings, the high tensile stress in the immediate vicinity of the impact causes the development of 
a large number of cracks in the peripheral region of the impact. 
 

 

Fig. 19  Schematic diagram of a typical indentation formed in a ceramic coating under repetitive impact 
loading showing different failure zones. Source: Ref 35  

A good correlation exists between increasing failure and the number of impacts. Increasing the number of 
impacts not only increases the number of cracks but also increases the wear at each crack before the coating 
eventually starts to delaminate or spall. Cracks arise when a hard coating is not tough or ductile enough to 
accommodate the stress of deformation under an impact. 
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Impact Wear of Polymers 

Two modes of impact wear or damage of polymers have been observed (Ref 36). The first mode relates 
primarily to the plastic flow or deformation of the material without material loss. A second mode appears as the 
wear rate increases, and this is associated with material loss. In the material loss mode, cracks appear in the 
surface. 
For fluoropolymers and acetal resins tested against 17-4 PH stainless steel counterfaces, wear rates for normal 
impacts at low stress were very low (Ref 37). Compound impact wear rates were higher and increased with 
sliding speed. Wear occurred by a mechanism of delamination. Wear debris in the form of platelets is 
particularly apparent in cases of compound impact. Increasing sliding speed tends to accelerate the process of 
surface and subsurface crack initiation, and increasing numbers of impact cycles tend to refine the microcrack 
patterns. 
An acetal resin is a relatively crystalline polymer and, therefore, the conventional delamination theory based on 
the accumulation of dislocations leading to the nucleation of subsurface cracks (Ref 24) may apply. 
Fluoropolymers, however, are relatively amorphous and therefore an alternative to the theory of delamination 
outlined previously is required. Part of the answer may be related to microvoids observed in polyimide films 
(Ref 38) as well as water clusters found to be introduced during processing of polymers (Ref 39). Both, if 
present, could act as sites for the initiation of microcracks. 
For impacts at higher stresses, several critical phenomena have been identified, such as charring and chemical 
degradation and the existence of a stress threshold beyond which catastrophic wear occurs (Ref 40). 
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Impact Wear Testing 
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Two different types of test rigs have been developed for impact wear studies: ballistic impact testers and pivotal 
hammer testers (Ref 10). The following describes the features of each. 
Ballistic Impact Wear Apparatus. In ballistic impacter wear testers, repetitive impacts are achieved by firing 
projectiles at a counterface. To ensure the projectiles impact at the same point each time, guides are provided. 
Some test rigs use one projectile repeatedly impacting against a counterface (Ref 2, 14), while others use a 
number of projectiles (usually balls) that are recycled (see Fig. 20) (Ref 16, 22). Those using one projectile can 
be used for one-body wear investigations on the projectile with a hard, negligibly wearing counterface. By 
proper synchronization of projectile firing with rotational speed of the counterface to ensure impacts occur at 
the same point, two-body wear can also be studied. In those test rigs using a number of projectiles, clearly only 
the wear of the counterface can be investigated. Ballistic test rigs have two main disadvantages. The first is that, 
because of cleaning problems with the projectile guides, lubricated tests are difficult to carry out. The second is 
that it is sometimes difficult to retune the rigs to take different weight projectiles. 
 

 

Fig. 20  Ballistic impact wear tester. Source: Ref 22 

Pivotal Hammer Impact Wear Apparatus. In pivotal hammer impact wear test rigs, a hammer is made to impact 
a counterface. A stationary counterface is used for normal impact studies, while for compound studies, shear is 
imparted by using a rotating counterface. Altering the tilt of the counterface changes the angle of contact. 
Again, synchronization is required for rotating counterfaces to ensure impact occurs at the same point during 
each cycle. A number of pivotal hammer test rigs are in existence (Ref 40, 41, 42). A typical example is shown 
in Fig. 21. Various mechanisms are employed to move the hammer up and down, including electromagnets and 
cams. Pivotal hammer test rigs overcome the contact lubrication and retuning problems encountered with 
ballistic rigs. However, there are problems associated with the flexure arising in the hammers, and the elastic 
vibrational modes of the hammers may complicate analysis. Alignment problems are also more likely to arise 
with pivotal hammers than in ballistic rigs. This can mean that small tangential oscillations are induced between 
hammer and counterface, leading to surface damage by shear tractions. 



 

Fig. 21  Pivotal hammer impact tester. Source: Ref 41 
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Impact Wear Modelling 

An impact-wear modelling approach has been established based on two stages of wear progression (Ref 10). 
The first is an induction period (see Fig. 22), during which deformation occurs and a wear scar is formed, but 
there is no measurable material loss. The end of this stage is defined as the zero wear limit. This constitutes the 
initial point of the measurable wear region. As indicated in Fig. 22, the progression of wear in this region can 
take a number of forms. These depend on the mechanism of wear, which is related to the impacting material 
and the severity of the contact conditions. 
 

 

Fig. 22  Zero and measurable wear. Source: Ref 10 

Most mechanical components continue to be functional beyond the zero wear limit, and their usefulness is 
normally connected with the loss of a specific depth of material. For that reason, the measurable wear process is 
probably of more interest to an analyst attempting to define a life prediction for a repetitively impacted 
component. 
Zero Impact Wear Model. The following equation has been developed to establish a quantitative, semiempirical 
evaluation of the zero wear limit for specimens subjected to repetitive compound impacts in the elastic stress 
region (Ref 10). It considers wear damage to be contributed from the surface shear stress, τ2, and the maximum 
subsurface shear stress, τ1, during each impact.  

  
(Eq 1) 

where N0 is the number of cycles at which the zero limit is reached, σy is the uniaxial tensile yield stress, σ is 
the peak Hertzian pressure, and γ is a material wear factor (experiments have shown that γ is approximately 1.1 
for carbon and tool steel specimens) (Ref 43). The quantity β is the ratio of the surface damage contribution, D1, 
to the subsurface damage contribution, D2, where:  

  
(Eq 2) 

  
(Eq 3) 



  
(Eq 4) 

where t* is the duration of the impact force pulse. The integral in Eq 3 is evaluated between t = 0 and t = , 
where is the slipping time. This signifies that in compound impact with sliding, wear is only occurring in the 
initial phase of contact, while slipping is taking place between the specimen and the counterface. 
Measurable Impact Wear Models. Approaches for modelling measurable impact wear include a linear model 
based on an Archard-type wear law (Ref 3). Starting with the relationship for wear volume, W:  

  
(Eq 5) 

where P is the load (N), x is the sliding distance (m), H is the hardness, and k is a nondimensional wear 
coefficient. Load can be replaced by friction force divided by the friction coefficient, μ. Friction force 
multiplied by the sliding distance represents the energy dissipated in sliding. If α is defined as the proportion of 
the total impact energy expended in interfacial slip and the term (αk/μ) is replaced by a parameter K, and if I is 
the energy of impact and n the number of impacts, wear volume can be defined as:  

  
(Eq 6) 

where K is now the nondimensional impact wear coefficient. 
As stated above, K is related to k by the following expression:  

  
(Eq 7) 

The nonelastic part of an impact has been estimated as being 70% (based on rebound measurements of a 
striking hammer) (Ref 3), and only a small amount of this would be expended in shear at the interface, so α 
would be small, for example, 10%. The friction coefficient, μ, for an unlubricated contact generally falls in the 
range 0.5 to 1, it would be expected that K would be about an order of magnitude smaller than the sliding wear 
coefficient, k. For unlubricated metals, k is generally in the range 5 × 10-3 to 3 × 10-5, while K values between 5 
× 10-4 and 1 × 10-6 would be anticipated. The majority of the values for K given in Table 1, determined from a 
range of experiments carried out with different material and contact conditions, fall within this range. 

Table 1   Impact wear coefficient values 

Reference Surface 
measured 

Impact energy, kgf · 
mm 

No. of 
impacts 

Lubrication Impact wear 
coefficient, K  

Copper (hard) 2 1 N 53 × 10-6  
Steel 20 1 N 67 × 10-6  

Ref 13  

Steel 20 1 Y 10 × 10-6  
Ref 12  Tungsten 138 2.4 × 103  N 130 × 10-6  

Copper 60 5 × 105  N 20 × 10-6  
Soft steel 120 5 × 105  N 19 × 10-6  
Aluminium alloy 60 5 × 105  N 42 × 10-6  
Titanium alloy 120 5 × 105  N 15 × 10-6  
Hard steel 160 5 × 105  N 28 × 10-6  
Hard steel 700 4 × 103  N 43 × 10-6  

Ref 44  

Hard steel 42 2 × 104  N 104 × 10-6  
Hard steel 0.36 6.5 × 104  N 14 × 10-6  
Hard steel 0.36 4.3 × 105  Y 1.2 × 10-6  
Soft steel 0.36 1 × 104  N 247 × 10-6  

Ref 29  

Soft steel 0.36 3.2 × 106  Y 0.8 × 10-6  
Source: Ref 3  

The file is downloaded from www.bzfxw.com



A relationship of the same form as that used in erosion studies to model wear mass, W (Ref 44), which gives a 
declining wear rate, has also been used successfully to predict wear in percussive impact of large bodies (Ref 
45, 46):  

  (Eq 8) 
where e is the impact energy per cycle (J), N is the number of cycles, and K and n are empirically determined 
wear constants, and:  

  
(Eq 9) 

where m is mass in kg and v is the velocity at impact in m/s. 

References cited in this section 

3. E. Rabinowicz and K. Hozaki, Impact Wear of Ductile Metals, Proc. JSLE International Tribology 
Conf., Tokyo, 1985, p 263–268 

10. P.A. Engel, Impact Wear of Materials, Elsevier, Amsterdam, 1976 

12. R.S. Montgomery, The Mechanism of Percussive Wear of Tungsten Carbide Composites, Wear, Vol 12, 
1968, p 309–329 

13. E. Rabinowicz, Metal Transfer During Static Loading and Impacting, Proc. Phys. Soc., Vol 65B, 1952, 
p 630–640 

29. P.A. Engel and J.L. Siroco, Impact Wear Study of Lubricated Contacts, Trans. ASLE, Vol 18, 1975, p 
279–289 

43. P.A. Engel, Percussive Impact Wear, Tribol. Int., Vol 11, 1978, p 169–176 

44. K. Wellinger and H. Breckel, Kenngrossen und Verscheiss Beim Stoss Metallischer Werkstoffe 
(Deformation and Wear in the Impact of Metallic Workpieces), Wear, Vol 13, 1969, p 257–281 

45. R.W. Fricke and C. Allen, Repetitive Impact-Wear of Steels, Wear, Vol 163, 1993, p 837–847 

46. R. Lewis and R.S. Dwyer-Joyce, “Design Tools for Predicting Inlet Valve Recession and Solving Valve 
Failure Problems,” SAE Paper 2001-01-1987, presented at the SAE International Spring Fuel and 
Lubricants meeting (Orlando, FL), Society of Automotive Engineers, 7–9 May 2001, in SP-1624, 2001, 
p 105–114 

Impact Wear Failures  

Roger Lewis and Rob Dwyer-Joyce, The University of Sheffield 

 

Impact Wear Failure Case Study: Automotive Engine Inlet Valve and Seat Wear 

The drive for reduced oil consumption and exhaust emissions has led to a reduction in the amount of lubricant 
present in the air stream in automotive engines. This, combined with the effort to lengthen service intervals and 
increase engine performance, has led to an increase in the wear of inlet valves and seat inserts. 
Engines are typically designed to tolerate a certain amount of valve recession (defined in Fig. 23). After this has 
been exceeded, the gap between the valve tip and the follower must be adjusted to ensure that the valve 



continues to seat correctly. If the valve is not able to seat, cylinder pressure will be lost and the hot combustion 
gases that leak will cause valve guttering or torching to occur, which will rapidly lead to valve failure. 
 

 

Fig. 23  Valve recession 

Work has been carried out to isolate the fundamental mechanisms of automotive engine inlet valve and seat 
wear. This work used experimental apparatus designed to simulate the loading environment and contact 
conditions to which a valve and seat insert are subjected (Ref 47, 48, 49). The results have shown that recession 
originates from two processes; impact of the valve on the seat on valve closure and sliding of the valve against 
the seat as the valve head deflects and wedges into the seat as combustion occurs in the cylinder. These 
processes produce characteristic wear features on valves and seats. Impact on valve closure leads to the 
formation of a series of ridges and valleys on valve seating faces (see Fig. 24) and surface cracking on seat 
seating faces (see Fig. 25). While both mechanisms are significant, impact on valve closure is the main 
contributor to valve recession (Ref 49). 
 

 

Fig. 24  Valve seating face showing a series of ridges and valleys formed circumferentially around the 
axis of the valve 
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Fig. 25  Seat insert seating face showing surface cracking and subsequent material spalling 

Impact wear resistance has been related to material properties, as shown in Fig. 26, which plots the results of 
bench tests isolating impact of the valve on the seat, where the tougher cast seat insert material has worn less 
than the sintered seat insert material (both materials are based on a tool steel matrix). This is further 
exemplified in Fig. 27, where results of bench tests run on a range of materials are shown. The tougher 
materials gave lower valve recession. 

 

Fig. 26  Valve recession as a result of bench tests carried out isolating impact using a cast and a sintered 
seat insert material (both based on a tool steel matrix) 



 

Fig. 27  Valve recession as a result of bench tests carried out isolating impact using a number of different 
seat materials 

As shown in Fig. 28, recession due to impact wear is roughly proportional to valve closing velocity squared. 
This implies that wear is related to the energy of the valve on closing. 
 

 

Fig. 28  Valve recession vs. valve closing velocity for a series of bench tests carried out isolating impact 
using a cast tool steel based seat insert material 

As a result, a relationship of the same form as that used in erosion studies to model wear mass, W, (Ref 44) 
(based on impact energy) (Eq 8), was used to model wear due to the impact of the valve on the seat during 
valve closure (Ref 46). In this case, the impact energy (Eq 9) was determined using the mass of valve and 
follower added to half the mass of valve spring and the valve velocity at impact. 
Values of K and n were derived using an iterative process to fit Eq 8 to experimental data. At each data point, 
the velocity was recalculated to take account of the change in lift due to recession. The results of this process 
for tests run with a cast seat insert (based on a tool steel matrix) are shown in Fig. 29. As can be seen, the model 
produces good correlation over a range of velocities. 
 

The file is downloaded from www.bzfxw.com



 

Fig. 29  Model predictions for valve recession caused by impact wear. Line represents model prediction; 
data points indicate bench test results. 

The equation for impact wear was combined with an equation for sliding wear (based on an Archard type wear 
law, Ref 50) to give an overall wear model. In order to incorporate the change in pressure at the interface and 
any other effects likely to lead to a reduction in the wear rate with time, such as work hardening, a term 
consisting of the ratio of the initial valve/seat contact area, Ai, to the contact area after N cycles, A, to the power 
of a constant, j, was included. A value of 10 for j was determined empirically using bench and engine test data.  

  
(Eq 10) 

where is the average load at the valve/seat interface during combustion in the cylinder, N, k is a sliding wear 
coefficient, δ is the slip at the valve/seat interface, and H is the hardness of the softer material. 
Equation 10 gives a wear volume, which is then converted to a recession value, r, using equations derived from 
the seat geometry. Equation 11 gives r in terms of V for the case where valve and seat angles are equal:  

  
(Eq 11) 

where Ri is the initial seat insert radius, θs is the seat insert seating face angle, and wi is the initial seat insert 
seating face width (as measured). Ri can be calculated using wi and the radius and seating face width as 
specified for the seat insert (Rd and wd). 
Results of model predictions for engine tests carried out using tool steel based cast and sintered seat inserts are 
shown in Fig. 30. As shown in Fig. 31, the contribution due to impact, as predicted by the model, is far greater 
than that of sliding. 

 



Fig. 30  Valve recession predictions using the combined impact-sliding model 

 

Fig. 31  Percentage of total valve recession caused by impact and sliding 
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Introduction 

SPALLING is a type of surface damage where material separates from the surface in the form of flakes or 
chips. The depth and area of material separation from spalling is usually more extensive than pitting damage. 
Spalling occurs under various conditions, and specialized terms are sometimes used to characterize spalling 
damage under specific conditions. For example, in railway engineering, the term “shelling” is used to describe 
an advanced stage of spalling. 
Spalling is a type of wear mode that typically occurs from rolling contact on bearing materials or gear teeth. 
Failure of moving surfaces that are in contact can be due to a number of causes, related primarily to excessive 



wear. Pitting occurs at points of maximum Hertzian contact stress. A failure of this type depends on the number 
of stress cycles and results in small surface fatigue cracks. Small pits are formed, usually 0.5 to 1.0 mm (20 to 
40 mils) in diameter. Large areas of material removal are known as spalling, and this form of surface 
degradation often has its origins as subsurface fatigue damage from cyclic rolling contact. Hence, the spalling 
of gear teeth and bearing materials is also known as fatigue wear or rolling contact fatigue. 
Spalling damage on a surface can also occur from impact events. For example, the spalling of striking/struck 
tools is of considerable interest from the engineering, economic, and safety standpoints. The early 
investigations of spalling by A.H. Burn, by H.O. McIntire and G.K. Manning, and by J.W. Lodge made 
significant contributions to our knowledge of this metallurgical phenomenon. However, many of the results of 
these investigations were not published in the open literature, and an awareness of these works often times 
resulted simply from one's involvement in product liability litigation. 
This article reviews the significant contributions of these earlier investigations. In particular, the field tests 
conducted by A.H. Burn and the laboratory tests of McIntire and Manning and of J.W. Lodge are considered in 
detail. The remainder of this article is concerned with the metallography and fractography of spalling. The 
macrostructure and microstructure of spall cavities are described, along with some aspects of the numerous 
specifications for striking/struck tools. The availability of new, more spall-resistant metals is described, and the 
safety aspects of striking/struck tools in railway applications are reviewed. 
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Development of Testing and Analysis Methods for Spalling of Striking Tools 

As a result of eye accidents that occurred during the use of hammers in the 1950s, A.H. Burn (Ref 1), a 
metallurgist with Imperial Chemical Industries Ltd. (ICI), England, had eighty-nine 0.7 to 0.9 kg (1.5 to 2 lb) 
ball-peen hammers withdrawn from service for examination and tests to determine if the hammers were in 
compliance with BS 876-1949, the British standard then in effect for hand hammers. Burn found that hammers 
with hardness levels within, over, and below specification had spalled, indicating that hammers of any hardness 
could spall. Subsequently, in an attempt to find a more damage-resistant steel for the manufacture of hammers, 
he placed into service hammers made from a variety of steels and followed their performance over a period of 
time. The steels tested included plain carbon and low-alloy steels, and the hardness of each hammer complied 
with the hardness limits required by BS 876 (520 to 640 HV; 50.5 to 57.5 HRC). Although this type of testing 
yields useful information, it suffers from a lack of control, the inability to acquire quantitative data, and a rather 
prolonged test period. Relative to these shortcomings, Burn stated in an ICI report dated April 1959 that 
“Laboratory testing of potentially useful materials rather than a further practical trial is required at this stage. 
Some form of falling weight test is envisaged” (Ref 2). 
In 1958, H.O. McIntire and G.K. Manning of Battelle Memorial Institute coauthored a report entitled “A Study 
of the Spalling of Hand Hammers” (Ref 3); the research was supported by four manufacturers of striking/struck 
tools. Using high-speed photography, these researchers determined that the velocity of a hammer head striking 
16-penny nails being driven into wood by an experienced carpenter was 14 m/s (45 ft/s), and, furthermore, 
when striking a hammer against a steel anvil in a deliberate attempt to cause spalling, velocities up to 33 m/s 
(107 ft/s) were recorded. Therefore, to conduct spalling tests of hammers, McIntire and Manning designed the 
device shown in Fig. 1, which is capable of producing hammer-head velocities in the range of 14 to 33 m/s (45 
to 107 ft/s). In the words of McIntire and Manning, “The hammer handles were held in a rubber-lined clamp 
attached at one end of a rotating shaft. A torque spring was connected through a lever arm at the opposite end of 
the shaft. To wind up the spring and place the hammer in position to begin the blow, a ratiomotor drive rotated 
the shaft. A trigger mechanism released the torque spring when it had been wound to a predetermined angle. 
The trigger could be attached at several positions, allowing the spring to be torqued to angles of from 105 to 
280°. Upon release, the energy stored in the spring rotated the shaft and hammer until the hammer struck the 

anvil. The anvil was 114 mm (4 1
2

 in.) in diameter and 89 mm (3 1
2

 in.) high and was made of tool steel. In the 
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photograph, it is shown tilted at an angle of 25° from the horizontal, so that the edge of the hammer face would 
be struck against the face of the anvil. Prior to making the tests, the anvil height was adjusted so that, when 
horizontal (0°), the hammer face and the surface of the anvil would meet squarely. The energy imparted to the 
hammers, when the spring was wound to different positions and then released, was determined experimentally.” 
Four settings, corresponding to energies of 30, 43, 95, and 190 J (22, 32, 70 and 140 ft · lbf), were used for the 
spalling tests. 

 

Fig. 1  Hammer-testing device used by McIntire and Manning. Source: Ref 3 

Joseph W. Lodge, who, at one time, was the chief research engineer for Youngstown Sheet and Tube Company, 
was actively involved in hammer-related testing in the 1960s and 1970s. He performed spalling tests using two 
significantly different experimental setups (Ref 4). The first fixture used by Lodge is shown in Fig. 2. The test 
specimen was a 25 mm (1 in.) diameter by 76 mm (3 in.) cylinder whose ends were heat treated to a specified 
hardness within the range 38 to 60 HRC using the Jominy end-quench technique. One end of the cylinder rested 
on three anvils heat treated to a hardness of 61 HRC. The anvils were positioned so that they had equal overlaps 
with the end of the test sample, the test areas being separated by a 120° arc along the periphery of the end of the 
specimen. There was a stem on the bottom of each anvil that fitted into a radial, greased slot. This design 
feature allowed the anvil to move in a radial direction as the chip formed. The test fixture was placed in a 
mechanical testing machine, and the test specimen was pressed against the anvils using a crosshead speed of 2.5 
mm/min (0.1 in./min); load versus displacement was recorded as the test proceeded. The disk in the upper part 
of Fig. 2 was guided by the three vertical posts, and the upper end of the test specimen fitted into a blind hole in 
the bottom of the disk. Because the spalling of striking tools normally occurs under impact loading, Lodge also 
performed tests by striking the disk with a sledge hammer. 



 

Fig. 2  First fixture used by Lodge to simulate spalling. Source: Ref 4 

The second test fixture designed and constructed by Lodge is shown in Fig. 3, 4, and 5. A 25 mm (1 in.) 
diameter by 76 mm (3 in.) specimen also was used for these tests. As described by Lodge, “The specimen is 
cradled close to the end of the balanced arm on the near end of the shaft. The arm is rotated counterclockwise at 
constant speeds through a V-belt drive from a constant-speed electric motor. The anvil that the specimen strikes 
protrudes from the left end of the massive steel block, hinged as shown in the photograph. The anvil block is 
cocked by a prop under the right rear corner that allows the specimen, while rotating at constant speed, to just 
clear the top edge of the shaped anvil. The anvil is triggered into striking position while the arm is rotating by 
an electric solenoid that pulls out the prop. The vertical distance that the anvil moves into the path of the 
rotating specimen is controlled by the calibrated screw stop located at the right front corner of the massive 
block. Triggering the device while it is rotating at constant speed is initiated by manually pressing a button, but 
it is timed electronically. A timing disk with a short slot in its periphery is attached to the far end of the rotating 
shaft. A solid-state infrared emitter and detector scans the rim of the disk, and when the slot passes between 
them, the solenoid is actuated, but only when the manual firing button is pressed. In the photograph, the slot can 
be seen at the bottom edge of the disk just leaving the detector as the arm carrying the specimen has just cleared 
the anvil. This allows the time of one complete revolution of the arm for the coil springs to overcome the inertia 
of the massive block and snap into a fixed position before impact. For instance, at 600 rpm, this time interval 
amounts to approximately one-tenth of a second. A box of fine sand is placed in the hatch under the anvil to 
catch chips as they are knocked off of the specimens. The chips are retrieved from the sand with a small 
permanent magnet. 
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Fig. 3  Second fixture used by Lodge to simulate spalling. Courtesy of J.E. McGarry 

 

Fig. 4  Trailing side of the balanced arm of Lodge’s fixture 

 

Fig. 5  Leading edge of Lodge’s specimen and holder 

A small lever arm on the back of the rotating arm is necessary to hold the specimen in place at the startup until 
it reaches a constant testing speed, reached in about two revolutions. At a constant speed, centrifugal force 
holds the specimen in place. Simultaneously, centrifugal force and air pressure rotate the small lever to clear the 
slot and allow the specimen to be knocked out unrestricted on impact. 
The specimen was carried in a slot in the end of the arm, and a narrow contact strip on the top center of the 
specimen ensured consistency in positioning the specimen, because any forward movement would change the 



overlap on contact with the anvil. The slot was oversized and had two line contacts with the specimen to 
minimize friction and make certain that only the momentum of the specimen and none of the arm is involved in 
the test.” A similar, if not identical, device also has been used for studies of spalling at Stanley Tools. 
Velez and Powell (Ref 5) investigated the spalling of 1060 steel using the relatively simple device shown in 
Fig. 6. A cylindrical steel projectile, 9.5 mm (0.375 in.) diameter by 19 mm (0.75 in.) with a hardness of 55 
HRC, was fired at the periphery of a cylindrical target (test specimen) that was machined from 1060 steel heat 
treated to various hardnesses. The overlap of the projectile on the face of the target was 4.7 mm (0.187 in.), that 
is, half the diameter of the projectile. The velocity of the projectile after exiting the steel tube was measured 
with a timer, the separation between the detection points being 152 mm (6 in.). The experiments were 
performed with helium pressures ranging from 345 to 1380 kPa (50 to 200 psi), corresponding to projectile 
kinetic energies of 16.0 and 63.3 J (11.8 and 46.7 ft · lbf), respectively. A cardboard box filled with sand was 
positioned to collect the metal fragment from the target and also the rebounded projectile, both of which leave 
the impact area with appreciable velocities. 

 

Fig. 6  Device used by Velez and Powell to investigate the spalling of 1060 steel. Source: Ref 5 

A hammer-testing machine, called the hammer impact tester (HIT), of more recent vintage has been designed 
for Woodings-Verona Tool Works by Korvick Drafting & Design Services of Pittsburgh, PA (see Fig. 7). 
Woodings-Verona originally used this machine to automate the hammer-testing procedure specified in 
ANSI/HTI B173.3, the specification for heavy striking tools. Another of these testing machines was used by 
Conrail for its testing program, the objectives of which were to compare the relative resistance to 
striking/struck-face deformation and spalling of various railroad percussion tools. The ultimate goal of the 
program at Conrail was to reduce maintenance-of-way employee injuries. The HIT is a simple electropneumatic 
machine that is able to repeatedly strike an anvil with a hammer or spike maul. The end of the striking-tool 
handle is fitted and secured into a specially designed grip assembly. When air pressure in the cylinder is 
released, the tool is pivoted upward in the grip assembly until an electrical trigger switch is engaged. Air 
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pressure then is put into the cylinder as the driving force for the test, and the striking tool is pivoted downward 
onto the anvil, which is held rigidly in a fixture. A digital counter records how many blows have been struck. 
Primary machine settings include the height of the trigger switch and the air pressure supplied to the cylinder. A 
higher trigger-switch setting means that the tool is raised higher, has more potential energy, and, consequently, 
impacts the anvil with greater force. Increasing the air pressure in the cylinder also increases the striking force. 
The machine can accommodate a range of hammer handle lengths and any type of struck tool, that is, the anvil. 

 

Fig. 7  Front (a) and side (b) views of the hammer impact tester 

At Conrail, the most challenging and time-consuming aspect of the setup of the HIT machine was the impact 
calibration, because it was necessary to ensure that the blow delivered to the anvil was similar to that delivered 
by a man. If the impacts were not similar, then there would be some question concerning the relevance of the 
results of the tests to the in-the-field use of the tools. To calibrate the HIT, the struck end of a drift pin was 
instrumented with strain gages. Various trackmen and laboratory employees struck the drift pin with a sledge 
hammer, and the output waveform (voltage versus time) was recorded with a data acquisition system (Somat 
2100). The HIT then was used to strike the drift pin, using various pressures and trigger-switch settings, and 
then the waveforms were compared. The waveforms were quite different. The HIT waveform appeared to be 
more like a “spike,” with a very fast rising/falling voltage peak. The typical curve for a man striking the drift 
pin displayed a lower peak voltage over a longer period of time. After installing a new, reinforced concrete 
floor and industrial rubber mounts under the HIT to dampen the impact, the waveforms for the man and the 
machine were similar. A reduced air pressure setting was also used to keep the impact force at a lower, more 
realistic value. The research and test department of Norfolk Southern Railroad now has possession of the HIT 
machine. 
The testing devices described previously were designed to simulate the spalling of striking/struck tools around 
the periphery of the striking/struck surface, the usual failure mode for tools of these kind. Lodge's two testing 
devices produced an aligned edge-to-edge impact, such as that shown schematically in Fig. 8 where the surfaces 
of the striking/struck objects are parallel to one another. In the case of Velez and Powell's research, the overlap 
was greater than indicated in Fig. 8 for the aligned edge-to-edge impact. Each of the three types of impacts 
shown in Fig. 8 could have been investigated with the testing device designed by McIntire and Manning, but 



they limited their studies to edge-to-surface and aligned edge-to-edge impacts. The edge-to-surface impact 
corresponds to that situation in which one of the tools is impacted on the periphery of the working face and the 
other is impacted at a site more centrally located on the working face. Thus far, in the tests conducted at Conrail 
with the HIT apparatus, the HIT has been set up to produce a glancing impact, such as that shown in Fig. 9. 
Without definitive supporting evidence, the authors opine that spalling occurs most frequently as a result of 
edge-to-surface impacts, simply because this type of impact would seem to have a greater probability of 
occurrence than the edge-to-edge impacts. However, certain situations, such as a spike maul driving spikes into 
wooden railroad ties, can lead to edge-to-edge contact more frequently than situations involving other tool 
combinations. The user of a striking tool attempts assumedly to impact the striking/struck surfaces at their 
centers, and, therefore, edge-to-surface impacts should be more probable than the other types of impacts. 
Consequently, on the basis of this line of reasoning, spalling tests should be performed preferably with 
equipment that, at a minimum, permits edge-to-surface impacts over a range of angles between the striking and 
struck surfaces. 

 

Fig. 8  Striking/struck tool impact geometries 

 

Fig. 9  Glancing impact used for the HIT tests at Conrail 
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Conclusions Drawn by Spalling Studies 

The hammers used for Burn's field tests were made from a variety of steels: plain carbon steels having a carbon 
content in the range of 0.45 to 0.65 wt%, a 1% Cr-Mo steel having the composition 0.43C-0.17Ni-0.98Cr-
0.27Mo, and a more highly alloyed steel having the composition 0.65C-1Si-3Ni. Again, each of the hammers 
had a hardness in the range of 50.5 to 57.5 HRC, as required by BS 876. The tests also included Stanley “rim-
tempered” hammers. The 1% Cr-Mo steel was selected for the field tests, because, at a given hardness, it 
possessed greater ductility than the standard 0.55% C steel (BS 876). On completion of the field tests, Burn 
concluded that “The results indicate that there is no significant difference between the hammers either in 
chipping or in rate of wear. The inference has been drawn that to improve chipping resistance, a radical and 
probably expensive change of material is required” (Ref 6). Subsequently, as a result of spalling tests conducted 
with a variety of steels (1045, 1060, 1072, 1075, 1080, 1552, 9260, and 4340), J.W. Lodge reached the same 
conclusion. In a letter dated June 5, 1982, to Mr. Robert Burke, president of Warwood Tool, he stated, “My 
tests didn't show any superiority for silicon or other alloy steels,” echoing the same conclusion he had voiced at 
a meeting of the Hand Tools Institute in 1973 (Ref 4). The question as to why the spalling resistance of this 
wide range of steels is essentially the same is considered later on in the discussion. Statistically, Burn found that 
chipping occurred once every 200 hammer weeks. Another interesting observation made by Burn was that the 
strain hardening of the striking face that occurs during the use of a hammer increased the hardness 1.5 to 2.5 
points HRC (Ref 2). A fact not mentioned earlier about Burn's field tests was that the entire hammer head of 
each hammer was austenitized, quenched, and tempered. This was contrary to the normal practice at that time 
and one that is still used today of austenitizing only the striking end of the hammer in a lead or salt bath and 
essentially end quenching the striking face. However, the entire head of sledge hammers and spike mauls 
currently manufactured according to American Railway Engineering and Maintenance-of-Way Association 
(AREMA) specifications is austenitized, quenched, and tempered. The subject of whole-head versus partial-
head heat treatment is discussed further in a later section of this article. 
Effects of Tool Geometry. Failing to find a ferritic plain carbon or low-alloy steel with superior resistance to 
chipping, Burn briefly considered the matter of tool geometry. He concluded, in part, that “Chipping of 
hammers is not a rare phenomenon. What is unusual is consequential damage. This may be only a matter of 
geometry” (Ref 6). The consequential damage to which he refers is undoubtedly eye and other bodily injuries. 
The implication of Burn's statement is that some control over the incidence of these injuries could be effected 
by modification of the tool geometry. Precisely what Burn had in mind is unknown, but he undoubtedly had 
reference at least to the chamfered or radiused edge around the periphery of the striking surface. 
The research carried out by McIntire and Manning yielded information about this particular aspect of tool 
geometry. McIntire and Manning used commercial, off-the-shelf nail, ball-peen, and tinner's-setting hammers 
for their spalling tests. The nail and ball-peen hammers had a chamfer, whereas the tinner's-setting hammers did 



not. The dimensions used by McIntire and Manning to specify the chamfer are shown schematically in Fig. 10. 

The chamfers on the nail and ball-peen hammers ranged in width from 1.6 to 3.2 mm (  to in.) and the 

chamfer angle from 30 to 54°, the ball-peen hammers consistently having the widest chamfer (3.2 mm, or in.). 
The ball-peen hammers were more resistant to spalling when subjected to edge-to-surface impacts (Fig. 8) than 
the nail hammers, a result McIntire and Manning attributed to the wider chamfer and also to a more slender 
handle possibly making the tool more shock resistant. The tinner's-setting hammers were the least resistant to 
spalling, lacking any chamfer at all. 
 

 

Fig. 10  Chamfer dimensions specified by McIntire and Manning 

The research by Lodge also provided information about the effects of tool geometry. The geometry of the 
chamfered and radiused edges used by Lodge for his edge-to-edge tests with the device shown in Fig. 2 is 

shown schematically in Fig. 11. He used two chamfer sizes, 1.6 and 3.2 mm ( 1
16

 and 1
8

in.), and edge radii of 

1.6 and 3.2 mm ( 1
16

 and 1
8

in.). A tool-post grinder was used to machine the chamfered or radiused edge on his 

specimens. On the basis of his test results, Lodge concluded that “Either chamfered or radiused edges are 
beneficial in that they prevent firm bites with overlaps equal to or less than their widths. The shape of the edge 
has a pronounced effect on the size and shape of the chip. Under the conditions of these tests, the radiused edge 

is at least equal to the chamfered edge for small overlaps and superior for a 4.8 mm ( 3
16

 in.) overlap” (Ref 7). 

As suggested by Fig. 12, to obtain a firm bite of one surface on another, the overlap must increase when the 
edges of the impacting surfaces are chamfered or radiused. Therefore, the area of the sheared surface over 
which fracture propagates when spalling occurs is thereby also increased, causing an increase in the striking 
force required to produce spalling. 
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Fig. 11  Geometry of the chamfered and radiused edges used by Lodge 

 

Fig. 12  Position of the sheared surface as determined by the extent of overlap 

Thus, the research of McIntire and Manning and of Lodge established firmly the fact that chamfered or radiused 
edges of striking/struck surfaces increase the resistance to spalling for both edge-to-surface and edge-to-edge 
impacts. However, over a period of time, the shape of a chamfered or radiused edge of a striking/struck tool 
may be altered as a result of heavy use. The striking/struck surface contiguous to the chamfered/radiused edge 
may be plastically deformed. The surface layer of the tool is displaced radially outward, thereby reducing the 
effectiveness of the chamfered/radiused edge. The ultimate effect of such plastic deformation can be 



mushrooming around the periphery of the tool face. The presence of mushrooming around the periphery of the 
striking/struck face should serve as a warning to the user of the tool that spalling is imminent. 
Effects of Impact Angle. For the case of edge-to-surface impacts (Fig. 8), McIntire and Manning determined 
that spalling can occur only over a limited angular range between the striking and struck surfaces. For example, 
nail hammers did not spall if the angular separation between the hammer/struck surfaces was less than 20° but 
would usually spall when the angle was 25°. Spalling was less likely to occur at an angular separation of 35°. 
Thus, the optimal conditions for spalling occur in a narrow angular range centered about an angle of 25°. 
Tinner's-setting hammers, on the other hand, spalled readily at an angular separation of only 7.5°, obviously 
because of the 90° corner around the periphery of the striking surface. None of the hammers could be made to 
spall with flush blows, that is, an angular separation of 0°. 
The locations from which spalls are propelled from the periphery of the face of a striking tool are referred to 
with a clock-face designation, as illustrated in Fig. 13 for nail, ball-peen, and tinner's-setting hammers. In the 
case of edge-to-surface impacts, spalls are not propelled at random angles from the periphery of the striking 
face, but rather the flight paths are confined to a limited angular range. The flight paths of spalls from nail, ball-
peen, and tinner's-setting hammers as determined by McIntire and Manning are shown in Fig. 14 (Ref 3). 
Similar results were obtained from spalling tests performed at Stanley Tool using the Lodge-type testing device 
(Fig. 3). According to J. Olson (Ref 8), the flight paths of chips resulting from an edge-to-surface impact are 
confined within a circular cone having an apex angle of 20°. It is doubtful that the flight paths of spalls 
resulting from edge-to-edge impacts are limited to the same angular range as edge-to-surface impacts, because 
the geometry of an edge-to-edge impact is subject to more variation than that of an edge-to-surface impact. 
 

 

Fig. 13  Clock-face designation of the peripheral sites on the striking face 
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Fig. 14  Spatial distribution of the spall flight paths 

The limited angular range of spall flight paths resulting from edge-to-surface impacts has a direct relationship 
to personal injuries that occur as a result of the spalling of striking/struck tools. For example, if the line of sight 
of the user of a hammer makes an acute angle with the normal to the struck surface, and a spall hits the user in 
the upper body, the spall usually originates from a site between the 5 and 7 o'clock locations on the striking face 
of the hammer. A spall that strikes the lower body under these conditions invariably originates from the struck 
tool. However, a spall from the struck tool can hit the upper body if the line of sight is roughly parallel to the 
struck surface. An actual example of such an occurrence involved a man who was lying on his back and looking 
upward at the end of a jammed, horizontal pin that he was striking with a hammer. A spall from the periphery 
of the end of the pin penetrated the man's eye, causing loss of eyesight. Spalls that originate from the vicinity of 
the 3 and 9 o'clock locations put bystanders in jeopardy; accidents of this kind are a matter of record. McIntire 
and Manning observed that it is more difficult to produce spalling at the 12 o'clock location than at the 6 o'clock 
location. This observation is supported by the distribution of damage on the striking face of hammers returned 
from the field; the incidence of spalling at the 12 o'clock location is relatively rare. As noted previously, the 
spalls that can cause eye injuries to the user of a hammer originate from a site within the 5 to 7 o'clock 



locations, and, as also noted earlier, a chamfered/radiused edge increases the resistance to spalling. Therefore, 
accidents of this kind could be reduced significantly by increasing the size of the chamfer/radius along the 
periphery of the striking face from the 5 to the 7 o'clock locations. Lodge essentially made this suggestion when 
he stated, “Well, maybe you can increase the radius near the handle…” during a speech to the Hand Tools 
Institute Hammer Subcommittee in 1973 (Ref 9). Such a localized change to the geometry of the striking face 
was never incorporated into the manufacturing process for hammers. However, since about 1987, tool 
manufacturers have increased the size of the chamfer/radius on both striking and struck tools. The result is that 
the shape of the striking/struck end of some tools resembles a truncated cone, but with a convex contour to the 
striking/struck face. The AREMA has established detailed specifications for the contour of the faces of its 
striking/struck percussion tools. The AREMA specification for the contour of striking faces is given in Fig. 15 
(Ref 10). 

 

Fig. 15  The AREMA specification for the contour of the striking face. D, stock diameter or, with 
hexagons and octagons, the distance across the flats; R, crown radius; r, corner radius; R′, crown radius 
minus corner radius. (1) Draw tool head centerline (C/L). (2) Draw line AC, representing the side of the 
tool head. Except in tapered tools, this line is parallel to C/L at a distance of D/2. (3) Draw arc AA ′ with a 
radius of R. (4) Draw line EE′ parallel to line AC at a distance (r) equal to the corner radius to be used. 
(5) Draw arc BB′ parallel to arc AA′ at a distance equal to the corner radius. The radius of this arc (R′) 
is equal to the crown radius minus the corner radius. (6) Draw arc SP with a radius r from point O, the 
intersection of line EE′ and arc BB′. The resultant arc is tangent to arc AA′ and line AC at points S and 
P, respectively. 

Metallurgical Factors. As described earlier, the field tests of A.H. Burn and the laboratory tests of J.W. Lodge 
demonstrated that the spalling resistance of a wide range of plain carbon and low-alloy steels is essentially the 
same. The metallurgical basis for this result, plus other metallurgical factors associated with spalling, is now 
considered. The tensile properties of low-alloy steels quenched and tempered to a range of hardness values 
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were investigated by W.G. Patton (Ref 11) and by E.J. Janitzky and M. Baeyertz (Ref 12). The experimental 
results of Patton are shown in Fig. 16 and those of Janitzky and Baeyertz in Fig. 17. Patton's data were obtained 
using low-alloy steels with 0.30 to 0.50 wt% C and those of Janitzky and Baeyertz using low-alloy steels with 
0.30 to 0.45 wt% C. Figure 18 contains additional data of this kind for Ni-Cr-Mo steels (Ref 13) and also for an 
unspecified plain carbon steel. The yield/tensile strengths of the latter steel fall within the property bands for the 
Ni-Cr-Mo low-alloy steels, but the elongation is lower than that of low-alloy steels. As a final example of the 
marked similarity of the tensile properties of plain carbon and low-alloy steels quenched and tempered to the 
same hardness, the relationship between the tensile strength and hardness for quenched and tempered and also 
as-rolled, annealed, or normalized carbon and alloy constructional steels is shown in Fig. 19 (Ref 14). 
 

 

Fig. 16  Mechanical properties of quenched and tempered low-alloy steel (0.30–0.50 wt% C) as 
determined by Patton. Source: Ref 11  



 

Fig. 17  Mechanical properties of quenched and tempered low-alloy steel (0.30–0.45 wt% C) as 
determined by Janitsky and Baeyertz. Source: Ref 12  

 

Fig. 18  Mechanical properties of quenched and tempered plain carbon and Ni-Cr-Mo steels. Source: Ref 
13  
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Fig. 19  Strength-hardness correlation for carbon and low-alloy steels. Source: Ref 14 

Clearly, the marked similarity of the tensile properties of quenched-and-tempered, plain carbon and low-alloy 
steels explains why Burn and Lodge did not find any significant difference in the spalling resistance of the wide 
variety of constructional steels tested in their research. That the spalling resistance of striking/struck tools bears 
a strong relationship to the tensile properties is suggested by the radial section through an edge-to-edge impact, 
as shown in Fig. 20 (Ref 5). By analogy with the compression of a plate between hard platens (Ref 15), a 
wedge-shaped region of large strains in the target should be produced by the impact of the projectile. This 
description of the plastic deformation associated with the spalling process is oversimplified, as is evident from 
subsequent discussion of actual spall cavities. As a further simplification, the stress system that produces 
spalling (at hardnesses below approximately 60 HRC) can be visualized as consisting essentially of a shear 
stress with a compressive stress acting on the sheared region. J.W. Lodge conducted some spalling tests at -73 
°C (-100 °F) and found that spalling still occurred in a ductile manner, that is, by shear. He attributed this result 
to the nature of the stress system associated with edge-to-edge impacts. As a result of the impact loading 
associated with spalling, the shear strain rate is usually very high, resulting in localized adiabatic heating and 
concomitant microstructural changes that are the subject of subsequent further discussion. 



 

Fig. 20  Band of concentrated shear produced by an edge-to-edge impact 

Additional metallurgical factors associated with spalling are described as follows. 
For a given overlap and a given impact energy, the resistance to spalling is greater at higher hardness levels. 
McIntire and Hall (Ref 16) found that 5 kg (12 lb) sledge hammers fabricated from AIS 9260 steel and 
quenched and tempered to a hardness in the range of 55 to 59 HRC are less likely to spall than are softer 
hammers when struck against an anvil with a hardness of 51 to 52 HRC. The experimental conditions that 
yielded this result were single, edge-to-edge impacts with an overlap of 2.5 mm (0.1 in.) and an impact energy 
in the range of 339 to 407 J (250 to 300 ft · lbf). Supporting this result is the observation by McIntire and 
Manning (Ref 3) that extra-hard hammers, that is, hammers with a hardness in the range of 63 to 66 HRC, are 
more difficult to spall than softer hammers, but the extra-hard hammers could be spalled in relatively few 
blows. Relative to this matter of hardness, Lodge (Ref 4) noted that “The harder specimens show little evidence 
of damage as testing variables approach those necessary for chipping. Therefore, the harder specimens are both 
less likely to chip or to establish potentially dangerous conditions short of chipping.” In the higher-hardness 
condition, the flow stress is high and the force generated by the impact must produce a stress on the potential 
shear surface that exceeds the flow stress, if plastic deformation is to occur. Once the flow stress is exceeded, 
localized flow is likely to continue, because the strain-hardening coefficient, n, at high hardness is low, 
approximately 0.1. In the case of lower hardness levels, the strain-hardening coefficient is greater, and, 
consequently, the plastic flow produced by an impact is distributed over a larger volume of the microstructure, 
delaying the onset of localized deformation and, in all likelihood, requiring more impacts to produce spalling. 
The tendency of a hammer to spall is decreased as the hardness of the object being struck is reduced. In fact, 
McIntire and Manning determined that hammers struck against an anvil with a hardness of 24.5 HRC did not 
spall, even with heavy blows of 190 J (140 ft · lbf); the heads came off and the handles broke. Clearly, a softer 
object (tool, anvil, etc.) being struck by a harder hammer deforms plastically and, therefore, the contact area 
between the two increases, which thereby has the effect of decreasing the stress in the impacted region of the 
hammer. 
If the hardness of a striking tool exceeds 60 HRC by 3 to 5 points, then fracture occurs by a brittle mode rather 
than shear. 
The concept has often been expressed that the ideal microstructure for a hammer consists of a hard surface layer 
(2.5 to 3.8 mm, or 0.1 to 0.15 in. thick) supported by an underlying softer, tough core; this same concept is also 
applied to power-transmission gears. However, as pointed out by Lodge, spalling occurs in the hardened 
periphery of the striking face, with the core not playing any role in the process. Consequently, the use of high-
hardenability steels for hammers should not pose any problems, and, in fact, as noted earlier, the tests of Burn 
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and of Lodge demonstrated that the resistance to spalling of hammers made from low-alloy steels and from 
plain carbon steels is essentially the same. 
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Metallography and Fractography of Spalling 



As is well known, light-etching bands of untempered martensite are very often produced by the rapid, 
concentrated shear strain associated with spalling. The adiabatic heating within the shear band, so-called 
adiabatic shear bands, raises the temperature locally to a level sufficient to austenitize the band, which 
subsequently transforms to martensite as a result of the quenching action of the colder surroundings. The 
microstructural evolution of shear bands in annealed (95 HRB) 1060 steel is shown in Fig. 21 (Ref 5). 
Adiabatic shear bands in the same steel but with a hardness of 45 HRC are shown in Fig. 22. The 
metallographic samples were nickel plated for good edge retention. Targets (see Fig. 6) of these hardnesses 
were selected because multiple impacts were required to produce spalling. A given target was struck in one 
location once, a second location twice, and so on until spalling occurred; the projectile in each case had an 
impact energy of 49 J (36 ft · lbf). Each of the impacted areas was sectioned centrally along a radial plane. 
Annealed targets also were used, because the pattern of deformation in the ferrite-plus-pearlite microstructure is 
more evident than it is in a quenched-and-tempered microstructure. The micrographs displayed in Fig. 21 and 
22 were taken in the immediate vicinity of the reentrant corner formed by the edge of the projectile where it 
impacts the target (Fig. 20). 
 

 

Fig. 21  Evolution of adiabatic shear bands in annealed (95 HRB) 1060 steel with increasing work input. 
(a) After 2 impacts. (b) After 4 impacts. (c) After 5 impacts. All 660× 
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Fig. 22  Transformation shear bands in quenched and tempered (45 HRC) 1060 steel. (a) 330×. (b) 660× 

The microstructure of the annealed 1060 after two, four, and five impacts is shown at a magnification of 660× 
in micrographs (a), (b), and (c), respectively, of Fig. 21. The pattern of plastic flow is relatively diffuse but 
distinguishable after two impacts and well defined after four impacts. A light-etching band with a convoluted 
geometry formed during the fifth impact. The microhardness impressions in the upper left corner of micrograph 
(c) clearly demonstrate the high hardness of the light-etching band relative to that of the surrounding matrix. 
In contrast to the response of the annealed microstructure, the deformation pattern in the quenched-and-
tempered microstructure is not as diffuse, and light-etching bands had formed during the second impact (Fig. 
22(a)), 330×. However, because the light-etching bands appear to be oriented at random and some of the bands 
are cracked, the first impact may have produced a number of the light-etching bands. Seven impacts were 
required to spall the target, and the band of untempered martensite through which final fracture occurred is 
shown in Fig. 22(b) at 660×. Because cracks were present in the shear bands after two impacts at one site on 
this particular target, it is somewhat surprising that seven impacts were required to produce spalling at another 
site, suggesting, perhaps, that the geometric disposition of the projectile relative to the target immediately 
before impact is subject to significant variability. The prespalled configuration of an impacted area is shown in 
Fig. 23 (330×). Note the light-etching band of concentrated shear and also the separation that has occurred at 
the impacted end of the band. 

 

Fig. 23  Shear displacement of a spall prior to complete separation along the shear band. 330× 

A spall cavity and the sheared surface of the spall that was ejected from the cavity are shown in Fig. 24 at a 
magnification of 12×. The macroscopic topographical features of the sheared surface tend to run parallel to the 



shear direction. Figure 25 contains higher-magnification scanning electron microscopy (SEM) micrographs of 
the sheared surface shown in Fig. 24. Two distinct areas can be discerned in the 1000× micrograph in Fig. 
25(a): the sheared, striated area, and an area characterized by an irregular topography, which is shown at higher 
magnification (11,000×) in Fig. 25(b). The area of irregular topography resembles the knobbly structure 
observed by Stock and Thompson (Ref 17) on the fracture surface of aluminum alloys subjected to ballistic 
impact. This may be evidence of melting, as suggested by these researchers, or possibly, and perhaps in this 
case, surface oxidation. 
 

 

Fig. 24  Sheared surface of a spall cavity (a) and the spall (b). Both 12× 
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Fig. 25  A SEM micrograph of the sheared surface shown in Fig. 24. (a) 1000×. (b) 11,000× 

The geometry of spall cavities is subject to considerable variation. The cavity shown in Fig. 26 has what might 
be described as a “simple” appearance. The actual geometry of this cavity is not apparent from an examination 
of the photograph. The portion of the cavity surface labeled “A” is roughly perpendicular to the striking surface 
of the hammer, whereas the portion labeled “B” approaches being parallel to the striking surface. Thus, the 
geometry of the surface of this cavity is significantly different than that suggested by Fig. 20. Three cavities 
that have a similar appearance and are distinctly different from the simple cavity in Fig. 26 are shown in Fig. 
27, 28, and 29. The three cavities have in common a sheared or deformed area around the rim of the cavity on 
the striking surface, and two of the cavities have pieces of the striking surface still attached to the rim. Each of 
these cavities is now discussed in greater detail. 



 

Fig. 26  “Simple” spall cavity, 18×. A, cavity surface roughly perpendicular to the striking surface of the 
hammer; B, cavity surface almost parallel to the striking surface 
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Fig. 27  Spall cavity in a small ball-peen hammer, 49 HRC. (a) 10×. (b) 28×. (c) 28×. (d) 224× 



 

Fig. 28  Spall cavity formed by the action of several shear bands. (a) 7×. (b) 29.5×. (c) 11×. (d) 11× 
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Fig. 29  Spall cavity whose formation involved indentation of the striking face. (a) 5×. (b) 13.5× 

The spall cavity shown in Fig. 27 was produced in a small ball-peen hammer, with the diameter of the striking 
face being 25.4 mm (1 in.) and the hardness of the striking face being 49 HRC. The rim of the cavity, Fig. 
27(a), has a sheared appearance and the piece of the striking surface still attached to the rim of the cavity; Fig. 
27(b) is darkened by a thin oxide film on its surface. The latter effect was caused by the heat generated by the 
plastic deformation associated with the spalling process, the minimum temperature being at least in the 430 to 
540 °C (800 to 1000 °F) range. It is not uncommon to observe small, oxidized areas in a spall cavity. The cavity 
was sectioned along the two lines in Fig. 27(a), with the plane of section cut through the end of the oxidized 
appendage. The polished and etched section through the cavity is shown in Fig. 27(c). An adiabatic shear band 
(ASB), the light-etching layer of untempered martensite, covers the entire surface of the cavity. The section of 
the ASB labeled “A” formed along the surface of the rim of the cavity (“A” in Fig. 27[a]) and the section of the 
ASB labeled “B” covers the major portion of the cavity surface. The profile of the ASB suggests that two 
separate shears were involved in the spalling process. Additional information on this particular matter could 
have been obtained if the spall had been available for examination. Note that the tip of the oxidized appendage, 
Fig. 27(d), was not attacked by the etchant, indicating that its microstructure also is untempered martensite. 
The cavities in Fig. 27 and 28 have in common a sheared rim. Observe in Fig. 28(b) that the gouges or grinding 
marks in the striking surface terminate at the edge of the sheared rim. Two pieces of the striking surface remain 
attached to the edge of the sheared rim. One end of the larger of the two pieces, Fig. 28(d), was broken off and 
positioned so that its underside could be examined microscopically. The underside of the end piece is enclosed 
by the ellipse in Fig. 28(c), and it is apparent that the underside was produced by shear. The formation of this 



cavity and the spall undoubtedly required the propagation of several shear bands through the affected region of 
the hammer head. It is quite possible that the spall may have contained an internal shear band, but the spall was 
not available for examination. 
The spall cavity in Fig. 29(a) also has a deformed rim, but it formed in a different manner than the shear rims in 
Fig. 27 and 28. Note that the gouges or grinding marks on the striking surface are also visible on the rim; that 
is, the marks do not terminate at the edge of the rim (see, for example, the mark indicated by the arrow). Thus, 
the rim appears to be simply an indentation in the striking surface. As can be seen in Fig. 29(b), the rim 
overhangs the cavity. Consequently, this cavity may have formed by the initial ejection of the spall and 
subsequent plastic deformation of the striking surface contiguous to the edge of the cavity. Speculation 
regarding such details of spalling could be limited considerably if cavities could be sectioned for 
metallographic examination, and likewise with the spalls. Oftentimes, however, striking/struck tools are the 
subject of litigation, and destructive testing is usually not permitted. Returning for a moment to the simple 
cavity in Fig. 26, the absence of a sheared or deformed rim is now very apparent, and its absence suggests that 
the area of impact was confined within the projected area of the spall onto the striking surface. Here again, the 
availability of the spall for microscopic examination would provide valuable information about this particular 
matter. 
The formation of large spalls is invariably associated with a defective material. Figures 30 and 31 are good 
examples of one type of defect, quench cracks. In Fig. 30, the area “PC” is a prior crack, in all probability a 
quench crack, whose surface has not been discolored by oxidation, because the crack did not intersect any of 
the hammer-head surfaces; that is, it is a totally internal crack. The original boundary of area “PC,” as can be 
seen in Fig. 30(b), resembles a parabola. However, the quench crack does extend under the sheared surface, 
“S,” in Fig. 30(b) and under the fracture surface at the left end of the cavity; the separation between the mating 
surfaces of the quench crack is indicated by the arrows in Fig. 30(b) and (c). Propagation of the original quench 
crack apparently occurred during use of the tool, because the fracture surface beyond the parabolic boundary of 
the quench crack does not display much, if any, evidence of shear deformation. Final separation of the spall 
certainly involved shear over the “S” areas in micrographs (b), (c), and (d). The left end of the cavity, 
micrograph (c), however, probably was cracked prior to the spalling event, because the fracture surface does 
not display any evidence of shear. Another example of a quench crack causing a large spall to be ejected from a 
hammer is shown in Fig. 31. In this case, it is obvious that the defect is a quench crack, because the surface of 
the crack oxidized during tempering. The contrast between the old and new areas of the fracture surface greatly 
simplifies the analysis of this kind of failure. Another, but less common, material defect responsible for the 
formation of large spalls is temper embrittlement. One of the authors (Gordon W. Powell) has had the 
opportunity to examine three ripping hammers that failed in much the same manner; that is, the chip geometries 
were essentially the same. These hammers were purchased in a single, boxed lot. The embrittled grain 
boundaries were revealed metallographically using Rucker's etchant. 
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Fig. 30  Spall caused by quench crack. (a) View showing location of spall. (b) 7×. (c) 5×. (d) 28× 

 

Fig. 31  Another example of spalling caused by a quench crack. (a) 7×. (b) 28× 
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Comments on Specifications for Striking/Struck Tools 

Table 1 is a summary of the hardness-related details of six striking/struck tool specifications. The maximum 
hardness permitted for the striking face by two of the specifications is 60 HRC. Brittle, cleavage fracture tends 
to occur at slightly higher hardness levels, and, therefore, a hardness of 60 HRC is very close, perhaps too 
close, to exceeding the safety limit for a striking tool. In principle, the boundary between a safe and an unsafe 
upper hardness limit is not discrete but more transitional in character. The lower limit of the hardness of the 
striking face is usually about 50 HRC, but, in the case where the tool can be used to strike another steel tool, 
such as a wedge, the lower limit is reduced to about 45 HRC. At this hardness, that is, 45 HRC, the strain-
hardening exponent is greater, the deformation more wide spread, and thus the tool tends to mushroom, thereby 
providing the user of the tool with a warning that spalling may be imminent. 

Table 1   Striking/struck tool specifications 

Specification Type of tool Composition of steel (a)  Hardness, HRC Striking test 
AREMA Percussion 

track tools 
9260A: 0.56–64C-1.8–2.0Si-
0.75–1.0Mn 
 
9260B: 0.51–0.60C-1.8–2.2Si-
0.75–1.0Mn-0.35–50Mo-
0.45Si max 

Striking face: 
51–55 
 
Struck face: 44–
48 
 
Cutting edge: 
56–60 
 
Point end: 52–56 

None 

ANSI B173.3-
1991 

Heavy striking 
tools 

0.45–0.88C-0.3–1.2Mn-0.35 
Si max 
 
(ASTM A576, A322, A681) 

Striking face: 
45–60 
 
Wood chopper's 
maul: 44–55 
 
Peen: 45–60 

Block hardness: 92–
105 HRB 

BS 876-1981 Hammers 0.5–0.6C-0.5–0.9Mn-0.1–
0.4Si 
 
0.2–0.3Cr for head mass > 1.8 
kg (4 lb) 

Striking face: 
50–58 
 
3 mm below 
striking face: 46 

Normalized steel block 
 
Same steel as hammer 
 
Six blows to periphery 
of face 

GGG-H-86C-
1963 

Hammers 0.46–0.85C-0.2–0.9Mn-0.1–
3Si 

Double-face 
hammer: 44–55 
 
Carpenter's 
hammer: 50–60 
 
Ball-peen 

<60 cm (25 in.) handle: 
92–105 HRB 
 
>60 cm (25 in.) handle: 
40–45 HRC 
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hammer: 50–57 
ANSI B209.3-
1990 

Wood 
splitting 
wedges 

Carbon steel 
 
(ASTM A29, A576, A681) 

35 max Drop-weight test, 4.5 
kg (10 lb) from 1.5 m 
(5 ft) 

ANSI B209.1-
1991 

Chisels Carbon or alloy steel 
 
(ASTM A29, A322, A331, 
A576, A681) 

Struck face: 45 
max 
 
Cutting edge: 
53–60 

Drop-weight test 

Note: All railroad striking/struck tools are currently manufactured from the grade B steel. Nonpercussion tools, 
such as claw bars, rail tongs, rail forks, etc., are manufactured using plain carbon steel. 
(a) A29/A29M: Standard Specification for Steel Bars, Carbon and Alloy, Hot-Wrought and Cold-Finished; 
A322: Standard Specification for Steel Bars, Alloy, Standard Grades; A331: Standard Specification for Steel 
Bars, Alloy, Cold-Finished; A576: Standard Specification for Steel Bars, Carbon, Hot-Wrought, Special 
Quality; A681: Standard Specification for Tool Steels, Alloy 
According to Table 1, the maximum allowable hardness of a struck tool is lower than that of a striking tool. 
Therefore, the struck tool is capable of undergoing more macroscopic plastic deformation, and this deformation 
increases the contact area between the struck and the striking tools during impact. The increased area of contact 
distributes the stresses in the striking tool over a greater volume, thereby reducing the probability of spalling. 
The struck tool is more susceptible to mushrooming, but, as suggested previously, the mushrooming provides a 
measure of safety in that it is a warning of imminent spalling. It is appropriate at this point to consider an aspect 
of the striking test cited in Table 1. Two of the specifications, ANSI B173.3-1991 and GGG-H-86C-1963, 
require that a striking tool be struck against a steel block having a hardness of 92 to 105 HRB, whereas BS 876-
1981 states that a normalized steel block be used for the striking test. These hardness levels are quite low. 
Consequently, the steel blocks should undergo significant plastic deformation when impacted by the striking 
tool, and, according to the line of reasoning expressed earlier, the probability of the striking tool spalling is 
reduced significantly. Recall that McIntire and Manning were unable to spall hammers with an impact energy 
of 190 J (140 ft · lbf) struck against an anvil having a hardness of 24 HRC. Thus, even though ANSI B173.3 
calls for “100 full swinging blows by a man of average build,” the striking tests using relatively soft anvils 
favor the striking tool. On the other hand, however, Federal Specification GGG-H-86C requires the use of an 
anvil with a hardness of 40 to 45 HRC if the length of the handle of the hammer is greater than 635 mm (25 
in.). Clearly, this test represents a more severe test of the striking tool. However, each of the tools previously 
covered by this specification, that is, GGG-H-86C, is now the subject of a Commercial Item Description (CID); 
for example, the double-face hammer is covered by CID A-A-1293B. The CIDs require that the tools conform 
to an ANSI specification, B173.3, in the case of double-face hammers, and that the tools be subjected to 
magnetic-particle or ultrasonic testing. The striking test using an anvil with a hardness of 40 to 45 HRC has 
been replaced by the ANSI specifications that call for the use of a much softer anvil, 92 to 105 HRB. 
An important aspect of the striking test that must be considered is the relative orientation of the striking and 
struck tools immediately prior to impact. The description of the striking test in ANSI B173.3-1991 does not 
indicate how the blows are to be delivered to the steel block. However, under the heading “Safety Requirements 
and Limitations of Use,” this specification states that “A blow of a heavy striking tool should always be struck 
squarely with the striking face parallel with the surface being struck. Glancing blows and overstrikes and 
understrikes should be avoided.” If the striking test is conducted in this manner, then it is highly unlikely that 
the striking tool will be damaged, unless the tool contains a quench crack or it has been temper embrittled. 
McIntire and Manning could not cause any of the hammers to spall when the tool impacted squarely against an 
anvil. More specifically, McIntire and Manning concluded that “Good quality hammers can be struck severe 
blows against surfaces as hard as 60 HRC without spalling, providing the face of the hammer meets the surface 
squarely or at a low angle (up to approximately 20° for nail and ball-peen hammers and 2° for tinner's 
hammers).” The striking test prescribed by British hammer standard BS 876-1981 is a considerably more 
realistic test in the sense that it calls for six full, sharp, consecutive blows followed by the instruction that “a 
further six blows shall be struck, varying the angle of delivery, to bring as much as possible of the periphery of 
the face or pein into contact with the bar.” However, it must be pointed out that this specification states that this 
striking test is intended to determine the security of the head to the handle and is apparently not intended to 
provide some measure of the resistance to spalling of the hammer head. A striking test performed by an 



individual would undoubtedly have some degree of randomness in the relative orientation of the striking and 
struck tools prior to impact, but a striking test performed using a HIT machine, for example, would be subject 
to significantly more control. Thus, if the purpose(s) of a striking test is precisely defined, then the information 
sought would best be obtained using a device such as a HIT machine, because the geometry and the energy of 
the impact may be controlled and varied independently. 
Finally, with regard to the heat treatment of striking tools, specifications BS 876-1991 and ANSI B173.3-1991 
state that the working ends of the tool are to be heat treated separately, that is, a whole-head heat treatment is 
not to be used. According to the former specification, the hardened zone shall not extend into a neck or, where 
there is no neck, to more than halfway to the near edge of the eye, and, in the case of ANSI B173.3-1991, the 
poll (the steel immediately behind the hardened surface layer) shall be a toughened supporting core. However, 
in the case of railroad striking tools (sledges, spike mauls), the entire head is heat treated. The hard-
surface/tough-core concept has been considered to be the ideal structure for a striking tool. As mentioned 
earlier, J.W. Lodge did not attach much significance to this concept, because, as he observed, spalling always 
occurs in the hardened region around the periphery of the striking face, with the core not being involved in the 
process. Furthermore, the AREMA alloy 9260B (see Table 1), which is a deep-hardening steel, is used for 
percussion track tools. The relatively high hardenability of this steel permits striking tools to be redressed 
without subsequent heat treatment. According to the AREMA manual, “All tools made with alloy steel to be 
redressed without subsequent heat treatment shall be initially heat treated so that the hardness specified in 
article 6.1.2.3.1 is maintained to a depth from the end not less than the average cross-sectional thickness.” 
Clearly, the use of this steel violates the hard-surface/tough-core concept, but field experience has demonstrated 
that the performance of these tools is quite satisfactory. As reported earlier, A.H. Burn's hammer tests included 
a 0.65C-1Si-3Ni steel, and J.W. Lodge's tests included 4340 steel; these steels, which are definitely deep-
hardening steels, did not perform any better or worse than the other steels tested. Consequently, these results 
raise the issue as to whether or not the hard-surface/tough-core concept is a determinative factor for the 
performance of striking tools. 
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New Materials for More Spall-Resistant Tools 

As is evident in earlier discussion, testing different materials to evaluate their tendency for spalling would be a 
major undertaking. In order to quickly evaluate potential opportunities, a theoretical or predictive analysis was 
conducted. The basis for this analysis and the results are described subsequently. 
Localized deformation is invariably associated with spall formation. This localized deformation mechanism 
(ASB) plays a major role in several other deformation processes. Adiabatic shear band formation has been 
identified as a cause of early failures in ballistic armor and has been extensively studied in order to develop 
methods to predict adiabatic shear formation from materials properties (Ref 18). Similar models have been used 
to predict the onset of adiabatic shear in machining operations (Ref 19). Unlike the detrimental effects for 
armor applications, adiabatic shear in machining is desirable, because it leads to reduction of work for metal 
chip formation. 
The fundamental premise of these predictive models for the onset of adiabatic shear is that localized plastic 
flow initiates when thermal softening, caused by temperature increases associated with the work-energy release 
of plastic deformation, matches or surpasses work-hardening and strain-rate effects of higher strain rates 
associated with flow localization. A model to predict flow localization via shear band formation has been 
proposed (at least for plane-strain deformation) and is extensively discussed in Ref 20 with some supporting 
experimental data. The model includes, as a primary variable, the strain-rate hardening exponent, m. Shear band 
formation is predicted when the following parameter α becomes equal to 5:  
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where, γ′ is a temperature-compensated strain-hardening term, m is the strain-rate sensitivity exponent, and 
and are average stress and strain, respectively. 
The critical mechanical properties controlling increases in flow stress are the strain-hardening exponent (n) and 
the strain-rate sensitivity index (m). The critical physical and mechanical properties controlling thermal 
softening are density, specific heat, and change of flow stress with temperature. All of these physical and 
mechanical properties are very similar for steels quenched and tempered to the same hardness. Therefore, it is 
not surprising that neither Burn (Ref 3) nor Lodge (Ref 4) found any difference in spalling tendency for 
different steels with similar hardness. 
A literature review of tests used to measure the resistance of materials to ASB formation was conducted in an 
attempt to identify new alloys with more resistance to the formation of adiabatic shear and thus, more resistance 
to spalling. The evaluation revealed two alloys with properties that suggested they would resist adiabatic shear: 
a stainless steel with unusually high work-hardening characteristics (TRIP steel), and a nickel-base superalloy 
(IN-718) with a very low rate of strength reduction with increased temperature and low thermal softening. 
Experimental evaluation of these two materials in ballistic tests concluded that they performed no better than 
quenched-and-tempered steel. This suggests that they would not resist spalling any better than conventional 
quenched-and-tempered steels. 
Review of the literature for ballistic testing revealed a relatively new steel alloy that has some improvement 
over conventional quenched and tempered steel. This material is a high-purity, highly alloyed steel that depends 
on second-phase particle strengthening to attain high strength (AerMet 100). The ballistic response 
improvement of this alloy over conventional quenched-and-tempered steels was measurable but not 
outstanding. The potential improvement in a percussion application is not clear, due to the lack of any 
correlation between ballistic response and spall formation. A spalling test evaluation of this material may be 
warranted, based on its ballistic response. To date, however, the open literature does not describe any new 
materials that have clearly demonstrated spall resistance superior to the steels currently being used. 
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Conclusions 

The most significant conclusion derived from this review is that the spalling behavior of plain carbon and low-
alloy steels quenched and tempered to the same hardness is essentially the same. That is, low-alloy steels are 
not more resistant to spalling than plain carbon steels. Consequently, tool geometry then becomes a very 
important factor in limiting the incidence of spalling. 
Some of the specifications for striking tools call for a striking face with a relatively thin, hardened surface layer 
that is supported by a softer, tough core. However, the test results obtained by A.H. Burn and by J.W. Lodge 
with high-hardenability steels and also the current use of 9260B for railroad tools clearly indicate that this 
requirement is unnecessary and that high-hardenability steels can be used to manufacture good-quality tools. 
With regard to striking tests, as called for by some specifications, the work of McIntire and Manning 
demonstrates that the use of anvils of low hardness (<25 HRC) does not constitute a good test of the spalling 
resistance of a striking tool, and, furthermore, any requirement that the striking tool impact the anvil with a 
flush blow diminishes significantly the value of the test. 
The use of highly alloyed steels to reduce or eliminate spalling does not appear to be warranted. A review of 
predictive models related to spalling suggests that highly alloyed or high-cleanliness steels will not significantly 
reduce spalling potential. However, a definitive investigation of spalling has not been performed using these 
alloys. 
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Corrosive Wear Failures 
 

Introduction 

CORROSIVE WEAR is defined as the degradation of materials in which both corrosion and wear mechanisms 
are involved. The combined effects of wear and corrosion can result in total material losses that are much 
greater than the additive effects of each process taken alone, which indicates synergism between the two 
processes. This article focuses on the corrosion-wear synergism in aqueous slurry and grinding environments. 
Examples of corrosive wear problems encountered in industry are provided, and the effects of environmental 
factors on corrosive wear are discussed. Experimental measurement of corrosive wear is discussed in more 
detail in the article “Corrosive Wear” in Friction, Lubrication, and Wear Technology, Volume 18 of ASM 
Handbook. 
 

Corrosive Wear Failures  

 

Occurrences in Practice 



Corrosion and wear damage to materials, both directly and indirectly, cost the nation hundreds of billions of 
dollars annually. Although corrosion can often occur in the absence of mechanical wear, the converse is rarely 
true. Corrosion accompanies the wear process to some extent in all environments, except in a vacuum and inert 
atmospheres. Corrosion and wear often combine to cause aggressive damage in a number of industries, such as 
mining, mineral processing, chemical processing, and energy production. Corrosion and wear processes involve 
many mechanisms, the combined actions of which lead to the mutual reinforcement of their effectiveness. 
Seventeen synergistic relationships between abrasion, impact, and corrosion that could significantly increase 
wear damage in wet and aqueous environments have been identified (Ref 1). 
Slurry Handling. The movement of materials as a slurry is an efficient means of transportation that is used in 
many industries. However, the movement of these slurries can cause significant corrosive wear. Pumps, elbows, 
tee junctions, valves, flotation cells, and hydrocyclones are parts of slurry-handling systems that are subject to 
corrosive wear. The periodic replacement of worn parts often results in costly process downtime. Pipe rotation 
has been considered good practice for those pipes that are subject to localized wear, but careful monitoring is 
necessary to prevent failure of the worn parts because of corrosion (Ref 2). Turbulence and eddies are promoted 
either where fittings or valves project into the mainstream flow or where the diameter of a pipe changes. The 
momentum of the particles is sufficient to cause abrasive damage to the side walls of the pipe in its curves or 
elbows, where the change in direction does not produce eddies. Slurry particles can impart damage to the 
bottom of the pipe by tumbling or sliding in straight pipe sections. 
Sliding wear can occur, for example, in an ore chute in a minerals processing plant, where moist ore particles 
slide on an inclined platform, chute, or screen. Figure 1 shows a worn wire-cloth screen in a minerals 
processing plant. Another example is a submerged valve that opens and closes to control the flow of material. 
Here, the parts are subjected to metal rubbing, as well as to the abrasive and corrosive nature of a slurry. Other, 
more common corrosive wear problems occur in equipment such as automobile brakes and engines (Ref 3), 
fillings used in dental applications, and tapes rubbed by recording heads in electronic video and audio 
equipment. Each of these wear examples has a corrosive component that results from exposure to reactive 
environments. 

 

Fig. 1  Worn wire screen in minerals processing plant showing effects of sliding wear in moist 
environment 

Crushing and Grinding. Corrosive wear is prevalent in the grinding of mineral ores. The annual cost of grinding 
media frequently approaches or exceeds the cost of energy in some processes (Ref 4). Figure 2 shows ball mill 
liner plates in both new and worn conditions. Figure 3 shows a cone crusher liner that wore completely through 
after only three months of use. 
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Fig. 2  Ball mill liner plates. (a) New condition, before installation. (b) Worn condition, with partially 
worn grinding belt 

 

Fig. 3  Worn cone crusher liner after three months of use 

Corrosion and wear damage arising from comminution is equivalent to 12% of more than 30 billion kW·h of 
energy consumed annually by U.S. industry for crushing and grinding purposes, whereas contributions from 
minerals account for 50%; cement, 25%; coal, 13%; and agricultural products, 12% (Ref 5). The development 
of more efficient mining, transportation, and processing systems has allowed exploitation of many large, low-
grade ore bodies, which involves the crushing, grinding, and treatment of huge volumes of abrasive material to 
satisfy modern demand for materials (Ref 6). This trend will increase the future consumption of grinding media 
in an industry where over 0.9 Mg (1 × 109 tons) of ore are crushed annually (Ref 5). 
Wear debris and corrosion products that are formed during comminution affect product quality and can 
adversely affect subsequent beneficiation by altering the chemical and electrochemical properties of the mineral 
system (Ref 4, 7, 8, 9). Electrochemical interactions between minerals and grinding media can occur, causing 
galvanic coupling that leads to increased corrosive wear. Corrosion and wear are also important in nonmining 
industries, such as the pulp and paper industry, where physical processing steps such as the grinding of wood 
chips are increasingly being substituted for chemical processing steps in order to reduce water-treatment 
requirements and fulfill regulatory standards. 
High-Temperature Processes. Many chemical processes take place at elevated temperatures and involve 
corrosive wear. A process such as coal gasification involves hot gases with entrained solid particles that 
impinge on the containment vessel surface. Several studies have been conducted to describe the wear-corrosion 



synergism that takes place during the oxide formation and subsequent removal by abrasive particles (Ref 10, 
11, 12). 
Power-generation plants use processes that occur without any particles present and involve only the transport of 
solutions or steam. In these cases, liquid forces on the solid surface, which are due to turbulence or droplet 
impacts, mechanically remove protective layers of corrosion products, thus exposing more base material to 
corrosive action. An example of this type of process is the erosion-corrosion of steam turbines. Other systems 
may involve the dissolution of the protective oxide layer, because of a continual flow of liquid past the surface. 
Cavitation is also a problem where the high-speed flow of liquid is present. This subject is discussed in the 
article “Cavitation Erosion” in this Volume. 
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Environmental factors affect corrosive wear in materials-handling systems. Some of the more important factors 
that influence the material losses in slurry transport and grinding operations in aqueous media and ambient 
conditions are discussed subsequently. 

Slurry Particle Impingement on Two-Body Corrosive Wear 

Slurry particles that strike the target material under the influence of their own momentum and that of the carrier 
fluid impart two-body wear damage to component parts. They are not constrained by another solid, as 
distinguished from grinding, which is discussed later. 
Abrasive particle characteristics, such as shape, density, size, hardness, and their relation to wear rate, are 
discussed subsequently. 
Particle Shape. Until recently, no investigation had directly reported the effect of particle shape on wear in 
slurry-handling systems. However, it was commonly agreed that the angularity of the slurry abrasives was 
important in determining the wear rate of materials where corrosion was not dominant. When slurries are 
recycled in a closed slurry pot system, the wear rate can decrease dramatically with time (Ref 13, 14, 15). This 
is due to the microscopic rounding of the abrasive particles. The difference in wear rates for recycled and flow-
through slurries is shown in Fig. 4 for type A514 steel in a water/silica sand slurry containing 50 × 70 mesh 
particles. 

 

Fig. 4  Comparison of slurry wear for the flow-through and recycled slurry systems using a low-alloy 
steel in a 2% silica sand slurry. Source: Ref 13  

Figure 5 shows the worn surfaces of the steel that resulted from the two tests. The specimen exposed for 1 h in 
the flow-through test (top photograph) had many fine grooves over its entire surface, typical of cutting wear. 
The bottom photograph shows the smooth, wave-type pattern that developed after 1.67 h with a recycled slurry, 
indicating a deformation wear mechanism. 



 

Fig. 5  Comparison of wear surfaces for low-alloy steel specimens worn in (a) flow-through and (b) 
recycled slurry tests for 1 h and 1.67 h, respectively. Source: Ref 13  

The angularity of a particle depends on the radius of each protruding point on its surface, relative to its average 
radius. The more angular a particle, the higher is its apparent density (Ref 16) (Fig. 6). This effect results in a 
lower maximum velocity at which impact between the particles is purely elastic. If the predominant mode of 
material loss is corrosion, the angularity of the particles may not be such an important consideration. 
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Fig. 6  Relationship between angularity and apparent density of a particle. Apparent density is (R/r)3 × 
real reactive density. Source: Ref 16  

Particle density is an important parameter that influences the corrosive wear caused by slurries. For a particle of 
a given angularity, the denser the particle, the more likely it is to cause either deformation or cutting wear on 
impact. This is a consequence of the dissipation of more energy in the same volume. 
Particle Size. Because of their greater kinetic energy, particles of the same density and angularity in slurries 
with the same nominal velocity impart greater wear losses to materials as their size is increased. A recent study 
(Ref 17) has shown that larger particles have a higher collision efficiency and a higher impact velocity than 
smaller particles. These factors contribute to increased wear rates as slurry particle size increases. 
Particle Hardness. The wear of materials has been shown to dramatically increase when the slurry particles are 
harder than the material being worn. However, increases in the hardness of the abrasive, above a critical 
hardness value, do not appreciably increase the wear rate. Likewise, when extremely hard abrasive particles are 
present in the slurry, moderate increases in the hardness of the worn material do little to retard the wear rate. 
Slurry characteristics, such as velocity, angle of attack, solids concentration, and their relation to wear rate, are 
discussed as follows. 
Velocity of the slurry is the single most important factor that controls the rate of wear. The wear rate is an 
exponential function of velocity; exponents are reported to range from 1.6 to 4.8 but are generally between 2 
and 3 (Ref 18). The velocity of the slurry not only affects the rate of mechanical damage of a material but the 
corrosion rate as well. Above a threshold velocity, corrosion products can effectively be stripped from an alloy, 
thus making available a new surface that is susceptible to corrosive attack. 
The angle of attack of slurry particles on a material determines, to a large extent, the role that the abrasives will 
play in corrosive wear. In straight pipelines where the flow of slurry particles is basically parallel to the walls of 
the pipe, little damage to the underlying metal results from direct contact between the abrasive and alloy (Ref 
19). The abrasives, along with the solution, serve to slowly remove the corrosion products and enhance the 
corrosion rate. The extent of this removal process is controlled by the particle size, angularity, and slurry 
density. 
On the other hand, when a curvature in the pipe is present, the slurry particles tend to wear the pipe, as depicted 
in Fig. 7. In this condition, the slurry particles are more likely to not only remove any corrosion products but to 
directly impart mechanical wear damage to the alloy. If the alloy is one that normally passivates (such as a 
stainless steel), the abrasive can continually remove the protective film and allow corrosion to proceed at a 
much higher rate than if no abrasive particles were present. The removal of the base metal depends on the type 
of material being worn. 



 

Fig. 7  Changing pattern of wear and, hence, changing angle of impingement, at bend in pipe. Source: 
Ref 16  

Generally, ductile alloys wear greatest at shallow angles of attack, from 10 to 30°, whereas brittle materials 
wear greatest at 90°. The reason for these differences is the type of wear that occurs. Cutting wear is dominant 
for low angles of attack with ductile material, whereas deformation wear is greatest at larger angles of attack. 
Solids Concentration. Increasing the solids concentration in a slurry generally increases the wear rate. The 
increase is only proportional to the solids concentration for dilute slurries. For denser slurries, particle-particle 
interaction tends to decrease the dependence of the wear rate on slurry density (Ref 14, 20). 
Hydrodynamics. Recent work (Ref 21, 22) on the trajectories and impact velocities of particles during slurry 
erosion has shown that not all of the particles directed at a target will impact it. The fraction of slurry particles 
that impact the surface of the target material is controlled by fluid velocity and viscosity as well as the size, 
shape, and density of the slurry particles. 
Flow-dependent corrosive wear typically occurs at geometrical irregularities, such as fittings, valves, and weld 
beads, where the flow separates from the wall of the containment vessel. Flow separation and reattachment 
produces high turbulence intensity and particle-wall interactions that lead to high corrosive wear rates (Ref 23, 
24, 25). Figure 8 shows streamlines in a pipe for flow contraction and flow expansion. 
 

 

Fig. 8  Streamlines for water in pipe of variable diameter. Source: Ref 24 
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Material losses have been correlated with the local, near-wall intensity of turbulence in single-phase (liquid 
only) flows (Ref 23, 24). It was hypothesized that intensive near-wall turbulence disrupted the protective 
corrosion product and disturbed the mass transfer layer, thus enhancing oxygen transport to the metal surface 
and corrosion rates. 
Corrosion products and the mass transfer of oxygen play an important role in the total material losses 
encountered in straight sections of a carbon steel pipeline. The material loss rate is under oxygen mass transfer 
control, with corrosion being the dominant mode of metal loss (Ref 19, 26). The magnitude of the erosion-
corrosion can be estimated using well-established mass transfer correlations for oxygen diffusion. 
In aqueous solutions of near-neutral pH, mechanical wear prevents the formation of a rust film that completely 
covers the interior of a pipe. By providing a barrier to oxygen, this rust film in carbon steel pipes is responsible 
for corrosion rates of <1 mm/year (<0.04 in./year). When abrasive solids are present, coverage of the metal by 
the rust film is incomplete, and the islands of bare metal that are present can act as efficient cathodes and result 
in substantially increased rates, such as >10 mm/year (>0.4 in./year). 
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Grinding Wear: Impact and Three- Body Abrasive-Corrosive Wear 

The wear of grinding media and crushers in mineral processing systems is caused by the combination of 
abrasion, corrosion, and high-energy impact of ore and metal components. The increased size of modern 
crushing and grinding equipment greatly increases the kinetic energy at metal/ore interfaces, which results in 
high wear rates. The crushed ore particles participate in three-body abrasion by virtue of being confined 
between two solid surfaces. 
Dependence on Force. Impact severity has a strong effect on the grinding media wear rate for dynamic loading 
conditions (Ref 1). The wear rate was four times greater in an 8.5 m (28 ft) semiautogenous grinding mill (8.30 
kgf, or 18.3 lbf, balls) than that attained in a 2.9 m (9.5 ft) ball mill (1.81 kgf, or 4 lbf, balls). The ball velocities 
in the two mills were calculated to be 9.14 m/s (30 ft/s) and 5.33 m/s (17.5 ft/s), respectively. However, under 
conditions of a static load, the total wear rate of a metal alloy was approximately linear with load (Ref 27). A 
rotating metal alloy specimen was used between two ceramic anvils submerged in an abrasive slurry. 
Dependence on Abrasive Type. Abrasive wear rates for steels and irons generally increase with an increase in 
mineral hardness. When the metal-to-mineral hardness ratio is greater than 0.6, marked improvement in the 
ability to resist abrasive wear is shown (Ref 28). In order to achieve this favorable hardness ratio, hard 
(Fe,Cr)3C carbides found in low-alloy nickel-chromium irons and harder (Fe,Cr)7C3 carbides found in high-
chromium white cast irons are used. 
Dependence on Galvanic Interaction between Minerals and Metal Alloys. Electrochemical interactions between 
ore minerals and grinding media can occur. Mineral particles with potentials that are nobler than those of steel 
grinding media become galvanically coupled and result in accelerated corrosive wear (Ref 6). In recent studies 
(Ref 29, 30), it has been reported that the relative contributions from corrosive and abrasive wear are highly 
variable from one mineral-metal system to another and are largely dependent on the mineral slurry 
characteristics as well as the properties of the grinding media. In the presence of surface abrasion, the corrosion 
resistance, hardness of the grinding media, pH and conductivity of the pulp, and oxygen content influence the 
magnitude of galvanic currents between minerals and grinding media. Galvanic currents exist between ferritic 
and martensitic phases in a microstructure of steel grinding media as well as between sulfide minerals and these 
two phases (Ref 31). 
Role of Localized Corrosion in Grinding. In the study of high-carbon low-alloy steel grinding media, localized 
electrochemical cells existed between strained and unstrained regions of the alloy (Ref 27). This resulted in 
preferential anodic dissolution in microgrooves, which promoted pitting. The overall corrosive wear rates of the 
steels were found to be strongly dependent on the localized corrosion. 
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Means for Combating Corrosive Wear 

Research and engineering efforts in wear, corrosion, and materials science are being pursued to combat 
corrosive wear in aqueous environments. The areas of investigation described subsequently include materials 
selection, surface treatments, and handling-environment modifications. 
Materials Selection. The selection of the right material for a particular corrosive wear environment can lead to 
extended life of component parts, less costly downtime, and other economic advantages. 
One approach is to place a number of materials in actual service and to compare the material losses of each over 
a given time. This technique can give the best solution to materials selection but is time-consuming. It also 
limits the number of materials that can be tried and does not often result in the application of scientific 
principles to obtain the most cost-effective material for the given life of a process. However, actual field service 
should be used as a concluding step before final choices of materials are made. 
Another approach is to adapt laboratory tests to field situations. Electrodes were mounted at the ends of mill 
liner bolts, and polarization curves of the media material electrodes were obtained by a telemetry-radio system 
(Ref 32). Although the data were often noisy, correlations with laboratory corrosive wear tests were made. 
In a test developed in the laboratory in a field experiment, a laboratory slurry pot test was converted to a 
portable model that could be transported to the field for use with slurries there (Ref 33, 34). This approach 
enabled the testing of a large number of candidate materials in a relatively short time, because this slurry pot 
design allowed for the simultaneous comparison of 16 specimens. 
The equipment could be useful in screening materials for further evaluation in actual service, thus shortening 
the time needed to determine the better material while offering a wider selection than actual field use could. 
This test is most useful when the hydrodynamic and geometric parameters in the test chamber are similar to 
those experienced in the actual service conditions. 
A more fundamental and scientific approach is to study the wear and corrosion characteristics of various 
materials in the laboratory and extrapolate these results to actual field use. A great deal of knowledge and 
modeling of wear, corrosion, and wear-corrosion synergism is needed, along with a detailed model of the 
hydrodynamics. This research is still in its infancy but is making progress as the number of researchers who can 
recognize wear-corrosion synergism increases. 
Surface Treatment. Rather than use the more-corrosive-resistant material to make the entire component, one 
may choose to use a thinner layer of a costly material on the surface of the more economical substrate material. 
Claddings, surface treatments such as hard facings and patching with welds, or replaceable liners have all been 
used. In pipelines where corrosion is a problem, it is sometimes economical to line the pipes with a smaller-
diameter polymer that is more corrosion resistant but lacks the strength to withstand high pressures on its own. 
Modification of the materials-handling environment can be effective in controlling the corrosive wear of 
component parts. Solution conditioning, such as adjusting the pH and deaeration, can reduce the amount of 
material losses in a corrosive-wear environment. Slurry conditioning is not economical for the short slurry lines 
used in mining operations unless some method of water separation and recirculation is used (Ref 19). 
Use of Corrosion Inhibitors. Oxidizing inhibitors, such as chromates and nitrites, have been used to raise the 
potential of an alloy into passive regions and to lower their corrosion rates (Ref 35). These inhibitors form a 
surface film when used in high concentrations. Chromates also act as effective inhibitors when used at 
concentrations much lower than those required to produce active-passive transitions. At these lower 



concentrations, chromates act as cathodic inhibitors in neutral solutions. However, because chromates are toxic, 
alternative nontoxic inhibitors with a similar action should be considered. Many governments restrict the 
effluent limit to levels as low as 0.05 ppm chromate, which makes the choice of chromate inhibitors 
unacceptable. Progress in developing nonchromate inhibitors has been slow (Ref 19). 
Slurry Parameters. Reduction of the slurry velocity is a major factor in controlling the rate of material losses if 
the mechanical wear, W, is important, because the wear rate generally varies with the velocity raised to 
exponents of 2, 3, or 4. For slurry pipelines that carry 20% silica sand (30 × 50 mesh), very little abrasive wear 
occurs below a velocity of 6 m/s (20 ft/s) (threshold value). Above this velocity, W becomes more dominant as 
a means of material degradation. 
Particle size can also be a factor in the wear of slurry-handling equipment. The mechanical wear, W, will not be 
a problem if the particle size is sufficiently reduced so that the particles are fine enough to follow the 
streamlines of the solution, rather than impact the walls of the containment part. However, fine slurry particles 
and low velocities may result in conditions mild enough to permit the growth of rust films and scale, which can 
lead to pitting (Ref 19). 
The particle size and velocity combination should be maintained below the threshold value, where W is not a 
factor, but with a particle size that causes enough abrasion to maintain a rust- and scale-free pipe surface. In this 
condition, however, the pipe should be protected from corrosion by inhibitors and/or deaeration. This would 
eliminate the need for unnecessary size reduction. 
Cathodic protection is a useful method for protecting short sections of slurry pipelines, pumps, elbows, and 
other equipment (Ref 36). However, the length of the protection must be kept sufficiently short to prevent 
overprotection and subsequent hydrogen blistering of the protected surface. The throwing power of cathodic 
protection, either by impressed current or galvanic anodes, is insufficient for this method to be used to protect 
the inside of slurry pipelines. 
Sacrificial electrodes, such as zinc plugs in water or slurry pumps, have been used to cathodically protect the 
pump casing. This means of protection may be applicable to other instances where it is economically feasible. 
Design of Pumps, Valves, and Elbows. Research has shown that computer modeling is becoming a tool for the 
design of wear-resistant slurry pumps (Ref 37, 38, 39, 40, 41). A computer code is used to carry out the 
numerical flow simulations within the pump channels, and an energy-based, wear-predictive model has allowed 
for the prediction of wear rates for various geometries. 
The use of these types of models can extend the wear life of pumps by altering the geometry of the interior of 
the pump. This effectively removes the areas of high wear rates and spreads the energy absorbed by the pump 
head evenly around its interior. This same type of modeling has been done for areas of disturbed flow (Ref 42, 
43, 44, 45). 
Other means of controlling corrosive wear are available, including:  

• Increasing the pipe diameter in order to decrease the slurry velocity and help ensure laminar flow 
• Increasing the thickness of materials in critical areas 
• Inserting impingement plates or baffles to shield critical areas from high wear 
• Directing the inlet flow of materials to avoid high particle velocities at the wall of containment vessels 
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Introduction 

EROSION is the progressive loss of original material from a solid surface due to mechanical interaction 
between that surface and a fluid, a multicomponent fluid, an impinging liquid, or impinging solid particles (Ref 
1). Erosion is a rather broad term and can be further classified into a number of more specific terms. These 
include cavitation erosion, liquid impingement erosion, and solid particle erosion. Cavitation erosion is due to 
the formation and collapse, within a liquid, of cavities or bubbles that contain vapor or gas or both. Liquid 
impingement erosion is due to impacts by liquid drops or jets. Solid impingement erosion is due to impacts by 
solid particles. “Impingement” also connotes that the particles are smaller than the solid surface and that the 
impacts are distributed over that surface or a portion of it. Erosion can occur in combination with other forms of 
degradation, such as corrosion. This is referred to as erosion-corrosion. 
The detrimental effects of erosion have caused problems in a number of industries. In the power-generation 
industry, erosion damage has occurred to boiler tubes and water walls (Ref 2, 3, 4, 5, 6, 7, 8, 9, 10, 11, 12, 13, 
14, 15, 16, 17), steam turbines (Ref 18, 19, 20, 21), land-based gas turbines (Ref 21, 22, 23), solids transport 
systems (Ref 17, 24, 25, 26, 27, 28), cyclones (Ref 17, 28, 29, 30), valves (Ref 17, 31, 32), and inlet nozzles 
(Ref 33). In the oil and gas industry, choke valves are damaged by erosion (Ref 34, 35, 36, 37). In the 
petrochemical industry, process control valves (Ref 37) and power recovery turbines (Ref 18, 38) are damaged 
by erosion. In chemical process industries, solids transport systems are damaged by erosion (Ref 25, 39, 40, 
41). In the aircraft industry, damage has occurred to aircraft engines (Ref 19, 21, 42, 43, 44). 
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Erosion occurs as the result of a number of different mechanisms, depending on the composition, size, and 
shape of the eroding particles, their velocity and angle of impact, and the composition of the surface being 
eroded. The sensitivity of brittle and ductile materials to the angle of impact generally follows the behavior 
shown in Fig. 1, with ductile materials experiencing the maximum rate at approximately 20 to 30° and brittle 
materials at approximately 90° (Ref 45). This tendency of maximum erosion for a ductile material at 
approximately 20 to 30° is not universally observed and is dependent on factors such as particle shape and 
fragmentation (Ref 46, 47, 48). When ductile materials are impacted by spherical particles that do not fragment, 
the maximum erosion rate can occur at 90°. Erosion of a given material as a function of time often follows a 
pattern consisting of an incubation period with little or no material removal, followed by an increasing rate, and 
finally a steady state. Some materials exhibit peaks with decelerating rate with or without a final steady state 
(Fig. 2, Ref. 49). Most mechanistic models are concerned only with the steady state. 

 

Fig. 1  Effect of impact angle on erosion of aluminum and glass by 300 μm iron spheres at 10 m/s (34 ft/s) 

 

Fig. 2  Characteristic volume-loss rate versus time curves. (a) Type I. (b) Type II. (c) Type III. (d) Type 
IV 



The erosion of materials has been attributed to a number of mechanisms, including cutting (Ref 45, 50, 51, 52, 
53, 54), fragmentation (Ref 55), elastic and elastic-plastic fracture (Ref 56, 57, 58), extrusion (Ref 59, 60), 
fatigue (Ref 61, 62), delamination (Ref 63, 64), deformation localization (Ref 47, 54, 65, 66), and melting (Ref 
44, 59, 65). An even greater number of analytical models have been proposed, but none has been completely 
satisfactory. To show the general trends in modeling erosion, it is probably best to start with a generic, 
empirical formula for erosion (Ref 5, 36, 67) and later proceed to more specific models:  

E = K0Vpf(α)  (Eq 1) 
where E is the erosion rate, V is the particle velocity, p is the velocity exponent, f is a function of the impact 
angle of the particles, α, and K0 is a constant that includes all other effects. The velocity exponent, p, varies 
from 2 to 3 with a mean of approximately 2.4 for ductile materials (Ref 66, 67), while it varies from 2 to 6 with 
a mean value of approximately 3 for brittle materials (Ref 56, 68, 69). It is perhaps easiest to consider the 
erosion of ductile and brittle materials separately, but it must be understood that, in reality, there is a continuum 
of materials. In addition, some materials, such as composites and cermets, have both brittle and ductile 
components and exhibit mixed behavior. 
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Erosion of Ductile Materials 

The erosion of ductile materials by solid particles can be separated into two components, a cutting component 
and a deformation component, based on the angle of impact of the particles. The component of the particle 
velocity parallel to the surface produces the cutting component of erosion. Erosion by cutting can be considered 
similar to chip formation in machining, in that pieces of material are removed by the impact of a sharp-edged 
particle. This component dominates the wear rate at low impact angles. A model for the cutting component was 
introduced by Finnie (Ref 50, 51, 52) and was developed by Bitter (Ref 45) and Neilson and Gilchrist (Ref 53):  

fc(α) = A cos2 α sin nα  (Eq 2) 
where n is π/2α0 for α < α0, n is π/2α for α > α0, and α0 and A are constants. This function is illustrated in Fig. 3 
(Ref 70). The model originally developed by Finnie overestimated the erosion rate, due to material piling up on 
the sides of the impact site instead of the groove being totally removed as wear debris (Ref 71, 72). However, 
the model does correctly account for the shape of the erosion curve as a function of impact angle. 
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Fig. 3  Experimental and predicted curves of erosion of aluminum by 120-mesh silicon carbide particles 
at 152 m/s (500 ft/s) 

The other component of erosion is produced by the component of velocity perpendicular to the surface. Bitter 
called this component deformation wear (Ref 45). This component involves repeated battering of the surface, 
leading to the eventual fracture and removal of wear debris (Ref 72). This component was modeled by Bitter 
(Ref 45) and was developed by Neilson and Gilchrist (Ref 53):  

fd(α) = B sin2 α  (Eq 3) 
where B is a constant. This component has the shape of the glass curve in Fig. 1. Many mechanisms have been 
suggested for the deformation component, including an extrusion mechanism with subsequent lip removal (Ref 
59, 60), a low-cycle fatigue mechanism (Ref 61, 62), a delamination mechanism (Ref 63, 64), a localization of 
plastic deformation mechanism (Ref 47, 66), a work hardening with embrittlement mechanism (Ref 45), and a 
mechanism involving melting (Ref 44). Of these, most studies seem to favor an extrusion with subsequent lip 
formation, delamination, low-cycle fatigue, or localization of plastic deformation mechanism. Combining the 
two components leads to the complete angular term:  

f(α) = A cos2 α sin nα + B sin2 α  (Eq 4) 
Particle shape plays a significant role in erosion. Angular particles produce much larger erosion rates than 
spherical particles, especially at low impact angles (Ref 46, 47, 48, 73, 74, 75, 76). The change in erosion rate 
due to particle shape depends mostly on the cutting component (although the particle shape appears to play a 
role in the deformation component also [Ref 47]). Spherical particles produce little or no cutting wear, which 
results in B > A in Eq 4. The appearance of a surface eroded by spherical particles is shown in Fig. 4 (Ref 77). 
This surface illustrates the extruded lip formation or platelet mechanism of the deformation component of 
erosion. Angular particles usually produce large quantities of cutting wear, which results in A > B in Eq 4. The 
appearance of a surface eroded by angular particles is shown in Fig. 5 (Ref 78). This surface illustrates the 
cutting mechanism of erosion. The role of particle shape on the erosion rate has been illustrated a number of 
times, but it is difficult to quantify, except empirically, because it depends on a large number of properties of 
both the eroding particle and the surface being eroded (Ref 3, 4, 5, 23, 33, 36, 53, 76). 



 

Fig. 4  Surface of 1100-O aluminum eroded by 700 μm diameter spherical steel shot at 60° impact angle 

 

Fig. 5  Surface of 1020 steel eroded by SiC at 80 m/s (260 ft/s) and 30° impact angle 

The constant K0 in Eq. 1 includes the effects of a number of other factors, such as the size of the impacting 
particles, the hardness of the particles relative to the hardness of the eroded surface, and temperature effects. 
The first of these factors is the size of the particles (Ref 55, 73, 79). For very small particles (less than about 5 
μm), there is no measurable erosion. As the particle size increases from this lower limit, the erosion rate 
increases until an upper limit is reached. Above this upper limit of particle size, the erosion rate is independent 
of particle size. This upper limit is approximately 50 to 100 μm. The particle size factor, Ks, can be modeled as 
(Ref 55):  

  

(Eq 5) 

where d is the particle size, V is the velocity, and d0 and V0 are constants. 
The second factor is the hardness of the particles relative to the hardness of the surface (Ref 74, 76, 80). This 
factor is shown in Fig. 6. When particles are more than twice as hard as the surface, the erosion rate is 
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independent of the particle hardness. When particles are less than half the hardness of the surface, no erosion is 
measurable. Between these limits, there is a continuous transition. This factor, Kh, has been modeled as (Ref 
76):  

  
(Eq 6) 

where Hp is the hardness of the particle, H is the hardness of the surface, and m is a constant. 
 

 

Fig. 6  Erosion rates of 1020 steel by 180 to 250 μm (7 to 10 mil) particles at 80 m/s (260 ft/s) 

Increasing the temperature has a mixed effect on the erosion rate for ductile materials (Ref 69, 81). A 
substantial amount of high-temperature erosion testing has been done in support of the gas turbine and coal 
gasification industries. This testing has provided a substantial amount of results on temperature effects. 
Corrosion may increase or decrease the apparent erosion rate, depending on the rate of oxide or other corrosion 
product formation and the resistance of the product to erosion as compared to the normal surface material (Ref 
69, 81). If the corrosion product is slow growing and more erosion resistant than the underlying metal, it may 
effectively protect the metal from erosion. Similarly, deposition of some process material on the surface may 
also protect it. These protective mechanisms have been observed on some boiler heat-exchanger tubes, but are 
probably more the exception than the rule. More often, oxidation of the underlying metal with rapid removal of 
the fragile and brittle oxide (particularly at high angles of impact) accelerates erosion. 
The three factors—particle size, particle hardness, and temperature (Kt)—can be combined as a product:  

K0 = KsKhKt  (Eq 7) 
Any additional factors, such as fragmentation of the particles, could also be included in Eq 7. 
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Erosion of Brittle Materials 



Erosion of brittle materials by hard, solid particles involves a process in which material is lost from the target 
by brittle fracture (Ref 27, 56, 57, 58, 68). The size and shape of the cracks that form in the surface depend on 
several factors. These include particle shape, mass, and velocity and target material hardness and toughness. 
The erosion rate has been found to correlate with the fracture toughness and hardness, as in the following 
equation (Ref 56):  

  (Eq 8) 
where V is the velocity, R is the particle radius, ρ is the particle density, Kc is the surface material fracture 
toughness, H is the surface material hardness, and p, a, b, c, d, and K2 are constants. A regression analysis 
found the following for the exponents: p = 2.8, a = 3.9, b = 1.4, c = -1.9, and d = 0.48. This indicates that the 
erosion rate increases as the hardness of the surface material increases and the fracture toughness of the surface 
material decreases. These exponents were compared to theoretical models based on elastic-plastic fracture (Ref 
57, 58), and rough agreement was found (Ref 56). The variation of erosion as a function of impact angle for 
brittle materials is shown in Fig. 1 for glass. Equation 3 can be used to model this curve (Ref 45, 57). 
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Examples of Erosive Wear Failures 

Erosive wear occurs in many situations where a large number of small solid or liquid particles impact against a 
surface or where the collapse of gas-filled bubbles in a cavitating liquid causes surface damage. Some examples 
of erosive wear failures are given in the following sections on abrasive erosion, liquid impingement erosion, 
cavitation, and erosion-corrosion. Liquid impingement erosion and cavitation are also discussed further in 
separate articles in this Volume. 
Abrasive Erosion. The term abrasive erosion is sometimes used to describe erosion in which the solid particles 
move nearly parallel to the solid surface. For example, abrasive erosion in pump components generally occurs 
due to the impingement of particles at very oblique angles to the surface. Such abrasion attacks ductile 
materials much more readily than it does hard, relatively brittle materials, as pointed out by Finnie (Ref 82). 
Particulate erosion of a ductile steel impeller by a catalytic fluid that was not expected to be erosive is shown in 
Fig. 7. 
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Fig. 7  Particulate erosion of a ductile steel impeller by an abrasive catalyst. (a) 0.25×. (b) 1× 

Erosion-resistant metals include white cast iron (standard gray or ductile cast irons are poor), high-chromium 
(that is, 13 to 28%) alloy steel, cobalt-base superalloys such as Stellite, and special nickel-base alloys such as 
Ni-Hard. These materials are useful not only for the flow-path surfaces but also as sleeves in sealing areas, 
particularly if packing is used. It is good practice to use hard metal or ceramic expellers near seal entrances to 
keep particles out of the sealing clearance. If thorough flushing of packing presents a design problem, abrasion-
resistant SiC ceramic mechanical seals together with an expeller or minimal flushing can be used. Some of the 
newest designs of mechanical seals for abrasive service are even axially split for ease of replacement. 
Another example of abrasive erosion is the impact of fly ash entrained in the flue gases in screen tubes or 
superheater tubes of boiler systems. Erosion is enhanced by high flow velocities; thus, partial fouling of gas 
passages in tube bands by deposition of fly ash can lead to erosion by forcing the flue gases to flow through 
smaller passages at higher velocity. This effect, sometimes called laning, exposes tube surfaces to a greater 
probability of impact by particles having higher kinetic energy, thus increasing the rate of damage. Erosion by 
fly ash causes polishing, flat spots, wall thinning, and eventual tube rupture. Fly-ash erosion can be controlled 
by coating tube surfaces with refractory cements or other hard, wear-resistant materials, although this reduces 
the heat-transfer capability of the surface. An alternative method is the use of baffles to channel gas flow away 
from critical areas. 
Liquid Impingement Erosion. Erosion can take place in a liquid medium even without the presence of solid 
abrasive particles in that medium. Liquid droplets impacting a solid surface collision at high speed is the form 
of liquid erosion called liquid impingement erosion or liquid impact erosion, as discussed in more detail in the 
article “Liquid-Impact Erosion” in this Volume and in the article “Liquid Impingement Erosion” in Friction, 
Lubrication, and Wear Technology, Volume 18 of ASM Handbook. Corrosion may or may not occur 
simultaneously with liquid impingement erosion. When corrosion is involved, the term erosion-corrosion is 
often used. 
A simplified schematic of liquid impingement erosion processes is illustrated in Fig. 8. The impact-pressure 
history (and resulting stress waves) can produce circumferential cracks or deformation patterns around the 
initial area of impact (Fig. 8a), depending on the properties of the surface material and the energy of the impact. 
Following impact, the liquid flows away radially at high velocity. The spreading liquid may hit nearby surface 
asperities or the surface steps resulting from plastic deformation caused by the initial impact pressure. The force 
of this impact stresses the asperity or surface step at its base and may produce a crack (Fig. 8b). Subsequent 
impacts by other drops may widen the crack or detach a particle entirely (Fig. 8c). Direct hits on existing 
cracks, pits, or other deep depressions can produce accelerated damage by a microjet impingement mechanism 
(Fig. 8d). Eventually, the pits and secondary cracks intersect, and larger pieces of the surface become detached. 



 

Fig. 8  Processes by which a material is damaged by liquid impingement erosion. (a) Solid surface 
showing initial impact of a drop of liquid that produces circumferential cracks in the area of impact or 
produces shallow craters in very ductile materials. (b) High-velocity radial flow of liquid away from the 
impact area is arrested by a nearby surface asperity, which cracks at its base. (c) Subsequent impact by 
another drop of liquid breaks the asperity. (d) Direct hit on a deep pit results in accelerated damage, 
because shock waves bouncing off the sides of the pit cause the formation of a high-energy microjet 
within the pit. 

Among the components most susceptible to liquid impingement erosion are low-pressure turbine blades, low-
temperature steam piping, and condenser or other heat-exchanger tubes that are subjected to direct impingement 
by wet steam. Liquid impingement erosion in tubing or piping is most likely when fluid velocities exceed 2.1 
m/s (7 ft/s). Damage occurs first at locations where direction of flow changes, such as elbows or U-bends. 
Large-radius bends are less susceptible to such damage; however, use of erosion-resistant materials, such as 
austenitic stainless steel, is often more effective. Erosion of heat-exchanger tubes caused by impingement of 
wet steam can sometimes be eliminated by redirecting flow with baffles. 
Moisture erosion of low-pressure blades has been a problem throughout steam turbine history and remains a 
concern today. For example, Fig. 9 shows two portions of the leading edge of a blade from the last stage of a 
low-pressure steam turbine. Liquid impingement erosion in its advanced stages is often characterized by a 
surface that appears jagged, and composed of sharp peaks and pits. One portion (at left, Fig. 9) was protected 
by an erosion shield of Stellite 6B; the other portion (at right, Fig. 9) was unprotected type 403 (modified) 
stainless steel. The shield, made of 1 mm (0.04 in.) thick rolled strip and brazed onto the leading edge, resisted 
erosion quite effectively, but the unprotected base metal did not. 
 

 

Fig. 9  Two portions of a modified type 403 stainless steel steam turbine blade damaged by liquid 
impingement erosion. The portion at left was protected by a shield of 1 mm (0.04 in.) thick rolled Stellite 
6B brazed onto the leading edge of the blade; the portion at right was unprotected. Compare amounts of 
metal lost from protected and unprotected portions. Both 2.5× 

Both blade portions shown in Fig. 9 also illustrate the dependence of erosion on hydrodynamic intensity. 
Damage was most severe at the leading edge, where hydrodynamic intensity was greatest. Away from the 
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leading edge, impacting droplets were smaller, impact velocity was lower, and impact occurred at oblique 
rather than right angles; therefore, damage was progressively less severe. 
It may be impossible to reduce the hydrodynamic intensity significantly without seriously degrading 
performance. In such instances, the use of erosion-resistant metals may be the only practical solution to a 
problem of liquid erosion. Many of the erosion-resistant metals can be applied as welded overlays; this makes 
salvage or repair of damaged surfaces easier or surface treatment of new components less costly than would be 
possible if the component had to be made entirely of erosion-resistant metal. Because liquid erosion is basically 
a surface phenomenon, the use of erosion-resistant overlays is effective in combating damage. The Stellite 
alloys and stainless steels are the alloys most widely used as overlays. 
However, many small parts are not amenable to protection by the use of erosion-resistant overlays. Therefore, 
the most effective means of combatting erosion of small parts is to increase the hardness of the metal or to 
specify a more erosion-resistant metal. 
Erosion-Corrosion. When movement of a corrodent over a metal surface increases the rate of attack due to 
mechanical wear and corrosion, the attack is called erosion-corrosion. It is encountered when particles in a 
liquid impinge on a metal surface, causing the removal of protective surface films, such as air-formed 
protective oxide films or adherent corrosion products, and exposing new reactive surfaces that are anodic to 
uneroded neighboring areas on the surface. This results in rapid localized corrosion of the exposed areas in the 
form of smooth-bottomed shallow recesses. 
Nearly all flowing or turbulent corrosive media can cause erosion-corrosion. The attack may exhibit a 
directional pattern related to the path taken by the corrodent as it moves over the surface of the metal. Figure 10 
shows the interior of a 50 mm (2 in.) copper river waterline that has suffered pitting and general erosion due to 
excessive velocity of the water. The brackish river water contained some suspended solids that caused the 
polishing of the copper pipe surface. The horseshoe-shaped pits (facing upstream) are typical of the damage 
caused by localized turbulence. The copper pipe was replaced with fiberglass-reinforced plastic piping. 
 

 

Fig. 10  Erosion pitting caused by turbulent river water flowing through copper pipe. The typical 
horseshoe-shaped pits point upstream. 0.5× 

In piping systems, erosion-corrosion can be reduced by increasing the diameter of the pipe, thus decreasing 
velocity and turbulence. The streamlining of bends is useful in minimizing the effects of impingement. Inlet 
pipes should not be directed onto the vessel walls, if this can be avoided. Flared tubing can be used to reduce 
problems at the inlet tubes in a tube bundle. Erosion-corrosion presents a distinct appearance. The metal surface 
usually exhibits severe weight loss, with many hollowed-out regions; the overall surface has a carved 
appearance along the pipe or tube wall. 
Impingement attack or corrosion is a term used to describe some severe form of erosion-corrosion, where 
impingement is encountered and erosion is more intense. It occurs frequently in turns or elbows of tubes or 



pipes or on surfaces of impellers or turbines. An example of this type of erosion-corrosion is shown in Fig. 11. 
The combined effects of high velocities and corrosion are clearly visible on the pump impeller. Impingement 
corrosion attack can also occur as the result of partial blockage of a tube. The impinging stream can rapidly 
perforate tube walls, especially if silt or mud have an additional erosive effect. Steam erosion is another form of 
impingement corrosion. It occurs when high-velocity wet steam contacts a metal surface. The resulting attack 
usually produces a roughened surface showing a large number of small cones with the points facing in the 
direction of flow. 
 

 

Fig. 11  The classic appearance of erosion-corrosion in a CF-8M pump impeller 

Impingement attack often produces a horseshoe-shaped pit, where the deep undercut end points in the direction 
of flow. Impingement corrosion attack can also occur as the result of partial blockage of a tube. This form of 
attack frequently occurs in condenser systems handling seawater or brackish water that contains entrained air or 
solid particles and circulates through the system at relatively high velocities and with turbulent flow. The pits 
are elongated in the direction of flow and are undercut on the downstream side. When the condition becomes 
serious, a series of horseshoe-shaped grooves with the open ends on the downstream side may be formed. As 
the attack progresses, the pits may join one another, forming fairly large patches of undercut pits. 
When impingement attack occurs in heat-exchanger or condenser tubing, it is usually confined to a short 
distance on the inlet end of the tube where the fluid flow is turbulent. Impingement attack can be controlled by 
use of corrosion-resistant alloys, such as copper alloy C71500 (copper nickel, 30%). Impingement attack also 
has been somewhat relieved by inserting relatively short, tapered plastic or alloy sleeves inside the tube on the 
inlet end of the tube bundle. Other corrective measures include decreasing the velocity, streamlining the fluid 
flow, and decreasing the amount of entrained air or solid particles. These may be attained by a streamlined 
design of water boxes, injector nozzles, and piping. Abrupt angular changes in direction of fluid flow, low-
pressure pockets, obstruction to smooth flow, and any other feature that can cause localized high velocities or 
turbulence of the circulating water should be minimized as much as possible. Sacrificial impingement baffles 
can minimize damage to the shell-side surfaces of tubes. 
Cavitation erosion is the most severe form of erosion-corrosion, although cavitation damage may occur without 
active corrosion. Cavitation principally occurs when relative motion between a metal surface and a liquid 
environment causes vapor bubbles to appear. When the bubbles collapse, they impose hammerlike blows 
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simultaneously with the initiation of tearing action that appears to pull away portions of the surface. Although 
the tearing action can remove any protective oxide film that exists on the surface of a metal, exposing active 
metal to the corrosive influence of the liquid environment, corrosion is not essential to cavitation erosion. 
Whenever high velocities give rise to extremely low-pressure areas, as in a jet or rotary pump, vapor bubbles 
collapse at high-pressure areas and destroy the protective film on the metal surface or disrupt the metal itself. 
Cavitation erosion occurs typically on rotors or pumps, on the trailing faces of propellers and of water turbine 
blades, and on the water-cooled side of diesel engine cylinders. Damage can be reduced by operating rotary 
pumps at the highest possible head of pressure to avoid formation of bubbles. For turbine blades, aeration of 
water serves to cushion the damage caused by the collapse of bubbles. Neoprene or similar elastomer coatings 
on metals are reasonably resistant to damage from this cause. 
Cavitation erosion occurs in regions of a system where a combination of temperature and flow velocity causes 
growth and subsequent collapse of large quantities of vapor-filled bubbles in a flowing stream of liquid. 
Damage occurs at the points of bubble collapse. In steam plants, the components most often damaged by 
cavitation erosion are feed lines, pump casings, and pump impellers. Figure 12 shows the typical appearance of 
a part extensively damaged by cavitation erosion; the surface is deeply and irregularly pitted. 
 

 

Fig. 12  Cast iron suction bell, 455 mm (18 in.) in diameter, from a low-pressure general service water 
pump that failed by cavitation erosion after about 5 years of service. Note the deeply pitted surface and 
the irregular shape of the erosion pattern, both of which are typical characteristics of cavitation damage. 

Cavitation erosion is most effectively avoided by reduction of either flow velocity or temperature (reduction of 
flow velocity is preferable). Other measures include selection of material and the use of erosion-resistant 
welded overlays. 
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Introduction 

CAVITATION EROSION is a type of wear in hydraulic turbines, on pump impellers, on ship propellers, 
valves, heat-exchanger tubes, and other hydraulic structures in contact with high-velocity liquids subjected to 
pressure changes. This type of wear also has been observed in mechanical devices such as plain bearings, seals, 
and orifices in which fluid goes through severe restrictions. Cavitation damage may occur when surfaces in 
contact with fluid are subjected to vibrations (e.g., water-cooled diesel-engine cylinder liner). Sometimes, 
cavitation can initiate other types of wear such as adhesion or abrasion because of wear particles produced at 
the friction interface, making the failure analysis more difficult. 
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Cavitation Mechanisms 
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Cavitation can occur if the pressure on a liquid is reduced sufficiently to cause formation of vapor-filled voids, 
or cavities (bubbles), even at room temperature. When the liquid that contains cavities is subsequently 
subjected to higher hydrostatic pressure, the bubbles can collapse suddenly. This collapse can cause surface 
damage through shock waves and microjets. 
Shock waves. Surrounding liquid that fills the cavity may have very high speed. When the cavity is reduced to a 
smaller dimension, pressure in the cavity is so high and the liquid speed of the interface is so rapid that residual 
vapor in the cavity has no time to condense. This cavity is so reduced on forming a very high pressure bubble. 
When the pressure reaches the maximum level, a compression wave front forms at the interface. This front 
spreads in the liquid when the bubble becomes bigger again (bounce). If this collapse-bounce is repeated, solid 
surface in the liquid is subjected to a cyclic pressure, which can cause surface fatigue. 
Microjets. When the cavity is near a solid surface, liquid coming from the solid surface side will be slower than 
that from inside the fluid. An initial spherical bubble will reduce asymmetrically as shown in Fig. 1, and a 
microjet of liquid will be projected toward the solid surface. The speed of the microjet depends on many 
factors, most importantly, the pressure. Some calculation results show that the speed is generally over 100 m/s 
(330 ft/s). This speed can produce a pressure of several hundred MPa, sufficient to damage most common 
materials (Ref 1). 

 

Fig. 1  Numerical simulation of a bubble collapse near a solid surface showing evolution of the bubble 
during collapse 

Characteristics of the Cavitation Process. The cavitation process has the following four characteristics:  

• High pressure: The pressure peak can reach several hundred MPa or even climb to several GPa. This 
pressure is higher than the elastic limit of most engineering materials. 

• Small dimension: Dimensions of the microjet are very small (from a few micrometers up to several 
hundred micrometers). Thus, each impact on the solid surface concerns only a very small area. 

• Short time: The duration of the impact is about several microseconds. 
• High temperature: Because of the localized dissipation of energy during collapse, local temperature can 

be very high (several thousand °C). 

While the preceding information gives a general view of the cavitation process, many observed phenomena 
cannot be completely explained by shock wave or single-cavity collapse. When a large number of cavities are 
formed at the same time, it may produce a cluster of cavities. Interactions between bubble collapses in a cluster 
may be very complex. Energy generated by the collapse of outer cavities in the cluster may be transferred to the 
cluster center, leading to an increase of local hydrostatic pressure higher than that due to an individual collapse. 



After the microjet impact, liquid flow on the solid surface could also have some effect on material removal. 
This is the reason why some surface-crack formation observed could not be attributed only to microjet impact 
on the solid surface (Ref 2, 3, 4, 5, 6, 7, 8). 
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Cavitation Erosion Analysis 

Failure Mechanisms. Cavitation erosion is material removal or plastic deformation of a solid surface in contact 
with a fluid subjected to cavity collapse. Shock wave and microjet result in a mechanical loading of the solid 
surface. In terms of contact mechanics, this type of loading could be considered as solid-solid contact with or 
without friction. If stresses in the material resulting from the hydrostatic pressure at the solid surface are over 
the material elastic limit, it will lead to plastic deformation at or near the surface. It is similar to a material 
removal mechanism by abrasion. If stresses are lower than the material elastic limit, cyclic loading by a large 
number of collapses also can damage the material by a surface fatigue mechanism. However, the surface fatigue 
mechanism does not take into account high-speed and small-volume effects. Due to high-speed deformation, 
material behavior, as in the case of solid-solid impact, is governed by strain-rate sensitivity. Due to the small 
volume, a scale effect can be considered, and the work-hardening effect cannot be interpreted as it can be in a 
classical abrasion mechanism. 
In terms of energy dissipation, impact energy can be absorbed by elastic and plastic deformation or fracture. 
The capability of energy absorption by deformation without material removal is linked directly to cavitation 
resistance of materials. 
The failure mode by cavitation is influenced markedly by strain-rate sensitivity of materials. In practice, two 
mechanisms of cavitation failure are considered: those for ductile materials and those for brittle materials. 
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Ductile failure mechanism is observed for most engineering metallic materials that are not very sensitive to 
strain rate (Fig. 2). Metals with a face-centered cubic (fcc) structure generally are not sensitive to strain rate. 
Their response to cavitation often is similar to their static mechanical behavior. Main damage is caused by 
plastic deformation or ductile rupture, which can be attributed to microjet impact close to the surface. For 
metals with a body-centered cubic (bcc) structure, deformation generally is strain-rate sensitive. Thus, their 
reaction to cavitation is always a competition between flow and fracture. When pure iron is subjected to 
cavitation, it exhibits both brittle and ductile failure mechanisms. For hexagonal close-packed (hcp) structure, 
response to an applied stress can be either strain sensitive or not. In case of multiphase alloys, the size and 
dispersion of the different phases also can have an influence on the cavitation mechanism. 
 

 

Fig. 2  Wear surface by cavitation of copper-base alloy in a lubricated gearbox. Courtesy of CETIM 

Brittle failure mechanism is exhibited by materials such as ceramics and plexiglass that have a weak capability 
of energy absorption during deformation by impact (Fig. 3). Material removal is caused by propagation of 
cracks at the surface or at grain boundaries. In this case, most impact energy is dissipated by crack formation, 
which leads to more frequent material removal. The absorbed energy to remove a given volume of material by 
cracking is much less than that necessary to remove the same volume of material through plastic deformation. 
That is why brittle materials generally are less resistant to cavitation. 
 

 



Fig. 3  Wear surface of Al2O3 after vibratory cavitation test. Courtesy of CETIM 

Different Stages of Cavitation Erosion. Evolution of cavitation erosion depends on many parameters, such as 
material, surface shape, liquid, and cavitation conditions. There is no universal law for erosion rate (mass loss 
per unit time) evolution with period of exposure to cavitation. In most cases, however, a little mass loss is 
observed in the early stage of cavitation (incubation stage). This stage often is followed by a period of great 
increase of erosion rate (accumulation stage) or of a constant erosion rate (steady stage). After that, a decrease 
of erosion rate often is observed (attenuation stage) 
Incubation Stage. This stage corresponds to an undetectable weight-loss period. Impact energy is dissipated by 
surface elastic or plastic deformation or by cracking for most metals with sometimes work-hardening effect at 
the surface. The surface exhibits some modification such as plastic flow, indentation traces, undulation, 
delineation of grain boundaries, coarse slip band, or cracking (Fig. 4). The determination of duration of this 
period depends on accuracy of weight measurements. Therefore, it is only a system response and not an 
intrinsic materials property. It is not reasonable to compare the durations of incubation between different types 
of tests or industry structures. 
 

 

Fig. 4  Cavitation erosion: incubation stage of Ti-6Al-4V on vibratory cavitation test. Courtesy of 
CETIM 

Accumulation or Steady Stage. When the work-hardening limit is reached, continuous plastic deformation leads 
to detachment of material and propagation of cracks near the surface, which results in an acceleration of 
material-removal rate. The worn surface becomes rougher with a large number of small pits and deep craters 
(Fig. 5). The erosion rate can increase or remain constant depending on material type and cavitation conditions. 
Neither the craters nor the pits are associated in any way with material nature, grain boundaries, slip lines, or 
any other structure feature. The duration of this stage can vary with cavitation resistance of material. There is 
no significant modification of surface morphology during this period. Mass loss can be very large for certain 
materials, such as aluminum. 
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Fig. 5  Wear surface of 304 stainless steel after vibratory cavitation test. Courtesy of CETIM 

Attenuation stage. The decrease of erosion rate during this period depends on many factors, such as materials 
properties, interactions between liquid flow and worn surface by an accommodation process. Residual air or gas 
bubbles in the deep craters also can act as a cushion and absorb a part of the impact energy. The worn surface 
corresponding to this period generally is rougher with craters more expanded. This stage of cavitation occurs 
only under certain conditions. During vibratory cavitation (ASTM G 32), no significant attenuation stage has 
been observed for aluminum alloys, copper alloys, carbon steel, stainless steel, and titanium alloys (Ref 2, 3, 4, 
5, 6, 7, 8, 9, 10, 11, 12, 13, 14, 15, 16, 17, 18, 19). 
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Industry Examples of Cavitation Failure 

Cavitation in Bearings. Cavitation damage in oil-lubricated bearings currently is observed both in medium/slow 
speed diesel engines for marine or power station applications and in high-speed automotive engines. Because of 
fluctuation of radial force from the crankshaft, instability of lubricant flow, variation of oil pressure can be 
sufficient to produce bubble inception, collapse, and microjet formation process. In practice, however, the 
fluctuations of radial force vary with engine design and operation parameters such as load and speed. It is not 
always easy to determine the real cause of cavitation damage. 
Four main cavitation mechanisms in plain bearings are now generally recognized; these are described in the 
following paragraphs. Wear particles produced by cavitation also can accelerate bearing damage. 
Suction. Since most cases of suction erosion are found in the upper half of the main bearing, it is easy to 
imagine the damage mechanism with cyclic movement of crankshaft in radial direction. When the crankshaft 
moves from the upper to the lower half of the bearing, the sudden decrease of pressure due to firing load 
produces an aspiration effect in oil, so bubbles can be formed in this region where the pressure is lowest in the 
circumference. Collapse of the bubbles forms microjets, which are responsible for the surface damage observed 
(Fig. 6). High-speed diesel engines can have more risk of suction because of high radial moving speed of the 
shaft. 
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Fig. 6  Cavitation erosion of main bearing of diesel engine. Courtesy of CETIM 

Discharge. Oil in the clearance escapes at high speed under radial action of the shaft due to firing load. This 
type of cavitation takes place in the lower half of the bearing. High-speed oil jet, leading to a drop of pressure, 
can produce cavities, and their collapse can cause damage on the adjacent surface. 
Flow Instability. Variations in bearing geometry (oil grooves, edges of oil hole) often are responsible for flow 
instability. When oil flow goes from a grooved region to an ungrooved section, an area of low-pressure oil is 
created at the end of drilling. Vapor bubbles can be formed in this region and their collapse can cause cavitation 
damage. This phenomenon often is observed in medium/low speed engines because an ungrooved bearing 
surface is needed to increase carrying capacity (Fig. 7). 
 

 

Fig. 7  Wear traces on a hydrodynamic bearing surface. Courtesy of CETIM 

High-Pressure Impact Mechanism. When oil flow through a shaft drilling into a bearing is interrupted by the 
edge of the oil outlet as the drilling rotates or by inertia forces, high pressure can be produced. This variation of 
pressure can generate cavitation damage (Ref 20, 21, 22, 23). 
Wear particles produced by cavitation can accelerate bearing damage. If wear particles from cavitation erosion 
are not removed systematically from the contact surface, these particles can cause other types of wear, such as 
solid-particle erosion or third-body abrasion (Fig. 8). 



 

Fig. 8  Wear traces on a plain bearing surface initiated by cavitation. Courtesy of CETIM 

Cavitation erosion in centrifugal pumps has been studied intensely by means of both analytical calculation and 
experimental tests. But this problem still has not been resolved entirely because cavitation erosion in this type 
of pump is a very complex physical process that depends on many parameters. Generation and collapse of 
bubbles are influenced by pump geometry, liquid characteristics, materials properties, and hydrodynamic and 
thermodynamic parameter variations (Ref 24, 25, 26, 27, 28). 
Most cavitation erosion damage takes place on the suction surface of the impeller because of suction 
instabilities. With decreasing flow rate, the fluid approaches the impeller blades with larger and larger angles of 
incidence. This leads to great variations of pressure and velocity field inside the impeller. Vapor bubbles can be 
generated, and collapses occur near the suction surface (Fig. 9). Suction instabilities can be related to fluid 
characteristic changes and pipe and impeller geometries. 
 

 

Fig. 9  Wear on suction surface of centrifugal pump impeller by cavitation and solid particle erosion. 
Courtesy of CETIM 

Cavitation erosion also can be found in the pressure side of impeller blades. (Fig. 10). In this area, erosion 
damage can be caused by excessive high-flow rates. Interaction of suction recirculation and incoming flow 
form vortices that result in cavitation vapor. 

The file is downloaded from www.bzfxw.com



 

Fig. 10  Wear on pressure surface of centrifugal pump impeller by cavitation and solid particle erosion. 
Courtesy of CETIM 

Cavitation in gearboxes. Pitting on the contact surface of gear teeth generally is attributed to contact fatigue, a 
pure mechanical phenomena. In certain cases, however, cavitation also can cause pitting damage at the tooth 
surface. According to high-speed photography (16,000 to 30,000 frames per second) observation, bubbles and 
collapses can take place at the line of contact, as founded by theoretical analysis. This conclusion was 
confirmed by experimental study on a vibrating plate test rig. Gear vibration is the main cause of this type of 
cavitation damage (Ref 29). Similar phenomena were observed on tooth surfaces in a gearbox subjected to 
vibrations (Fig. 11) and on the side surface of a gear pump (Fig. 12). 
 

 

Fig. 11  Cavitation erosion on tooth surfaces subject to vibrations. Courtesy of CETIM 



 

Fig. 12  Cavitation erosion on side surface of a gear pump subjected to vibrations. Courtesy of CETIM 
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Cavitation resistance of materials (Ref 30, 31, 32, 33, 34, 35, 36, 37, 38, 39, 40, 41, 42, 43, 44, 45, 46, 47, 48, 
49, 50, 51, 52, 53) is a key factor in the prevention of cavitation failures. In order to reduce cavitation erosion 
wear, one of the most intuitive reactions of mechanical engineers is to look for better materials for the same 
design. Materials scientists endeavor to create new materials, especially surface coatings and treatments, to 
answer these needs. 
However, cavitation resistance is not an intrinsic property of material, but a system response. In addition to the 
nature of the material (composition, structure, heat treatment, geometry, surface roughness, residual stress, 
etc.), cavitation resistance depends largely on liquid property, flow speed, vibration characteristics, temperature, 
hydrostatic pressure, and so on. For certain materials, cavitation resistance is related to hardness, but for most 
metallic materials, it is related more closely to fatigue strength of materials (Ref 19). It is very difficult, 
therefore, to establish a universal rule for materials selection to minimize cavitation erosion wear. 
In practical applications, laboratory tests often are used to evaluate cavitation resistance of a group of candidate 
materials. If the test conditions are sufficiently close to those of real applications, the test data can be very 
useful for the first choice of materials. Some recent laboratory data also can give new ideas for materials 
selection. 
Laboratory tests used to evaluate erosion and cavitation damage in metals include:  

• High-velocity flow tests, including venturi tubes, rotating disks, and ducts containing specimens in 
throat sections 

• High-frequency vibratory tests using either magnetostriction devices or piezoelectric devices 
• Impinging jet tests using either stationary or rotating specimens exposed to high-speed jet or droplet 

impact 

These tests generally are designed to provide high-erosion intensities on small specimens in relatively short 
times. These methods may not closely simulate service conditions, but they are useful for ranking candidate 
materials. The test methods are described subsequently. 
Metals and Alloys. Various metals and alloys are used widely in mechanical engineering, but their degrees of 
cavitation erosion resistance are quite different. Generally, hard metals have a good resistance, although the 
hardness is not always a good indicator of cavitation resistance, especially for alloys. 
Several high-purity metals and some commercially available metals and alloys were tested by means of 
vibratory apparatus (Fig. 13). The specimen is opposite the vibration horn with a distance of 0.9 mm (0.04 in.) 
Tungsten, molybdenum, cobalt, and their alloys are much more resistant to cavitation erosion than magnesium, 
aluminum, zinc, copper, nickel, and iron and their alloys. 



 

Fig. 13  Incubation time of different metals and alloys (frequency = 21.1 kHz; distance between specimen 
and vibration horn = 0.9 mm; vibration amplitude = 35 μm; temperature = 20 °C; liquid: water). Source: 
Ref 30  

Similar ranking results are obtained with the specimen directly mounted in the vibration horn (Fig. 14), but 
cavitation wear is evaluated by erosion rate of steady stage (weight loss per unit time, mg/h). 
 

 

Fig. 14  Erosion rate of different metals and alloys (frequency = 20 kHz; specimen mounted in vibration 
horn; vibration amplitude = 50 μm; temperature = 20 °C; liquid: distilled water). Source: Ref 2  
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A large range of materials were tested by means of a vortex test apparatus. Good cavitation erosion resistance is 
noted with Stellite, polyamide 12, and Ti-6A1-4V (Fig. 15). 
 

 

Fig. 15  Erosion rate of different materials in a vortex erosion apparatus (input pressure = 7.7 bars; 
output pressure = 1 bar; flow: 3.3 mm3/h; input speed = 18 m/s; rotation speed: 400 turns/min; liquid: 
distilled water; temperature = 18). Source: Ref 1  

Aluminum generally has a weak cavitation erosion resistance compared with steels. This resistance can be 
considerably improved, however, by aging and alloying (Fig. 16). 
 

 



Fig. 16  Erosion rate of aluminum treated in different conditions (AQ: as-quenched; OA: over-aged; PH: 
peak-hardened; frequency = 20 kHz; distance between specimen and vibration horn = 1.25 mm; 
vibration amplitude = 40 μm; temperature = 15 °C; liquid: distilled water). Source: Ref 31 

Recent results show that TiNi has a very good cavitation erosion resistance. In 3% NaCl aqueous solution, the 
erosion rate of TiNi can be 38 times higher than that of 304 stainless steel (Fig. 17). 
 

 

Fig. 17  Erosion rate of TiNi, 304 stainless steel, and Ni-base alloys (frequency = 20 kHz; specimen 
mounted in vibration horn; vibration amplitude = 50 μm; temperature = 20 °C; liquid: 3.5% NaCl 
aqueous solution). Source: Ref 34  

Hydraulic components working in aqueous conditions suffer from cavitation. However, more and more 
cavitation phenomena are observed in sealing and lubrication systems working in oil. Experimental results 
show that brittle materials generally have higher erosion rates than ductile materials have. Long incubation 
periods and important attenuation stages have been observed in titanium alloys. (Fig. 18). 
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Fig. 18  Erosion rate of metals in mineral oil (frequency = 20 kHz; specimen mounted in vibration horn; 
vibration amplitude = 50 μm; liquid: mineral oil, viscosity at 20 °C = 110 cS). Source: Ref 35  

Ceramics are used as components of hydraulic machinery and valves because of their superior corrosion, 
abrasion, and solid-particle erosion resistance. However, damage can occur by cavitation erosion. Some 
ceramics are more sensitive to cavitation than others. Experimental results show that bending resistance has no 
significant influence on cavitation. Cavitation erosion resistance depends largely on the microstructure of 
ceramics (e.g., grain size, open pores, and holes, Fig. 19). Microjet impact leads to intergranular fracture around 
defects of alumina surface generating granular particle removal. Better cavitation erosion resistance can be 
obtained for alumina with smaller grain size. 
 

 



Fig. 19  Erosion rate of ceramics with different grain size (frequency = 20 kHz; distance between 
specimen and vibration horn = 1 mm; vibration amplitude = 50 μm; temperature = 25 °C; liquid: ion-
exchanged water). Source: Ref 37  

Surface coatings and treatments include metallic coatings and laser surface modification. 
Metallic Coatings. Interactions of cavitation and corrosion lead to much more material removal for the 
components working in corrosive liquid. When choosing corrosion-resistant plating, the cavitation resistance of 
these parts must be taken into account. Thickness of coatings is often one of the most important parameters for 
hard coatings such as chromium and nickel. When the coating is removed, electrochemical reaction becomes 
more important. For soft, less-noble coatings such as zinc, erosion can be reduced by cathodic protection of the 
coating remaining outside (Fig. 20). 
 

 

Fig. 20  Erosion rate of metallic coatings (frequency = 20 kHz; distance between specimen and vibration 
horn = 1 mm; vibration amplitude = 50 μm; temperature = 25 °C; liquid: 3% NaCl aqueous solution). 
Source: Ref 38  

Laser Surface Modification. To improve wear resistance of components working under corrosion and cavitation 
conditions, laser surface modification is desirable in engineering applications because they consume only a 
small amount of precious materials at the surface. Modified surfaces can provide specific properties conducive 
to corrosion and cavitation resistance. Laser alloyed surface with carbon, and Al + Si can improve cavitation 
erosion resistance of UNS 31603 stainless steel 10 times. (Fig. 21). Significant improvement in corrosion and 
cavitation resistance, however, cannot be achieved simultaneously with current solutions. 
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Fig. 21  Erosion rate of laser-modified 316 stainless steel (UNS 31603) 31603 stainless steel (frequency = 
20 kHz; specimen mounted in vibration horn; vibration amplitude = 30 μm; temperature =23 °C; liquid: 
3.5% NaCl aqueous solution). LA, laser alloyed; LM, laser modified. Source: Ref 42  
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Other Prevention Parameters 

Design Optimization. Optimized geometry can reduce variation of pressure, which is responsible for cavitation. 
To reduce cavitation in a diesel engine main bearing, for example, optimized groove ending geometry can 
reduce cavitation erosion effectively (Ref 22). A similar principle of modification can be applied in a 
centrifugal pump impeller. 
Reducing Clearance. Reduction of diametrical clearance limits the journal velocity of the shaft in the bearing 
and the flow of oil. Cavitation erosion resulting from flow erosion, depending on flow velocity, thus can be 
minimized. The use of reduced diametrical clearance also is effective in suppressing the crankshaft, depending 
on engine noise. It suggests an eventual correlation between noise and cavitation erosion. In practice, clearance 
reduction differs from one engine to another and depends fundamentally on the limits of size and alignment to 
which components can be produced and assembled (Ref 21). 
Reducing Vibration. Vibration is responsible for significant erosion damage in sealing and hydraulic circuit 
systems. The pressure variation due to the vibrations can result in bubble forming and collapse near the surface. 
The vibrations can have many sources: firing of engine, mechanical vibrations of other surrounding 
components, friction, and fluctuation of liquid pressure, and so on. Suppression of vibrations must start with a 
careful analysis of vibration sources. Sometimes, a very simple method such as mass change or isolating layers 
is sufficient to eliminate the vibration. 
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Cavitation Tests 

There are two American Society for Testing and Materials (ASTM) standards for the evaluation of erosion and 
cavitation: G 32 (Ref 54), which is a vibratory test method using either a magnetostrictive or piezoelectric 
device that vibrates at a frequency of 20 kHz, and G 73 (Ref 55), which is much broader in scope than G 32. 
Both of these standards include definitions of terms related to cavitation and erosion, as well as information on 
specimen preparation, test conditions and procedures, and data interpretation. In both cases, the test apparatus is 
calibrated, and comparisons of the relative resistances of materials are made by the use of reference materials. 
ASTM Standard G 32 is based on the generation and collapse of cavitation bubbles on a specimen surface 
vibrating at high frequency (Ref 54). It is used to evaluate the relative resistances of different materials to 
cavitation erosion. 
Test Specimen. Reference 54 specifies a test specimen measuring 15.9 mm ± 0.05 mm (0.625 ± 0.002 in.) in 
diameter and not less than 3.2 mm (0.125 in.) in thickness. More details on specimen requirements are provided 
in Ref 54. 
The test apparatus (Fig. 22) produces axial oscillation of the test specimen, which is partially immersed in the 
test liquid. This test is performed by either a magnetostrictive or piezoelectric transducer driven by an 



electronic oscillator or amplifier. The transducer vibrates at a frequency of 20 kHz. The apparatus must include 
some method of measuring the displacement amplitude of the transducer as well as a means of maintaining the 
specified test temperature. 

 

Fig. 22  Schematic of a typical vibratory erosion/cavitation test apparatus. Source: Ref 54 

Test Conditions. The standard test liquid is distilled or other reagent water meeting the specifications of ASTM 
D 1193 (“Standard Specification for Reagent Water”) maintained at a temperature of 22 ± 1 °C (72 ± 2 °F). Air 
is maintained over the test liquid at a pressure of 96 ± 12 kPa (28.4 ± 3.5 in. of mercury). A peak-to-peak 
displacement amplitude of 0.05 mm (0.002 in.) ± 5% is specified for the duration of the test. 
Test conditions can be varied by using different test liquids, temperatures, and pressures. Any such variations 
must be noted when results are reported. Liquids other than reagent water that have been used include 
petroleum derivatives, glycerin, and liquid metals. Water has been used at temperatures other than 22 °C (72 
°F), and these tests have shown that the erosion rate peaks strongly at a temperature about midway between the 
freezing point and the boiling point of the test liquid. Therefore, the erosion rate of a material in water at normal 
atmospheric pressure peaks at about 50 °C (122 °F) and falls off on either side of this value. The decrease in 
erosion rate is most dramatic as the temperature rises above 50 °C (122 °F) (see the section “Effects of Test 
Parameters” in this article). 
Test Procedure. The specimen must be cleaned and accurately weighed before testing, then immersed in the test 
liquid to a depth between 3.2 mm (0.125 in.) and 12.7 mm (0.5 in.). The peak-to-peak displacement amplitude 
should be monitored constantly. The test should be interrupted periodically to determine the mass loss of the 
specimen, which should be cleaned and dried carefully before reweighing. The time between measurements 
should be such that a plot of cumulative mass loss-versus exposure time can be established. The time between 
measurements, therefore, depends on the specimen material; softer materials (for example, aluminum alloys) 
can be examined every 15 min, while the interval between measurements for a harder material, such as Stellite 
alloy 6B, may range from 8 to 10 h. Testing should be continued at least until the erosion rate reaches a 
maximum and begins to diminish. When several materials are being compared, all should be tested until they 
reach comparable mean depths of erosion. 
Data Acquisition and Reporting. The mean depth of erosion of the specimen should be calculated based on the 
full area of the test surface of the specimen. The report should include the following information:  

• Alloy type, metallurgical condition, composition, and mechanical properties (including hardness) 
• Specimen preparation, preferably including initial surface roughness measurement 
• The number of specimens tested 
• Tabulation of cumulative mass losses and cumulative exposure time for each specimen 
• Plots of cumulative mean depth versus cumulative exposure time for each specimen 
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To facilitate comparisons between different materials, results often are expressed in terms of a single number 
based on the erosion resistance of the test specimen relative to that of a standard reference material. These types 
of ratings are discussed more fully in Ref 55. 
The report also should include information on any deviations from the standard test procedure (for example, 
test liquid, temperature, or pressure, as discussed earlier) as well as any unusual occurrences or observations. In 
addition, each test should include at least one of the standard reference materials to facilitate calculation of the 
normalized erosion resistance of the test materials. Reference materials include aluminum alloy 1100-O, 
commercially pure annealed nickel (for example, Nickel 270), and type 316 stainless steel with a hardness of 
150 to 175 HV. As mentioned, previously these materials are used also to calibrate the testing apparatus. 
ASTM Standard G 73 provides guidelines for liquid drop impingement testing that, in addition to evaluating the 
resistance of metals, can be used to evaluate the degradation of optical properties of window materials and the 
destruction of coatings by the impinging liquid (Ref 55). The standard does not outline a single test method or 
apparatus but, instead, gives guidelines for setting up tests and specifies test and analysis procedures and the 
reporting of data. 
Test Specimens. Metallic test specimens can be chosen to present a curved (airfoil or cylindrical) or flat surface 
to the impinging liquid. They can be machined from a solid bar or cut from sheet. If specimens are machined, 
care should be taken to avoid work hardening of the surface. Surface finish should range from 0.4 to 1.6 μm (16 
to 63 μin.) rms (root mean square). If another surface finish is employed, it should be noted in the test report. 
Test Apparatus. ASTM Standard G 73 mainly addresses erosion test devices of the rotating disk type. In these 
tests, the specimen or specimens are attached to a rotating disk or arm, and their circular path passes through 
one or more liquid jets or sprays, resulting in discrete impacts between the specimen and the droplets or the 
cylindrical surface of the jets. Peripheral velocities (and, therefore, impact velocities) ranging from about 50 
m/s (165 ft/s) to as high as 1000 m/s (3280 ft/s) may be obtained, depending on the particular apparatus used. 
Figure 23 illustrates two examples of rotating disk test apparatuses. 
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Fig. 23  Examples of rotating disk and rotating arm erosion: cavitation test apparatuses. (a) Small, 
relatively low-speed rotating disk and jet apparatus. (b) Large, high-speed rotating arm spray apparatus. 
Source: Ref 55  

Droplet or jet diameters also vary from about 0.1 to 5 mm (0.004 to 0.2 in.). Droplets can be generated by spray 
nozzles, vibrating hollow needles, or rotating disks with water fed onto their surface. The typical droplet or jet 
diameter and the volume of liquid impacting the specimen per unit time should be determined within 10%. Jet 
diameter usually is assumed to be the same as the nozzle diameter. Other types of liquid impact erosion test 
devices also are described briefly in Ref 55. 
Test procedures for various materials vary to some extent. The standard gives procedures for structural 
materials and coatings, including metals, structural plastics, composites, and metals with ceramic or metallic 
coatings; elastomeric coatings; window materials; and transparent thin-film coatings on window materials. 
Details on these procedures are outlined in the standard. 
Calculation of Erosion Resistance. Because it currently is not possible to define “absolute” erosion resistance, 
most investigators use comparative evaluations of different materials to quantify relative erosion resistance. 
ASTM Standard G 73 details several approaches for calculating and presenting relative or normalized measures 
of erosion resistance for the various classes of materials considered. These methods include evaluation based on 
time to failure, total material loss, erosion rate-time patterns, incubation period and maximum erosion rate, and 
terminal erosion rate. Results for different materials can also be normalized by direct comparison to one of the 
designated reference materials (for metals, aluminum alloys 1100-O or 6061-T6; annealed commercially pure 
nickel, such as Nickel 270; and type 316 stainless steel with a hardness between 155 and 170 HV) or by indirect 
comparison to a standardized reference scale. Details on these procedures, as well as on the calculation of an 
apparatus severity factor, are given in ASTM G 73. 
Other Tests. Numerous other techniques are available for evaluating cavitation and erosion in the laboratory. 
Most of these practices are variations on the methods already described, employing rotating disks, vibrating 
devices, or venturi tubes to achieve the required fluid velocities (Ref 56). Another device used to produce 
cavitation and erosion is the liquid gun, which projects short, discrete slugs of liquid out of a nozzle onto the 
specimen (Ref 57). Details of other nonstandard test procedures are available in Ref 58, 59, 60. 
Effects of Test Parameters (Ref 56). Test conditions—including the temperature, pressure, and flow velocity of 
the test liquid and the frequency, amplitude, and distance between the specimen and the vibrating surface in a 
vibrating fluid—all influence the incubation and intensity of cavitation. The effects of varying these test 
parameters are described next. 
Variations in velocity and pressure should not be considered separately, because the intensity of erosion 
cavitation is a function of both parameters. Generally, erosion rates increase with velocity. A common 
technique used to evaluate the effect of velocity is to determine the number and size of pits produced in a soft 
material, such as aluminum, per unit time as velocity is varied (Ref 61). Although the number of pits observed 
increases over a wide range with velocity, the variation in pit size is relatively insignificant. 
The influence of pressure has been investigated for both flow and vibratory cavitation (Ref 62, 63). In the 
former investigation, velocity was held constant and pressure was increased. Cavitation damage increased to a 
maximum and then decreased to zero at the pressure corresponding to cavitation inception (Ref 62). In 
vibratory testing, the erosion rate increased steadily with increasing pressure up to 4 atm, the maximum 
pressure obtainable in the device used (Ref 63). The authors noted, however, that at sufficient pressure the 
cavitation rate would, in fact, drop to zero. 
Temperature. As mentioned earlier, erosion rate increases with temperature to a maximum, then decreases near 
the boiling point of the test liquid. The decrease in erosion rate near the boiling point is attributed to the 
increase in vapor pressure of the test liquid (Ref 62). The effect of temperature on the erosion rate of plain 
carbon steel in three aqueous environments is shown in Fig. 24. 



 

Fig. 24  Influence of temperature on the erosion rate of plain carbon steel in a vibratory cavitation 
device. Source: Ref 62  

Amplitude and frequency in vibratory devices influence the degree of damage. In tests at constant frequency, 
erosion rate increased slightly with increasing amplitude (Ref 64). The incubation period for damage decreased 
with increasing amplitude. 
Most vibratory devices operate at the the resonant frequency of a piezoelectric crystal. Therefore, frequency 
cannot be varied easily over a significant range. In one investigation, three different devices with frequencies of 
10, 20, and 30 kHz were used to determine the effect of frequency on erosion rate (Ref 64). The stress produced 
by the cavitation increased as frequency decreased, but the effect was not as significant as that caused by 
changes in amplitude. 
Distance between Specimen and Vibrating Surface. The amount of erosion damage to a specimen rises to a 
maximum as the distance between the specimen and the vibrating surface decreases. At a frequency of 20 kHz, 
the position that results in maximum erosion rates is approximately 0.5 mm (0.02 in.) from the vibrating surface 
(Ref 65). The position of the maximum is independent of amplitude, but no data are available on the influence 
of frequency on this position. 
The influence of fluid properties has been studied by several investigators. Unfortunately, most of them made 
little attempt to identify those properties of the fluid that affect erosion rates. One investigator, however, 
considered fluid viscosity, vapor pressure, surface tension, and specific gravity for water, gasoline, and the 
sodium-potassium eutectic (Ref 66). The temperature dependence of erosion rates was attributed to the effects 
of velocity and surface tension at low temperatures and to the increase in vapor pressure at high temperatures. 
By comparing the temperature dependence of properties of the different fluids, he was able to predict the 
variation in erosion damage in the three fluids. The resulting equation, however, cannot be used to predict 
erosion rates in other fluids. 
Correlations among Test Methods (Ref 53). Investigations have indicated that there are considerable differences 
in the erosion intensities produced by different test techniques (that is, high-velocity flow, vibratory, and 
impingement) and test parameters (vibratory frequency; specimen size and shape). There is, however, general 
agreement on the ranking of test materials. When the erosion resistance of a material is expressed as a 
normalized erosion resistance (NER), which is the ratio of the erosion rate of the test material to that of a 
standard material, results from different test methods and different laboratories can be directly compared and 
are reasonably consistent (Ref 66). Calculation of NER values and statistical analysis of erosion rate data are 
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discussed in detail in Ref 55, which also reports on the results of interlaboratory testing using a liquid 
impingement testing method at three specified velocities. 
Correlations between Laboratory Results and Service (Ref 53). The erosion rates of materials that can be 
anticipated in service cannot be quantified at this time; however, methods have been developed to identify 
service erosion intensities under conditions of controlled operation. These methods include attaching aluminum 
panels to hydraulic turbine vanes (Ref 67), a strain-gage technique for measuring the relative intensities of 
laboratory and service devices (Ref 68), and the use of a radioactive paint to correlate the erosion intensity of an 
operating turbine with an erosion rate index (Ref 69). This latter investigation led to the establishment of 
relative resistance scales, in which laboratory exposures of 1 to 2 h in a vibratory apparatus can be compared 
with 16 to 100 h exposures in a venturi apparatus and with months of operation in full-scale turbines. 
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Introduction 

EROSION of solid surfaces can be brought about solely by liquids in two ways: from damage induced by 
formation and subsequent collapse of voids or cavities within the liquid, and from high-velocity impacts 
between a solid surface and liquid droplets. The former process is called cavitation erosion and the latter is 
liquid-droplet erosion. Both forms of liquid-impact erosion are discussed in detail in Friction, Lubrication, and 
Wear Technology, Volume 18 of ASM Handbook (Ref 1, 2). Most of what is presented in those articles is not 
repeated here; instead, emphasis in this article is on manifestations of damage and on ways to minimize or 
repair liquid-impact damage. 
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Cavitation Erosion 

Hydrodynamic effects in flowing liquids or in liquids exposed to an acoustical field can reduce the pressure in 
particular locations to a critical value that is related to the vapor pressure of the liquid. In those locations, 
cavities can be nucleated in the liquid, grow to a stable size, and be swept downstream. As the cavities reach 
regions of higher pressure, they become unstable and collapse violently. Cavity collapses not near a solid 
boundary tend to be symmetrical, and shock waves are emitted into the surrounding liquid. In contrast, cavities 
in contact with or very close to a solid surface collapse asymmetrically; one portion of the cavity boundary 
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folds inward, forming a jet of liquid directed toward the solid (Ref 1). A consensus of theoretical modeling and 
experimental measurements is that microjets achieve velocities up to about 500 m/s (1640 ft/s) for durations of 
2 to 3 μs (Ref 3); associated collapse pressures are of the order of 1 to 1.4 GPa (145 to 203 ksi). (See Ref 4 for a 
compilation of past investigations of collapse pressures.) The impacts of these microjets, perhaps in conjunction 
with simultaneous shock waves, result in erosion of solid surfaces. 
Affected Systems and Materials. Cavity formation and collapse in liquids have been studied extensively over 
the years (Ref 5, 6). Machines and components that suffer cavitation damage include hydraulic pumps, valves, 
hydroturbine runners and guide vanes, ship propellers and hydrofoils, mechanical devices with restricted fluid 
passages (e.g., seals and bearings), heat-exchanger tubes, and hydraulic structures such as spillways, gates, and 
tunnels that are associated with dams. Consequently, cavitation erosion is still a very active research topic 
worldwide. 
Materials selection for hydraulic machines, especially massive ones, is dictated, in large part, by economics and 
fabricability. Thus, most large hydroturbines and many large centrifugal pumps are constructed of carbon-
manganese steels, typically 0.2% C and 1% Mn. The most common specification is ASTM A-27, grade 70-40; 
other applicable specifications for carbon steel in turbines and pumps are A-216, grade WCB; A-516, grade 60; 
and A-283, grades A, B, C, and D. When higher strength is needed, cast martensitic stainless steels are 
specified. Many machines, especially high-head pumps, were constructed of 12 to 13% Cr steel (CA-15), air 
cooled from about 1000 °C (1832 °F) and tempered in the range of 590 to 815 °C (1095 to 1500 °F). In recent 
years, CA-15 has been largely supplanted by CA-6NM, a 12 to 14% Cr casting grade with 4% Ni, which has 
somewhat better weldability. The martensitic stainless steels have yield stresses about twice those of carbon-
manganese steels, typically about 550 MPa (80 ksi) compared with 250 MPa (36 ksi), and resistance to 
cavitation erosion that is superior to A-27. Some smaller hydroturbines and pumps have been fabricated from 
cast austenitic stainless steels of the 18 to 20% Cr and 8 to 10% Ni class (CF-8). 
Manifestations of Cavitation Erosion. Cavitation erosion typically begins with deformation rumpling and work 
hardening of metal surfaces, often with delineation of grain and phase boundaries, as shown in Fig. 1(a), 2(a), 
and 3(a) for AISI 1020 steel, CA-6NM, and type 304 stainless steel, respectively. Thereafter, material removal 
takes place first at surface upheavals, which usually occur at boundaries, in the ferrite phase at triple points and 
ferrite-pearlite interfaces in 1020 steel (Fig. 1b), at martensite-lath interfaces in CA-6NM (Fig. 2b), and at grain 
and twin boundaries in type 304 stainless steel (Fig. 3b). Fracture surfaces thus exposed may be striated, as in 
Fig. 4. Material loss then spreads over the entire region subject to cavitation collapse, resulting in extremely 
roughened surfaces with completely obscured microstructural features (Fig. 5). 



 

Fig. 1  Exposure to vibratory cavitation of normalized AISI 1020 steel. (a) Damage after 5 min. (b) 
Material removal after 10 min 
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Fig. 2  Vibratory cavitation erosion of CA-6NM martensitic stainless steel. (a) Deformation rumpling and 
pitting at lath boundaries. (b) Early stage of material removal 



 

Fig. 3  Vibratory cavitation erosion of type 304 austenitic stainless steel. (a) Linear deformation features 
and boundary definition. (b) Material removal at upheaved grain boundary 
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Fig. 4  Striated fracture surface in type 304 stainless steel early in material-removal stage of cavitation 
erosion 

 

Fig. 5  Eroded surface of type 304 stainless steel with all microstructural features obliterated 

The rate at which cavitation erosion proceeds through the various stages is difficult to predict, except in closely 
controlled laboratory tests (Ref 1). In full-scale hydraulic machinery, various factors make prediction uncertain 
or impossible: the intensity of cavitation, the properties of the construction material, the original surface 
condition, and the changing hydraulic profile as damage develops. Damage can accumulate in a relatively short 
time, as illustrated by deep erosion in a stainless steel overlay on a carbon steel blade in a Francis turbine after 
about 7000 h (Fig. 6), and erosion completely through a carbon steel impeller in a 5000 hp pump after about 
20,000 h (Fig. 7). A previous repair with austenitic stainless steel at the toe of the vane can be seen in Fig. 7. 
Both examples of aggressive cavitation erosion are attributable to improper hydraulic profiles in the 
manufactured components. Similar machines, under what appear to be identical conditions except for better 
profiles, might operate for years longer without visible erosion damage. 
 

 



Fig. 6  Deep cavitation erosion of austenitic stainless steel weld overlay on a carbon steel turbine blade. 
Courtesy of T.J. Spicher 

 

 

Fig. 7  Erosion through a carbon steel impeller in a pump 
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Liquid-Droplet Erosion 

This form of liquid-impact erosion is caused by continued impingement of liquid droplets, usually water 
moving at high relative velocities (>50 m/s, or >164 ft/s). Because water droplets cannot move at high 
velocities without breaking up, the practical problem of liquid-droplet erosion arises when a solid body moves 
at high velocity through a field of slower-moving droplets. High contact (“water hammer”) pressure is 
generated at each impact, in addition to which the liquid droplet then spreads laterally at a velocity substantially 
higher than the impact velocity (Ref 2). Surface regions of impacted solids are deformed in much the same way 
as they are under cavitation collapse, except that individual liquid-droplet impacts are usually more damaging 
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than the impacts from cavitation collapse, owing to the larger size of the impacting liquid jets and the high-
velocity lateral outflows from the impact sites. 
Affected Systems and Materials. Material degradation by liquid-droplet erosion is a significant problem in just 
a few kinds of engineering systems: blades in the low-pressure ends of steam turbines where the steam is “wet,” 
and aircraft, missiles, and helicopter rotors flying at high speeds through rainstorms. Much research has been 
devoted to liquid-droplet erosion, and good summaries can be found in Ref 2 and 7. 
The standard blade material in steam turbines manufactured all over the world is martensitic steel containing 12 
to 13% Cr (similar to types 403 and 410) and a variety of secondary alloying elements, depending on the 
manufacturer. High magnetomechanical damping is a key property of 12% Cr steel, which serves admirably as 
blading in high-purity steam. Some turbines have been fitted with precipitation-hardened stainless steel (17-4 
PH) blades in the next-to-last row of the low-pressure stages; the intention was to forestall corrosion fatigue 
failures in the location where steam first becomes wet and impurities are concentrated. Titanium alloys, 
exemplified by Ti-6Al-4V, are widely used as blading in small industrial turbines in the United States and 
elsewhere, and as long blades in large steam turbines in Russia and Switzerland, owing to their high strength-
to-weight ratio and better resistance to erosion and corrosion than 12% Cr steel. All of the commonly used 
blade alloys are protected from liquid-droplet impingement in the last blade row by local hardening (by flame 
or induction heating), brazed-on shields of Stellite 6B, or welded-on hard facing. 
Helicopter rotors are made of titanium sheet laid over a structural framework and pressurized internally with 
nitrogen, or of fiber-reinforced composites with a polymeric foam core. 
Manifestations of Liquid-Droplet Erosion. As with cavitation erosion, damage from liquid-droplet impacts 
starts with deformation and work hardening of metal surfaces, characterized by rumpling and emergence of 
boundaries and phases. Material loss occurs first at regions of weakness, as is seen for a Stellite 6B shield on a 
turbine blade in Fig. 8. Unlike the randomly roughened surfaces characteristic of cavitation erosion, surfaces 
eroded by liquid droplets tend to have a somewhat more regular columnar appearance after significant 
exposure; surface configurations are shown in Fig. 9 and 10. Figure 9 is a low-magnification view of liquid-
droplet erosion damage on a Stellite 6B shield brazed to a 12% Cr blade; note that the braze layer has been 
eroded past the focus plane of the photograph. At higher magnification, the eroded surface of 12% Cr steel is 
seen in Fig. 10(a) and the Stellite 6B shield in Fig. 10(b). Figure 11 is a cross section of eroded Stellite 6B. The 
characteristic columnar topography of liquid-droplet erosion is probably a consequence of impulse pressures 
focused by pits that were formed earlier in the process (Ref 2). Such amplification effects are much less evident 
in cavitation erosion. 

 

Fig. 8  Early stage of liquid-droplet erosion of Stellite 6B 



 

Fig. 9  Joint area between Stellite 6B (top) and 12% Cr steel (bottom) of a steam turbine blade eroded by 
water droplets 
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Fig. 10  Surface appearance at low magnification of a steam turbine blade eroded by water droplets. (a) 
12% Cr steel blade material. (b) Stellite 6B shield 



 

Fig. 11  Eroded Stellite 6B shield in cross section 
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Materials Issues in Liquid Impact 

Specifying materials for hydraulic machinery has traditionally been a matter of empiricism, because the damage 
mechanism in liquid-impact erosion was not known with certainty. Thus, it was not possible to specify the 
material properties that would ensure good erosion resistance. Experience had shown that, in general, hardness 
and ductility were beneficial, as was high work hardenability (Ref 3). Nevertheless, quantitative correlations 
between measured erosion rates and single properties or combinations of properties could not be obtained 
except within narrow classes of materials with similar structure (Ref 5). Therefore, equipment builders have 
relied on empirical comparisons of erosion resistance, such as that compiled by Heymann (Fig. 13 in Ref 2) for 
all types of liquid impact. 
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Fig. 12  Dependence of maximum erosion rate in cavitation erosion on the combined parameter  

Various investigators have attributed the failure mode in liquid-impact erosion to fatigue, and evidence of 
fatigue can be deduced from experiments (Ref 8 and references therein). The fact that, at best, only qualitative 
correlation between erosion rates and fatigue behavior could be obtained (Ref 9, for example) probably stems 
from the choice of relatively insensitive parameters (such as endurance limit) from stress- or load-controlled 
experiments for analysis. When relationships were sought between erosion rates and the parameters that 
characterize strain-based fatigue (Ref 10), damage rates in cavitation erosion and liquid-droplet erosion 
correlated very well with cyclic deformation properties (Ref 8). The main determinant of erosion resistance is 

the fatigue strength coefficient, , which is a measure of cyclic stress resistance. Material removal rates 

correlate best with the product ( ), in which n′, the cyclic strain-hardening exponent, reflects cyclic strain 
resistance. Figure 12 illustrates the correlation with cavitation-erosion rates in vibratory tests performed in 
conformance with ASTM G 32 (Ref 11). It will be appreciated that erosion behavior is not simply related to any 
monotonic property such as true fracture stress or ultimate tensile stress, because the monotonic stress-strain 
curve does not describe the cyclic behavior of metals and alloys. 

 

Fig. 13  Relative erosion rates in vibratory cavitation 



The implication of the foregoing is that the metallurgical factors that promote resistance to low-cycle fatigue 
(Ref 12) should also confer resistance to liquid-impact erosion. This postulate was confirmed with near-
equiatomic NiTi alloys; both the martensitic form (B19′ structure) and the “austenitic” form (B2 structure) are 
anomalously resistant to low-cycle fatigue (Ref 13) and, it turned out, to liquid-impact erosion (Ref 8, 14). 
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Mitigation and Repair of Liquid- Impact Damage 

Minimizing Damage. Although proper design is a necessary condition for long lives of equipment that could be 
exposed to liquid impact, it is often not a sufficient condition. For example, the design principles for avoiding 
cavitation are well known (Ref 5), and large hydroturbines can be configured to ensure that cavitation does not 
occur during operation at a specific load. However, generating units may be run at greater or lesser loads (i.e., 
in nonoptimal hydraulic regimes) for significant portions of their lifetimes, owing to generation-dispatch 
decisions that are remotely initiated. Likewise, liquid-droplet impingement in steam turbines can be minimized 
by interstage moisture removal to reduce the amount of condensed water that can impact downstream stages 
and by increasing the spacing between stator and rotor rows to break up the droplets. Nevertheless, threats from 
cavitation or liquid droplets cannot be eliminated completely from the operating environment of most hydraulic 
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machines; more erosion-resistant materials may be the only practical way to extend the life and decrease repair 
costs of affected equipment. 
Using More Erosion-Resistant Materials. Metals and alloys that are far more erosion resistant than the standard 
constructional materials described earlier are well known. The best of these, exemplified by cobalt-base alloys 
and NiTi alloys, are characterized by energy-absorbing deformation modes: fine twinning, stress- or strain-
induced phase transformation, and/or reversible motions of twinlike boundaries (Ref 15, 16, 17). Of course, 
building large machines out of such alloys is impractical for reasons of cost and fabricability. In principle, 
however, inexpensive base materials such as carbon-manganese steels can be clad with highly erosion-resistant 
alloys by fusion welding (Ref 18) or explosive bonding (Ref 19) to protect regions subject to liquid impact. In 
particular, the effectiveness of cobalt-containing weld overlays, such as Stellite 6 (ST-6), Stellite 21 (ST-21), 
and the IRECA series of stainless steels developed by Hydro Quebec (Ref 20), has been demonstrated in field 
trials; erosion rates relative to type 304 stainless steel are summarized in Fig. 13. In practice, it is rare to find 
protective weld overlays of anything except austenitic stainless steel in hydroturbines and pumps. This is partly 
attributable to the inadvisability of fusion cladding with specialty alloys in the field, where high-temperature 
postweld heat treatments for microstructural control and stress relief are usually not possible. 
As already mentioned, last-stage blades in steam turbines are traditionally protected by strips of Stellite 6B 
attached to the leading edges by brazing. The weight penalty of Stellite, important in these long blades, could 
be avoided by substituting NiTi or an aluminide intermetallic (Ref 20) for Stellite. 
Repairing Damage. This section is aimed primarily at field repair of cavitation damage in large hydraulic 
machines. Steam turbine blades damaged by liquid-droplet impingement are normally not repaired; they are 
replaced. 
Conventional Weld Repairs. Cavitation damage in hydroturbines and pumps is usually repaired by air-arc 
gouging to sound metal, cleaning the gouged area with a wire wheel or wire brush, preheating the areas to be 
repaired, filling the cavities with weld metal, and grinding to final contour. This seems simple enough, but 
often, in practice it is not. 
Improperly executed repairs result in cracking, accelerated erosion damage, or both. Appropriate welding 
procedures can be found, for example, in Welding, Brazing, and Soldering, Volume 6 of ASM Handbook; they 
need not be repeated here. Instead, three experiential guidelines for weld repairs of erosion damage (Ref 21) 
follow:  

• Before starting a weld repair, look closely at the region immediately upstream of the damage to 
determine if a contour change occurs there. Grinding away high spots is often more effective than 
adding material to the erosion pit caused by the high spot. This approach is illustrated in Fig. 14, where 
metal-removal contours have been marked upstream of an eroded area on a hydroturbine blade. 

• There is always a potential for distortion of a hydraulic profile from excessive heat buildup during weld 
repairs. A rule of thumb is not to allow an area 152 mm (6 in.) from the weld zone to get too hot to 
touch without severe discomfort. 

• It may be tempting to repair damage in carbon steel with much more damage-resistant austenitic 
stainless steel. Problems with distortion, cracks from residual stresses, subsequent repairs, and postweld 
grinding can be minimized by making the repair with carbon steel and then ensuring a smooth contour 
upstream. If the erosion problem persists after perfecting the contour, then resort to stainless filler. 



 

Fig. 14  Area marked for contour adjustment just upstream of cavitation damage on a turbine blade. 
Courtesy of T.J. Spicher 

The difficulties associated with what some refer to as “mixed metallurgy” are worth emphasizing. Figure 15 is 
an example of accelerated erosion and cracking 27,000 h after weld repair on an impeller in a 80,000 hp pump. 
Cavitation damage in the pump, manufactured of CA-15 martensitic stainless steel, had been repaired on-site 
with E309 austenitic stainless steel filler after 10,700 h of operation. Cracking in and around the weld-overlaid 
areas was so extensive that whole sections of the impeller had to be cut out and replaced with fabricated pieces 
in the shop. 
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Fig. 15  Accelerated cavitation erosion and cracking associated with austenitic stainless steel weld 
deposits on a martensitic stainless steel (CA-15) impeller vane 

Thermal Spray Repairs. Thermal spraying, with its great compositional flexibility and minimal thermal effects 
on substrates, would seem to be an obvious candidate for repairing erosion damage. Those benefits 
notwithstanding, as-sprayed deposits have not been very successful in resisting liquid impact, owing to the 
presence of brittle phases or porosity in the deposits or inadequate adhesion between deposits and substrates 
(Ref 22, 23). In contrast, Ni-Cr-Si-B alloys, plasma sprayed and then flame remelted, are used to repair 
cavitation damage in hydroturbines in China (Ref 24). Laboratory tests have confirmed that commercially 
available powder (e.g., Ni-15.5Cr-4Fe-4Si-3B, in weight percent), plasma sprayed on a variety of substrates and 
then flame remelted, form adherent, hard, erosion-resistant coatings (Ref 25). Performance in vibratory 
cavitation of as-sprayed and flame remelted Ni-Cr-Fe-Si-B coatings are compared with type 304L stainless 
steel in Fig. 16. 

 



Fig. 16  Behavior comparison of plasma-sprayed Ni-Cr-Fe-Si-B powder with wrought type 304L stainless 
steel in vibratory cavitation 

Repairs Made with Polymers. Over the years, elastomers and other polymers, either alone or mixed with 
inorganic substances, have been rumored to be the best way to repair cavitation damage. While it is true that 
elastomers can perform well in mild cavitation conditions, they are much less capable than metals of dissipating 
the heat generated by high-intensity liquid impacts, and they are difficult to bond strongly to metals. Intense 
cavitation invariably causes thermal decomposition and/or delamination of polymer repairs. Measures such as 
polyurethane paint definitely have their place for protecting low-head hydraulic machines, but repairs of 
erosion damage with polymers in high-head turbines and pumps should be regarded as a stopgap that allows a 
device to keep operating until the next scheduled outage, when proper repairs can be made. 
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PLASTICS (or polymers*) are used in a variety of engineering and nonengineering applications where they are 
subjected to surface damage and wear. Examples of the tribological (involving sliding between two surfaces) 
use of plastics include gears and cams of various machines, tires, break pads, conveyors, hoppers, automobile 
body parts, aircraft, spacecrafts, hip/knee joint replacement, roller-skating wheels, and household appliances 
(washing machine, tubs, etc.). Wear of material parts is a very common cause of failure or low working life of 
machines, leading to financial loss and life hazards. Therefore, it is important to understand how polymers and 
other materials wear. Similar to the wear of metal, polymer wear is affected by several factors that may be 
broadly divided into three groups: mechanical, environmental, and thermal. These three groups of factors 
largely decide the mechanism of wear of a polymer surface when it comes in contact with another surface. 
Historically, polymer wear has been studied based on the prevailing wear mechanisms at the contact zone 
(between the polymer surface and a hard counterface), which led to several methods of classification. The 
classification of polymer wear mechanisms that has often been followed in the literature is based on three 
methodologies of defining types of wear (Ref 1). The first classification is based on the two-term model that 
divides wear mechanisms into two types—interfacial and bulk. The second classification is more 
phenomenological and is based on the perceived wear mechanism. This classification includes fatigue wear, 
chemical wear, delamination wear, fretting, erosion, abrasion, and transfer wear. The third classification is 
specific to polymers and draws the distinction based on mechanical properties of polymers. In the third 
classification, wear study is separated as “Elastomers,” “Thermosets,” “Glassy Thermoplastics,” and 
“Semicrystalline Thermoplastics.” These classifications provide a useful basis for understanding wear failures 
in polymers. More often than not, wear of a polymer is a complex phenomenon that involves several of the 
wear mechanisms listed previously in any one wear process. For the purpose of this article, details on several of 
the aforementioned classifications are expanded, using wear data and micrographs from published works. The 
primary goals are to present the mechanisms of polymer wear and to quantify wear in terms of wear rate (rate of 
removal of the material). This analysis is restricted mostly to base polymers (with no fillers). Normally, 
polymers used in tribological applications are subjected to sliding against hard surfaces such as metals. A 
polymer-polymer sliding pair, except in few instances, usually produces undesirable high friction and high wear 
conditions due to enhanced adhesion between the polymer. Also, poor conductivity of the polymers results in 
elevated temperature at the polymer/polymer interface, leading to melting and rapid wear. Therefore, the focus 
of this article is on the wear of polymers when slid against metallic surfaces. 

Footnote 

* *The terms “plastic” and “polymers” have some distinctions. However, in this article, the two terms mean 
engineering plastics. Engineering plastics are polymers that contain very small percentage of additives such as 
plasticizers and antioxidants in order to enhance their physical and mechanical properties. 
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Interfacial Wear 

The notion of interfacial wear arises from the popular two-term model of frictional energy dissipation (Ref 2). 
This model states that in any frictional phenomenon, where frictional energy is released at the contact points 
between two sliding surfaces, there can be two types of energy dissipation—interfacial and bulk. Though 
subjectively defined, the interface may be considered the region of the material very close (a few microns) to 
the contact point. This region of the material is almost instantly affected by the stress and thermal conditions 



arising at the contact points due to sliding. The interfacial wear is defined as the removal of the material due to 
interfacial friction energy dissipation between asperities leading to events such as material softening, transfer 
wear, and chemical wear. A schematic of the processes involved in the interfacial wear is shown in Fig. 1. 
 

 

Fig. 1  Interfacial wear processes. (a) Initial contact of the two surfaces. (b) Running-in process where the 
soft polymer molecules are gradually transferred to the hard counterface as third-body. (c) Steady-state 
wear process where the wear and friction phenomena are influenced mainly by the shear and adhesive 
properties of the transferred film. Reprinted with permission from Ref 1  

A distinction within the interfacial wear process may be made based on whether or not the frictional heat 
dissipation is isothermal or quasi-adiabatic. Isothermal heat dissipation can change the mechanical property of 
the interface zone as opposed to the quasi-adiabatic, which affects only the transfer layer normally present at 
the true interface. The chemical-wear mechanism is initiated if the frictional heat can chemically affect the 
polymer surface, resulting in the production of degraded polymer molecules. The other important parameter to 
consider in interfacial wear is the roughness of the counterface. For rough and hard counterfaces, the wear 
mode is generally that of bulk or cohesive wear. Interfacial wear is initiated only when the counterface is 
smooth enough to form interfacial junctions between the polymer and the counterface. An excellent example of 
interfacial wear with isothermal condition is that of polytetrafluoroethylene (PTFE) sliding against a metal 
surface. When PTFE is slid against a smooth metal surface, friction is high in the beginning but drops to a 
lower value after some sliding. Because of the presence of frictional stress and heat, the PTFE molecular chains 
are oriented in the direction of sliding and a transfer film is deposited onto the counterface. The molecular 
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orientation in PTFE is responsible for the drop in friction coefficient. Although the friction coefficient is low, 
for PTFE wear is generally high because of the thermal softening of the interface zone and easy removal of the 
material. This is one of the reasons why PTFE has not been used very widely for tribological applications. 
Figure 2 shows micrographs of oriented PTFE molecules deposited on the counterface after wear. 
 

 

Fig. 2  Micrographs of oriented PTFE films on the counterface. (a) PTFE transfer film on a glass slide. 
The film thickness varies between 50 and 500 nm, and sometimes it can show a lumpy feature when the 
sliding test is carried out at high loads. The film is highly birefringent, indicating that the molecules are 
oriented parallel to the sliding direction. Reprinted with permission from Ref 3. (b) PTFE transfer film 
when a PTFE pin is slid over a metallic surface. PTFE covers the counterface, making fibers and layers 
over one another. The orientation of the fibers in the transfer film can easily change if the sliding 
direction is changed. Reprinted with permission from Ref 4  

The quasi-adiabatic interfacial wear involves glassy thermoplastics (not cross linked) and cross-linked polymer 
systems such as elastomers and thermosets. These polymers show a range of wear behavior. For example, 
thermosets, which do not soften due to thermal energy, undergo chemical degradation at the interface. These 
degraded products detach themselves from the main body of the polymer and form transfer film and debris at 
the interface. The wear rate can be very high if the prevailing interface temperature is high. An important 



application of thermosets in a tribological context is in brake pads where the base polymer is mixed with 
several additives for optimal friction, wear, and mechanical strength. 
Although friction models are available for interfacial sliding, theoretical wear quantification is difficult. This is 
because wear depends on a number of parameters other than the mechanical and physical properties of the 
material. These parameters include temperature, sliding speed, normal pressure, counterface roughness, and the 
rheological properties of transfer film. The exact influence of each parameter on wear is rarely known. Few 
attempts have been made to obtain wear laws using empirical means. In one such example involving PTFE, 
Uchiyama and Tanaka (Ref 5) have rationalized the effects of temperature and normal pressure in relating 
linear wear (thickness removed per unit sliding distance) with sliding speed. According to their work, if linear 
wear, x (length per unit sliding distance), is assumed to be directly proportional to the sliding speed (v) at a 
constant temperature, To, and pressure, po, then linear wear can be expressed by:  

  
(Eq 1) 

where n is a constant greater than unity and ko is a proportionality constant. aT and bs are shift factors that 
depend on the temperature. aT and bs are obtained through experimentation by shifting the data on the speed 
axis and wear rate axis (on a wear rate/sliding speed plot), respectively, such that they coincide with similar 
data obtained at a temperature of 29 °C (84 °F). The authors claim that the relation can be applied to other 
polymer systems, too. 
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Cohesive Wear 

Cohesive wear is defined as subsurface or bulk wear when the interacting surfaces produce damage to the 
material far deeper into the material than only at the interface. This type of wear is also referred to in the 
literature as plowing or abrasive wear. Subsurface damage in material can be caused by surface sliding in two 
ways. First, if a polymer is sliding against a rough and hard surface, the asperities of the hard surface can plow 
into the bulk of the polymer removing debris. These debris materials generally get transferred to the 
counterface, forming a transfer film (also known as the “third body”), which eventually makes the counterface 
appear smoother. The formation of a stable film at the counterface leads to a change in the wear rate of the 
polymer. The second cause of subsurface damage is through subsurface fatigue cracks, which can lead to the 

The file is downloaded from www.bzfxw.com



removal of material when these cracks grow to the surface of the polymer. Fatigue wear removes the material in 
chunks or flakes. 
Considerable attention has been given by researchers to the creation of a model for cohesive or abrasive wear of 
polymers. The most notable model for wear involving bulk properties of the polymer was given by Ratner-
Lancaster (Ref 6). The relation is given as:  

  
(Eq 2) 

where V is the wear volume, K is a proportionality constant also termed wear rate, v is the sliding speed, μ is the 
coefficient of friction, H is the indentation hardness, S is the ultimate tensile strength, and ε is the elongation to 
break of the polymer. Some evidence of the usefulness of Ratner-Lancaster relation may be found in the work 
by Briscoe (Ref 7). In this work, the wear rate (mm3 mm-1 kg-1) was plotted against the reciprocal of the product 
of S and ε, which furnished, as predicted by the Eq 2, a straight line. In contrast to Eq 2, Rhee has followed a 
different approach where wear is thought to be nonlinearly proportional to pressure, sliding velocity, and 
temperature (Ref 8). He proposed an empirical relation of the type:  

  
where Δw is the weight loss of the polymer, and a, b, and c are material-dependent variables. Yet another wear 
model was proposed by Kar and Bahadur (Ref 9) in which they arrived at an empirical relation using the 
principles of dimensional analysis. Using data obtained for polyoxymethylene (POM) and PTFE-filled POM, 
Kar and Bahadur obtained a relation given as:  

  
(Eq 3) 

where γ is the surface energy, Z is the sliding distance, and E the modulus of elasticity of the polymer. Another 
variation of Eq 3 may be found in the work by Viswanath and Bellow (Ref 10). 
Figure 3 presents specific wear rate (wear volume per unit sliding distance per unit normal load) for a number 
of polymer systems under abrasive or nonabrasive sliding conditions (Ref 5, 11, 12, 13, 14, 15, 16, 17, 18). The 
data are shown for a variety of experimental conditions as reported in literature. Though the experimental 
conditions used in these tests were different, some trends may be noticed. Polybenzimidazole (PBI) and 
ultrahigh molecular weight polyethylene (UHMWPE) show, among all polymers, very high wear resistance. 
Extremely poor wear resistance is demonstrated by polymethyl methacrylate (PMMA), polystyrene (PS), and 
phenolic resin. Figure 4 shows worn surfaces of polyetheretherketone (PEEK) (Ref 19) and UHMWPE (Ref 
20). These polymer surfaces show scars of wear by plowing and plastic deformation. 
 

 
 
Specimen Material Counterface 

roughness (Ra), 
Sliding 
speed (v), 

1/Sε(a)  Normal 
pressure (p) 

Temperature 



  μm m/s  MPa ksi °C °F 
1 PMMA 1.2 … 0.09 … … … … 

Ref 
11  

2 PBI … 1 … 1 0.15 20 68 17   
3 Nylon 6 … 5 × 10-3  … 20 2.9 … … 15   
4 Nylon 11 0.11 1 … 0.65 0.09 … … 13   
5 Nylon 1.2 … 0.1 … … … … 11   
6 PEEK … 1 … 1 0.15 20 68 17   
7 PEEK 0.05 0.5 … 5 0.73 … … 12   
8 Polystyrene 1.2 … 5 … … … … 11   
9 Acetal 1.2 … 0.5 … … … … 11   
10 Polypropylene 1.2 … 0.1 … … … … 11   
11 PTFE … 0.2 … 0.05 0.007 … … 16   
12 PTFE … 0.1 … 5.66 0.82 29 84 5   
13 PTFE 1.2 … 0.2 … … … … 11   
14 UHMWPE 0.05 0.5 … 5 0.73 … … 12   
15 HDPE 0.9 0.03 … 2.8 0.41 … … 14   
16 Polyethylene 1.2 … 0.09 … … … … 11   
17 Phenolic resin 0.05 5.6 … 0.84 0.12 … … 18   

PMMA, polymethyl methacrylate; PBI, polybenzimidazole; PEEK, polyetheretherketone; PTFE, 
polytetrafluoroethylene; UHMWPE, ultrahigh molecular weight polyethylene; HDPE, high-density 
polyethylene. 
(a) S, tensile strength; ε, elongation to break 

Fig. 3  Specific wear rate for a number of polymers as reported in the literature. The experimental 
conditions as reported in the literature are given in the table. 

 

Fig. 4  Micrographs showing surfaces of worn polymers when they were slid against abrasive surfaces. 
PEEK (left) reprinted with permission from Ref 19. UHMWPE (right) (reprinted with permission from 
Ref 20) surfaces show scars of abrasive and plowing actions of hard counterfaces. 
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Elastomers 

The study of wear of elastomers has evolved primarily from the interest in the friction and wear of automobile 
tires and industrial seals. Schallamach carried out extensive studies on relatively softer rubbers such as 
polyisoprene, butyl rubber, and natural rubber (Ref 21, 22). Through extensive experimentation on the sliding 
of rubber against hard surfaces, he found that the process of sliding for rubber takes place through series of 



detachments at the contact points, giving it the look of a wave (Fig. 5). These waves initiate at the front edge of 
the slider due to excessive buckling of rubber in the front and runs to the rear of the slider. When a slider in 
contact with elastomer is pushed forward, the adhesive force (between the slider and the elastomer) generates 
compressive tensile stress at the front edge leading to buckling and folding of the elastomer in the form of a 
wave. The detached part further relaxes the material, thus facilitating the movement of the slider. Moore, in a 
later study of the wear of rubbers and tires (Ref 23), concluded that for elastomeric materials there are two ways 
in which the frictional energy is dissipated, leading to wear. The flow chart he produced is redrawn in Fig. 6. In 
order to model abrasive action of asperities on elastomers, several tests using sharp needles have also been 
carried out in the past. The process of wear by a sharp needle or an asperity is schematically shown in Fig. 7. 
Though there are a number of models available that quantify the frictional work done during sliding on rubber, 
a wear model for elastomers is still unavailable presently except for the abrasive case where the Ratner-
Lancaster relation can be applied. 
 

 

Fig. 5  Waves of detachment when an elastomer is slid against a hard and smooth surface. The rubber 
moves forward in the form of ripples of wave on its contact surface with a smooth and hard counterface. 
These so-called waves of detachment can produce wear in the form of rolls of detached material or the 
third body. Reprinted with permission from Ref 22  
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Fig. 6  Classification of the processes of friction leading to wear for elastomers (adapted after Moore, Ref 
23). The diagram clarifies the role of friction in determining the wear mechanism for elastomeric 
polymers. 



 

Fig. 7  Damage created on the surface of an elastomer by isolated stress concentration. (a) Surface 
deformation pattern when a sharp needle or conical indentor with acute angle is slid on the surface of an 
elastomer. The elastomer surface is pulled in the direction of motion and fails in tension behind the 
contact at π/2 to the tensile field. (b) After the needle jumps forward, the surface relaxes and tensile tears 
are evident on the surface but are now in the direction of motion. (c) Tearing of an elastomer due to 
tractive stress with a large unlubricated indentor. The tear is generated at the rear of the contact region 
and is almost at right angles to the sliding motion. (d) A raised lip of elastomer is formed, but no material 
is actually removed. (e) A typical friction/scratching force profile when a slider is passed over an 
elastomer. Reprinted with permission from Ref 1  
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Thermosets 

Thermosets have found applications mainly in automobile brakes, gears, cams, and clutch parts where they are 
subjected to sliding. Brake pads are one area where thermosets such as phenolic and epoxy resins have been 
used and studied extensively. These polymers do not soften when the temperature rises at the interface, and thus 
they prevent the component from yielding or failing in a catastrophic manner during service. However, thermal 
energy dissipated due to frictional work can induce chemical degradation and wear at the sliding surface. 
Thermosets have generally been filled with fibers and particles as additives in order to increase the strength and 
wear resistance of the material (Ref 24, 25, 26, 27). Fillers include glass fiber, aramid fiber, and metal oxide 
particles of various kinds. 
The role of aramid fibers, in the context of brake pads, caught special attention from tribologists when there 
was an effort to replace asbestos used in brake pads with aramid fibers (Ref 18, 28, 29, 30). Figure 8 compares 
the specific wear rate of a few formulations of thermoset composites. The relevant micrograph is given in Fig. 
9. It is seen from these results that the wear resistance of phenolic resin increases by almost two orders of 
magnitude when fillers such as carbon and aramid fibers are added to the phenolic resin matrix. The micrograph 
(Fig. 9) shows that a transfer layer is formed on the polymer surface in addition to the transfer layer found on 
the counterface. These strong and highly adhesive transfer layers help improve the wear resistance of the 
polymer composite. 
 

 
Normal pressure (p) Specimen Sliding speed (v), m/s 
MPa ksi 

Counterface roughness (Ra), μm Ref 

1–4 5.6 0.84 0.12 0.5 18  
5–7 0.5 4.25 0.62 0.05–0.1 29  
8(a)  1.6 0.69 0.10 0.05 27  
(a) N2 atmosphere at room temperature 

Fig. 8  Specific wear rates for phenolic resin and its composites. The data are reported for various 
experimental conditions and pv (pressure × velocity) factors as reported in the literature. 



 

Fig. 9  Micrograph of the worn surface for a phenolic resin-aramid fiber composite (Ref 29) showing 
partial coverage of the polymer pin by transfer film 
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Glassy Thermoplastics 

Traditionally, glassy thermoplastics have not been used as typical tribological materials. This is because they 
show mechanical instability at the glass-transition temperature. However, they are often subjected to sliding, 
scratching, or abrasion in various working environments. For example, a window pan or automoble body part 
made of glassy polymer may be subjected to water, dust, and occasional scratching, or a bathtub may have 
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water plasticization coupled with sliding and compression. Some glassy thermoplastics filled with fibers or 
particulate fillers have been used for tribological applications. The problem encountered with such polymers is 
their tendency to fail in a catastrophic manner when the glass-transition temperature is reached. Examples of 
this class of polymer are PMMA, PS, and polycarbonate (PC). Cross-linked polymer PEEK also behaves in a 
way similar to glassy polymers (Ref 31). See Fig. 10 for the changes in deformation behavior in sliding of 
PEEK when the operating temperature is close to the glass-transition temperature for PEEK. 
 

 

Fig. 10  Micrographs of worn PEEK surfaces at various operating temperatures. These pictures highlight 
the changes in the surface deformation behavior of the polymer with temperature. (a) 90 °C (194 °F). (b) 
152 °C (306 °F). (c) 180 °C (356 °F). (d) 225 °C (437 °F). Arrows indicate the sliding direction. Glass-
transition temperature for PEEK used in the experiment was 148 °C (300 °F). Reprinted with permission 
from Ref 29  

The study of glassy thermoplastic surfaces has mainly focused on understanding the damage processes under a 
variety of experimental and ambient conditions (Ref 32, 33). For example, damage modes can be studied using 
the concept of wear maps. Figure 11 gives such a map of PMMA for different normal load and imposed strain 
conditions. A range of studies have been carried out by Briscoe, Chateauminois, and coworkers (Ref 34, 35) in 
order to understand the role of the third body in fretting wear of PMMA. Their study with PMMA concluded 
that the formation of the third body and the wear rate depend on the kinematics of sliding. In linear sliding, as 
opposed to torsional sliding, the wear rate is low. The worn area showed debris material in rolled and 
compacted forms. The authors concluded that the energy dissipation in the linear sliding case occurred mainly 
by the rolling and shearing actions on the rolled debris that reduced the frictional work required for sliding. 
Therefore, wear in the linear sliding case was low. 



 

Fig. 11  Scratching damage maps for PMMA. Scratching velocity = 0.004 mm/s and nominal strain is 
defined as 0.2 × tan θ; 2θ being the included angle of the indenter. 
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Semicrystalline Thermoplastics 

The most versatile use of polymers in tribological application has been for the semicrystalline group of 
polymers. Semicrystalline thermoplastics include PTFE, polyethylene (PE), UHMWPE, and nylon. These 
polymers, in homogeneous or heterogeneous forms, have found applications in gears, bearings, automobile 
piston seals, knee/hip joint replacement, and so forth. Semicrystalline thermoplastics do soften in the presence 
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of thermal energy; however, the way thermal energy is transmitted from the interface to the bulk depends on the 
thermal properties of the individual polymer. Based on this behavior, the mode of wear for semicrystalline 
polymers can be divided into two groups: adiabatic and isothermal. Furthermore, the isothermal type, a 
common case, is subdivided into three categories based on the way polymer transfer film is deposited onto the 
hard counterface. Figure 12 delineates these groups of wear processes for semicrystalline thermoplastics in 
isothermal heat transfer conditions. 
 

 

Fig. 12  Generic types of transfer wear behavior when semicrystalline polymers are slid on a hard smooth 
surface. In most of the cases there is a formation of transfer layer on the counterface though the shear, 
and adhesive properties of the transfer films will vary depending upon the mechanical properties of the 
polymer and the surface topography of the counterface. Reprinted with permission from Ref 1  

Early studies on the friction and wear of thermoplastics was motivated by the prospect of finding an ultralow 
friction polymer material (Ref 3, 36). Polytetrafluoroethylene provided very low friction coefficient (~0.06), 
though the corresponding wear rate was high. The reason for low friction was found to be highly oriented PTFE 
molecules that were transferred to the counterface during sliding (Ref 3). The interface of the polymer also 
showed highly oriented molecules that extended out of the samples showing fibers. In order to reduce the wear 
rate and utilize the excellent low friction property of PTFE, this polymer has often been used with fillers to 
form composites. Polytetrafluoroethylene itself has also been used as filler for other polymeric systems such as 
PE. Figure 13 gives the wear rate of PTFE, and some of its composites when slid against hard metallic surfaces. 
For surface-treated PTFE (such as γ-irradiation), the situation may be different. Evidence shows that for such a 
system there may be an increase in the crystallinity of the polymer at the surface and consequently a decrease in 
the wear rate (Ref 37). 



 

Fig. 13  Wear rate of PTFE and its composites under different experimental conditions. For specimens 1 
to 4: sliding speed (v) = 0.2 m/s; normal pressure (p) = 0.05 MPa (0.007 ksi). Source: Ref 16. For 
specimens 7 to 9: sliding speed (v) = 1.6 m/s; normal pressure (p) = 0.69 MPa (0.10 ksi); counterface 
roughness (Ra) = 0.025 μm. Source: Ref 27  

The wear process for semicrystalline thermoplastic polymer may seem to depend very much on the transfer film 
and its rheological properties, though evidence is also available where it shows that the loading condition can 
also change the wear mechanism. For UHMWPE, Wang et al. (Ref 38) found that the microscopic surface wear 
depends on the tensile and elongation properties of the polymer. However, under intense and nonconformal 
loading conditions the wear mechanism could change to macroscopic subsurface wear due to fatigue. Thus, the 
wear mechanism can change if the loading condition is changed. Wang et al. provided a model for the wear of 
semicrystalline thermoplastics that resembles the Ratner-Lancaster model for abrasive wear of polymers: for 
microscopic surface wear  

  
for macroscopic sub-surface wear,  

  
where V is the wear volume, L is the normal load, Ra is the counterface roughness, S is the ultimate tensile 
strength of the polymer, ε is the elongation at break, N is the cyclic fatigue life of the polymer, Δεp is the 
inelastic strain amplitude, and α is a material constant obtained from low-cycle fatigue test using the Coffin-
Manson equation (Ref 39). 
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Environmental and Lubricant Effects on the Wear Failures of Polymers 

Except for elastomers, polymers in general are not used in lubricated conditions. However, polymers are often 
subjected to environmental conditions that affect their friction and wear performances. For example, polymers 
used in marine applications get exposed to sea water, and a machine component such as gear or brake pad may 
come in direct contact with leaking oil or water. For elastomers, their applications in seal rings and automobile 
tires regularly expose the material to lubricants, chemicals, and water. For industrial seals, the presence of 
lubricant protects it from dry contact with metal parts and the consequent severe wear. This kind of wear not 
only lowers the life of the seal, but also affects the metal part. It has been observed that soft elastomer can wear 
the metal part it comes in contact with (Ref 40). In an effort to increase the life of seals, a number of studies 
have been carried out to estimate the film thickness of the lubricant for elastomer pressed against a metal (Ref 
41, 42, 43). The other example of the use of polymers in a lubricating environment is that of the knee/hip joint 
replacement using UHMWPE (Ref 44, 45). UHMWPE is widely used in making acetabular sockets for hip 
joints that normally slide against a ceramic ball. The presence of synovial body fluid ensures low friction by 
lubricating the surfaces. This fluid does not seem to chemically affect the polymer, though it does affect the 
way transfer film is formed at the counterface. The main problems in the application of UHMWPE for knee/hip 
joint replacement are the production of wear particles, which tend to become points of bacterial infection 
growth for the patient, and the wear of the metallic or ceramic counterface leading to increased wear of the 
polymer. 
Environmental fluids and humidity have been found to affect many polymers in two ways. The first is the 
change in the adhesive and flow properties of the transfer film, and the second effect is that of changing the 
mechanical properties of the bulk of the polymer due to plasticization. In the presence of a liquid the adhesion 
of the transfer film is normally decreased, leading to high wear of the polymer (see Fig. 8 for wear data on 
water-lubricated sliding case). This is because the deposited polymer on the counterface is constantly removed 
during sliding, requiring further wear of the bulk of the polymer. The effect of liquid on the mechanical 
properties of the bulk polymer largely depends on the polarities of the polymer and the liquid, as well as on the 
surface tension of the liquid (thus the surface energy of the polymer) (Ref 46). Many polymers plasticize in the 
presence of water and some chemical liquids because liquid molecules can easily migrate into the bulk of the 



polymer. Plasticization of a polymer drastically reduces its mechanical strength and hardness, which gives rise 
to a substantial reduction in the wear resistance. Briscoe et al. (Ref 47) studied the effect of lubricants on PE. 
They found that when oleamide and stearamide are applied to the surface of PE, the lubricants interact with 
polymer molecules and form a chemically bonded monolayer on the outer surface of the polymer. This can 
drastically reduce the coefficient of friction when the polymer slides against a hard surface. 
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Summary and Case Study 

Wear of polymers is an important aspect of their failure analysis and lifetime prediction. Wear failure of 
polymers is controlled by a number of factors, which include mechanical properties of polymers, such as 
ultimate tensile strength, elongation to break and hardness, sliding speed, normal load, coefficient of friction, 
counterface roughness, rheology and adhesive property of the transfer film, and thermal properties of polymers. 
The adhesive strength of the transfer layer to the counterface has strong influence upon the wear rate. Strong 
adherent transfer film normally gives low wear rate. Abrasive action of the asperities, adhesive force, thermal 
softening, chemical degradation and subsurface fatigue are some of the factors that initiate material removal 
during the process of polymer wear. Effect of lubricants depends upon how lubricant molecules attach 
themselves to the polymer molecules making bonds between the two molecular entities. Many polymers, in the 
presence of water or lubricant molecules, plasticize, which reduces friction, but wear can be high because of the 
decrease in the mechanical strength of the polymer due to plasticization. Lubricants in general reduce the 
adhesion of the transfer layer to the counterface leading to easy removal of the transfer layer and a high wear 
situation for the polymer. 
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A Case Study: Nylon as a Tribological Material. First synthesized in 1935 by Carothers (Ref 48), nylon is 
among few very important semicrystalline industrial thermoplastics. Nylon is the commercial name for those 
aliphatic polyamides that are made exclusively from ω-amino acids (Ref 49). There are several forms of nylon, 
generally denoted by nylon-n or nylon-m,n, where m and n stand for the number of main chain carbon atoms in 
constituent monomer(s). Among all varieties of nylons, nylon 6 and nylon 6/6 are the most widely produced 
and used materials because of their excellent mechanical properties and low cost. Nylon 11 and nylon 12, 
which show better performance in terms of low moisture absorption when compared to other nylons, are also 
used extensively; however, they are expensive. 
Historically, nylons have been very popular materials for many tribological applications such as sliding fittings, 
bearings, and gears. Possibly the greatest advantage of using nylon as tribological material over metals is that 
no external lubricant is needed and the vibration noise is far less for nylon than for metals. Nylon parts can be 
extrusion molded with superior strength properties and low overall production cost. 
Nylon sliding against nylon is a poor tribological pair due to high friction and high thermal effects (Ref 50). 
Even pure nylon sliding against metal surfaces does not perform well. However, nylon is an excellent low-
friction and wear-resistant material if used in the form of plastic composite sliding against metal surfaces. This 
can be observed from the few studies that are available in the literature on nylon. Table 1 provides friction and 
wear results on a few types of nylon and its composites. 

Table 1   Friction and Wear for Nylons 

Nylon type Friction 
 
coefficient 

Specific wear 
rate, ×10-6 
 
mm3/N · m 

Test conditions Ref 

Nylon 11 0.31 7.48 Normal pressure = 0.65 MPa; sliding speed = 1 m/s; 
quench-hardened AISI steel counterface (Ra = 0.11 
μm) 

13, 
51  

Nylon 11 + 35% 
CuS 

0.42 1.8 Normal pressure = 0.65 MPa; sliding speed = 1 m/s; 
quench-hardened AISI steel counterface (Ra = 0.11 
μm) 

13, 
51  

Nylon 11 + 5.6% 
glass fiber 

0.38–0.5 2.97 Normal pressure = 0.65 MPa; sliding speed = 1 m/s; 
quench-hardened AISI steel counterface (Ra = 0.11 
μm) 

13  

Nylon 11 + 20.7% 
glass fiber 

0.38–0.5 1.66 Normal pressure = 0.65 MPa; sliding speed = 1 m/s; 
quench-hardened AISI steel counterface (Ra = 0.11 
μm) 

13  

Nylon 6/6 0.62 … Normal load = 200 N; sliding against nylon 6/6 50  
Nylon 6/6 + 30% 
glass fiber 

0.1–0.3 … Normal load = 200 N; sliding against nylon 6/6 50  

Nylon 6/6 + 30% 
glass fiber + 15% 
PTFE 

0.05–0.1 … Normal load = 200 N; sliding against nylon 6/6 … 

Nylon 6 0.3 589 Normal load = 825 kN (pressure = 20 MPa); sliding 
velocity = 5 mm/s; steel counterface (Ra ≈ 5 μm), 
extremely high pressure 

15  

Similar to the case of many other plastics, the tribological performance of nylon greatly depends on its ability to 
form adherent and stable transfer film on the hard metal counterface. Several studies have shown that if pure 
nylon is used in sliding, the transfer film is weak and patchy. This kind of transfer film can be easily removed 
from the counterface due to dynamic actions of sliding. Interfacial temperature also plays its role in making the 
transfer layer soft and weak. With certain types of fillers in nylon it has been found that the composite makes a 
very thin but adherent transfer layer. This transfer layer protects the bulk of the polymer from further wear. 
Common fillers with advantageous effects on the wear resistance of nylon are glass fiber (Ref 50), CuS, CuO, 
CuF2 (Ref 51), and PTFE (Ref 13). In the study by Hooke et al. (Ref 50), aramid and carbon fibers were also 
used as fillers for nylon. However, the authors found high friction for these two fillers and concluded that 



interfacial heating due to high friction could damage the nylon matrix leading to accelerated wear, especially in 
the high load and speed conditions. 
The main disadvantage with the use of nylons is their water-absorbent characteristics. Mechanical properties 
such as elastic modulus and hardness as well as physical properties such as glass-transition temperature of 
nylon drastically reduce with the increase in the absorbed water content in nylon. In this respect nylon 11 and 
nylon 12 are superior to nylon 6 and nylon 6/6. The percentage water absorption at saturation and 20 °C 
temperature for nylon 11 and nylon 12 is 1.6% each (Ref 48), while this value for nylon 6 is 10.9% (Ref 48). 
The percentage of water absorption depends on the amount of crystallinity in the polymer—the higher the 
crystallinity, the lower the water absorption. A loss of mechanical strength for nylon results in increased wear 
rate. 
One can conclude from this case study that for nylon, the wear resistance characteristics can be enhanced if low 
water absorbing forms (such as nylon 11 or nylon 12) of nylon reinforced with fillers such as glass fiber, CuS, 
CuO, or PTFE, are used. To author's knowledge, so far there is no available published work on the friction and 
wear characteristics of nylon 12. 
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Failure Examples (Ref 52) 

Example 1: Wear Failure of an Antifriction Bearing. Shown in Fig. 14 is the worn surface of an antifriction 
bearing made from a nylon/polyethylene blend. The bearing was worn in contact with a steel shaft. Movement 
of the shaft against the bearing caused abrasive marks (Fig. 14). Fine iron oxide particles acted as an abrasive, 
producing the failure mechanism observed. 
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Fig. 14  Wear marks on the surface of a nylon/polyethylene antifriction bearing. The bearing was in 
contact with a rotating steel shaft. 417×. Source: Ref 53  

Example 2: Failure of a Nylon Driving Gear. Figure 15 shows pitting on the tooth flank of a nylon oil-
lubricated driving gear. The pitting produced numerous surface microcracks in association with large-scale 
fragmentation (frictional wear). The stress-cracking effect of the lubricating oil is believed to have played a role 
in initiating the observed microcracks. 
 

 

Fig. 15  Pitting and surface microcracks on the tooth flank of an oil-lubricated nylon driving gear. 37×. 
Source: Ref 53  

Example 3: Failure of a Polyoxymethylene Gear Wheel. A polyoxymethylene gear wheel (Fig. 16) exhibits a 
different failure mechanism. This component had been in operation in a boiler room and is believed to have 
failed because of considerable shrinkage. The oriented crystalline superstructures and the microporosity are 
reported to be due to postcrystallization. The porosity is attributed to the difference in densities between the 
amorphous (1.05 g/cm3, or 0.04 lb/in.3) and the semicrystalline (1.45 g/cm3, or 0.05 lb/in.3) states (Ref 53). 
Breakdown along the crystalline superstructure started mainly at the mechanically stressed tooth flanks. In 
addition, oil vapors, humidity, and other degradative agents could also have contributed to the observed failure. 



 

Fig. 16  Failed polyoxymethylene gear wheel that had been in operation in a boiler-room environment. 
305×. Source: Ref 53  

References cited in this section 

52. A. Moet, Failure Analysis of Polymers, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986 

53. L. Engel, H. Klingele, G.W. Ehrenstein, and H. Schaper, An Atlas of Polymer Damage, Prentice Hall, 
1981 

Wear Failures of Plastics  

Sujeet K. Sinha, National University of Singapore 

 

References 

1. B.J. Briscoe and S.K. Sinha, Wear of Polymers, Proc. Inst. Mech. Eng. J., J. Eng. Tribol., Vol 216, 
2002 

2. B.J. Briscoe and D. Tabor, Friction and Wear of Polymers, Chapter 1, Polymer Surfaces, D.T. Clark and 
J. Feast, Ed., John Wiley & Sons, 1978 

3. C.M. Pooley and D. Tabor, Friction and Molecular Structure: The Behaviour of Some Thermoplastics, 
Proc. R. Soc. (London) A, Vol 329, 1972, p 251–274 

The file is downloaded from www.bzfxw.com



4. R.P. Steijn, The Sliding Surface of Polytetrafluoroethylene: An Investigation with the Electron 
Microscope, Wear, Vol 12, 1968, p 193–212 

5. Y. Uchiyama and K. Tanaka, Wear Law for Polytetrafluoroethylene, Wear, Vol 58, 1980, p 223–235 

6. J.K. Lancaster, Friction and Wear, Chapter 14, Polymer Science, A Materials Science Handbook, A.D. 
Jenkins, Ed., North-Holland Publishing, 1972 

7. B.J. Briscoe, Wear of Polymers: An Essay on Fundamental Aspects, Tribol. Int., Aug 1981, p 231–243 

8. S.K. Rhee, Wear, Vol 16, 1970, p 431 

9. M.K. Kar and S. Bahadur, The Wear Equation for Unfilled and Filled Polyoxymethylene, Wear, Vol 30, 
1974, p 337–348 

10. N. Viswanath and D.G. Bellow, Development of an Equation for the Wear of Polymers, Wear, Vol 181–
183, 1995, p 42–49 

11. D.G. Evans and J.K. Lancaster, The Wear of Polymers, Wear, Vol 13, Materials Science and 
Technology, D. Scott, Ed., Academic Press, 1979, p 85–139 

12. J.P. Davim and N. Marques, Evaluation of Tribological Behaviour of Polymeric Materials for Hip 
Protheses Applications, Tribol. Lett., Vol 11 (No. 2), 2001, p 91–94 

13. S. Bahadur and V.K. Polineni, Tribological Studies of Glass Fabric Reinforced Polyamide Composites 
Filled with CuO and PTFE, Wear, Vol 200, 1996, p 95–104 

14. C.H. da Silva, D.K. Tanaka, and A. Sinatora, The Effect of Load and Relative Humidity on Friction 
Coefficient between High Density Polyethylene on Galvanized Steel—Preliminary Results, Wear, Vol 
225–229, 1999, p 339–342 

15. F. Van De Velde and P. De Baets, The Friction and Wear Behaviour of Polyamide 6 Sliding against 
Steel at Low Velocity under Very High Contact Pressure, Wear, Vol 209, 1997, p 106–114 

16. S. Bahadur and D. Gong, The Action of Fillers in the Modification of the Tribological Behaviour of 
Polymers, Wear, Vol 158, 1992, p 41–59 

17. K. Friedrich, Z. Lu, and A.M. Hager, Recent Advances in Polymer Composites' Tribology, Wear, Vol 
190, 1995, p 139–144 

18. T. Kato and A. Magario, The Wear of Aramid Fibre Reinforced Brake Pads: The Role of Aramid 
Fibres, STLE Trib. Trans., Vol 37 (No. 3), 1994, p 559–565 

19. J.V. Voort and S. Bahadur, The Growth and Bonding of Transfer Film and the Role of CuS and PTFE in 
the Tribological Behavior of PEEK, Wear, Vol 181–183, 1995, p 212–221 

20. J. Song, P. Liu, M. Cremens, and P. Bonutti, Effects of Machining on Tribological Effects of Ultra High 
Molecular Weight Polyethylene (UHMWPE) under Dry Reciprocating Sliding, Wear, Vol 225–229, 
1999, p 716–723 

21. A. Schallamach, Abrasion of Rubber by a Needle, J. Polymer Sci., Vol 9 (No. 5), 1952, p 385–404 

22. A. Schallamach, How Does Rubber Slide? Wear, Vol 17, 1971, p 301–312 



23. D.F. Moore, Friction and Wear in Rubbers and Tyres, Wear, Vol 61, 1980, p 273–282 

24. T. Liu and S.K. Rhee, High Temperature Wear of Semi-Metallic Disk Brake Pads, Wear of Materials 
1977, American Society of Mechanical Engineers, 1977, p 552–554 

25. S.K. Rhee and P.A. Thesier, “Effects of Surface Roughness of Brake Drums on Coefficient of Friction 
and Lining Wear,” paper 720449, Society of Automotive Engineers, 1971 

26. J.K. Lancaster and J.P. Giltrow, The Role of the Counterface Roughness in the Friction and Wear of 
Carbon Fibre Reinforced Thermosetting Resins, Wear, Vol 16, 1970, p 357–374 

27. B. Bhushan and D.F. Wilcock, Wear Behaviour of Polymeric Compositions in Dry Reciprocating 
Sliding, Wear, Vol 75, 1982, p 41–70 

28. B.J. Briscoe, I. Ramirez, and P.J. Tweedle, Proc. Int. Conf. Disc Brakes for Commercial Vehicles 
(London), 1–2 Nov 1988, Mechanical Engineering Publications Ltd., 1988, p 5 

29. S.K. Sinha and S.K. Biswas, Friction and Wear Behaviour of Continuous Fibre as Cast Kevlar-Phenolic 
Resin Composite, J. Mater. Sci., Vol 27, 1992, p 3085–3091 

30. S.K. Sinha and S.K. Biswas, Effect of Sliding Speed on Friction and Wear of Uni-Directional Aramid 
Fibre-Phenolic Resin Composite, J. Mater. Sci., Vol 30, 1995, p 2430–2437 

31. J. Hanchi and N.S. Eiss, Jr., Tribological Behaviour of Polyetheretherketone, a Thermotropic Liquid 
Crystalline Polymer and in situ Composites Based on Their Blends under Dry Sliding Conditions at 
Elevated Temperatures, Wear, Vol 200, 1996, p 105–121 

32. B.J. Briscoe, P.D. Evans, E. Pelillo, and S.K. Sinha, Scratching Maps for Polymers, Wear, Vol 200, 
1996, p137–147 

33. B.J. Briscoe, E. Pelillo, and S.K. Sinha, Characterisation of the Scratch Deformation Mechanisms for 
Poly(methylmethacrylate) Using Surface Optical Reflectivity, Polymer Int., Vol 43, 1997, p 359–367 

34. B.J. Briscoe, A. Chateauminois, T.C. Lindley, and D. Parsonage, Fretting Wear Behaviour of 
Polymethylmethacrylate under Linear Motions and Torsional Contact Conditions, Tribol. Int., Vol 31 
(No. 11), 1998, p 701–711 

35. B.J. Briscoe, A. Chateauminois, T.C. Lindley, and D. Parsonage, Contact Damage of 
Poly(methylmethacrylate) During Complex Microdisplacements, Wear, Vol 240, 2000, p 27–39 

36. K. Tanaka and T. Miyata, Studies on the Friction and Transfer of Semi-Crystalline Polymers, Wear, Vol 
41, 1977, p 383–398 

37. B.J. Briscoe, P.D. Evans, and J.K. Lancaster, Single Point Deformation and Abrasion of γ-Irradiated 
Poly(tetrafluoroethylene), J. Phys. D, Appl. Phys., Vol 20, 1987, p 346–353 

38. A. Wang, D.C. Sun, C. Stark, and J.H. Dumbleton, Wear Mechanism of UHMWPE in Total Joint 
Replacement, Wear, Vol 181–183, 1995, p 241–249 

39. R.W. Hertzberg and J.A. Manson, Fatigue Engineering Plastics, Academic Press, 1980, p 54–61 

40. A.N. Gent and C.T.R. Pulford, Wear of Steel by Rubber, Wear, Vol 49, 1978, p 135–139 

The file is downloaded from www.bzfxw.com



41. D. Dowson and P.D. Swales, An Elastohydrodynamic Approach to the Problem of the Reciprocating 
Seal, paper F3, Proc. Third Int. Conf. Fluid Sealing, British Hydromechanics Research Association 

42. G.J. Field and B.S. Nau, Theoretical Study of EHL of Reciprocating Rubber Seals, ASLE Trans., Vol 
18, 1974, p 48–54 

43. S.C. Richards and A.D. Roberts, Boundary Lubrication of Rubber by Aqueous Surfactant, J. Phys. D, 
Appl. Phys., Vol 25, 1992, p A76–A80 

44. A. Wang, A. Essner, V.K. Polineni, D.C. Sun, C. Stark, and J.H. Dumbleton, Lubrication and Wear of 
Ultra-High Molecular Weight Polyethylene in Total Joint Replacements, New Directions in Tribology, 
I. Hutchings, Ed., Mechanical Engineering Publications Ltd., London, 1997, p 443–458 

45. A. Unsworth, The Effects of Lubrication in Hip Joint Prostheses, Phys. Med. Biol., Vol 23, 1978, p 253–
268 

46. J.M. Senior and G.H. West, Interaction between Lubricants and Plastic Bearing Surfaces, Wear, Vol 18, 
1971, p 311–323 

47. B.J. Briscoe, V. Mustafaev, and D. Tabor, Lubrication of Polythlene by Oleamide and Stearamide, 
Wear, Vol 19, 1972, p 399–414 

48. W.H. Carothers, U.S. Patents 2130947 and 2130948 

49. S.M. Aharoni, n-Nylons: Their Synthesis, Structure, and Properties, John Wiley & Sons, 1997 

50. C.J. Hooke, S.N. Kukureka, P. Liao, M. Rao, and Y.K. Chen, The Friction and Wear of Polymers in 
Non-Conformal Contacts, Wear, Vol 200, 1996, p 83–94 

51. S. Bahadur, D. Gong, and J.W. Anderegg, The Role of Copper Compounds as Fillers in Transfer Film 
Formation and Wear of Nylon, Wear, Vol 154, 1992, p 207–223 

52. A. Moet, Failure Analysis of Polymers, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986 

53. L. Engel, H. Klingele, G.W. Ehrenstein, and H. Schaper, An Atlas of Polymer Damage, Prentice Hall, 
1981 

Wear Failures of Reinforced Polymers 
J. Bijwe, Indian Institute of Technology, Delhi 

 

Introduction 

REINFORCED POLYMERS are used extensively in applications where resistance to adhesive and abrasive 
wear failure is important for materials selection. Polymers form a special class of materials because of their 
self-lubricity, which allows them to function without external conventional liquid lubrication. However, 
polymers also have some inherent tribological limitations, such as significantly low thermal conductivity, 
dissipativity, and diffusivity as compared with metals. Frictional heat generated at the sliding contacts cannot 
be dissipated properly, and hence flash temperatures at sliding contacts remain high. Their poor thermal 
stability also makes them more vulnerable due to loss of mechanical strength with an increase in the surface 



temperature. The thermal expansion coefficients of polymers are ten times greater than those of metals, posing 
problems related to dimensional clearances. In addition to the creeping tendency, polymers have low 
dimensional stability and rigidity. They have poor compressive strengths (approximately 30 times less) 
compared with those of other classes of tribomaterials. These inherent limitations restrict the utility of the 
polymers under severe operating conditions such as high loads, speeds, and temperatures. Therefore, 
reinforcements (fibrous or particulate) generally are used to increase the load carrying capacity, strength, 
resistance to creep, and wear. Limitations of strength and thermal conductivity can be overcome efficiently by 
the right selection of reinforcements and fillers in the appropriate amount, combination, and processing 
technology. 
The tribological performance of reinforced polymers is governed by the type of base matrix, the nature of the 
filler (type, amount, size, shape, aspect ratio, distribution, orientation, combination with fillers, and the quality 
of bonding with the matrix), and operating conditions. Fibers are far more wear resistant than the matrix and 
hence control the wear of composite. Continuous fiber-reinforced composites with a thermoset-polymer matrix 
(such as phenolics, epoxy, etc.) may have low wear rates and higher strength than those with thermoplastics 
because a higher ratio of fiber is achievable with a thermoset matrix. Incorporation of fillers also can modify 
wear resistance of polymers up to the order of four. Solid lubricants mostly reduce wear and, rather essentially, 
friction coefficient. Similarly, reinforcement generally reduces wear but not always the coefficient of friction. 
Generally, reinforced polymers have multiple or multifunctional fillers that can have synergistic and/or 
antagonistic interactions with respect to wear performance. Therefore, the tribological behavior of reinforced 
polymers is an empirical evaluation depending on specific material conditions, operating parameters, and 
environment. It is also ill advised to compare tribological properties of materials evaluated in different 
laboratories, configurations, environments, and so on. Their ranges or performance rankings are important for 
materials selection in a particular wear situation. Table 1 indicates tribological regimes for various kinds of 
reinforced polymers. Several recent review articles also provide background on the tribology of polymers and 
composites (Ref 1, 2, 3, 4, 5, 6, 7, 8, 9, 10, 11). 

Table 1   Tribo-potential of polymers and composites for variety of applications 

Composite material Tribological applications Maximum 
tribological regime 

Neat and short fiber reinforced 
composites (SFRP) 

Seals, gears, slideways bearings, and abrasive 
wear applications 

PV < 15 MPa · m/s 
 
V < 5 m/s, μ > 0.03 
 
T < 250 °C, 
 
Ws > 10-16 m3/Nm 

Continuous fiber reinforced 
composites (UD) 

Under-water or high temperature applications, 
aerospace seals and bearings 

PV < 100 MPa · m/s 
 
V < 5 m/s 
 
T < 320 °C, μ > 0.09 
 
Ws > 10-17 m3/Nm 

Thin layer composites with 
metallic supports 

Pivot bearings, high pressure applications PV < 300 MPa · m/s 
 
V < 1 m/s 
 
T < 320 °C, μ > 0.06 
 
Ws > 10-18m3/Nm 

P, pressure; V, sliding speed; Ws, specific wear rate; T, temperature. Source: Ref 1 
This article briefly reviews the abrasive and adhesive wear failure of:  
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• Particulate-filled polymers 
• Short fiber reinforced polymers (SFRP) 
• Polymers with continuous fibers 
• Mixed reinforcements (either with fiber and filler, or with two types of fillers known as hybrid 

composites) and fabrics 

Each section discusses various aspects such as friction and wear performance of the composites, correlation of 
performance with various materials properties, and studies on wear-of failure mechanisms by scanning electron 
microscopy (SEM). 
Apart from the anisotropy of reinforced polymers (especially fiber-reinforced polymers, or FRP), synergistic 
and/or antagonistic effects in the case of a combination of two fibers or fillers is one of the most important 
aspects of composite tribology. This topic is briefly discussed with some emphasis on various mathematical 
models starting with the simple rule of mixtures. More complex methods developed for describing the wear 
performance of each type of composite are also available, but such models, along with the data on wear 
mechanisms and friction and wear performance, serve more for tailoring future composites. This subject is 
mentioned only briefly because it is beyond the main purpose of characterizing wear failures from the 
perspective of failure analysis and prevention. 
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Abrasive Wear Failure of Reinforced Polymers 

Polymer composites are extensively used for sliding components in earth-moving equipment, rock- and ore 
crushers, dies in powder metallurgy, extruders and chutes, and so on, where the major wear failure mechanism 
is either two-body or third-body abrasion. The abrasion is a net result of microscopic interactions of the surface 
and the abradant as shown in Fig. 1 (Ref 12). Microplowing and microcutting are the dominant processes in the 
abrasion of ductile materials, while microcracking is important in brittle materials. 
 

 

Fig. 1  Schematic of different interactions during sliding of abrasive particles against the surface of 
material. Source: Ref 12  

As previously noted, the wear of reinforced polymers is influenced by the properties of the matrix, the filler, 
and their bonding; the ratio of grooving depth to the filler size; the shape and size; orientation distribution; 
hardness of the grit and filler; and the operating parameters. In the case of abrasive wear of reinforced 
polymers, the role of filler is very much different from the role of filler in adhesive wear mode. Abrasive wear 
behavior generally is evaluated by abrading it under load against hard rough surfaces such as paper or wheel 
impregnated with silicon carbide (SiC), flint, alumina, and so on, or a rough metallic disc. 
Abrasive wear failure of FRPs occurs generally because of matrix shearing and fiber debonding followed by 
fiber cracking and cutting. Generally, fibers in the normal (N) direction are more wear resistant than those in 
the parallel (P) direction, which in turn, are better than those in the antiparallel (AP) direction. If the size of 
filler is smaller than the abrading grit, then the filler particle is easily dislodged and dug out. Fillers of medium 
size are most effective in this case. With increase in volume fraction (Vf) of the filler or fiber, wear may 
increase, decrease, or show minima at some concentration, generally around 20 to 30%. Abrasive wear may 
increase with a decrease in modulus of elasticity of fiber or matrix as a result of higher debonding of fibers. If 
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the filler hardness is higher than the abrading grit, wear decreases. If the filler or matrix is brittle, wear 
increases due to cracking and flaking (Ref 2). 
Abrasive Wear of Particulate-Reinforced Polymers. Extensive work has been done in this area. (Ref 13) Figure 
2 shows relative abrasive wear loss of quartz and glass-filled polymethylmethacrylate (PMMA) slid against 
SiC, SiO2, and CaCO3 abrasives as a function of filler volume fraction. The performance clearly depends on the 
ratio of hardness of the abrasives to the filler, the interfacial adhesion of the filler with the matrix PMMA, and 
volume fraction. 

 

Fig. 2  Relative abrasive wear loss of polymethylmethacrylate (PMMA) and composites filled with quartz 
and glass against abrasives SiC (45 μm), WIB, SiO2 (10 μm) and CaCO3 (3 μm) as a function of filler 
volume fraction, Vf. WIB, weak interfacial bond; SIB, strong interfacial bond: 1, WIB-quartz, filler 
against SiC; 2, WIB-glass filler against SiO2; 3, SIB quartz filler against SiC; 4, unfilled PMMA; 5, WIB-
quartz filler against SiO2; 6, SIB-quartz filler against SiO2; 7, WIB-glass filler against CaCO3; 8, WIB-
quartz filler against CaCO3; 9, SIB-quartz filler against CaCO3. LROM, linear rule of mixtures. IROM, 
inverse rule of mixtures. Source: Ref 13  

An upper bound on abrasive wear resistance is modeled by the following equation, known as the inverse rule of 
mixtures (IROM), where overall wear behavior is assumed to be a function of the individual contribution from 
each phase. Wear resistance (W-1) (as modeled by Khruschov) (Ref 14) is:  

  
where W is the total wear volume, as a linear function of volume fraction of the phase present, Vi is the volume 
fraction of the ith phase, and Wi is the wear volume due to ith phase. Equation 1 provides an upper bound to the 
wear resistance. However, the basic assumption that each phase shows a wear rate proportional to the applied 
load is not always correct, especially when hard phases and ceramic fillers are involved. IROM cannot be 
applied in such a case, because of nonlinearity in wear load relation. Hence, another model known as the linear 
rule of mixtures (LROM) (Eq 2), was developed (Ref 15) and is suitable for composites containing a 
combination of similar phases,  

  
These models based on volume fraction of the reinforcing phases showed considerable deviation from the 
experimental values, especially when the size of the abrasives was large and the load was high. As seen in Fig. 
3, (Ref 16) the deviation clearly increased with the size of the filler and applied load. In reality, the abrasive 
wear of a multiphase system is the macroscopic sum of all the microscopic events generated by the abradants 
and hence depends on the size of the grain. When grain size equals or exceeds the microstructure, filler pullout 



is inevitable, leading to large wear to the extent depending on the quality of the interface. The deviation 
depends on the size of grain, microstructure, load, and volume fraction. The rules of mixture are not useful in 
the quantitative prediction of industrial wear rates but for the development of wear-resistant materials in the 
laboratory. 

 

Fig. 3  Dimensionless wear rate, W, at two loads as a function of volume fraction of bronze particles in 
epoxy-Cu-Al system (Cu-Al particle diameter 100 μm). Abrading surface, silicon carbide. (a) Fine 
grade; (b) coarse grade. α-space between two particles, β. LROM; linear rule of mixtures; IROM, inverse 
rule of mixtures. Source: Ref 16  

Bahadur and Gong (Ref 17) developed a theoretical model for the optimal filler loading based on the random 
packing model of particles in a polymer. Using the computer program based on this model and the data on filler 
particle size distribution with the density of filler and polymer and the distance between the particles of the 
filler in the critical packing state, the filler proportion in the polyamide (PA) 11 was calculated. The maximum 
mechanical strength and highest abrasive resistance of the composites with optimal filler contents calculated 
with the equation agreed well with the experimental data. 
Abrasive Wear of Short-Fiber Reinforced Polymers (SFRPs). Figure 4indicates effect of size, orientation, 
hardness, modulus, and brittleness of the fiber on the abrasive wear performance of the composites (Ref 2). The 
performance of the composites generally deteriorates in the case of short-fiber reinforced polymers (SFRPs). 
An increase in wear performance was reported for seven composites and deterioration for six in the case of 
thirteen polymers reinforced with 30% short carbon fibers (CF) (Ref 18). Generally, a reduction in Se factor or 
HSe factor (where S is ultimate tensile strength, e is the elongation to break, and H is hardness) is observed to 
be responsible for the deterioration in performance, and Ratner-Lancaster plots show good correlation (Ref 8, 
18, 19). Table 2 shows several properties correlated with the wear behavior of such composites by various 
researchers. 
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Fig. 4  Influence of various properties of reinforcing phase on abrasive wear of composite. Source: Ref 2  

Table 2   Details of the literature on (abrasive) wear property correlation of polymers and composites 

Resin Fiber/filler, 
wt% 

Wear rate due to 
fillers 

Correlation of abrasive wear 
with 

Ref 

PA 6, PA 66, PVC, PTFE, PP, 
epoxy, PMMA, polyester, PC, 
phenolic, PE, acetal copolymer 

CF/30 Increased for six 
polymers and 
decreased for seven 
polymers 

(Se)-1  18  

PA 66 CF/10, 20, 30, 
and 40 
 
PTFE/15 

Increased (Se)-1  19  

PA 6, PMMA, PE, POM, PA 
66, PP, PTFE, PC, PTFCE, 
polyphenylene oxide, and PVC 

… … Cohesive energies 20  

PA 6, PTFE, PP, POM, HDPE, 
PVC, and PMMA 

… … Plowing component of friction, 
hardness, tensile strength, and 
elongation to failure of 
polymers 

21  

PET GF/30 
 
Glass/30 
 
Sphere 

Increased The hardness, macrofracture 
energy, and the probability 
factor for microcracking 

22 

PA 6 GF/15 and 20 Increased (HSe)-1, fracture toughness, 23  



Resin Fiber/filler, 
wt% 

Wear rate due to 
fillers 

Correlation of abrasive wear 
with 

Ref 

 
PTEE/3 
 
Bronze and 
copper 
powder/6 

fracture energy, and ductility 
factor 

PTFE … … (S2e)-1  24  
PTFE … … (Smax/Sy) and asperity strain 

(r/R) 
25  

PA 66, PPS, PEEK, PC, PES, 
and PEI 

CF/30 
 
GF/30 and 40 

… Roughness of abrasive paper, 
(Se)-1 and (ESe-1) 

26  

EP and PEEK CF, GF and 
AF/60 

… Asperity size 27  

ABS, PA, PE, PP, PS, and 
POM 

… … (Depth of wear groove × fab 
value)-1  

2  

PES and PMMA … … KIc  28  
PEI GF/16, 20, and 

25 
 
PTFE/15 
 
Graphite and 
MoS2/15 

Increased (Se)-1  8  

PI Graphite/15 
and 40 
 
PTFE/15 
 
MoS2/15 

Increased (Se)-1  8  

PP, polypropylene; POM, polyoxymethylene; PC, polycarbonate; PTFCE, polytrifluorochloroethylene; HDPE, 
high-density polyethylene; PET, polyethylene terephthalate; S, ultimate tensile strength; e, elongation to break; 
E, elastic modulus; KIc, fracture toughness; fab, the ratio of volume of material removed as wear debris to the 
volume of the wear groove 
The maxima in the specific wear rate-volume fraction relation also depends on the size of abrasives. As seen in 
Fig. 5, (Ref 29) the 10% glass fiber (GF) loading in PEI showed maximum wear for the abrasive grain size of 

118 μm while for 175 μm size grits, loading was at 20%. The wear minima in both cases, however, was at 
30% loading of short GF. The difference in the severity of the fiber damage in the 10% polyetherimide (PEI) 
composite due to these different grit sizes can be seen in Fig. 6(a) and (b). The various stages of fiber cracking, 
cutting, and pulverization in 30% GF composite are shown in Fig. 6(c). Generally, the wear rate of SFRPs 
shows increase with fiber volume fraction. The performance, however, deteriorates disproportionately if the 
combination of filler, solid lubricants, and fibers is included in the composite (Ref 8). 
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Fig. 5  Abrasive wear volume at various loads and SiC abrasive papers as a function of volume fraction 
of short glass fibers (GF) in PEI. Speed 5 cm/s in single pass condition; distance slid 3.26 m. (a) 120 
grade, grit size 118 μm. (b) 80 grade, grit size 175 μm. Source: Ref 29  

 

Fig. 6  Scanning electron micrographs of abraded surfaces of composites against 80 grade SiC paper and 
under 14 N load. (a) Polyetherimide (PEI) + 10% glass fiber (GF) showing extensive damage to matrix 
and fiber; cavities left after fiber consumption. PEI + 30% GF. (b) Fiber on the stage of microcracking. 
(c) Initiation of fiber pulverization. Source: Ref 29  



A wear equation was developed for SFRPs based on crack propagation theory for describing the effect of load 
(FN) on specific wear rate (WS) (Ref 30):  

  
where VS is sliding speed, E is elastic modulus, H is hardness, and εf is wear failure strain. The equation is valid 
only when thermal activation is insignificant, as in the case of low sliding speed. μα is the number between 
unity and zero; VC, the crack growth velocity, is related to fiber aspect ratio, elastic modulus of fiber, shear 
modulus of the matrix, stress of friction on damaged matrix-fiber interface, fiber fraction, and many other 
complex characteristic properties. If FN is large, thermal effect becomes significant, and the exponential term in 
the following equation controls the wear rate:  

  
where K9 is a parametric constant and γ2 is a dimensionless constant. When VS is high, material softens, causing 
crack propagation to be easier than in the case of low VS. Hence, depending on the magnitude of VS, wear rate 

increases, decreases, or remains constant. WS decreases with FN when δ > 2/β since VC ∞ . When VC 

becomes thermally activated then, at a certain point, the effect of VC can override the term and, thus, WS 
increases with FN. 
A wear model was developed for correlating wear behavior of various types of composites with the materials 
properties (Ref 31). As seen in Fig. 7, surface deformation and wear mechanisms are functions of hardness and 
fracture energy of the matrix. When pressure, P, increases a certain critical value, Pcrit, the contribution due to 
brittle fracture of the material to the wear increases during the transition in wear mechanism at certain Vf. The 
fracture toughness of a material (KIc) can be correlated to H as:  

  
If load is high, Pcrit is approached earlier. For a given apparent contact area (A), effective pressure (Peff) is 
related to effective contact area (Aeff) as:  

  
If the material has high hardness, low fracture toughness, sharp grains, or rough counterface, the probability of 
Peff reaching Pcrit is high (Fig. 7a). Wear rate (W) as a function of hardness shows a change in wear mechanism 
as shown in Fig. 7(b). Transition II shows a disproportionately higher wear rate with an increase in P (for a 
material of hardness H). Transition I represents reduction in Pcrit (P < Pcrit to P > Pcrit) due to increase in H at 
constant pressure P leading to additional microcracking events. When load increases and H also increases due 
to higher Vf, the same roughness of the abradant becomes more detrimental, and wear dominated by 
microcracking becomes more prominent. Taking into account various factors such as probability factor (Ω*) of 
microcracking, hardness, and size of abradant, particle density/area, specific wear rate WS was correlated with 
H of the composite, modified wear coefficient (Ω), and fracture energy GIc (Ref 31). 
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Fig. 7  (a) Abrasive wear mechanisms and surface deformation as a function of pressure, P; material 
hardness, H; and fracture energy, GIc. (b) Curves 1 to 3 correspond to the schematic in (a), possible 
schematic of the wear rate, W as a function of hardness, H of wearing material. Curve 1 is a normal 
curve showing a reduction in wear with increase in hardness while curve 2 reflects changes in trends 
when microcracking. Wf plays a role at higher pressure. Source: Ref 31  

Abrasive Wear of Continuous Unidirectional Fiber Reinforced Polymers (FRP). In-depth studies on continuous 
steel fiber reinforced, epoxy polymer (EP), and polymethylmethacrylate (PMMA) (Ref 2) focused on various 
aspects such as area fraction, volume fraction, mean free path between the fibers (λ), and the ratio λ/D, where D 
was the size of abrasives. Based on these studies, the general trends in abrasive wear of FRP composites and the 
properties and alignment of fibers were summarized (Fig. 4) (Ref 2). Studies were done on abrasive wear 
performance of FRP composites of epoxy (thermoset polymer) and polyetheretherketone (PEEK) 
(thermoplastic polymer) reinforced with various fibers such as AS4 carbon fiber (CF) (62 vol%), glass fiber 
(GF) (58 vol%) and K49, aramid fibers (AF) in epoxy and AS4CF (55 vol%) and K49, AF (60 vol%) in PEEK 
(Refs 32, 33). 
Summary of the wear behavior (Table 3) indicates clearly that unidirectional (UD) fiber reinforcement in the 
antiparallel (AP) orientation was detrimental in all the cases, while normal orientation (ON) was always 
beneficial. Aramid fiber was most effective in improving the resistance when it was in normal orientation. 
Interestingly, parallel orientation of AF was worse than the AP orientation in the case of PEEK. The various 
wear mechanisms suggested in different orientations are schematically shown in Fig. 8(a), while Fig. 8b shows 
the ideal composite with very good abrasive wear resistance based on these studies. It should contain 
thermoplastic polymer such as PEEK and continuous AFs in the (ON) and CFs in the parallel (OP) orientation 
(Ref 32). A cyclic wear model based on volume fraction of fiber (Vf), wear resistance, and elastic moduli of its 
constituents shows a very good matching of experimental data with the calculated one (Ref 34). The wear 
model developed for FRPs (Ref 31) also shows good correlation for CF-reinforced UD composite of epoxy 
matrix. 

Table 3   Influence of fiber orientation on the abrasive wear behavior of continuous fiber reinforced 
polymer composite 

UD reinforcement and wear resistance (normalized) (Ws
-1)composite/(Ws

-1)epoxy  Polymer 
CF AF GF Neat polymer 



EP 
 
N 
 
P 
 
AP 

… 
 
1.8 
 
1.7 
 
0.9 

… 
 
7.9 
 
1.1 
 
1.1 

… 
 
2.3 
 
1.4 
 
0.8 

1.0 
 
… 
 
… 
 
… 

PEEK 
 
N 
 
P 
 
AP 

… 
 
1.7 
 
1.6 
 
1.0 

… 
 
15.2 
 
0.9 
 
1.3 

… 
 
2.4 
 
1.8 
 
1.2 

1.8 
 
… 
 
… 
 
… 

UD, unidirectional; Ws, wear rate; CF, carbon fiber; AF, aramid fiber; GF, glass fiber; EP, epoxy; N, normal; P, 
parallel; AP, antiparallel; PEEK, polyetheretherketone. Source: Ref 33  
 

 

Fig. 8  (a) Schematic of basic wear failure mechanisms observed in (a1) (a2) parallel, P and (a3) 
antiparallel AP orientations. (a1) A, fiber slicing, B, fiber matrix debonding; C, fiber cracking, j and D, 
fiber bending (especially in the case of aramid fiber or carbon fiber). (a2) A, interlaminar crack 
propagation; B, fiber cracking; C, fiber matrix debonding; and D, fiber fracturing. (a3) A, fiber 
fracturing; B, fiber matrix debonding. (b) Ideal composite for high abrasive wear resistance. L, normal 
load; V, velocity Source: Ref 32  

Abrasive Wear of Fabric-Reinforced Polymer Composites. Very limited research work is done on the abrasive 
wear behavior of bidirectionally (BD) reinforced composites. Influence of various fabrics and their orientations 
on the abrasive wear behavior of composites of thermoplastic PEI is covered in Ref 35. The weave of glass 
fabric and load were also influencing factors. As compared with short glass fibers (Ref 29), fabric proved to be 
significantly beneficial for enhancing the abrasive wear resistance of polyetherimide (PEI). Worn surfaces of 
PEIAF (OP); PEIAF (ON); PEIHY (ON), or polyetherimide hybrid, ON; PEICF (OP); and PEICF (ON) are shown in 
Fig. 9 10 (Ref 36). The extensive softening of AF due to high-contact pressure especially in ON followed by 
fibrillation was the most distinct feature observed on PEIAF and PEIHY surfaces. The fiber cracking breakage, 
pulverization, removal, and plastic deformation of the matrix were minimal in the case of AF composites. The 
presence of AF hindered the removal of PEI matrix also. In fact, the smooth topography looked more like 
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adhesive wear case rather than the abrasive wear against SiC paper of 175 μm size. In other cases, excessive 
breakage and removal of fibers, which led to higher wear were observed. The influence of amount and type of 
fiber fraction in BD composites and fiber fraction orientation on abrasive wear behavior by sliding the epoxy 
composites against 70 μm Al2O3 paper has been reported (Ref 31). 
 

 

Fig. 9  Scanning electron microscope micrographs of abraded PEI composites reinforced by various 
fabrics; L 12 N, SiC paper 80 grade (grit size 175 μm); distance slid 10 m (33 ft). OP, fabric parallel to the 
sliding plane; ON, fabric normal to the sliding plane. (a) PEIAF (OP) showing extensive elongation and 
fibrillation of ductile and soft aramid fibers (AF) during abrasion (b and c) for PEIAF (ON). (b) Smooth 
surface topography due to molten AF (high contact pressure, half the fibers being in normal direction). 
(c) Enlarged view of AF tip indicating extensive elongation and melting. (d and e) PEICF+AF (HY). (d) PEIHY 
(OP) abraded from CF side showing multiple microcutting in CF. (e) PEIHY (ON) showing excessive 
melting of AF and third body abrasion due to loose grit (middle portion) on the softened matrix. (f) 
PEICF (OP) excessive breakage of an array of CF in both the directions resulting in high wear. (g) PEICF 
(ON) CF tips showing less fiber damage (and hence less wear); cavities due to fiber pull out. (h) PEIG3 
(OP) excessive damage to GF in both the directions due to microcutting. Source: Ref 36  



 

Fig. 10  (continued) (e) PEIHY (ON) showing excessive melting of AF and third body abrasion due to loose 
grit (middle portion) on the softened matrix. (f) PEICF (OP) excessive breakage of an array of CF in both 
the directions resulting in high wear. (g) PEICF (ON) CF tips showing less fiber damage (and hence less 
wear); cavities due to fiber pull out. (h) PEIG3 (OP) excessive damage to GF in both the directions due to 
microcutting. Source: Ref 36  
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Sliding (Adhesive) Wear Failure of Polymer Composites 

The polymer composites that are used for sliding wear applications such as bush bearings, bearing cages, slides, 
gear seals, and so forth in industries such as textile, food, paper, pharmaceutical and such are particulate-filled, 
fiber reinforced, or mixed composites. In the case of particulate fillers, the particle size is very important for 
achieving desired performance. The fillers such as ZrO2, SiC, and so forth are known for their hardness and 
beneficial effects on abrasive wear resistance of a composite. However, they have a detrimental effect on 
adhesive wear of polymer composites. Interestingly, the same fillers have proved to be very beneficial when the 
size is in nanometers (Ref 37, 38, 39, 40). 
The performance of FRP composites depends on the type of fiber and matrix, volume fraction, distribution, 
aspect ratio, alignment, and adhesion to the matrix. As per Eq 7, the higher the aspect ratio (l/r, where l and r 
are the length and radius of fiber, respectively), the greater is the contact load transferred from the matrix to the 
fiber and the greater the wear resistance, WR (inverse of wear rate) (Ref 41):  

σf = 2τlr-1 + σm  
where σf is the contact stress, σm is the compressive stress of the matrix in the composite loaded against 
counterface under a load L, and τ is the tangential stress produced because of the difference in the moduli of 
matrix and fiber. It is, however, not true that with increase in the concentration of fibers, wear resistance 
increases continuously. In fact, either it deteriorates or becomes constant beyond a typical optimum 
concentration in the case of short fibers. 
Generally, short fibers (0.1 mm to 3 mm, or 0.004 to 0.118 in.) in approximately the 20 to 30% concentration 
range are used for reinforcement and reducing wear in thermoplastics. 
Figure 10 (Ref 2) highlights some trends generally observed in the wearing of composites against a smooth 
metal. Increase in load and speed results in higher wear of FRP through different mechanisms. High load results 
in more fiber cracking and pulverization leading to deterioration in load carrying capacity, while high speed 
accelerates the debonding of fibers/fillers. This results in easy peeling off or pulling out of the reinforcing 
phase. High-modulus fibers are more effective in wear reduction than the high-strength fibers. Moreover, the 
higher the modulus of fiber or composite, the less is the wear. The higher the aspect ratio of the reinforcement, 
the lower is the wear. For a typical volume fraction (Vf) of a filler, there exists an optimum value of the mean 
free path for the minimum wear; the same is true for the filler size. High-strength and high elastic modulus of 
the matrix enhance the support to the fillers. The higher the brittleness of the matrix is, the higher the crack 
propagation tendency and the higher the wear of a composite. 
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Fig. 10  General trends indicating effect of microstructure of a composite and the properties of fillers on 
adhesive wear of composites. p, applied pressure; HM, hardness of matrix. AP, P, and N refer to 
orientations of fibers with respect to sliding direction: AP, antiparallel; P, parallel; and N, normal. HS 
CF and HM CF, (high-strength and high-modulus carbon fibers); εf, fracture strain; and E, Young's 
modulus. 1, abrasive of larger size; 2, nonabrasive filler/solid lubricant/abrasive filler in nanometer 
size/long fibers or fabric; 3, short fibers. Source: Ref 2  

Apart from these factors, the most important wear-controlling factor in the case of a polymer composite is the 
efficiency of interaction of the polymer and filler with the counterface. If the interaction reinforces the thin-film 
transfer efficiency of the polymer, the friction coefficient (μ) and the extent of frictional heating reduce, leading 
to less damage to the polymer, filler, and their adhesion. This generally results in less wear. The nature of 
transferred film on the counterface plays a key role in controlling wear performance of a composite. If this 
adheres to the counterface firmly, wear of the composite decreases. If the fillers are capable of enhancing this 
adhesion by forming chemical bonds through chemical or physical interaction with the counterface during 
sliding, the film is more firmly attached, resulting in significant reduction in wear. 
Adhesive Wear of Particulate-Filled Composites. The influence of nanometer-sized particulate fillers such as 
SiC, ZrO2 and Si3N4 has been studied in PEEK (Ref 37, 38, 39, 40). At particular concentrations and sizes of 
the filler, minimum wear rate (K0) and minimum μ were observed. However, minima of K0 and μ did not 
always match. For example, these matched in the case of ZrO2 at 7.5% (K0 decreased by 1.8 times and μ by 1.3 
times). For Si3N4, K0 decreased continuously with increased filler amount. The μ, however, was minimal at 8 
vol% loading (1.5 times decrease in μ and 7 times decrease in K0). In a further work on simultaneous addition 
of SiC filler (3.3 vol%, which proved to be the best for maximum reduction in the wear rate and μ) and solid 
lubricant polytetrafluoroethylene (PTFE) in increasing amounts up to 40 vol%, a synergistic effect was 
observed. 
Figure 11 (Ref 40) shows the influence of PTFE on μ and K0 of PEEK and PEEK + SiC (3.3% vol%) 
composite. It was interesting to observe that at up to 5% PTFE loading in a PEEK-SiC composite, μ rose to a 
high value showing a negative contribution of PTFE towards μ. Without PTFE, μ was quite low Fig 11b. 
Beyond 10% loading, a combination of PTFE and SiC showed synergism, and μ lower than that with the 
individual fillers was observed. Thus this combination showed antagonism and synergism in particular ranges. 
K0, however, was lowest without PTFE in the PEEK-SiC composite. Combination of PTFE with SiC thus 
showed a negative effect for wear behavior. Interestingly, inclusion of the single filler PTFE proved beneficial. 
These studies brought out a very important aspect of the influence of solid lubricant. It worsened the 
performance of a composite when combined with other potential fillers. This detrimental effect was due to the 
formulation of SiFx confirmed during x-ray photoelectron spectroscopic (XPS) analysis, due to chemical 
reaction between SiC and PTFE. This SiFx was responsible for raising the μ of a composite. When PTFE 
contents exceeded the amount required for the chemical reaction with 3.3 vol% SiC, the excess unreacted PTFE 
started showing a beneficial effect and μ started decreasing. The film transfer efficiency of the filler was poor 
when PTFE and SiC were in combination, and this led to deterioration in wear performance. 
 

 

Fig. 11  Influence of fillers on friction and wear behavior of PEEK composites; L, Normal load, 196 N; 
speed 0.445 m/s; counterface plain carbon steel ring. (a) nanometer-sized SiC in PEEK; (b), and (c) 
PTFE in PEEK and PEEK + SiC (3.3 vol% constant) composites. Source: Ref 40  



The influence of increasing the amount of PTFE in PEEK (Ref 42, 43) (Fig. 12a) showed that the PTFE 
significantly benefited both μ and the specific wear rate of PEEK. However, with an increase in PTFE though μ 
decreased continuously, K0 showed excessive increase beyond 80% loading of PTFE. K0 was minimal at 5% 
PTFE contents while μ was minimal for 100% PTFE. A 12 to 18% loading range of PTFE was found to be 
optimal for the friction and wear combination. 

 

Fig. 12  (a) Influence of PTFE on friction and wear performance of PEEK composites and the optimum 
range of PTFE amount for best combination of μ and K0. (b) Linear correlation and synergistic effect as 
a result of two opposite trends. K0,M and K0,L represent specific wear rates of matrix and lubricant 
(PTFE). Source: Ref 42, 43  

Wear rates (WC) of PEEK-PTFE composite have been described (Ref 42, 43) as follows:  
WC = (1 - VfL)WM + VfLWL  

where VfL is the volume fraction of lubricant PTFE, and WM and WL are the wear rates of the PEEK matrix and 
lubricant PTFE. Figure 12(b) shows the synergistic effect of the lubricant on wear. This could not be explained 
with the help of linear correlation. Such synergism could be described as:  

  
where indicates wear rate in the presence of PTFE.  

  
where f is the lubricating efficiency factor and is the effective wear rate of the matrix (Ref 4). 
Adhesive Wear of SFRP or Mixed (SFRP + Particulate Filled) Composites. Short fibers are very effective in 
modifying the wear performance and friction behavior (except in the case of glass fibers) of the composite. The 
combination of fibers and lubricants usually shows synergism. Inclusion of short glass fibers benefited the 
polyphenylene sulfide (PPS) maximum and the PEEK minimum (Ref 4). Beyond typical fiber loading, extent 
of improvement slowed down for polyethernitrile (PEN) and polyether sulfone (PES) but not for polyphenylene 
sulfide (PPS). Similarly, the type of carbon fiber and its volume fraction in polyethernitrile (PEN) influenced 
the wear behavior significantly. Pitch-based CF proved more beneficial than the polyacrylonitrile (PAN)-based. 
Beyond 15% loading, the extent of improvement, however, was marginal (Ref 4). Results of a study on the 
short-fiber and solid-lubricated composites are shown in Fig. 13(a), while Fig. 13(b) shows the influence on 
pressure × velocity (PV) factor and high temperature on the wear rate of composites. Figure 13(b) indicates that 
unreinforced polybenzimidozole (PBI) is far superior to the reinforced and lubricated PEEK. Systematic and 
step-by-step inclusion of the lubricant and reinforcement (short glass fibers) in PEI could improve friction and 
wear behavior very significantly as seen in Fig. 14 (Ref 8). Polyetherimide is a hard and ductile polymer. It did 
not transfer any film on the counterface but did transfer a molten material in the severe PV condition. The thin 
coherent film of PTFE transferred on the mild steel counterface (Fig. 15a) in the case of PEIPTFE 15% composite 
was responsible for the lowest μ in the series of composites. For the composite containing three lubricants and 
short glass fibers, the film transfer was not as coherent and thin (Fig. 15b), as in the earlier case, and μ was little 

The file is downloaded from www.bzfxw.com



higher. Various wear failure mechanisms observed on the worn surfaces of composites during scanning electron 
microscopic (SEM) studies are shown in Fig. 16 16 (Ref 44, 45, 46, 47, 48). 

 

Fig. 13  (a) Indicative trends in influence of reinforcement and solid lubrication on friction and wear of 
high-temperature polymers. P = 1 MPa; V = 1 m/s. PEN, polyethernitrile; PEEK, polyetheretherketone; 
PEEKK, polyetheretherketoneketone; gr, graphite; TF, Teflon. 1, neat polymers; 2, polymers + PTFE; 3, 
polymers + graphite/PTFE; 4, polymers + glass fibers (GF); 5, polymers + carbon fibers (CF); and 6, 
polymers + CF/GF + PTFE. (b) Influence of pressure × velocity (PV) factor on wear rate of fiber-
reinforced plastics (T, 220 °C; V, 3 m/s). Source: Ref 4  

 

Fig. 14  Influence of inclusion of fillers (individually and simultaneously) on friction and wear 
performance of PEI composites against mild steel (L 43 N, speed 2.1 m/s, for A 25 N counterface mild 
steel); A, polyetherimide (PEI); B, (PEIPTFE15%); C, (PEIGF20%); D, (PEIGF 16%+graphite 20%); and E, 
( ) 



 

Fig. 15  Scanning electron micrographs of worn surfaces of PEI composites indicating (a) transfer of thin 
and coherent film of PTFE on the steel disc responsible for lowest μ exhibited by (PEIPTFE15%). (b) Film 
transfer (less coherent and thin) in the case of ( ) responsible for slightly 
higher μ than the PEIPTFE15%. Source Fig. 15(a): Ref 44. Source Fig. 15(b): Ref 45 
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Fig. 16  Wear failure of PEI and composites (a) Failed surface of PEI while sliding against very smooth 
(Ra 0.06 μm) aluminum surface resulting in high μ (L 28 N; v 2.1 m/s) Left part shows severe melt flow of 
PEI; middle portion shows crater with chipped-off molten material (Ref 46). (b–e) Worn surface of 
PEIGF+gr (L, 112 N; V, 2.1 m/s). (b) Severe melt flow of polymer in sliding direction with maximum fibers 
normal to the surface, cracks generated in sliding direction, and a pulled out fiber, (c) Magnified view of 
pulled-out fiber from the matrix with worn elliptical and polished tip with excessive fiber-matrix 
debonding aggravating wear of composite. (d) Multiple parallel microcracks perpendicular to the sliding 
direction indicating fatigue with cavities due to fiber consumption, deterioration in fiber matrix 
adhesion, and wear thinning of longitudinal fiber. (e) Deep cracks initiating and propagating from fiber 
to fiberith pits formed due to graphite extraction and fiber consumption, back transfer of molten 
polymer from the disc to the pin surface (patches in the left portion of the micrographs) (L, 132 N; V, 1 



m/s) (f–h) Worn surfaces of (with fibers parallel to the sliding surface), worn 
under L, 72 N and V, 2.1 m/s, showing (f) microcracking of fibers, (g) deterioration in the fiber-matrix 
adhesion and peeled off fiber, and (h) wear thinning of fibers with still more deterioration in fiber-matrix 
adhesion (V, 2.1 m/s; L, 132 N). Source: Ref 44, 45, 46, 47, 48  

 

Fig. 16  (continued) (g) deterioration in the fiber-matrix adhesion and peeled off fiber, and (h) wear 
thinning of fibers with still more deterioration in fiber-matrix adhesion (V, 2.1 m/s; L, 132 N). Source: 
Ref 44, 45, 46, 47, 48  

A wear model to describe the adhesive wear behavior of SFRPs based on the microscopic observations on the 
worn surfaces of the FRPs has been developed (Ref 49). Since fiber cracking and fiber-matrix debonding occur 
sequentially, a combined process can be considered. The fiber debris removed from the matrix can act as third 
body abrasives and also needs to be included in models. Hence, the sliding wear rate of composite (Ws,c) is the 
sum of wear rates that account for the sliding process (Ws,s) and others, which accounts for the additional wear 
mechanism (Ws.fci), the post-sliding wear process; that is, wear due to fiber fracture, fiber-matrix interfacial 
debonding pulverization, fibrillation, and so forth. Correlation was observed between the experimental and 
calculated data (Ref 49). 
Adhesive Wear of Unidirectional FRP Composites. Pioneering research in this area included investigation of 
various factors influencing the wear performance of FRP (Ref 18, 41, 50, 51, 52) while others developed the 
wear model based on in-depth studies on UDFRPs (Ref 53, 54, 55, 56). The tribo-studies were later extended to 
various composites containing reinforcement with short and continuous fibers and fabrics, (Ref 1, 4, 5, 22, 27, 
31, 32, 33, 42, 49, 57, 58). Figure 17 4 summarizes some results of selected UD composites (Ref 54). 
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Fig. 17  Specific wear rate and friction coefficient of unidirectional composites (see Table 4) in three 
orientations (P, 1.5 N/mm2; V, 0.83 m/s; distance slid, 16 km). 

Table 4   Details of UD composites studied in adhesive wear mode 

Resin and Vf  No. Reinforcement (UD) 
Epoxy Polyester PTFE/Teflon 

1 High-strength carbon fiber (HS-
CFR) 

HS-CFR-E (42, 52, 
59, 65) 

HS-CFR-EST (42, 50, 
57, 65) 

HS-CFRT (42, 
67) 

2 High-modulus carbon fiber (HM-
CFR) 

HM-CFR-E (65) … … 

3 High-strength carbon fiber NT-
CFR 

NT-CFR-E (65) … … 

4 E-glass fiber (GFR) GFR-E (60, 68, 76) GFR-EST (52, 58, 70) … 
5 Stainless steel fiber (SFR) SFR-E (56, 62, 69, 

75) 
SFR-EST (48, 54, 70, 
76) 

SFRT (42, 67) 

6 Aramid fiber (Kevlar fiber) 
(AFR) 

AFR-E (40, 50, 60, 
70) 

AFR-EST (70) AFRT (42, 67) 

NT, nontreated. Source: Ref 54  
Wear behavior of FRP depends on the properties of fibers, their orientations, and bonding with the matrix and 
the counterface material, including operating conditions. In the case of a brittle matrix with epoxy, generated 
cracks propagate right through the fiber if the bonding between fiber and matrix is strong. In the case of highly 
ductile matrix such as polyurethane (PU), the cracks cannot propagate through the matrix and fiber. The fiber 
bends with the matrix under the asperity contact, and the wear rate is controlled by the wear rate of the fiber 
(Ref 6). Analysis of worn surfaces of UD graphite-fiber reinforced PU indicated that the fiber tips (fibers 
perpendicular to sliding plane), which were originally circular, became elliptical and bent during sliding. 
The following mechanisms for wear failure of FRPs sliding against smooth metals under pressure, p, have been 
proposed (Ref 53):  

1. Wear thinning of the fiber due to continuous sliding for a distance D under load L  
2. Subsequent breakdown of the fiber due to strain μp/E (E, modulus of elasticity) of FRP caused by the 

frictional force, load, and sliding distance 
3. Peeling off of the fibers from the matrix because of strain μp/E exceeding interlaminar shear strength 

(IS) 

In-depth studies on UD composites (Ref 5) focused on investigating the influence of type and orientation of 
reinforcements in the selected matrices on friction and wear behavior. The various failure mechanisms 
operative in wearing FRP are shown in Fig. 18 (Ref 57). Various finite elemental micromodels have been 
developed for explaining the failure mechanisms in different fiber orientations based on the evaluation of 
contact and stress conditions produced by a sliding of hemispherical steel asperity. Various deformed shapes of 
microstuctures in three orientations have been discussed based on deformation of fibers mainly by compression 
and bending/shear type loadings (Ref 57). 
 



 

Fig. 18  Failure wear mechanisms in fiber-reinforced polymers sliding with fibers in different 
orientations. (a) N orientation; (b) parallel orientation; (c) antiparallel orientation. 1, wear failure of 
matrix by microplowing, microcracking, and microcutting; microplowing; 2, sliding and wear thinning 
of fibers; 3, interfacial separation of fiber and matrix; 4, fiber cracking; 5, back-transferred polymer or 
organic fibers (film and layered wear debris) showing delamination and cracking; 6, metallic and wear 
debris transferred from the counterface; 7, pulled-out or peeled-off fiber pieces 

Various wear failure mechanisms evident from SEM studies on the worn surfaces of UD composites of PA66 
are shown in Fig. 19 (Ref 5). CF/PA66 (P) composite shows wear failure of CFs parallel to the sliding direction 
by various mechanisms leading to fiber thinning, cracking, pulverization, and debonding from the matrix. 
Wearing of AF in ON led to a smooth surface with little fiber-matrix debonding (Fig. 19b). The surface also 
showed microcracking (middle portion parallel to the width of the micrograph), delamination and 
microcracking of the fibers at the edge. When the AF was in the OP direction, it showed a tendency to be peeled 
from the surface due to poor wetting to the matrix (Fig. 19c). 
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Fig. 19  Scanning electron microscope micrographs of worn surfaces of PA66 unidirectional composites. 
(a) Carbon fiber (parallel, P) showing fiber thinning, fiber fracture, fiber pulverization (left portion) and 
fiber matrix debonding (middle portion). (b) Aramid fiber (AF) in the normal orientation showing fiber 
cracking (edge); (c) AF(P) showing pull-out of aramid fiber. Source: Ref 5  

Adhesive Wear of Fabric Reinforced Composites. Modi and others (Ref 58) compared the friction and wear 
performance of GF-PEEK (UD) composite and graphite fabric (five-harness satin weave) PEEK (BD) 
composite and concluded that the wear rate of BD composite was lower than that of the UD composite by an 
order of one. Friction behavior was also better for the BD rather than the UD composite. The temperature 
sensitivity of the former was remarkably lower than that of the latter. 
Adhesive Wear of Hybrid Composites. The tribology of composites reinforced with continuous fibers of two 
types in different proportions in epoxy matrix was investigated (Ref 53). The wear behavior of hybrid UD 
composites containing fibers of glass and carbon in epoxy composite was also studied (Ref 59). Figure 20 
shows that the wear rates of these composites were lower than the values expected from the LROM equation 
but higher than the minimum values indicated by the IROM. The dotted curve shown in the Fig. 20 is for the 
calculated values as per an equation (developed in Ref 59), which fit reasonably well. However, the model did 
not consider the possibility of mutual interaction of the constituents causing a deviation in the wear resistance 
of a hybrid composite based on the rule of mixture calculation. The practical application of such composite was 
justified on the basis of performance to cost ratio. 
 

 

Fig. 20  Specific wear rate as a function of fiber composition in hybrid composite (L 93 N, velocity V) 0.5 
m/s, nominal Vf 0.57 with dotted curve for calculated values as per equation in Ref 59. IROM, inverse 
rule of mixture; LROM, linear rule of mixture. Source: Ref 59  

Various hybrid composites based on three matrices (namely amorphous polyamide (PA), PA 66, and epoxy) 
containing three reinforcements as shown in Table 5 were tailored. (Ref 5). Among various investigations on 
these composites, behavior of just one composite (AF-CF-PA66) is shown in Fig. 21 (Ref 5). The stacking 
sequence for the sandwich hybrids (namely the composite with CF placed in the surface layer and AF in the 
core) was an important influencing factor and proved to be superior to CF in the core and AF in the surface 
layer. Thus the positive hybrid effect was found in the former case. In the latter, wear behavior was in 
accordance with a linear correlation between two limits. Fig. 22 highlights schematics of various wear failure 
mechanisms operative in the wearing of such BD and UD composites (Fig. 22 a, b). Studies by SEM on the 
worn surfaces of BD hybrid composites (sandwich structure) are shown in Fig. 23. The following favorable 
interactions could be seen on the surfaces of the hybrid composites:  

• The probability of termination of cracks by the strong barrier of CFs was high when cracks were 
generated in the core of AF due to poor wetting. 

• Stiffer CFs were better bonded to the matrix and prevented edge delamination and fibrillation of AFs. 



• Third-body formation due to transferred material consisting of fiber debris separates the counterface and 
contributes to the load carrying capacity. Thus, debris of AF ON in the core, especially in the vicinity of 
the CF/AF interfacial region, stayed there temporarily. This third body decelerated the wear process 
further. 

Table 5   Details of hybrid composite 

Matrix No. Designation Total Vf 
Vf1 + Vf2  

f1/f2, 
% 

Hybrid 
type 

Sliding 
direction 

Hybrid 
efficiency 
factor 

Ws reduction 
at f1/f2 = 
50/50(a)  

Am 
PA 

1 
 
2 
 
3(a) 
 
3(b) 

CF(0)-AF(90)-
CF(0) 
 
AF(0)-CF(90)-
AF(0) 
 
CF(0)-AF(0)-
CF(0) 

59–65 
 
61 
 
61 

V 
 
50/50 
 
50/50 

S 
 
S 
 
S 

P-N-P 
 
N-P-N 
 
P-P-P 
 
N-N-N 

>0 
 
0 
 
<0 
 
>0 

21% 
 
… 
 
22% 
 
27% 

PA 66 4 
 
5 
 
6(a) 
 
7(a) 
 
7(b) 

CF(0)-AF(90)-
CF(0) 
 
CF(0)-AF(90)-
CF(0) 
 
CF(0)-GF(90)-
CF(0) 
 
GF(0)-
AF(90)-GF(0) 

20–40 
 
20–40 
 
25 
 
35 

V 
 
V 
 
50/50 
 
50/50 

S 
 
L 
 
S 
 
S 

P-N-P 
 
P-N-P 
 
N-P-N 
 
P-N-P 
 
AP-N-AP 

>0 
 
>0 
 
0 
 
<0 

45% 
 
64% 
 
… 
 
135% 
 
127% 

EP2  8(a) 
 
8(b) 

CF(0)-AF(0)-
CF(0) 

62 50/50 S P-P-P 
 
N-N-N 

<0 
 
>0 

63% 
 
36% 

V, variable; S, sandwich; L, layer structure. 
(a) WS red expressed in % of rule of mixtures value WS f1/f2. 
Source: Ref 5  

 

Fig. 21  Specific wear rates of hybrid composites formulated by two structures, sandwich and layer, 
(composite aramid fiber-carbon fiber polyamide am). Source: Ref 5  
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Fig. 22  Failure wear mechanisms of unidirectional fiber reinforced polymer composites with different 
orientations of fibers with respect to sliding direction against a smooth metal surface. (a) Normal aramid 
fibers. (b) Parallel carbon fibers. (c) Wear reduction mechanism due to hybridization. 1, wear of matrix 
by plowing, cracking, cutting as a result of plastic deformation; 2, wear thinning of fiber or tip resulting 
in elliptical, well-polished tip; 3, matrix cracking; 4, edge delamination and fiber fibrillation; 5, fiber 
cracking; 6, pulverized fiber wear debris; 7, deterioration in fiber matrix adhesion, fiber pulverization, 
pullout, and peeling off followed by removal; 8, inhibition to matrix cracking; and 9, layer of back-
transferred film or wear debris. Source: Ref 2  

 

Fig. 23  Scanning electron microscope micrographs of worn surfaces of PA66 hybrid composites. (a) 
Hybrid (layer) composite-AF(N)/CF(P). (b) Hybrid (sandwich) composite-AF(N)/CF(P) stopping crack 
responsible for less wear. (c) AF(N)/CF(P) composite-accumulation of protective patch work (back 
transferred layer) (middle portion). Source: Ref 5  
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