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Introduction
THIS HANDBOOK is organized according to four general categories of failure: fracture, corrosion, wear, and
the subject of this article, distortion. One reason metals are so widely used as engineering materials is that they
have high strength but also generally have the capability to respond to load (stress) by deforming. In fact, much
of metallurgical engineering is concerned with balancing strength and ductility. Thus, distortion often is
observed in analysis of other types of failures, and consideration of the distortion can be an important part of
the analysis. Energy is absorbed during deformation, and in some situations, the amount of energy absorbed
may also be an important factor. Furthermore, it should be noted that not all distortion necessarily constitutes a
“failure.”
This article first considers true distortion failures, that is, situations in which distortion occurs when it should
not have occurred and in which the distortion is associated with a functional failure. Then, a more general
consideration of distortion in failure analysis is introduced. As used here, distortion will refer to a condition in
which the shape of a component has changed without loss of material. Deformation will refer to the process that
results in the distortion.
Distortion failure occurs when a structure or component is deformed so that it can no longer support the load it
was intended to carry, is incapable of performing its intended function, or interferes with the operation of
another component. Distortion failures can be plastic or elastic and may or may not be accompanied by
fracture. There are two main types of distortion: size distortion, which refers to a change in volume (growth or
shrinkage), and shape distortion (bending or warping), which refers to a change in geometric form. Most of the
examples in this article deal with metals, but the concepts also apply to nonmetals. Materials as diverse as
metals, polymers, and wood are all susceptible to distortion, although the mechanisms may differ somewhat
among the different classes of material.
Distortion failures are ordinarily considered to be self-evident, for example, damage of a car body in a collision
or bending of a nail being driven into hard wood. However, the failure analyst is often faced with more subtle
situations. For example, the immediate cause of distortion (bending) of an automobile-engine valve stem is
contact of the valve head with the piston, but the failure analyst must go beyond this immediate cause in order
to recommend proper corrective measures. The valve may have stuck open because of faulty lubrication; the
valve spring may have broken because corrosion had weakened it. The spring may have had insufficient
strength and taken a set, allowing the valve to drop into the path of the piston, or the engine may have been
raced beyond its revolutions per minute limit many times, causing coil clash and subsequent fatigue fracture of
the spring. Without careful consideration of all the evidence, the failure analyst may overlook the true cause of
a distortion failure. Several common aspects of failure by distortion are discussed in this article, and suitable
examples of distortion failures are presented for illustration.
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Overloading
Every structure has a load limit beyond which it is considered unsafe or unreliable. Applied loads that exceed this limit
are known as overloads and sometimes result (depending on the factor of safety used in design) in distortion or fracture of
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one or more structural members. Estimation of load limits is one of the most important aspects of design and is commonly
computed by one of two methods—classical design or limit analysis.
Classical Design. The conservative, classical method of design (assuming monotonic or static loading) assumes that
failure occurs whenever the stress at any point in a structure exceeds the yield strength of the material. Except for
members that are loaded in pure tension, the fact that yielding occurs at some point in a structure has little influence on
the ability of the structure to support the load. However, yielding has long been considered a prelude to structural collapse
or fracture and is therefore a reasonable basis for limiting applied loads. This classical approach inherently assumes that
the stress to cause fracture is greater than the stress to cause yield. As fracture mechanics analysis clearly shows, this may
not be the case. Fracture may occur at loads less than that required to cause yield if a sufficiently large imperfection is
present in the material.
Classical design keeps allowable stresses entirely within the elastic region and is used routinely in the design of parts.
Allowable stresses for static service are generally set at one-half the yield strength for ductile materials and one-sixth for
brittle materials, although other fractions may be more suitable for specific applications. For very brittle materials, there
may be little difference between the “yield” and ultimate strength, and the latter is used in design computations. The
reason for using such low fractions of yield (or ultimate) strength is to allow for such factors as possible errors in
computational assumptions, accidental overload, introduction of residual stress during processing, temperature effects,
variations in material quality (including imperfections), degradation (for example, from corrosion), and inadvertent local
increases in applied stress resulting from notch effects.
Classical design is also used for setting allowable stresses in other applications, for example, where fracture can occur by
fatigue or stress rupture. In these instances, fatigue strength or stress-rupture strength is substituted for yield strength as a
point of reference, typically with different factors of safety.
Limit Analysis. The upper limit in design is defined as the load at which a structure will break or collapse under a single
application of force. This load can be calculated by a method known as limit analysis (Ref 1, 2). With limit analysis, it is
unnecessary to estimate stress distributions, which makes stress analysis much simpler by this method than by classical
design. However, limit analysis is based on the concept of tolerance to yielding in the most highly stressed regions of the
structure and therefore cannot be used in designing for resistance to fatigue or elastic buckling or in designing flawtolerant structures.
Limit analysis assumes an idealized material—one that behaves elastically up to a certain yield strength, then does not
work harden but undergoes an indefinite amount of plastic deformation with no change in stress. The inherent safety of a
structure is more realistically estimated by limit analysis in those instances when the structure will tolerate some plastic
deformation before it collapses. Because low-carbon steel, one of the most common materials used in structural members,
behaves somewhat like the idealized material, limit analysis is very useful to the designer, especially in the analysis of
statically indeterminate structures.
Figure 1 illustrates the relative stress-strain behavior of a low-carbon steel, a strain-hardening material, and an idealized
material—all with the same yield strength (the upper yield point for the low-carbon steel and the stress at 0.2% offset for
the strain-hardening material). Load limits for parts made of materials that strain harden significantly when stressed in the
plastic region can be estimated by limit analysis, as can those for parts made of other materials whose stress-strain
behavior differs from that of the idealized material. In these situations, the designer bases his design calculations on an
assumed strength that may actually lie well within the plastic region for the material.

Fig. 1 Comparison of the conventional stress-strain behavior of a low-carbon steel, a
strain-hardening material, and the idealized material assumed in limit analysis. All have
the same yield strength.
Buckling. Collapse due to instability under compressive stress, or buckling, may or may not be permanent deformation,
depending on whether or not the yield strength was exceeded. Long, slender, straight bars, tubes, or columns under axial
compressive forces will buckle when the buckling load is exceeded. Buckling failure may also be encountered on the
compressive sides of tubes, I-beams, channels, and angles under bending forces. Tubes may also buckle due to torsional
forces, causing waves, or folds, generally perpendicular to the direction of the compressive-stress component. Parts under
bending load are also subject to buckling failures on the compressive (concave) side (Fig. 2).

Fig. 2 Buckled flange (lower arrow) of an extruded aluminum section deliberately loaded
with a lateral force (upper arrow). Source: Ref 3.
The buckling load depends only on the dimensions of the part and the modulus of elasticity of the material. Therefore,
buckling cannot be prevented by changing the strength or hardness of the metal. The modulus of elasticity of a given
metal is affected only by temperature, increasing at lower temperature and decreasing at higher temperature. Buckling can
be prevented only by changing the size or shape of the part with respect to the load imposed on it (Ref 3).
The failure analyst should be sensitive to situations in which buckling has occurred but may not be immediately apparent.
A beam in bending will be more susceptible to buckling on the compression side if it is relatively deep and narrow. A
thin, circular shaft in torsion may buckle into a helical configuration when a critical moment is exceeded. Creep or
distortion from other causes may change the dimensions of a structure so that it becomes susceptible to buckling. Further
details can be found in references such as Ref 4.
Safety Factors. In both classical design and limit analysis, yielding is assumed to be the criterion for calculating safe loads
on statically loaded structures. For a given design and applied load, the two methods differ in that the safety factor (the
ratio of the theoretical capacity of a structural member to the maximum allowable load) is generally higher when
calculated by limit analysis. For example, classical design limits the capacity of a rectangular beam to the bending
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moment that will produce tensile yielding in the regions farthest from the neutral axis; limit analysis predicts that
complete collapse will occur at a bending moment 1.5 times the limiting bending moment determined by classical design.
It is important that the designer be able to relate the actual behavior of a structure to its assumed behavior because, for a
given applied load and selected safety factor, a structure designed by limit analysis will usually have thinner sections than
a structure designed by classical methods.
Safety factors are important design considerations because they allow for factors that cannot be computed in advance.
Overload failure can occur either when the applied loads increase the stress above the design value or when the material
strength is degraded. If either situation is a characteristic of the fabricated structure, the design must be changed to allow
for these factors more realistically.
Example 1: Collapse of Extension Ladders by Overloading of Side Rails. Several aluminum alloy extension ladders of the
same size and type collapsed in service in the same manner; the extruded aluminum alloy 6063-T6 side rails buckled, but
the rungs and hardware remained firmly in place. The ladders had a maximum extended length of 6.4 m (21 ft), and the
recommended maximum angle of inclination to the vertical was 15°.
Investigation. Visual examination disclosed that the side-rail extrusions, which had the I-beam shape shown in Fig. 3(a),
had failed by plastic buckling, with only slight surface cracking in the most severely deformed areas. There were no
visible defects in materials or workmanship, and all dimensions of the side rails were within specified tolerances.

Fig. 3 Aluminum alloy 6063-T6 extension-ladder side-rail extrusion that failed by plastic
deformation and subsequent buckling. (a) Configuration and dimensions (given in inches).
(b) Relation of maximum applied load to the section thickness of the flanges and web of
the side-rail extrusion.
Hardness tests using a portable hardness tester, metallographic examination, and tensile tests of specimens from the
buckled side rails were conducted. All results agreed with the typical properties reported for aluminum alloy 6063-T6
extrusions.
Stress analysis of the design of the ladder, using actual dimensions, indicated that the side-rail extrusions had been
designed with a thickness that would provide a safety factor of 1.2 at ideal loading conditions (15° maximum inclination)
and that use of the ladders under other conditions could subject the side rails to stresses beyond the yield strength of the
material. Once yielding occurred, buckling would continue until the ladder collapsed.
The stress analysis was extended to include an evaluation of the relation of maximum applied load to section thickness
with the ladder at its maximum extension of 6.4 m (21 ft) and at an inclination of 15°. This relation is shown in Fig. 3(b).
Conclusions. The side rails of the ladders buckled when subjected to loads that produced stresses beyond the yield
strength of the alloy. Failure was by plastic deformation, with only slight tearing in the most severely deformed regions.

Corrective Measure. The flange and web of the side-rail extrusion were increased in thickness from 1.2 to 1.4 mm (0.046
to 0.057 in.). This increased the safety factor from 1.2 to 1.56. After this change, no further failures were reported. Note
that this example is presented for illustrative purposes only, and this safety factor may not be appropriate in other
applications.
Amount of Distortion. When designing structures using limit analysis, the designer does not always consider the amount
of distortion that will be encountered. A rough illustration of the distortion that resulted from overloading of small
cantilever beams is given in Fig. 4. Known loads were applied to rectangular-section beams of low-carbon steel and of
stainless steel, and the permanent deflection at the loading point was measured. Maximum fiber stresses were calculated
from the applied load and original specimen dimensions.

Fig. 4 Relation of distortion ratio to stress ratio for two steel cantilever beams of
rectangular cross section. Distortion ratio is permanent deflection, measured at a distance
from the support ten times the beam thickness, divided by beam thickness. Stress ratio is
maximum stress, calculated from applied load and original beam dimensions, divided by
yield strength.
This type of test provides a simplistic but useful concept of distortion by showing how much distortion occurs at strains
beyond the yield point. As shown in Fig. 4, the beam of low-carbon steel, which strain hardens only slightly, exhibited no
distortion when the calculated maximum fiber stress was equal to the yield strength (at a stress ratio of 1.00). However,
this beam collapsed at a load equivalent to a fiber stress just above the tensile strength, as shown in Fig. 4 where the lower
curve became essentially horizontal. This collapse load agrees with the limit-analysis collapse load of 1.5 times the load
at yield. The beam made of stainless steel, which strain hardens at a rather high rate, showed no distortion at fiber stresses
up to 1.47 times the yield strength. When the calculated stress equaled the tensile strength (at a stress ratio of 1.59),
distortion was 0.7 times the beam thickness, and the beam supported a calculated stress of 1.5 times the tensile strength
without collapse.
It should be noted that the preceding example is intended simply to illustrate the differences in deformation behavior
between two different materials. As a practical matter, one would not substitute stainless steel for low-carbon steel to
increase load capacity. One would use a heavier section, or perhaps, a higher-strength alloy.
When loads increase gradually, distortion is gradual, and design can be based on knowledge of the amount of distortion
that can be tolerated. Thus, simple bench tests of full-size or scaled-down models can often be used in estimating the
loads required to produce various amounts of distortion.
Effect of Impact/Very High Strain Rates. When rapid or impulse loads are applied, as in impact, shock loading, or highfrequency vibration, the amount of distortion that can occur without fracture is considerably less predictable. The
crystallographic processes involved in deformation and fracture are influenced by strain rate as well as temperature. For
most structural materials, measured values of strength are higher under impulse loading, and values of ductility are lower,
than the values measured under static loading. Tensile and yield strengths as much as 20% higher than the slow-tensiontest values have been measured under very high rates of loading. Strain-rate sensitivity data have been compiled for many
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materials and is important in analysis of manufacturing operations involving deformation (see, for example, Forming and
Forging, Volume 14, ASM Handbook). The amount of distortion that can occur at high rates of loading is difficult to
analyze or predict precisely because:
•
•
•

The variation, or scatter, among replicate tests of mechanical properties is greater when strain rates are high than
it is when strain rates are low.
Impulse or impact loading involves the propagation of high-velocity stress waves through the structure, which
may not be well quantified, with the most extreme example being ballistic impact with strain rates on the order of
104/min.
Impulse loading creates an adiabatic condition that causes a local increase in temperature.

Effect of Temperature. Distortion failures caused by overload can occur at any temperature at which the flow strength of
the material is less than the fracture strength. In this discussion, flow strength is defined as the average true stress required
to produce detectable plastic deformation caused by a relatively slow, continuously increasing application of load;
fracture strength is the average true stress at fracture caused by a relatively slow, continuously increasing application of
load. The flow strength and fracture strength of a material are temperature dependent, as is the elastic modulus (Young's
modulus, bulk modulus, or shear modulus).
Figure 5 illustrates this temperature dependence schematically for polycrystalline materials that do not undergo a solidstate transformation. Two flow strengths are shown: one for a material that does not have a ductile-to-brittle transition in
fracture behavior, such as metal with a face-centered cubic (fcc) crystal structure, and one for a body-centered cubic (bcc)
material that exhibits a ductile-to-brittle transition.

Fig. 5 Diagram of the temperature dependence of elastic, plastic, and fracture behavior of
polycrystalline materials that do not exhibit a solid-state transformation. bcc, bodycentered cubic; fcc, face-centered cubic; T, instantaneous absolute temperature; TM,
absolute melting temperature of the material
As shown in Fig. 5, the flow strength, fracture strength, and elastic modulus of a material generally decrease as
temperature increases. If a structure can carry a certain load at 20 °C (70 °F), it can carry the same load without
deforming at lower temperatures. Stressed members made of materials having a ductile-to-brittle fracture transition will
sometimes fracture spontaneously if the temperature is lowered to a value below the transition temperature (e.g., see the
article “Overload Failures” in this Volume).
If the temperature is increased so that the flow strength becomes lower than the applied stress, a structure may deform
spontaneously with no increase in load. A change in temperature may also cause an elastic-distortion failure because of a
change in modulus, as might occur in a control device where accuracy depends on a predictable elastic deflection of a
control element or a sensing element. For most structural materials, the curve defining the temperature dependence of
elastic and plastic properties is relatively flat at temperatures near 20 °C (70 °F). For steels, the modulus is slightly
decreasing until temperatures of approximately 320 to 370 °C (600 to 700 °F), are reached, at which point modulus starts
to decrease more rapidly.

In fcc materials, and in bcc materials at temperatures above the transition temperature but at lower homologous
temperatures (<0.3 TM), distortion (net section yielding) always accompanies overload fracture in sections that do not
contain a severe stress raiser. At higher homologous temperature, an increase in temperature may cause a change from
transgranular (TG) to intergranular (IG) fracture with a concurrent decrease in ductility. That is, there is a minimum
ductility at elevated temperature (within the “creep” range) where the fracture mechanism changes from TG to IG fracture
with a concurrent loss in ductility.
Creep, or time-dependent strain, is a relatively long-term phenomenon and can be distinguished from overload distortion
by relating the length of time at temperature to the amount of distortion, as discussed in the article “Creep and Stress
Rupture Failures” in this Volume. The specific mechanisms and associated kinetics of creep are temperature dependent.
While creep is sometimes considered to be limited to temperatures above one-half of the absolute melting point and is
usually associated with an intergranular mechanism at those temperatures, it is important for the failure analyst to know
that long-term creep deformation and even fracture can also occur at lower temperatures and via other mechanisms.
Changes in operating temperature can affect the properties of a structure in other ways. At temperatures higher than about
30 to 40% of TM depending on the alloy, microstructural changes may occur over time and degrade properties, allowing
distortion and even fracture to occur. For example, if a martensitic steel is tempered at a given temperature and then
encounters a higher temperature in service, yield strength and tensile strength will decrease because of overtempering.
Long-time exposure to moderately elevated temperatures may cause overaging in a precipitation-hardening alloy, with a
corresponding loss in strength. It is well known to metallurgists that exposure to cryogenic temperatures may cause
cracking in a martensitic steel due to the volume change accompanying the transformation of retained austenite. What
may not be as well appreciated is that even if cracking does not occur, the transformation may create a distortion failure
due to dimensional growth or warpage in a close-tolerance assembly, such as a precision bearing.
When the temperature is changed, different coefficients of thermal expansion for different materials in a heterogeneous
structure can cause interference between structural members (or can produce permanent distortion because of thermally
induced stresses if the members are joined together). The failure analyst must understand the effect of temperature on
properties of the specific materials involved when analyzing failures that have occurred at temperatures substantially
above or below the design or fabrication temperature.
Effect of Stress Raisers and Complex Stress States. In sections that do contain stress raisers, net section yielding can still
occur if the state of stress is plane stress; that is, one normal stress component is 0. If the stress raiser results in sufficient
constraint to produce plane strain, then gross yielding and distortion will not be observed. However, localized distortion
may accompany crack extension as the inherent ductility of the material manifests itself. At the microscale, the fracture
may or may not show evidence of ductility. That is, the material may be microscale ductile or brittle. If it is microscale
ductile, there may still be no evidence of ductility at the macroscale. In inherently brittle materials, where the fracture
stress is equal to the flow stress, no gross or localized distortion accompanies fracture, as discussed further in the article
“Fractures Appearance and Mechanisms of Deformation and Fracture” in this Volume.
The yield stress is generally taken as the critical value at which plastic deformation initiates. In uniaxial tension, it is clear
when the applied stress reaches the yield point. However, for more complex multiaxial stress states, the point at which
yield is anticipated may not be as clear. Theories such as maximum shear stress, maximum distortion energy, and others
are detailed in Ref 4 and may be applied by the failure analyst if there is uncertainty as to whether the stresses known to
be applied were sufficient to cause the distortion observed.
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Inappropriate Specifications
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Errors in specification of material or method of processing for a part can lead to distortion failures. These errors are often
the result of faulty or incomplete information being available to the designer. In such instances, the designer has to make
assumptions concerning the conditions of service.
Example 2: Distortion Failure of an Automotive Valve Spring. The engine of an automobile lost power and compression
and emitted an uneven exhaust sound after several thousand miles of operation. When the engine was dismantled, it was
found that the outer spring on one of the exhaust valves was too short to function properly. The short steel spring and an
outer spring taken from another cylinder in the same engine (both shown in Fig. 6) were examined in the laboratory to
determine why one had distorted and the other had not.

Fig. 6 Valve springs made from patented and drawn high-carbon steel wire. Distorted
outer spring (left) exhibited about 25% set because of proeutectoid ferrite in the
microstructure and high operating temperature. Outer spring (right) is satisfactory.
Investigation. The failed outer spring (at left, Fig. 6) had decreased in length to about the same free length as that of its
companion inner spring. Most of the distortion had occurred in the first active coil (at top, Fig. 6), and a surface residue of
baked-on oil present on this end of the spring indicated that a temperature of 175 to 205 °C (350 to 400 °F) had been
reached. Temperatures lower than 120 °C (250 °F) usually do not cause relaxation (or set) in high-carbon steel springs.
The load required to compress each outer spring to a length of 2.5 cm (1 in.) was measured. The distorted spring needed
only 30 kg (67 lb), whereas the longer spring needed 41 kg (90 lb). The distorted spring had suffered 25% set, which was
the immediate cause of the engine malfunction.
The microstructure of both springs was primarily heavily cold-drawn fine pearlite, but the microstructure of the distorted
spring contained small amounts of proeutectoid ferrite. Although the composition of the spring alloy was unknown, the
microstructure indicated that the material was patented and cold-drawn high-carbon steel wire. The distorted spring had a
hardness of 43 HRC, and the longer spring had a hardness of 46 HRC. Both hardness and microstructure indicated that
the material in the deformed spring had 10% lower yield strength than material in the undeformed spring. The estimates
of yield strength were considered valid because of two factors: the accuracy of the hardness testing and characteristically
consistent ratios of yield strength to tensile strength for the grades of steel commonly used in spring wire.
Conclusions. The engine malfunctioned because one of the exhaust-valve springs had taken a 25% set in service.
Relaxation in the spring material occurred because of the combined effect of improper microstructure (proeutectoid
ferrite) plus a relatively high operating temperature. The undeformed spring exhibited little or no set because the tensile
strength and corresponding yield strength of the material (estimated from hardness measurements) were about 10% higher
than those of the material in the deformed spring.
Recommendations. A higher yield strength and a higher ratio of yield strength to tensile strength can be achieved in the
springs by using quenched-and-tempered steel instead of patented and cold-drawn steel. An alternative would be to use a
more expensive chromium-vanadium alloy steel instead of plain carbon steel; the chromium-vanadium steel should be
quenched and tempered. Regardless of material or processing specifications, if springs are stressed close to the yield point
of the material, close control of material and processing plus stringent inspection are needed to ensure satisfactory
performance.
Service conditions are sometimes changed, invalidating certain assumptions that were made when the part was originally
designed. Such changes include an increase in operating temperature to one at which the material no longer has the
required strength, an increase in the load rating of an associated component, which the user may interpret as an increase in
the allowable load on the structure as a whole, and an arbitrary increase in applied load by the user on the assumption that
the component has a high enough safety factor to accommodate the added load.

Example 3: Bulging of a Shotgun Barrel Caused by a Change from Lead Shot to Iron Shot. A standard commercial
shotgun barrel fabricated from 1138 steel deformed during a test that was made with a new type of ammunition. Use of
the new ammunition, which contained soft iron shot with a hardness of about 72 HB, was intended to reduce toxicity; the
old ammunition had contained traditional lead shot with a hardness of 30 to 40 HB.
Investigation. The shotgun barrel was of uniform inside diameter from the breech to a point 7.5 cm (3 in.) from the
muzzle; at this point, the inside diameter began to decrease (“Before test” curve, Fig. 7a). This taper, or integral choke,
which is intended to concentrate the shot pattern, ended about 3.8 cm (1

1
in.) from the muzzle, and the final portion of
2

the barrel had a relatively uniform inside diameter.

Fig. 7 Comparison of longitudinal profiles of an 1138 steel shotgun barrel before and
after testing. 1000 rounds of a new type of ammunition were fired in the test. (a) Inside
diameter. (b) Outside diameter
After a test in which 1000 rounds of ammunition containing soft iron shot were fired, the shotgun barrel had a
longitudinal profile of inside diameter as shown in the “After test” curve in Fig. 7(a). Comparison of this curve with the
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profile before the test shows that the effect of firing soft iron shot was to deform the gun barrel so that the choke taper
was shifted toward the muzzle. After the test, there was a bulge on the outside surface of the barrel, shown in comparison
to the longitudinal profile of the outside diameter before the test in Fig. 7(b). Deformation of the barrel had been detected
after the first 100 rounds of iron-shot ammunition had been fired, and the bulge grew progressively larger as the test
continued.
Apparently, the bore of the failed barrel was not concentric with the outside surface, because the wall thickness at a given
distance from the breech varied widely among different points around the circumference. For example, at a distance of 5
mm (0.2 in.) from the muzzle, the wall thickness varied from 1.3 to 2 mm (0.051 to 0.080 in.).
The microstructure of the barrel material was a mixture of ferrite and coarse pearlite. The alloy had a hardness of 163 to
198 HB (converted from Vickers hardness measurements).
Based on previous tests, in which the hoop stress in shotgun barrels had been measured when lead-shot ammunition was
fired, the safety factor had been estimated at 2.0. In this instance, it was concluded that wall thickness variations had
reduced the safety factor to about 1.3 for lead-shot ammunition. Previous tests had also shown that lead shot was
deformed extensively by impact with the bore in the choke zone of this type of gun barrel.
Analysis. The major stresses in the choke zone are produced by impact of shot pellets against the bore. When lead shot is
used, the lead absorbs a considerable amount of the impact energy as it deforms. Soft iron shot, on the other hand, is
much harder than lead and does not deform significantly. More of the impact energy is absorbed by the barrel when iron
shot is used, producing higher stresses.
In this instance, had the gun barrel been of more uniform wall thickness around its circumference, it might not have
deformed. However, it was believed that conversion to iron-shot ammunition would increase stresses in the barrel enough
to warrant an increase in the strength of this type of barrel.
Conclusions. The shotgun barrel deformed because a change to iron-shot ammunition increased stresses in the choke zone
of the barrel. Bulging was enhanced by a lack of uniformity in wall thickness.
Recommendations. Three alternative solutions to this problem were proposed, all involving changes in specifications:
•
•
•

The barrel could be made of steel with a higher yield strength.
The barrel could be made with a greater and more uniform wall thickness.
An alternative nontoxic metal shot with a hardness of about 30 to 40 HB could be developed for use in the
ammunition.
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Failure to Meet Specifications
Parts sometimes do not perform to expectations because the material or processing does not conform to requirements,
leaving the part with insufficient strength. For instance, a part can be damaged by decarburization, as discussed here for a
spiral power spring.
Figure 8 shows two spiral power springs that were designed to counterbalance a textile-machine beam. The spring at left
in Fig. 8 was satisfactory and took a normal set when loaded to solid deflection in a presetting operation. The spring at
right in Fig. 8, after having been intentionally overstressed in the same manner as the satisfactory spring, exhibited 15%
less reaction force than was required at 180° angular deflection because it had taken a set that was 30° in excess of the
normal set.

Fig. 8 Two spiral power springs from a textile machine. Spring at left is an acceptable
part, whereas spring at right took an excessive set (the inner end of the spiral is 30° out of
position) because of insufficient yield strength and a decarburized surface layer.
The material in the satisfactory spring had a hardness of 45 HRC, while the material in the spring that failed had a
hardness of 41.5 HRC. This represents a 10% disparity in tensile and yield strengths between the two springs. The spring
that failed had a 0.08 mm (0.003 in.) thick surface layer of partial decarburization that further weakened the region of the
cross section where maximum stresses are developed in the spring under load. The decarburized layer, which had a lower
yield strength than the bulk material, yielded excessively during presetting; therefore the spring did not attain its specified
shape in the free state following this operation.
Another material deficiency that can lead to deformation failure is variability in response to heat treatment among parts in
a given production lot. Certain alloys, particularly hardenable low-alloy steels and some precipitation-hardening alloys,
can vary in their response to a specified heat treatment because of slight compositional variations from lot to lot or within
a given lot. This can result in some parts having too low a strength for the application even though they were properly
heat treated according to specification.
Remedies for variability in response to heat treatment usually involve changes in the heat treating process, ranging in
complexity from tailoring the heat treating conditions for each lot or sublot to making a small adjustment in the heat
treatment specification. Material composition and microstructural specifications can also be tightened to provide more
uniform heat treatment response. Experiments on each lot or sublot are almost always needed to establish parameters
when heat treating conditions are tailored.
An adjustment in heat treating conditions was successful in avoiding variation in properties among sublots of heat treated
AISI type 631 (17-7 PH) stainless steel Belleville washers. Two of these washers—one of which was from an acceptable
sublot and the other from a deficient sublot—were subjected to examination. The washer from the acceptable sublot had
developed the required hardness upon solution heat treating at 955 °C (1750 °F), followed by refrigeration at -75 °C (-100
°F) and aging. The other washer was soft after an identical heat treatment and yielded under load (flattened). The
microstructure of the acceptable washer was a mixture of austenite and martensite; the structure of the washer that
flattened consisted almost entirely of austenite.
Previous experience with 17-7 PH stainless steel indicated that some alloy segregation was not unusual and that relatively
minor variations in composition could affect response to heat treatment, perhaps by depressing the range of martensitetransformation temperatures to a variable degree. As noted in Ref 5, the solution-treating temperature has a marked effect
on the martensite start (Ms) temperature in the precipitation-hardening stainless steels that are austenitic as solution
annealed and martensitic as aged (17-7 PH, AM-350, AM-355 and PH15-7Mo). Consequently, although it never was
clearly established whether temperature variations inside the solution-treating furnace or minor variations in composition
were responsible for the observed variability in properties of the 17-7 PH Belleville washers, all sublots attained the
required strength when the solution-treating temperature was lowered to 870 °C (1600 °F).
Faulty Heat Treatment. Mistakes made in heat treating hardenable alloys are among the most common causes of
premature failure. Temperatures that are either too high or too low can result in the development of inadequate or
undesirable mechanical properties. Quenching a steel part too fast can crack it; quenching too slowly can fail to produce
the required strength or toughness. If parts are shielded from a heating or cooling medium, they can respond poorly to
heat treatment, as discussed in this section.
Two hold-down clamps, both from the same lot, are shown in Fig. 9. Both clamps were bowed to the same degree after
fabrication, as intended, but the clamp at the bottom flattened when it was installed. A small percentage of the clamps, all
of which were made from hardened-and-tempered 1070 steel, deformed when a bolt was inserted through the hole and
tightened. The clamp at top in Fig. 9 was acceptable, with a microstructure of tempered martensite and a hardness of 46
HRC; the clamp at bottom, which deformed, had a mixed structure of ferrite, coarse pearlite, and tempered martensite and
a hardness of only 28 HRC.

Fig. 9 Two hardened-and-tempered 1070 steel hold-down clamps. The clamp at top was
acceptable. The clamp at bottom was slack quenched because of faulty loading practice
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(stacking), and it failed by distortion (flattening) because of the resultant mixed
microstructure.
Analysis of the heat treating process revealed that the parts were stacked so that occasional groupings were slack
quenched as a result of shielding; this promoted the formation of softer high-temperature transformation products. When
the loading practice was changed to ensure more uniform quenching (so that transformation to 100% martensite was
accomplished on all parts), the problem was solved.
Example 4: Bending of an Aircraft-Wing Slat Track. A curved member called a slat track (Fig. 10), which supported the
extendable portion of the leading edge of the wing on a military aircraft, failed by bending at one end after very short
service. It was estimated that the slat track, fabricated from heat treated 4140 steel, had undergone only one high-load
cycle.

Fig. 10 4140 steel slat track from a military aircraft wing. The track bent because one end
did not become fully austenitic during heat treatment, producing a low-strength structure
of ferrite and tempered martensite.
Investigation. Hardness measurements were taken at various points along the length of the track. The end that bent (at
right, Fig. 10) had a hardness of 30 HRC, compared with a hardness of 41 HRC for the remainder of the part.
Metallographic examination of specimens from both ends of the slat track revealed that the microstructure of the end that
bent contained a large number of ferrite islands in a matrix of tempered martensite. The microstructure of the opposite
end contained no ferrite.
Conclusions. Bending had occurred in a portion of the slat track because service stresses had exceeded the strength of the
material in a region of mixed martensite and ferrite. It was determined that the most likely cause of the mixed structure
was nonuniform austenitization during heat treatment. The end that bent never became fully austenitic, because the
furnace temperature was locally too low or because the soaking time was too short or both. It was decided that material or
design changes were not warranted, considering the nature of the failure and the probable cause of the mixed
microstructure in one end of the slat track.
Corrective Measures. Steps were taken to improve control of temperature of parts during austenitization.
Warpage and Residual Stress Effects. Warpage during heat treatment or during stress-relief annealing is also a common
type of distortion failure. Warpage can result from changes in residual stress or from thermal or phase transformation
induced stresses and strains that are introduced during heating or cooling. When relief of residual stress causes distortion,
the amount of distortion is proportional to the decrease of the residual stress. When distortion is caused by thermal or
transformational stress, the extent of the distortion is greater for parts that have complex configuration or large differences
in section thickness and for faster heating or cooling rates. Warpage can also be caused by inadequate support in the heat
treating furnace, leading to sagging due to the weight of the part.
Warpage can be the result of plastic deformation that occurred in some region of the part at elevated temperature or
during a change in temperature. Dimensional changes accompanying stress relief are the result of relief of those stresses
involving both elastic and plastic strains. Distortion that occurs during other types of heat treatment involves mainly
plastic strain and generally results in high levels of residual stress in the warped part. The magnitude and distribution of
residual stresses are determined by the composition, shape, size, and heat treating conditions of a given part.
Warping is most often severe in heat treatments that involve quenching. In hardenable steels, the principal cause of
warping on quenching is nonuniform rates of transformation. The effect of transformational stresses may be intensified if
a nonuniform composition exists; this nonuniformity may be the result of segregation, or it may be the result of
processing, as in a carburized part. Such inhomogeneities may produce a variation in transformation temperature at
locations that are geometrically equivalent and that cool at the same rate. Nonuniform transformational stresses that result
from inhomogeneity can also occur during tempering.
Warpage can often be minimized by modifying the heat treating conditions. For example, slow heating and cooling rates
are less likely to cause warping because local variances in temperature and in rates of temperature change are minimized.
Preheating before austenitizing is often used as a means of minimizing warping of some tool steels and heavy sections
because preheating reduces the temperature gradient between the surface and the interior of the part. Induction hardening
and nitriding have been used to minimize warping when surface hardness is of primary importance to the performance of

a part. Warping is of particular concern with respect to tool steels, and preventative measures have been published (e.g.,
see “Control of Distortion in Tool Steels” in Heat Treating, Volume 4 of ASM Handbook).
In heat treatments requiring rapid cooling or quenching, excessive warping can usually be reduced by changing the
quenching conditions. In many instances, the orientation of a part as it enters the quenchant will influence the amount of
distortion that occurs. Quenching in special fixtures (quench presses) is widely used in certain industries to minimize
distortion by providing different, controlled cooling rates at different locations in a given part. Martempering has also
been used to minimize distortion, because transformation rates upon cooling to the Ms temperature are equalized
throughout the part.
While heat treatment operations are a common cause of distortion and residual stress, it should be noted that other
manufacturing operations also cause deformation directly or through introduction of residual stresses. Residual stresses
are created by strain gradients in a component. The strain gradients may be created mechanically or thermally. Very few
manufacturing operations create uniform strain gradients, and uniform strain from mechanical working almost never
occurs. Parts that are cold worked, including both cold-formed parts and stampings, will have a residual stress pattern
characteristic of the process. Machining and other finishing processes introduce surface residual stresses that are often
tensile and may be significant, especially in parts with thin sections. Grinding processes can be controlled to minimize
residual stresses, but less-controlled grinding processes can produce tensile surface stresses and even cracks in severe
cases.
Castings, at least until they are stress relieved, may have residual stresses arising from the sequence in which the
solidification occurred. The liquid material contracts as it solidifies. Regions that are the last to solidify are constrained by
the surrounding material. Similarly, welding will produce residual stresses and possible distortion. Electrodischarge
machining also involves localized melting and resolidification, and associated residual stresses, although on a smaller
scale.
The residual stresses existing in a component will always be balanced so that the sum of the forces is 0. Thus, a
compressive residual stress cannot exist without tensile residual stresses somewhere else in the component. If a machining
process removes material that is under a residual stress, the stress distribution in the remaining material will change and
the component may warp unacceptably during the machining process.
Shot peening is another common process in the manufacture of some types of parts and is intended to introduce a surface
compressive residual stress to improve fatigue resistance. However, shot peening may also cause warping, again more
likely in parts with thin sections. Furthermore, if the peening is excessive, the high surface compressive stresses will be
balanced by high subsurface tensile stresses, which, in turn, can cause further problems. Carburizing usually results in
compressive residual stress at the surface.
Regardless of the origin of the residual stresses, they will add to the service-induced stresses and, if a critical point is
exceeded, local yielding and distortion will be observed at a nominal stress at which yielding would not be anticipated.
Residual stress effects can be difficult to verify in a failure analysis because the residual stresses existing in the deformed
or fractured part are different than they were prior to the failure and the presence or absence of residual stress is not
obvious in any case. Methods for measurement and study of residual stress include hole drilling, x-ray diffraction, and
neutron diffraction techniques (e.g., see the articles “Residual Stress Measurements” in Mechanical Testing and
Evaluation, Volume 8 of ASM Handbook, and “X-Ray Diffraction Residual Stress Measurements in Failure Analysis” in
this Volume). More detailed discussion of residual stress is also available in Ref 6.
For the purposes of this article, without going into the details on the many causes and effects of residual stress, the main
point is that residual stress is closely tied to distortion. The failure analyst must be aware of the potential contribution of
residual stress to failures involving both distortion and fracture. Various types of residual stresses can be introduced in
complex ways by manufacturing operations. For example, it is commonly understood that quenching operations create
surface longitudinal and hoop stresses. This is true for lower-hardenability materials, but not for high-hardenability steels
(Ref 7). Another example of the complexity of the effect of manufacturing on residual stresses is shot peening. If peening
intensity is too high, large tensile stresses can occur below the surface, which can cause problems in bending and torsion.
Faulty Case Hardening. Carburizing, which both increases the surface hardness of a part and provides resistance to wear
and indentation, can, if improperly controlled, produce a case that has too low or too high a carbon content. With too low
a carbon content, the surface may not be hard enough to withstand normal service loads. This condition may be
accompanied by shallow case depth, which aggravates the problem. With an excessively high carbon content, which
generally is the result of a high carbon potential or improper diffusion during the carburizing cycle, large amounts of
retained austenite may be present in the carburized zone after heat treatment, depending on the composition of the steel.
Retained austenite softens the surface and, under certain conditions, may transform to martensite in service. When
transformation in service occurs, the resulting untempered martensite may crack and thus promote early failure by surface
fatigue, or a distortion failure in a close-fitting assembly may occur because of the volume change that accompanies
transformation.
In addition to the carbon level and surface hardness, a carburized case is also characterized by its thickness or depth
below the surface. Improper case depth can lead to some of the same types of problems associated previously with
improper carbon content. The case depth is also important when maximum stresses occur at the surface of a part, as they
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do in bending or torsion. To avoid failures due to distortion, as well as other failures, a designer must define the desired
case characteristics and then work with the heat treater to ensure that the process is capable and controlled to produce that
case. This communication must also include the necessary quality control. As should be clear from this discussion,
surface hardness testing cannot completely characterize a case.
Example 5: Seizing of a Spool-Type Hydraulic Valve. Occasional failures were experienced in spool-type valves used in
a hydraulic system. When a valve would fail, the close-fitting rotary valve would seize, causing loss of flow control of the
hydraulic oil. The rotating spool in the valve was made of 8620 steel and was gas carburized. The cylinder in which the
spool fitted was made of 1117 steel, also gas carburized.
Investigation. Low-magnification visual examination of the spool and cylinder from a failed valve revealed some
burnishing, apparently the result of contact between the spool and the inside cylinder wall. Measurement of the surface
profile of the spool showed no evidence of wear or galling. When this profile was compared with that of a spool from a
valve that operated satisfactorily, no significant difference was found.
Metallographic sections were made of the cylinder from the failed valve and from the one that operated satisfactorily. The
microstructure of the carburized case on the cylinder from the satisfactory valve was well-defined martensite interspersed
with some austenite (light-etching) areas, Fig. 11a. On the other hand, the microstructure of the case from the failed valve
contained a much greater amount of retained austenite, especially near the surface (Fig. 11b). In addition, some patches of
untempered martensite were found close to the surface of the failed valve cylinder with use of a more aggressive etching
procedure.

Fig. 11 Cross sections through the carburized 1117 steel cylinders from two spool-type
hydraulic valves. The cylinder of the valve that operated satisfactorily (a) had little
retained austenite in the case, whereas the cylinder of the seized valve (b) had much
retained austenite that transformed to martensite in service, resulting in size distortion
(growth). 500×
Microhardness traverses of the two sections revealed that, in general, the hardness of the case from the failed part was
about 100 Knoop points lower than the case hardness of the unfailed part. At the surface, the case hardness of the failed
part was 300 Knoop points lower.
Conclusions. Momentary sliding contact between the spool and the cylinder wall (probably during valve opening) caused
unstable retained austenite in the failed cylinder to transform to martensite. The increase in volume resulted in sufficient

size distortion (growth) to cause interference between the cylinder and the spool, seizing, and loss of flow control. The
failed parts had been carburized in a process in which the carbon potential was too high, which resulted in a
microstructure having excessive retained austenite after heat treatment.
Corrective Measure. The composition of the carburizing atmosphere was modified to yield carburized parts that did not
retain significant amounts of austenite when they were heat treated. After this change was made, occasional valve failure
by seizing ceased.
Faulty Repairs. Products are often repaired to correct deficiencies that are found in new parts during quality-control
inspections or in used parts after they have deteriorated in service. Repair welding and brazing are generally recognized as
potential sources of unwanted alterations of the properties of heat treatable alloys. Parts can be made softer or more brittle
by careless repair, depending on the alloy and the conditions under which the repair was made.
Substitution of a part, particularly a fastener, whose properties do not match the properties of the part it replaces can lead
to failure of the substitute part, failure of another part, or both, as in the following instance.
A carrying handle of complex configuration was secured to a heavy portable device by means of a ring clamp at one end
of the handle and a special

1
-20 hardened bolt through a small flange at the other end. For some unknown reason, the
4

special slotted hexagonal-head bolt was replaced by a standard commercial hexagonal-head cap screw whose hardness
was 93 HRB instead of the specified hardness of 28 HRC.
The commercial cap screw was distorted in service (Fig. 12a), causing the handle to become loose at one end. This in turn
caused eccentric and excessive loading on the small flange of the handle with the result that the flange bent and then
broke. Figure 12(b) shows the broken flange; the bright area next to the hole is where the loose flange chafed against the
distorted bolt and is an indication of the eccentric load distribution on the flange. A fastener of the correct hardness and
length is shown in Fig. 12(c) for comparison with the distorted commercial cap screw.

Fig. 12 Part substitution that resulted in a distortion failure. (a) Distorted commercial
cap screw that was used as a replacement for a hardened bolt. (b) Carry-handle flange
that broke because the cap screw bent. (c) Correct replacement part
References cited in this section
5. A.J. Lena, Precipitation Reactions in Iron-Base Alloys, in Precipitation from Solid Solution, American Society
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Analyzing Distortion Failures
Distortion failures are often considered to be instances of relatively simple phenomena that are easy to analyze because
deformation can occur only when the applied stress exceeds the flow strength of the material. On the contrary, distortion
is not always the result of simple overload or use of an improperly processed part. Analysis of a distortion failure often
must be exceptionally thorough and rigorous to determine the root cause of failure and, more importantly, to specify
proper corrective action. The analyst must consider factors that may not have been anticipated in design of the part, such
as material substitutions or process changes during manufacture and the misuse, abuse, or occurrence of complex stress
fields in service.
A seemingly innocent substitution of material resulted in distortion of small volute springs made of cold-worked springtempered Inconel. Normally, the material was purchased as cold-flattened wire, but one lot of springs was formed from
cold-rolled and slit strip because flattened wire could not be obtained in time to meet the delivery schedule. After a
presetting operation, the strip springs were consistently out of tolerance; they had taken an excessive set. The Inconel strip
had a hardness of 360 HV, compared to 390 HV for the wire that normally was used. This represents a difference of about
10% in strength and accounts for the observed distortion. Had this problem gone undetected during manufacture, it might
well have resulted in distortion failures in service.
Analytical Procedure. The general process of materials failure analysis, adapted from the typical procedure for analysis of
a distortion failure, is briefly summarized by the following ten steps:
1. Define the effect of the failure on the structure or assembly, and define the desired results of corrective action.
2. Obtain all available design and service information.
3. Examine the distorted part visually, making a record of observations, including a sketch or a photograph of the
distorted part along with an undistorted part for comparison. Note all pertinent measurements of dimensions. It is
usually helpful to enter these measurements, which should be made with at least the same precision as in a
quality-control inspection, alongside the design dimensions on a blueprint of the part.
4. Perform laboratory tests as necessary to confirm the composition, structure, and other chemical or metallurgical
characteristics of the distorted part.
5. Trace the failed part through all manufacturing processes to discover whether process deviations occurred during
production.
6. Compare the actual conditions of service with design assumptions.
7. Compare the actual material properties with design specifications.
8. Determine whether any differences found in the preceding two steps fully account for the distortion observed in
the failed structure. If the differences do not fully account for the observed distortion, the information obtained in
the second or fourth step is incorrect or incomplete.
9. Prepare alternative courses of action to correct the variant factors that caused the observed distortion, and select
the course that seems most likely to produce the desired result, which was defined in the first step.
10. Test the selected course of corrective action to verify its effectiveness. Evaluate side effects of the corrective
action, such as its effects on cost or on ease of implementation.
Example 6: Deformation of a Gas-Nitrided Drive-Gear Assembly. Slipping of components in the left-side final drive train
of a tracked military vehicle was detected after the vehicle had been driven 13,700 km (8500 miles) in combined highway
and rough-terrain service. No abnormal service conditions were reported in the history of the vehicle. The slipping was
traced to the mating surfaces of the final drive gear and the adjacent splined coupling sleeve (Fig. 13). Failure analysis
was conducted to determine the cause of the malfunction and to recommend corrective measures that would prevent
similar failures in other vehicles.

Fig. 13 Gas-nitrided 4140 steel (27–31 HRC) drive-gear assembly in which gear teeth
deformed because of faulty design and low core hardness. Details A and B show deformed
areas on drive-gear teeth and mating internal splines. Dimensions given in inches
Material and Fabrication. Specifications required that the gear and coupling be made from 4140 steel bar oil quenched
and tempered to a hardness of 265 to 290 HB (equivalent to 27 to 31 HRC) and that the finish-machined parts be singlestage gas nitrided to produce a total case depth of 0.5 mm (0.020 in.) and a minimum surface hardness equivalent to 58
HRC.
Visual Examination. Low-magnification examination of the drive gear and coupling showed that the teeth of the gear and
the mating contact surfaces of the internal splines on the coupling were almost completely worn away. The spline surfaces
had been damaged mainly by severe indentation and plastic deformation. No spalling, cracking, or other indications of
fatigue damage were visible on the splines nor was there any indication that abrasive wear had been the mechanism of
failure.
Metal on the drive side of the gear teeth had been plastically deformed and subsequently removed due to wear (details A
and B, Fig. 13). The damaged areas on the splines were wider (axial dimension) than the gear teeth, indicating that there
had been excessive lateral play between the components.
Examination of the surfaces of the internal splines that contacted a gear on the opposite end of the coupling (not
illustrated) revealed a much smaller amount of deterioration than on the failed end. For example, the machined flats on
the crests of the splines showed no damage, the follower sides of the splines had very shallow, almost imperceptible wear
areas that were only about 0.1 mm (0.004 in.) wide, and the drive side of each spline had a gently radiused, concave area
of damage approximately 6.4 × 25 mm (0.25 × 1 in.) and 0.13 mm (0.005 in.) deep at its center. However, the amount of
damage on the drive side of these splines was considered to be excessive for only 13,700 km (8500 miles) of service.
Conformance to Material Specifications. Spectrographic analysis of the two components confirmed that composition was
within the range specified for 4140 steel. Core hardness was in the required range of 27 to 31 HRC (264 to 294 HB).
Total case depth, as determined by the microscopic method on polished specimens etched in 2% nital, was satisfactory.
Surface hardness, as measured using a Knoop indenter, was equivalent to 50 HRC, substantially lower than the required
value of 58 HRC.
Microstructure of the cases and cores of the two components was examined at 500× on polished sections etched in 2%
nital. There was a white layer (nitrogen-rich iron nitride, Fe2N) about 0.025 mm (0.001 in.) thick on the surfaces of the
gear teeth and the splines, and grain-boundary networks of iron nitride were present to a slight degree near the surface.
The microstructure of the core consisted mainly of tempered martensite, but contained large amounts of blocky ferrite.
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Gear and Spline Configuration. Measurements of the gear teeth and splines in areas showing little damage established that
the parts had been manufactured in conformance with the engineering drawings. The splines were straight axially and
convex radially. However, the gear teeth that failed were convex in both directions in the vicinity of the pitch line. This
design, which was intended to facilitate alignment and adjustment, provided extremely small contact areas between tooth
and spline surfaces and hence very heavy localized loading. The gear that engaged the other end of the internally splined
coupling (not shown in Fig. 13) was designed to provide larger contact areas with the splines in the vicinity of the pitch
line, providing lighter and more uniform local loading.
Conclusions. The premature failure occurred by crushing, or cracking, of the case as a result of several factors, which are
listed below in order of importance:
•
•
•
•

Design that produced excessively high localized stresses at the pitch line of the mating components
Specification of a core hardness (27 to 31 HRC) too low to provide adequate support for a 0.5 mm (0.020 in.)
thick case or to permit attainment of the specified surface hardness of 58 HRC after nitriding; actual surface
hardness was 50 HRC
The presence of large amounts of blocky ferrite in the core (a microstructure conducive to case crushing) as a
result of faulty heat treatment before nitriding
The presence of a white nitride layer about 0.025 mm (0.001 in.) thick at the surface and of nitride networks in
the case

Recommendations. Measures to correct the first two deficiencies listed above were recommended as the most important
steps in obtaining adequate drive-train performance. First, the excessively high local stresses at the pitch line should be
reduced to an acceptable level by modifying the gear-tooth contour in the vicinity of the pitch line to provide a wider and
longer initial contact area than in the original design. Second, a core hardness of 35 to 40 HRC should be specified to
provide adequate support for the case and to permit attainment of the specified surface hardness of 58 HRC. Closer
control of heat treating, which would be necessary to produce the recommended higher core hardness consistently, would
also eliminate the presence of blocky ferrite in the core.
For maximum service life, consideration should also be given to controlling single-stage gas nitriding to minimize the
thickness of the white layer and the extent of nitride networks in the case or to use double-stage gas nitriding to provide a
diffused nitride layer and specifying final lapping or honing to remove the white layer.
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Special Types of Distortion Failure
Analysis of distortion failures can be particularly difficult when there is no apparent permanent deformation of the part or
when complex stress fields are involved. In this section, three types of distortion failure are discussed, which may provide
useful insights into the problems of analyzing unusual mechanisms of distortion.
Elastic Distortion. A distortion failure does not necessarily involve yielding under a single application of load.
Unacceptable distortion can occur within the elastic regime. All parts will deflect elastically under load. But if a part
ordinarily made of a high-modulus alloy is made of a low-modulus alloy, it will deflect more under a given load than if it
were made of the high-modulus alloy. If this greater amount of deflection places the part in the path of another part in an
assembly, it could be said to have failed by elastic distortion. As mentioned earlier, a change in the modulus of a material
because of a change in temperature can cause an elastic-distortion failure. Elastic buckling of a long, slender column is
another type of distortion failure in which the yield strength of the material is not exceeded (unless the structure
collapses).
Ratcheting. Cyclic strain accumulation, or ratcheting, requires that a part be stressed by steady-state loading, either
uniaxial or multiaxial, and that a cyclically varying strain in a direction other than the direction of principal stress be
superimposed on the part. In ratcheting, an oscillating load or a cyclic variation of temperature strains the material beyond
the yield point on alternate sides of a single member, or on alternate members of a structure, during each half-cycle. With
succeeding cycles, plastic strain accumulates, with the result that one or more of the overall dimensions of the member or
the structure change relatively uniformly along the direction of steady-state stress. Deformation produced by a cyclic
variation in load is known as isothermal ratcheting (even though a temperature change may occur simultaneously with the

load variation). Progressive growth due to plastic strain incurred during a change in temperature is called thermal
ratcheting. Ratcheting may ultimately result in ductile fracture or in failure by low-cycle fatigue.
At elevated temperatures, ratcheting must be distinguished from creep or stress relaxation. Ratcheting is solely a straindependent phenomenon, whereas creep and stress relaxation are time-dependent phenomena. Exposure to elevated
temperature for an extended length of time, typically hours to thousands of hours, is necessary for creep or stress
relaxation to occur, but extensive deformation by ratcheting can occur in short periods of time—sometimes only minutes.
Ratcheting can appear to be time dependent when the cyclic strains are imposed at regular intervals. However, the factor
that distinguishes ratcheting is the occurrence of plastic strain during both halves of the cyclic variation.
In general, the proper corrective action for failures by ratcheting involves changing the design of the part or the conditions
of service to reduce the magnitude of the service stresses or specifying a material with a higher yield strength for the
application.
Inelastic Cyclic Buckling. Cyclic strain softening is a continuous decrease of elastic limit or tangent modulus that occurs
with imposition of alternating stresses below the net section yield strength. Columns made from materials that exhibit this
behavior can fail by lateral displacement at the midspan (buckling) under stresses much lower than those predicted by
classical design.
Table 1 presents the results of a test in which cylindrical specimens of cold-worked 1020 steel, resembling tensile
specimens with threaded ends, were stressed by alternating tensile and compressive loads of equal magnitude (Ref 8).
Buckling occurred with stresses approximately 60 to 90% of the 0.2% offset yield strength, and the cycles ranged from

1
4

at the highest stresses to 1900 at the lowest. When an aluminum alloy was tested in the same manner, buckling did not
occur in a range of stresses below the 0.2% offset yield strength. Aluminum alloys are among those that do not exhibit
cyclic strain softening.

Table 1 Inelastic cycle buckling of cylindrical specimens of cold-worked 1020 steel
Peak stress
Stress cycles
MPa
ksi
At buckling At failure Failure mode
(a)
600–648 87–94
(a)
552
80
14
20
(a)
490
71
130
143
(b)
441
64
380
691
(b)
421
61
1900
2377
(c)
400
58
…
4730
Tensile strength of the steel: 690 MPa (100 ksi); yield strength, 620 MPa (90 ksi).
(a) Buckling, with or without fracture.
(b) Buckling followed by buckling-induced fracture.
(c) Low-cycle fatigue fracture.
Source: Ref 8
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Deformation Related to Other Types of Failure
Previous discussion and examples have shown how distortion of a critical component can impede the functionality of the
component itself or a larger assembly. In some cases, the root cause of the distortion is a problem elsewhere in a
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mechanism. The distortion results from overload (stress too high), material deficiency (material too weak), or a
manufacturing process variation (residual stress related). Sometimes the root cause of the distortion is obvious, other
times more subtle. Distortion is also often observed in connection with other types of failures. The characteristics of the
distortion observed, or the absence of distortion, can provide important and sometimes critical insights into the sequence
of events leading to an ultimate failure.
To restate the obvious, deformation occurs when stresses exceed the critical point for yield of the material. Fracture may
or may not be the end result in the sequence, but if there is distortion, it most certainly occurred prior to the fracture.
Corrosion or wear may contribute by removing material and decreasing the load-carrying capability of a cross section.
While no two situations are exactly the same, a few composite examples illustrate the concept and the related thought
processes of the failure analyst:
•

•

•

•

A motor vehicle runs off the road, and the driver claims there was a problem with control immediately prior.
Inspection of the damaged vehicle after the accident cannot locate all the parts associated with the steering and
suspension, so the first investigator concludes that these parts were loose, finally fell off, and led to the loss of
control. Subsequent engineering failure analysis and more careful examination of the parts that are available show
clear distortion on the parts that were adjacent to the missing items. This deformation could not have occurred if
the missing parts had simply fallen off. The forces of the collision caused deformation followed by fracture and
separation of some parts from the remainder of the vehicle. Figure 14 shows one instance of the deformation
observed in this type of situation. The threads of a missing bolt left impressions on the inside surface of a hole as
the members sheared with respect to each other.
In another motor vehicle accident, fractured parts are found after the accident. Again, the driver claims a problem
with control. The fracture surfaces are so damaged that microscopic examination is inconclusive regarding the
fracture mechanism. (In typical accidents, this damage occurs by post-accident smashing of the fracture, or
exposure to heat, fire, or corrosive conditions.) One investigator concludes that a critical component failed in
fatigue and led to the loss of control. However, careful examination of the component and comparison with an
exemplar of the same exact part number shows the deformation that occurred prior to separation. Furthermore,
the directionality of this deformation was such that it could not have occurred during vehicle operation, but it was
consistent with the forces of the collision. Thus, the collision caused deformation followed by fracture.
Macroscopic suggestions of a fatigue crack could be explained by geometric stress concentrators.
A component of a piping system is erroneously fabricated from the wrong material and is in the process of failing
prematurely by a combination of corrosion, erosion, and wear. The plant in which this component is installed
experiences an explosion and fire, and the deteriorating component is found deformed and fractured afterward.
Careful analysis of the material properties and component dimensions, including deformation patterns, is
undertaken to determine if the deformation and fracture is consistent with normal system operating pressures and
temperatures acting on a deteriorated component, causing a leak, and subsequent explosion. Analysis is also
undertaken to consider the alternative possibility that the forces of an explosion originating elsewhere may have
caused the deformation and fracture of this component.
Some gas appliance flexible connectors manufactured and sold during the 1960s and 1970s are known to be
susceptible to separation of the end fitting through long-term and progressive deterioration. Unfortunately, a
small number of such connectors still remain in service. A home is destroyed by a gas explosion and fire that
occur under suspicious circumstances. However, investigators also find one of the suspect connectors and
question whether it separated and leaked natural gas before the explosion or whether it separated as a result of the
forces of the explosion. Careful inspection of the post-explosion appearance of the connector can provide
information to answer this question.

Fig. 14 Deformation from threads that left impressions on the inside surface of a hole as
the members sheared with respect to each other.
These few examples illustrate that understanding and interpretation of distortion may be important in a wide range of
failure investigations. These examples are by no means unique or unusual, and many readers may no doubt have
experienced similar situations. These examples also show the need for a thorough investigation to ensure that the true root
cause is identified. For example, when a component is found that does not meet specification, it is most tempting and may
seem most expedient for the investigator to simply blame the deficient component. Similarly, if the cause of a failure is
not immediately apparent, it may be easiest to blame the operator, driver, or pilot. However, if the true root cause is
overlooked due to a superficial investigation, then it is possible that the accident, fire, and so forth will occur again, with
unnecessary loss of life or property.
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Deformation by Design
Distortion and deformation are not always indications of failure. It is hopefully well recognized that any
component experiencing a stress will also exhibit an associated elastic distortion. In most designs, stress levels
are such that this distortion is minimal and may not even be noticed. However, some components are expected
to experience significant elastic and sometimes even plastic distortion during their service lives.
Springs of all types are an obvious example of a cyclic elastic distortion by design. Many of the examples
earlier in this article have dealt with failures of springs through development of unwanted plastic distortion.
Springs can also be susceptible to fatigue failures. (See the article “Fatigue Failures” in this Volume.)
Threaded fasteners are another type of component in which understanding of the elastic distortion is important.
In the design of bolted connections, the elastic stretch of the threaded fastener is large relative to the
compression of the joint members. With the compliance of the fastener being significantly greater than the
joint, the cyclic stress amplitude on the fastener is minimized. It is generally desired to maintain as high a
clamp load as possible without introducing plastic deformation into either the fastener or the joint components.
Failure analysis of bolted connections requires consideration of the initial clamp load as well as factors that
may cause a reduction in the clamp load in service. Reference 9 is a useful resource for those analyzing the
failure of a bolted connection.
With respect to plastic distortion, a major consideration in the design of any automobile is how it will perform
under various accident scenarios. The structure of the vehicle is sacrificed to protect the occupants. The vehicle
components must possess a combination of strength and the capability to deform and absorb the energy of the
collision, thereby reducing the forces and energy experienced by the occupants. Sometimes, and not
surprisingly, the deformation process leads to fracture. Some observers may decry the deformed appearance of
the automobile after an accident, saying “they don't make them like they used to.” More sophisticated analysis
will consider the vehicle dynamics to calculate the forces of the accident. This, in turn, allows consideration of
the stresses experienced by the vehicle components, and whether or not the deformation observed is that which
would be expected based on design analysis and actual crash testing. For further details, see the article
“Modeling and Accident Reconstruction” in this Volume as well as SAE Standards and Federal Motor Vehicle
Safety Standards.
Armor provides another example of a type of engineered product that deforms in service without being
considered “failed.” The armor succeeds when it is able to resist the bullet or projectile. While some armors are
high strength and distortion will not be observed, others absorb the energy of the projectile by deformation.
Again, success or failure is determined by comparison with design expectations.

Reference cited in this section
9. J.H. Bickford, Introduction to the Design and Behaviour of Bolted Joints, 3rd ed., Marcel Dekker, 1995
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Introduction
A SHAFT is a metal bar—usually cylindrical in shape and solid, but sometimes hollow—that is used to support
rotating components or to transmit power or motion by rotary or axial movement. Even fasteners, such as bolts
or studs, can be considered to be stationary shafts, usually with tensile forces, but sometimes combined with
bending and/or torsional forces. In addition to failures in shafts, this article will discuss failures in connecting
rods, which translate rotary motion to linear motion (and conversely) and in piston rods, which translate the
action of fluid power to linear motion.
Shafts operate under a broad range of service conditions, including dust-laden or corrosive atmospheres and
temperatures that vary from extremely low, as in arctic or cryogenic environments, to extremely high, as in gas
turbines. In addition, shafts may be subjected to a variety of loads—in general, tension, torsion, compression,
bending, or combinations of these. Shafts are also sometimes subjected to vibratory stresses.
Apart from wear by bearings, which can be a major contributor to shaft failure (see the section “Wear” in this
article), the most common cause of shaft failure is metal fatigue. Fatigue is a weakest link phenomenon; hence,
failures start at the most vulnerable point in a dynamically stressed area—typically a stress raiser, which may be
mechanical, metallurgical, or sometimes a combination of the two. Mechanical stress raisers include such
features as small fillets, sharp corners, grooves, splines, keyways, nicks, and press or shrink fits. Shafts often
break at edges of press-fitted or shrink-fitted members, where high degrees of stress concentration exist. Such
stress concentration effectively reduces fatigue resistance, especially when coupled with fretting. Metallurgical
stress raisers may be quench cracks, corrosion pits, gross nonmetallic inclusions, brittle second-phase particles,
weld defects, or arc strikes.
Occasionally, brittle fractures are encountered, particularly in low-temperature environments or as a result of
impact or a rapidly applied overload. Brittle fracture may thus be attributable to inappropriate choice of
material because of incomplete knowledge of operating conditions and environment or failure to recognize their
significance, but it may also be the result of abuse or misuse of the product under service conditions for which
it was not intended.
Surface treatments can cause hydrogen to be dissolved in high-strength steels and may cause shafts to become
embrittled even at room temperature. Electroplating, for instance, has caused failures of high-strength steel
shafts. Baking treatments applied immediately after plating are used to ensure removal of hydrogen.
Ductile fracture of shafts is usually caused by accidental overload and is relatively rare in normal operation.
Creep, a form of distortion at elevated temperatures, can lead to stress rupture and can also cause shafts having
close tolerances to fail because of excessive changes in critical dimensions.
Failures of Shafts
Revised by Donald J. Wulpi, Metallurgical Consultant

Fracture Origins
Fractures of shafts originate at points of stress concentration either inherent in design or introduced during
fabrication or operation. Design features that concentrate stress include ends of keyways, edges of press-fitted
members, fillets at shoulders, and edges of oil holes. Stress concentrators produced during fabrication include
grinding damage, machining marks or nicks, and quench cracks resulting from heat treating operations.
Frequently, stress concentrators are introduced during hot or cold forming of shafts; these include surface
discontinuities, such as laps, seams, pits and forging laps, and internal imperfections, such as bursts. Internal
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stress concentrators can also be introduced during solidification of ingots from which forged shafts are made.
Generally, these stress concentrators are internal discontinuities, such as pipe, segregation, porosity, shrinkage,
and nonmetallic inclusions.
Fractures also result from bearing misalignment that is either introduced at assembly or caused by deflection of
supporting members in service, from mismatch of mating parts, and from careless handling in which the shaft is
nicked, gouged, or scratched.
To a lesser degree, shafts can fracture from misapplication of material. Such fractures result from use of
materials having high ductile-to-brittle transition temperatures, low resistance to hydrogen embrittlement,
temper embrittlement, or caustic embrittlement, or chemical compositions or mechanical properties other than
those specified. In some instances, fractures may originate in regions of partial or total decarburization or
excessive carburization, where mechanical properties are different because of variations in chemical
composition.
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Examination of Failed Shafts
As with any failure, examination of a failed shaft should include gathering as much background information as
possible about the shaft. This information should include design parameters, operating environment,
manufacturing procedures, and service history. Detailed knowledge of these factors can often be helpful in
guiding the direction of failure investigation and corrective action.
Design Parameters. The failure analyst should have copies of the detail and assembly drawings as well as the
material and testing specifications that involve the shaft. Potential stress raisers or points of stress
concentration, such as splines, keyways, cross holes, and changes in shaft diameter, should be noted. The type
of material, mechanical properties, heat treatment, test locations, nondestructive examination used, and other
processing requirements should also be noted. Special processing or finishing treatments, such as shot peening,
fillet rolling, burnishing, plating, metal spraying, and painting, can influence performance, and the analyst
should be aware of such treatments.
Mechanical Conditions. How a shaft is supported or assembled in its working mechanism and the relationship
between the failed part and its associated members can be valuable information. The number and location of
bearings or supports, as well as how their alignment may be affected by deflections or distortions that can occur
as a result of mechanical loads, shock, vibrations, or thermal gradients, should be considered.
The method of connecting the driving or driven member to the shaft, such as press fitting, welding, or use of a
threaded connection, a set screw, or a keyway, can influence failure. It is also important if power is transmitted
to or taken from the shaft by gears, splines, belts, chains, or torque converters.
Manufacturing records may indicate when the part was made and the material supplier, heat, or lot number.
Inspection records may provide the inspection history of the part and indicate any questionable areas.
Service History. Checking the service records of an assembly should reveal when the parts were installed,
serviced, overhauled, and inspected. These records should also show whether service or maintenance operations
were conducted in accordance with the manufacturer's recommendations. Often, talking with operators or
maintenance personnel may reveal pertinent unrecorded information.
Initial Examination. Ideally, the entire assembly that was involved in the failure should be made available for
examination. However, in the real world this is not always possible. Samples of oil, grease, and loose debris
should be carefully removed from all components, identified, and stored for future reference. The components
can then be cleaned with a solvent that will not remove or obliterate any rust, oxidation, burnishing marks, or
other pertinent evidence.
Surfaces of all areas that may have been involved in or may have contributed to the failure should be examined,
noting scuff marks, burnished areas, abnormal surface blemishes, and wear. These marks should be associated
with some abnormal service condition, if possible. In addition, the failed part should be examined to establish

the general area or location of failure, noting the proximity to any possible stress concentrations found when
examining the part drawings.
Fracture surfaces should be examined visually to determine if there are indications of one or more fracture
mechanisms and if there is an apparent crack origin. Surfaces of the component adjacent to the fracture surface
should be examined for secondary cracks, pits, or imperfections. Photographs should be taken to record the
condition of the pertinent parts before physical evidence is destroyed by subsequent examinations.
Nondestructive methods of inspection, such as ultrasonic inspection, can sometimes provide useful information.
Such methods may reveal other cracks that have not progressed to rupture; these cracks may have other cracks
or fracture surfaces that are not as badly damaged as the primary fracture and that can be diagnosed more
readily.
Also, some machines and structures may have other shafts similar to the one that failed; these shafts may have
the same service history as the failed shaft, and examination may reveal cracks that can provide useful
information. Whenever possible, the analyst should also compare shafts that are from machines in service but
have not failed.
Macroscopic Examination (from less than actual size to approximately 50×). Many characteristic marks on
fracture surfaces, though visually identifiable, can be better distinguished with macroscopic examination. A
magnifying glass or binocular microscope can be used to study the unique vestigial marks left on tensilefracture surfaces in the form of fibrous, radial, and shear-lip zones from which the relative amounts of ductility
and toughness possessed by the metal can be appraised. In the study of fatigue fractures, macroscopic
examination of such features as beach marks, ratchet marks, fast-fracture zones, and crack-initiation sites, if
present, may yield information relative to the kinds and magnitude of the stresses that caused failure.
Microscopic Examination (50 to 2000×.) Metallographic sections taken through fractures are used to classify
fracture paths (transgranular or intergranular), to establish the mode of fracture (shear or cleavage), and to
locate and identify crack-initiation sites. Plating before mounting can be used to preserve the edge or edges of
the fracture surface. In addition, metallographic examination can reveal microstructure near the fracture surface,
the grain size of the material, and the presence of undue segregation, inclusions, alloy concentrations, brittle
grain-boundary phases, decarburization, and fabricating imperfections.
Scanning Electron Microscopy (SEM) and Transmission Electron Microscopy (TEM) Examination (10 to More
Than 20,000×). The optical metallograph is limited for fracture studies by its restricted depth of field (the
scanning electron microscope has a depth of field about 300 times that of the optical microscope). Thus, the
electron microscope is better suited for fractographic work. With it, fractures may be classified by fracture path,
fracture mechanism, and fracture features. There are two fracture paths: transgranular (or transcrystalline) and
intergranular (or intercrystalline).
The fracture mechanisms and related microscopic features of transgranular fracture are microvoid coalescence
(dimples, associated with ductile fracture), tearing (tear ridges), cleavage (river patterns, feather marks, Wallner
lines, and cleavage tongues, all associated with brittle fracture), and fatigue (striations and tire tracks).
The fracture mechanism of intergranular fracture is grain-boundary separation. The causes may be the presence
of grain-boundary phases, alloy-depleted boundaries, and environmental or mechanical factors such as stresscorrosion cracking, hydrogen damage, heat damage, and triaxial stress states.
Mechanical testing and chemical analysis occasionally pinpoint the cause of a failure as wrong material,
improper heat treatment, or in-service changes in properties. Hardness testing and spectroscopic analysis should
be performed as a matter of course. Impact tests, tensile tests, and other special mechanical tests may be
performed if manufacturing procedures are in doubt or if other paths of investigation are not fruitful.
Failures of Shafts
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Stress Systems Acting on Shafts
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The stress systems acting on a shaft must be clearly understood before the cause of a fracture in that shaft can be
determined. Also, both ductile and brittle behavior under static loading or single overload, as well as the characteristic
fracture surfaces produced by these types of behavior, must be clearly understood for proper analysis of shaft fractures.
Figure 1 shows simplified, two-dimensional, free-body diagrams illustrating the orientations of the normal-stress and
shear-stress systems at any internal point in a shaft loaded in pure tension, torsion, and compression. Also, the singleoverload fracture behavior of both ductile and brittle materials is illustrated for each type of load.

Fig. 1 Free-body diagrams showing orientation of normal stresses and shear stresses in a
shaft and the single-overload fracture behavior of ductile and brittle materials. (a) Under
simple tension. (b) Under torsion. (c) Under compression loading. See text for discussion.
A free-body stress system may be considered to be a square of infinitely small dimensions. Tensile and compressive
stresses act perpendicular to each other and to the sides of the square to stretch and squeeze the sides, respectively. The
shear, or sliding, stresses act on the diagonals of the square, 45° to the normal stresses. The third-dimension radial stresses
are ignored in this description. The effects of the shear and normal stresses on ductile and brittle materials under the three
types of loads illustrated in Fig. 1 and under bending load are discussed below.
Tension. Under tension loading, the tensile stresses, σ1, are longitudinal, whereas the compressive-stress components, σ3,
are transverse to the shaft axis. The maximum-shear-stress components, τmax, are at 45° to the shaft axis (Fig. 1a).
In a ductile material, shear stresses developed by tensile loading cause considerable deformation (elongation and necking)
before fracture, which originates near the center of the shaft and propagates toward the surface, ending with a conical
shear lip usually about 45° to the shaft axis. However, in a brittle material, a fracture from a single tensile overload is
roughly perpendicular to the direction of tensile stress, but involves little or no permanent deformation. The fracture
surface is usually rough and crystalline in appearance.
The elastic-stress distribution in pure tension loading, in the absence of a stress concentration, is uniform across the
section. Thus, fracture can originate at any point within the highly stressed volume.
Torsion. The stress system rotates 45° when a shaft is loaded in torsion (Fig. 1b). Both the tensile and compressive
stresses are 45° to the shaft axis and remain mutually perpendicular. One shear-stress component is parallel with the shaft
axis; the other is perpendicular to the shaft axis.
In a ductile material loaded to failure in torsion, shear stresses cause considerable deformation before fracture. However,
this deformation is usually not obvious, because the shape of the shaft has not been changed. The distortion will be

obvious if there were axial grooves or lines on the shaft before twisting, or if the metal is hot etched to reveal grain-flow
twisting. If a shaft loaded in torsion is assumed to consist of an infinite number of infinitely thin disks that slip slightly
with respect to each other under the torsional stress, visualization of deformation is simplified. Torsional single-overload
fracture of a ductile material usually occurs on the transverse plane, perpendicular to the axis of the shaft. In pure torsion,
the final-fracture region is at the center of the shaft; the presence of slight bending will cause it to be off-center.
A brittle material in pure torsion will again fracture perpendicular to the tensile-stress component, which is now 45° to the
shaft axis. The resulting fracture surfaces usually have the shape of a spiral.
The elastic-stress distribution in pure torsion is maximum at the surface and zero at the center of the shaft. Thus, in pure
torsion, fracture normally originates at the surface, which is the region of highest stress.
Compression. When a shaft is loaded in axial compression (Fig. 1c), the stress system rotates so that the compressive
stress, σ3, is axial and the tensile stress, σ1, is transverse. The shear stresses, τmax, are 45° to the shaft axis, as they are
during axial tension loading.
In a ductile material overloaded in compression, shear stresses cause considerable deformation but usually do not result in
fracture. The shaft is shortened and bulges laterally under the influence of shear stress. A brittle material loaded in pure
compression, if it does not buckle, again will fracture perpendicular to the maximum tensile-stress component. Because
the tensile stress is transverse, the direction of brittle fracture is parallel to the shaft axis.
The elastic-stress distribution in pure compression loading, in the absence of a stress concentration, is uniform across the
section. If fracture occurs, it will likely be in the longitudinal direction, because compression loading increases the shaft
diameter and stretches the metal at the circumference.
Bending. When a shaft is stressed in bending, the convex surface is stressed in tension and has an elastic-stress
distribution similar to that shown in Fig. 1(a). The concave surface is stressed in compression and has an elastic-stress
distribution similar to that shown in Fig. 1(c). Approximately midway between the convex and concave surfaces is a
neutral axis, where all stresses are zero.
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Fatigue Failures
Fatigue in shafts can generally be classified into three basic subdivisions: bending fatigue, torsional fatigue, and axial
fatigue. Bending fatigue can result from these types of bending loads: unidirectional (one-way), reversed (two-way), and
rotating. In unidirectional bending, the stress at any point fluctuates. Fluctuating stress refers to a change in magnitude
without changing algebraic sign. In reversed bending and rotating bending, the stress at any point alternates. Alternating
stress refers to cycling between two stresses of opposite algebraic sign, that is, tension (+) to compression (-) or
compression to tension. Torsional fatigue can result from application of a fluctuating or an alternating twisting moment
(torque). Axial fatigue can result from application of alternating (tension-and-compression) loading or fluctuating
(tension-tension) loading. More complete information is available in the article “Fatigue Failures” in this Volume.
Unidirectional-Bending Fatigue. The axial location of the origin of a fatigue crack in a stationary cylindrical bar or shaft
subjected to a fluctuating unidirectional-bending moment evenly distributed along the length will be determined by some
minor stress raiser, such as a surface discontinuity. Beach marks (also called clamshell, conchoidal, and crack-arrest
marks) of the form shown in Fig. 2(a) and (b) are indicative of a fatigue crack having a single origin at the point indicated
by the arrow. The crack front, which formed the beach marks, is symmetrical relative to the origin and retains a concave
form throughout. Both the single origin and the smallness of the final-fracture zone in Fig. 2(a) suggest that the nominal
stress was low. The larger final-fracture zone in Fig. 2(b) suggests a higher nominal stress.
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Fig. 2 Fatigue marks produced from single origins at low and high nominal stresses and
from multiple origins at high nominal stresses. Fatigue marks are typical for a uniformly
loaded shaft subjected to unidirectional bending. Arrows indicate crack origins; finalfracture zones are shaded.
Figure 2(c) shows a typical fatigue crack originating as several individual cracks that ultimately merged to form a single
crack front. Such multiple origins are usually indicative of high nominal stress. Radial steps (ratchet marks) are present
between crack origins.
Figures 2(d), (e), and (f) show typical fatigue beach marks that result when a change in section in a uniformly loaded shaft
provides a moderate stress concentration. With a low nominal stress, the crack front changes from concave to convex
before rapture (Fig. 2d). At higher nominal stresses, the crack front flattens and may not become convex before final
fracture (Fig. 2e and f).
A change in section in a uniformly loaded shaft that produces a severe stress concentration will lead to a pattern of beach
marks such as that shown in Fig. 2(g), (h), or (j). An example of a severe stress concentration is a small-radius fillet at the
junction of a shoulder and a smaller-diameter portion of a shaft or at the bottom of a keyway. Such a fillet usually results
in the contour of the fracture surface being convex with respect to the smaller-section side. The crack-front pattern shown
in Fig. 2(g) was produced by a low nominal stress. The crack front in Fig. 2(h) developed more rapidly because of a
higher stress in the peripheral zone. Multiple crack origins, high nominal stress, and unidirectional bending usually
produce the beach-mark pattern shown in Fig. 2(j).
Example 1: Unidirectional-Bending Fatigue Failure of an A6 Tool Steel Shaft. The shaft shown in Fig. 3 was part of a
clamping device on a tooling assembly used for bending 5.7-cm (2.25-in.) outer-diameter tubing on an 8.6-cm (3.375-in.)
radius. The assembly contained two of these shafts, both of which failed simultaneously and were sent to the laboratory
for examination. The maximum clamping force on the assembly was 54,430 kg (120,000 lb). The material specified for
the shafts was a free-machining grade of A6 tool steel.

Fig. 3 A6 tool steel tube-bending-machine shaft that failed by fatigue fracture. Section AA: Original and improved designs for fillet in failure region. Dimensions are in inches.
View B: Fracture surface showing regions of fatigue-crack propagation and final fracture
The shafts were subjected to a tensile stress imposed by the clamping force and a bending stress resulting from the nature
of the operation. Unidirectional-bending stresses were imposed on one shaft when a right-hand bend was made in the
tubing and on the other shaft when a left-hand bend was made. Approximately 45 right-hand and 45 left-hand bends were
made per hour on the machine; the total number of bends made before the shafts failed was not known. The tensile stress
on the shafts was also cyclic, because the clamping force was removed after each bend was made.
Investigation. Analysis of the steel, using wet chemical and spectroscopic techniques, showed that the composition was
within specifications. The average hardness of the steel was 48 HRC. A 1.3-cm (0.505-in.) diam tensile specimen
removed from the center of one of the shafts failed in a brittle manner at a tensile stress of 1572 MPa (228 ksi).
The microstructure of the steel was fine, dispersed, tempered martensite with elongated stringers of manganese sulfide.
Also present were spheroidized white particles that were identified as high-alloy complex carbides (M6C) corresponding
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to the double carbides Fe4Mo2C and Fe4Cr2C. Microscopic examination of the edge of the fracture surface at 100 and
1000× revealed some nonmetallic oxide-sulfide segregation.
Visual examination of the fracture surface revealed both a smooth area and a coarse, granular area (View B, Fig. 3). The
dull, smooth area is typical of some fatigue fractures and resulted as the crack was opened and closed by the bending
stress. Beach marks on the smooth area of the fracture surface also indicate fatigue fracture. The coarse, bright,
crystalline-appearing area is the final-fracture zone. The smooth-textured fatigue zone is relatively large compared with
the crystalline-textured final-fracture zone, which indicates that the shaft was subjected to a low overstress. The finalfracture surface at bottom shows that a one-way bending load was involved.
The fatigue crack was initiated in a 0.25-mm (0.010-in.) radius fillet at a change in section (“Original design,” Section AA, Fig. 3). Cracking was nucleated by a nonmetallic inclusion that intersected the surface at a critical location in the fillet.
Conclusions. The shafts fractured in fatigue as the result of a low-overstress, high-cycle unidirectional-bending load. The
small radius of the fillet at the change in section resulted in a stress concentration that, in conjunction with the oxidesulfide inclusion that intersected the surface of the fillet, initiated a crack.
Corrective Measures. New shafts were made with a 2.4-mm (0.09-in.) radius fillet at the critical change in section
(“Improved design,” Section A-A, Fig. 3). The larger-radius fillet minimized stress concentration in this region and
prevented recurrence of failure.
Reversed-Bending Fatigue. When the applied bending moment is reversing (alternating), all points in the shaft are
subjected alternately to tension stress and compression stress; while the points on one side of the plane of bending are in
tension, the points on the opposite side are in compression. If the bending moment is of the same magnitude in either
direction, two cracks of approximately equal length usually develop from origins diametrically opposite each other and
often in the same transverse plane. If the bending moment is greater in one direction than in the other, the two cracks will
differ in length.
Figure 4 shows typical fatigue marks on the fracture surface of a stationary (nonrotating) shaft subjected to a reversing
bending moment evenly distributed along its length. The crack origins (arrows) are shown diametrically opposite each
other, but sometimes they are slightly displaced by minor stress raisers. The pattern shown in Fig. 4(a) is typical of that
for a single-diameter shaft with no stress concentration. The bending moment is equal in both directions.

Fig. 4 Typical fatigue marks on the fracture surface of a uniformly loaded nonrotating
shaft subjected to reversed-bending stresses. (a) No stress concentration. (b) Moderate
stress concentration. (c) Severe stress concentration. Arrows indicate crack origins;
shaded areas are final-fracture zones.
A large-radius fillet at a change in shaft diameter imposes a moderate stress concentration. Figure 4(b) shows the pattern
on the surface of a fracture through such a fillet. A small-radius fillet at a change in diameter results in a severe stress
concentration. Figure 4(c) shows the typical pattern on the surface of a fracture through a small-radius fillet. The reason
for the fatigue-pattern changes is that the fatigue crack propagates faster in more severe stress concentrations at each end
than in the interior.
Under the above loading conditions, each crack is subjected alternately to tensile and compressive stresses, with the result
that the surfaces of the crack are forced into contact with one another during the compression cycle, and rubbing occurs.
Rubbing may sometimes be sufficient to obliterate many of the characteristic marks, and the crack surfaces may become
dull or polished.
Rotating-Bending Fatigue. The essential difference between a stationary shaft and a rotating shaft subjected to the same
bending moment is that in a stationary shaft the tensile stress is confined to a portion of the periphery only. In a rotating
shaft, every point on the periphery sustains a tensile stress, then a compressive stress, once every revolution. The relative
magnitude of the stresses at different locations is determined by conditions of balance or imbalance imposed on the shaft.
Another important difference introduced by rotation is asymmetrical development of the crack front from a single origin.
There is a marked tendency of the crack front to extend preferentially in a direction opposite to that of rotation. The crack

front usually swings around about 15° or more (Fig. 5a and c). A third difference arising from rotation is in the
distribution of the initiation sites of a multiple-origin crack.

Fig. 5 Typical fatigue marks on the fracture surface of a uniformly loaded rotating shaft.
Marks are produced from single and multiple origins (arrows) having moderate and
severe stress concentration; shaded areas are final-fracture zones. Shaft rotation is
clockwise.
In a nonrotating shaft subjected to unidirectional bending, the origins are located in the region of the maximum-tension
zone (Fig. 2). In a nonrotating shaft subjected to reversed bending, the origins are diametrically opposite each other (Fig.
4). In rotary bending, however, every point on the shaft periphery is subjected to a tensile stress at each revolution;
therefore, a crack may be initiated at any point on the periphery (Fig. 5b and d).
The crack surfaces are pressed together during the compressive component of the stress cycle, and mutual rubbing occurs.
A common result of final fracture is that slight movement of one side of the crack relative to the other side frequently
causes severe damage to the fracture surfaces and tends to obliterate many marks. However, although the high spots on
one surface may rub the high spots on the other, the marks in the depressions are retained. Because the depressions are
negative images of the damaged high spots on the opposing surface, they provide useful evidence; therefore, it is
desirable to examine both parts of a cracked or fractured shaft.
The similarity in macroscopic appearance of fractures in shafts resulting from rotating-bending fatigue and from single
overload torsional shear of a relatively ductile metal frequently results in misinterpretation. The fracture surface shown in
Fig. 6(a) was the result of fatigue, as evidenced by the ratchet marks around the periphery and the pronounced beach
marks. Under the low magnification of the fractograph shown in Fig. 6(b), beach marks are not visible, because they were
obliterated by rubbing. The presence of ratchet marks around the periphery is also an indication of rotating-bending
fatigue. However, the metal smearing apparent on the fracture surface and the twisting deformation of the shaft shown in
Fig. 6(c) indicate torsional shear and would preclude mistaking this fracture for a fatigue fracture.
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Fig. 6 Fracture surfaces of failed shafts. (a) and (b) Failure by fatigue. (c) and (d) Failure
by torsional shear. See text for discussion.
The fracture shown in Fig. 6(d) also exhibits a superficial similarity to a fatigue fracture. However, it is evident that this
fracture was the result of torsional shear, because the entire fracture surface has a smooth texture and no well-defined
final-fracture area.
In splined shafts, fracture resulting from torsional shear is frequently accompanied by deformation of the splines not
engaged by the mating part. However, the portion of the shaft not engaged by the mating part is sometimes unavailable
for examination. When macroscopic examination affords only inconclusive evidence, use of an electron microscope may
reveal fatigue striations or elongated shear dimples. Also, metallographic examination of a section through the fracture
surface may reveal microdeformation from torsional shear in the rotary direction that would not be present in a fatigue
fracture.
Torsional Fatigue. Fatigue cracks arising from torsional stresses also show beach marks and ridges. Longitudinal stress
raisers are comparatively harmless under bending stresses, but are as important as circumferential stress raisers under
torsional loading. This sensitivity of shafts loaded in torsion to longitudinal stress raisers is of considerable practical
importance because inclusions in the shaft material are almost always parallel to the axis of rotation. It is not unusual for a

torsional-fatigue crack to originate at a longitudinal inclusion, a surface mark, or a spline or keyway corner and then to
branch at about 45°.
When a stress raiser such as a circumferential groove is present, different states of stresses exist around the stress raiser,
and the tensile stress is increased to as much as four times the shear stress. Therefore, the tensile stress on the 45° plane
will exceed the tensile strength of the steel before the shear stress reaches the shear strength of the steel. Fracture occurs
normal to the 45° tensile plane, producing a conical or star-shaped fracture surface.
Example 2: Torsional-Fatigue Fracture of a Large 4340 Steel Shaft That Was Subject to Cyclic Loading and Frequent
Overloads. The 4340 steel shaft shown in Fig. 7(a), which was the driving member of a large rotor subject to cyclic
loading and frequent overloads, broke after three weeks of operation. The shaft was also part of a gear train that reduced
the rotational speed of the driven member. The driving shaft contained a shear groove at which the shaft should break if a
sudden high overload occurred, thus preventing damage to an expensive gear mechanism. The rotor was subjected to
severe chatter, which was an abnormal condition resulting from a series of continuous small overloads at a frequency of
about three per second.

Fig. 7 4340 steel rotor shaft that failed by torsional fatigue. (a) Shear groove designed to
protect gear mechanism from sudden overload. Dimensions are in inches. (b) Star-shaped
pattern on a fracture surface of the shaft. (c) Longitudinal and transverse shear cracks on
the surface of the shear groove, which resulted from high peak loads caused by chatter
Investigation. Examination disclosed that the shaft had broken at the shear groove and that the fracture surface contained
a star-shaped pattern (Fig. 7b). Figure 7(c) shows the fracture surface with the pieces fitted back in place. The pieces were
all nearly the same size and shape, and there were indications of fatigue, cleavage, and shear failure in approximately the
same location on each piece. The cracks were oriented at approximately 45° to the axis of the shaft, which indicated that
final fracture was caused by a tensile stress normal to the 45° plane and not by the longitudinal or transverse shear stress
that had been expected to cause an overload failure.
Examination of the surfaces of one of the pieces of the broken shaft revealed small longitudinal and transverse shear
cracks at the smallest diameter of the shear groove. Also, slight plastic flow had occurred in the metal adjacent to these
cracks. Cracking occurred at many points in the groove in the shaft before several of the cracks grew to a critical size.
No surface irregularities were present in the shear groove at any of the shear cracks. The structure of the metal was
normal, with a uniform hardness of 30 to 30.5 HRC across the section, indicating a strength in the expected range for
quenched-and-tempered 4340 steel shafts. A hot-acid etch showed the steel to be free from pipe, segregation, or other
irregularities.
Conclusion. The basic failure mechanism was fracture by torsional fatigue, which started at numerous surface shear
cracks, both longitudinal and transverse, that developed in the periphery of the root of the shear groove. These shear
cracks resulted from high peak loads caused by chatter. Stress concentrations developed in the regions of maximum shear,
and fatigue cracks propagated in a direction perpendicular to the maximum tensile stress, thus forming the star pattern at
45° to the longitudinal axis of the shaft. The shear groove in the shaft, designed to prevent damage to the gear train, had
performed its function, but at a lower overload level than intended.
Corrective Measures. The fatigue strength of the shaft was increased by shot peening the shear groove, and chatter in the
machine was minimized.
The relative extent of development of two torsional-fatigue cracks mutually at right angles can indicate the magnitude of
the torque reversals that have been applied. If the cracks are of approximately the same length, the indications are that the
torque reversals have been of equal magnitude, but only if the cracks are in a comparatively early stage of development.
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Beyond this stage, one crack usually takes the lead, and such inferences are no longer justified. If the shaft transmits a
unidirectional torque but two cracks develop mutually at right angles, it can be presumed that the torque was of a
reversing character. If a bending stress is applied to a shaft that is transmitting torque, the angle at which any fatigue crack
develops will be modified. Therefore, if the angle differs significantly from 45° to the shaft axis, the presence of a
bending stress is indicated.
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Contact Fatigue
Contact fatigue occurs when components roll, or roll and slide, against each other under high contact pressure
and cyclic loading. Pitting occurs after many repetitions of loading and is the result of metal fatigue from the
imposed cyclic contact stresses. Factors that govern contact fatigue are contact stress, relative rolling/sliding,
material properties, and metallurgical, physical, and chemical characteristics of the contacting surfaces,
including the oil film that lubricates the surfaces.
The significant stress in rolling-contact fatigue is the maximum alternating shear stress that undergoes a
reversal in direction during rolling. In pure rolling, as in antifriction bearings, this stress occurs slightly below
the surface and can lead to the initiation of subsurface fatigue cracks. As these cracks propagate under the
repeated loads, they reach the surface and produce cavities, or pits.
When sliding is superimposed on rolling, as in gear teeth, the tangential forces and thermal gradient caused by
friction alter the magnitude and distribution of stresses in and below the contact area. The alternating shear
stress is increased in magnitude and is moved nearer to the surface by friction resulting from the sliding action.
Additional information is provided in the articles “Fatigue Failures” and “Failures of Rolling-Element
Bearings” in this Volume.
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Wear
Wear of metal parts is commonly classified into either of two categories: abrasive wear or adhesive wear.
Abrasive wear, the undesired removal of material by a cutting mechanism, can reduce the size and destroy the proper
shape of a shaft. The shaft may then fail by another means, such as by fracture, or may cease to perform its designed
function. Foreign particles, such as sand, dirt and other debris, in the lubricant can cause wear of a shaft.
Example 3: Wear Failure of a Fuel-Pump Drive Shaft Caused by the Presence of Sand, Metallic Particles, and Vibration.
The fuel pump in a turbine-powered aircraft failed, resulting in damage to the aircraft. The pump is shown in Fig. 8(a) and
(b).

Fig. 8 Fuel pump that failed by vibration and abrasion. (a) Configuration and dimensions
(given in inches). (b) Splines on the drive shaft and in the impeller were worn away by
vibration in the presence of sand and metallic particles. Detail A: Enlarged view of failure
area showing worn splines
This particular model of fuel pump had a history of wear failures and had been redesigned to incorporate a shaft of casehardened steel (composition not reported). Vibration was common during operation, but generally was not excessive for
the aircraft.
Investigation. The pump and the filter chamber were found to be dry and free of any debris or contamination, except for
some accumulated deposit on the filter cartridge, when the pump was disassembled in the laboratory. The drive-shaft
splines that engaged the impeller were almost completely destroyed down to the roots (Detail A, Fig. 8). Extensive
damage to the splines was apparent because on subsequent reassembly the shaft could be rotated without rotating the
impeller.
The pressure side of each spline tooth in the impeller also exhibited some damage. Relatively smooth cavities and
undercutting of the flank on the pressure side of the spline teeth indicated that the damage had not been caused by wear
from metallic contact between the splines but by an erosion or abrasion mechanism.
Hardness readings taken at several axial locations on the drive shaft showed a reasonably uniform hardness of
approximately 570 HV. The impeller and the retaining ring each had a hardness of approximately 780 HV, and the parts
surrounding the impeller (including the vanes) exhibited a hardness of approximately 630 HV. The microstructure of the
metal in the impeller exhibited scattered porosity and carbide particles and appeared to be a sintered powder metallurgy
compact.
Metallographic examination of a section through the damaged splines and of a section through the adjacent undamaged
part of the same splines disclosed no material defects. The microstructure indicated that the shaft had been satisfactorily
heat treated by quenching and tempering, but there was no evidence of case hardening on the spline surfaces, a treatment
commonly given to shafts of this type.
The worn surfaces of the splines showed evidence of cold work at the edges. Also, there was a relatively smooth worn
area at the center of each tooth that appeared to be free of cold work and that appeared to have been caused by an abrasive
action. The damaged side of each spline appeared as an undulating outline with some undercutting rather than a jagged or
deformed shape.
The residue on the filter cartridge was brown, and when viewed under a low-power microscope, particles of sand, paint,
or plastic, fibers from the cartridge, brass, and steel could be identified. Application of a magnet to the sample showed
that it contained a large amount of iron.
Chemical analysis indicated that the deposit contained about 20% sand, 30% iron, and 30% organic material (paint,
plastic, and filter fibers). The reddish-brown color of the deposit suggested that some of the iron present was an oxide
(rust), but this was not confirmed.
Discussion. Vibration in the fuel pump could be expected to initiate damage, particularly when combined with an abrasive
action. Under these conditions, fretting or abrasive wear can be expected on sliding-contact surfaces that are not
sufficiently abrasion resistant. The residue from the filter contained significant quantities of sand and iron; the iron
probably originated from the damaged shaft.
The examination indicated that the splines on the drive shaft had been damaged by abrasion, which could have been
caused by the combined effect of vibration and abrasives, such as sand and the metal particles removed from the splines.

The file is downloaded from www.bzfxw.com

The same action would also damage the internal splines of the impeller, but to a lesser extent because of its greater
hardness and thus greater abrasion resistance. However, the internal splines exhibited significant damage, which appeared
to have been produced by erosion. Thus, the internal splines suffered slight abrasive damage and somewhat more damage
by erosion.
Conclusions. Failure of the shaft was the result of excessive wear on the splines caused by vibration and the abrasive
action of sand and metal particles.
Recommendations. To increase resistance to wear and abrasion, the surfaces of the spline teeth should be case hardened.
Although the drive shaft exhibited reasonably high strength, its resistance to wear and abrasion was inadequate for the
conditions to which it was exposed.
Wire Wooling. Abrasive-wear failure of shafts by wire wooling has been observed under certain circumstances where
contact occurs between the shaft and a stationary part, resulting in removal, by machining, of fine wire shavings that
resemble steel wool. This type of failure has been found on turbine and turbine-generator shafts made of 3Cr-0.5Mo
steels, on 12% Cr stainless steels, on 18Cr-8Ni stainless steels, and on nonchromium steels in the presence of certain
chloride-containing oils. Wire wooling has also been observed on thrust bearings and on centrifugal compressor shafts.
Figure 9 shows the end of a 13.3-cm (5.25-in.) diam shaft that was worn by wire wooling. The worn surface was in
contact with a labyrinth seal and was not a bearing surface. The shaft had operated for about 3

1
years before the damage
2

was discovered. Although records were not available, the machine was known to have been opened at least once during
that time, but damage under the seal had not been noticed. Figure 9(b) shows a micrograph of a section through the
material found in the circumferential grooves in the shaft. The material was loose in the grooves; some was almost
identical in appearance with steel wool, whereas other pieces were coarser and more like slivers.

Fig. 9 Shaft that was severely damaged by wire wooling. (a) End of shaft. (b) Micrograph
of an unetched section through loose material found in grooves worn in shaft by wire
wooling. 50×
Although the mechanisms of wire wooling are not clearly understood, it is known that the process requires contact
between a shaft (or shaft sleeve) and a labyrinth (or bearing), either directly or through buildup of deposits. If the deposit
or the stationary part contains hard particles, fine slivers can be cut or spun off the shaft surface. As fine slivers or pieces
come off, additional hard particles may be formed by reaction between the steel and the oil or gas present if the resultant

friction and heat are sufficient. Scabs or solid chunks of laminated or compacted slivers and other deposits are sometimes
formed (Fig. 9b). Bearings or labyrinths of babbitt or copper alloys have been associated with this type of failure.
Contact-area atmospheres, in addition to bearing oils, have contained air and methyl chloride.
Methods for prevention of wire wooling include changing the shaft material, using a softer bearing or labyrinth material,
changing to a different oil, eliminating the deposits, and providing greater clearance.
Adhesive Wear of Shafts. Adhesive wear, sometimes called scoring, scuffing, galling, or seizing, is the result of
microscopic welding at the interface between two mutually soluble metals, such as steel on steel. It frequently occurs on
shafts where there is movement between the shaft and a mating part, such as a gear, wheel, or pulley.
Fretting on a shaft can be a source of serious damage. Production of a reddish-brown powder is characteristic of fretting
on steel. Typical locations for fretting are at splined or keyed hubs, components that are press fitted or shrink fitted to a
shaft, and clamped joints. Shot peening, glass-bead peening, and surface rolling are methods of reducing the possibility of
fatigue fracture of shafts because of fretting of joints. Fretting is discussed in the article “Fretting Wear Failures” in this
Volume.
Adhesive wear has a characteristic torn appearance because the surfaces actually weld together, then are torn apart by
continued motion, creating a series of fractures on both surfaces. This indicates that metal-to-metal contact took place
between clean, uncontaminated mating surfaces.
Because excessive frictional heat is generated, adhesive wear often can be identified by a change in the microstructure of
the metal. For example, steel may be tempered or rehardened locally by the frictional heat generated. Additional
information is provided in the article “Fundamentals of Wear Failures” in this Volume.
Influence of Bearings and Seals. If acceptable wear resistance is not obtained by optimizing selection of shaft material
and heat treatment, consideration should be given to the sliding (sleeve) bearing and seal material and its compatibility
with the shaft. Very often, the high-wear area of a shaft may be chromium plated or may be covered with a sleeve that can
be discarded and replaced when worn (rather than throwing away an expensive shaft or replacing the bearings). These
methods involve risks, and steps should be taken to avoid or offset their effects.
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Brittle Fracture of Shafts
Brittle fractures are associated with the inability of certain materials to deform plastically in the presence of
stress at the root of a sharp notch, particularly at low temperatures. Brittle fractures are characterized by sudden
fracturing at extremely high rates of crack propagation, perhaps 1830 m/s (6000 ft/s) or more, with little
evidence of distortion in the region of fracture initiation. This type of fracture is frequently characterized by
marks known as herringbone or chevron patterns on the fracture surface. The chevrons point toward the origin
of the fracture. Additional information on brittle fracture can be found in the article “Mechanisms and
Appearances of Ductile and Brittle Fractures” in this Volume.
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Ductile Fracture of Shafts
Ductile fractures, which result from microvoid coalescence, exhibit evidence of distortion (plastic flow) at the
fracture surface similar to that observed in ordinary tensile-test or torsion-test specimens. When a shaft is
fractured by a single application of a load greater than the strength of the shaft, there is usually considerable
plastic deformation before fracture. This deformation is often readily apparent upon visual inspection of a shaft
that fractured in tension, but is often not obvious when the shaft fractured in torsion. This ability of a material to
deform plastically (permanently) is a property known as ductility. The appearance of the fracture surface of a
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shaft that failed in a ductile manner is also a function of shaft shape, the type of stress to which the shaft was
subjected, rate of loading, and, for many alloys, temperature. In general, ductility is decreased by increasing the
strength of the metal by cold work or heat treatment, by the presence of notches, fillets, holes, scratches,
inclusions, and porosity in a notch-sensitive material, by increasing the rate of loading, and for many alloys, by
decreasing the temperature.
Ductile fracture of shafts occurs infrequently in normal service. However, ductile fractures may occur if service
requirements are underestimated, if the materials used are not as strong as had been assumed, or if the shaft is
subjected to a massive single overload, such as in an accident. Fabricating errors, such as using the wrong
material or using material in the wrong heat treated condition (for example, annealed instead of quenched and
tempered), can result in ductile fractures.
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Distortion of Shafts
Distortion of a shaft can render the shaft incapable of serving its intended function.
Permanent distortion simply means that the applied stress has exceeded the yield strength (but not the tensile
strength) of the material. If it is not feasible to modify the design of the shaft, the yield strength of the shaft
material must be increased to withstand the applied stress. Yield strength may be increased either by using a
stronger material or by heat treating the original material to a higher strength.
Creep, by definition, is time-dependent strain (distortion) occurring under stress imposed at elevated
temperature, provided the operational load does not exceed the yield strength of the metal. If creep continues
until fracture occurs, the part is said to have failed by stress rupture. Creep can result from any type of loading
(tensile, torsion, compression, bending, and so on).
Some high-temperature applications, such as gas turbines and jet aircraft engines, require materials to operate
under extreme conditions of temperature and stress with only a limited amount of deformation by creep. In
other high-temperature applications, the permissible deformation is high and may not even be limited as long as
rupture does not occur during the intended life of the part. For this type of service, stress-rupture data, rather
than long-term creep data, are used for design.
Buckling, a third type of distortion failure, results from compressive instability. It can occur if a long slender
rod or shaft collapses from compressive axial forces. The load required to cause buckling can be changed only
by design changes, not by metallurgical changes, such as heat treatment, in a given type of metal.
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Corrosion of Shafts
Most shafts are not subjected to severe reduction in life from general corrosion or chemical attack. Corrosion
may occur as general surface pitting, may uniformly remove metal from the surface, or may uniformly cover
the surface with scale or other corrosion products. Corrosion pits have a relatively minor effect on the loadcarrying capacity of a shaft, but they do act as points of stress concentration at which fatigue cracks can
originate.
A corrosive environment will greatly accelerate metal fatigue; even exposure of a metal to air results in a
shorter fatigue life than that obtained under vacuum. Steel shafts exposed to salt water may fail prematurely by
fatigue despite periodic, thorough cleaning. Aerated salt solutions usually attack metal surfaces at the weakest

points, such as scratches, cut edges, and points of high strain. To minimize corrosion fatigue, it is necessary to
select a material that is resistant to corrosion in the service environment or to provide the shaft with a protective
coating.
Most large shafts and piston rods are not subject to corrosion attack. However, because ship-propeller shafts are
exposed to salt water, they are pressure rolled, which produces residual surface-compressive stresses and
inhibits origination of fatigue cracks at corrosion pits. Also, rotating parts, such as centrifugal compressor
impellers and gas-turbine disks and blades, often corrode. Centrifugal compressors frequently handle gases that
contain moisture and small amounts of a corrosive gas or liquid. If corrosion attack occurs, a scale is often
formed that may be left intact and increased by more corrosion, eroded off by entrained liquids (or solids), or
thrown off from the rotating shaft.
Stress-corrosion cracking occurs as a resuit of corrosion and stress at the tip of a growing crack. Stresscorrosion cracking is often accompanied or preceded by surface pitting; however, general corrosion is often
absent, and rapid, overall corrosion does not accompany stress-corrosion cracking.
The tensile-stress level necessary for stress-corrosion cracking is below the stress level required for fracture
without corrosion. The critical stress may be well below the yield strength of the material, depending on the
material and the corrosive conditions. Evidence of corrosion, although not always easy to find, should be
present on the surface of a stress-corrosion-cracking fracture up to the start of final rupture.
All of the common materials used in shafts may undergo stress-corrosion cracking under certain specific
conditions. Factors that influence stress-corrosion cracking, either directly or indirectly, include microstructure,
yield strength, hardness, corrodent(s), concentration of corrodent(s), amounts and nature of water, pH, and
applied and residual stresses, degree of cold working, and chemical composition of the base metal. Additional
information is available in the article “Stress-Corrosion Cracking” in this Volume.
Corrosion fatigue results when corrosion and an alternating stress—neither of which is severe enough to cause
failure by itself—occur simultaneously; this can cause failure. Once such a condition exists, shaft life will
probably be greatly reduced. Corrosion-fatigue cracking is usually transgranular; branching of the main cracks
occurs, although usually not as much as in stress-corrosion cracking. Corrosion products are generally present
in the cracks, both at the tips and in regions nearer the origins. The article “Corrosive Wear Failures” in this
Volume contains more detailed information on the effect of combined corrosion and fluctuating stress.
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Common Stress Raisers in Shafts
Most service failures in shafts are largely attributable to some condition that intensifies stress. In local regions,
the stress value is raised above a value at which the material is capable of withstanding the number of loading
cycles that corresponds to a satisfactory service life. Only one small area needs to be repeatedly stressed above
the fatigue strength of the material for a crack to be initiated. An apparently insignificant imperfection, such as
a small surface irregularity, may severely reduce the fatigue strength of a shaft if the stress level at the
imperfection is high. The most vulnerable zone in torsional and bending fatigue is the shaft surface; an abrupt
change in surface configuration may have a damaging effect, depending on the orientation of the discontinuity
to the direction of stress.
All but the simplest shafts contain oil holes, keyways, or changes in shaft diameter (threads, fillets, annular
grooves, and so on). The transition from one diameter to another, the location and finish of an oil hole, and the
type and shape of a keyway exert a marked influence on the magnitude of the resulting stress-concentration and
fatigue-notch factors, which often range in numerical value from 1 to 5 and sometimes attain values of 10 or
higher.
Types of Stress Raisers. The majority of stress raisers can be placed into one of the following general groups:
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Group 1: Nonuniformities in the shape of the shaft, such as steps at changes in diameter, broad integral
collars, holes, abrupt corners, keyways, grooves, threads, splines, and press-fitted or shrink-fitted
attachments
Group 2: Surface discontinuities arising from fabrication practices or service damage, such as seams,
nicks, notches, machining marks, identification marks, forging laps and seams, pitting, and corrosion
Group 3: Internal discontinuities, such as porosity, shrinkage, gross nonmetallic inclusions, cracks, and
voids

Most shaft failures are initiated at primary (group 1) stress raisers, but secondary (group 2 or 3) stress raisers
may contribute to a failure. For example, a change in shaft diameter can result in stress intensification at the
transition zone; if there is a surface irregularity or other discontinuity in this zone, the stress is sharply increased
around the discontinuity.
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Influence of Changes in Shaft Diameter
A change in shaft diameter concentrates the stresses at the change in diameter and in the smaller-diameter portion. The
effects of an abrupt change and three gradual changes in section on stress concentration are shown schematically in Fig.
10. The sharp corner at the intersection of the shoulder and shaft in Fig. 10(a) concentrates the stresses at the corner as
they pass from the large to the small diameter. The large-radius fillet shown in Fig. 10(d) permits the stresses to flow with
a minimum of restriction. However, the fillet must be tangent with the smaller-diameter section, or a sharp intersection
will result, overcoming the beneficial effect of the large-radius fillet.

Fig. 10 Effect of size of fillet radius on stress concentration at a change in shaft diameter.
See text for discussion.
Example 4: Fatigue Fracture of a 6150 Steel Main Shaft in a Coal Pulverizer. Unusual noises were noted by the operator
of a ball-and-race coal pulverizer (shown schematically in Fig. 11a), and the unit was taken out of service to investigate
the cause. The pulverizer had been in service for ten years.

Fig. 11 6150 steel coal pulverizer shaft that failed by fatigue. (Left) Section through
pulverizer showing the inner main shaft that fractured, repaired itself by friction welding,
and fractured a second time. (Right) Photograph of the friction welded surface
The lower grinding ring of the pulverizer was attached to the outer main shaft (Fig. 11, left side). The upper grinding ring
was suspended by springs from a spider that was attached to the main shaft. The weight of the upper grinding ring and the
load imposed by the springs resulted in a total force of 8165 kg (18,000 lb) on the pulverizer balls. The shaft was made of
6150 steel normalized to a hardness of about 285 HB.
Investigation. Visual examination of the shaft revealed a circumferential crack in the main shaft just below the upper
radial bearing at an abrupt change in shaft diameter. The shaft was set up in a lathe to machine out the crack for repair
welding, and the smaller end (17.8 cm, or 7 in., in diameter) was found to be slightly eccentric with the remainder of the
shaft. The crack did not disappear after a 6.3-mm (0.25-in.) deep cut, and the crack was opened by striking the small end
of the shaft. The shaft broke about 1.3 cm (0.5 in.) from the crack. Examination of the fracture surface (Fig. 11, right side)
revealed a previous fracture, almost perpendicular to the axis of the shaft, that resulted from torsional loading acting along
a plane of maximum shear.
Although the shaft operated at the relatively low speed of 82 rpm, the weight of the upper portion of the shaft, the spider,
and the upper ring caused the shaft to repair itself by friction welding in a band about 2.5 cm (1 in.) wide beginning at the
periphery of the shaft. Thus, friction welding was confined to a small part of the 17.8-cm (7-in.) diam cross section. The
center region of the fracture surface of the shaft (Fig. 11, right side) contained swirls of metal softened by frictional heat
as a result of rotation of the lower part of the shaft. Welding of the plasticized outer ring of metal on the shaft and
solidification of the swirls probably occurred while the pulverizer was shut down.
Examination of the machined surface revealed faint lines parallel to the visible crack. These faint lines generally followed
bands containing large grains. The lines were thought to be fatigue cracks. The hardness of the shaft in the friction welded
area was 38 to 49 HRC, and inward from the weld area, the hardness was 31 to 33 HRC.
Conclusion. The second fracture of the shaft was by fatigue, which resulted from an eccentric condition after the shaft
was friction welded and from the inherent vibrations within the machine. Shafts in other coal pulverizers at the same plant
fractured in the same region after similar service lives.
Corrective Measures. The shaft was repaired by welding a new 20.3-cm (8-in.) diam section to the older, longer section
and machining to the required diameters. The fatigue cracks in the longer section were machined away before repair
welding. Liquid-penetrant inspection was performed to ensure soundness of the metal in the older section. The repaired
shaft was machined to provide a taper between the two diameters, rather than reproduce the sharp change in diameter in
the original design. The taper section was carefully blended with the smaller diameter so that there were no sharp corners.
The repaired coal-pulverizer shaft operated satisfactorily for more than five years. As shafts in other units failed, they
were repaired by the same technique.
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Example 5: Bending-Fatigue Fracture of an Inertia-Welded Alloy Steel Pushrod Originating at a Sharp Internal Corner
and a Decarburized Surface. The pushrod shown in Fig. 12 fractured two weeks after it was installed in a mud pump
operating at 160 rpm with a discharge pressure of 14.4 MPa (2.1 ksi). The pushrod was made by joining two pieces of bar
stock by inertia welding. Each piece was rough bored or drilled to produce a wall thickness of about 1.3 cm (0.5 in.) at the
surfaces to be inertia welded. The flange portion was made of 94B17 steel, and the shaft was made of 8620 steel. After
welding, the rod was machined, carburized, and hardened to 60 HRC; the shaft was then chromium plated to within 1.3
cm (0.5 in.) of the flange.

Fig. 12 Pushrod that fractured in bending fatigue after being fabricated by inertia
welding. (a) Configuration and dimensions (given in inches). (b) and (c) Micrographs
showing structure of decarburized inner surface and sound metal below the decarburized
layer
Investigation. Visual examination of the pushrod disclosed that fracture had occurred in the shaft portion at the
intersection of the 1.3-cm (0.5-in.) thick wall and the tapered surface at the bottom of the hole. This intersection was
about 1.3 cm (0.5 in.) from the weld.
The fracture surface contained indications that a fatigue crack had initiated at the inner surface and progressed around the
entire inner circumference, forming a narrow plateau, before propagating outward to final fracture. Operation of the
pushrod after it had fractured obliterated some detail of the fatigue pattern on the fracture surface, but it still was evident
that one-way bending stresses had influenced cracking. The amount of coarse texture on the fracture surface indicated that
fatigue cracking had occurred for a short time.
Detail A in Fig. 12 shows a macrograph of a section through the weld and fracture region. A heavily decarburized layer
was found on the inner surface of the flange portion, but was not detectable in the shaft portion. The inner surface had a
poor finish, and there was a sharp corner at the intersection of the sidewall and bottom of the hole. The weld flash
protruded from the inner wall, producing a small-radius fillet at the wall surface. Except for the metal extrusion, the weld
zone was almost undetectable.

A metallographic specimen taken from near the fracture surface showed that the microstructure of the metal at the inner
surface contained acicular ferrite and bainite, indicative of decarburization (Fig. 12b) The microstructure of the metal
approximately 1.6 mm (0.0625 in.) from the inner surface contained low-carbon martensite and bainite (Fig. 12c).
Hardness of the flange was equivalent to 27 HRC at the bottom of the hole and 37 HRC on the inner-wall surface. The
shaft had a hardness equivalent to 22 HRC at the bottom of the hole and 27 HRC at the inner-wall surface.
Sample parts having shapes and dimensions similar to those of the fractured pushrod were joined by inertia welding, then
sectioned so that the weld area and inner surfaces could be examined. The sample weldments were not heat treated or
machined. Sharp corners and rough surfaces were found that were similar to those on the fractured part (Detail A, Fig.
12). The cut surface was ground smooth and etched, which revealed the heat-affected zone of the weld but no indications
of abnormal oxidation or decarburization of the inner surfaces.
Conclusion. The pushrod failed in fatigue primarily from one-way bending stresses. Cracking was initiated in a sharp,
rough corner at the intersection of the sidewall and the bottom of a drilled hole that acted as a stress raiser. The stress
raiser created by the abrupt section change was accentuated by the roughness of the drilled surface and by the
decarburized layer. Decarburization occurred during heat treatment and was caused by the atmosphere trapped in the
cavity formed by friction welding.
Corrective Measures. The design of the pushrod was changed to a one-piece forging. To produce a high-quality welded
pushrod, it would be necessary to provide radii at the corners of the drilled holes, finish machine the inner surface, and
drill a hole in the flange end of the rod to permit circulation of atmosphere during heat treatment.
Press-Fitted Members. Gears, pulleys, wheels, impellers, and similar components are often assembled on shafts by means
of press fitting or shrink fitting, which can result in stress raisers under bending stress. Figure 13(a) shows typical stress
flow lines in a plain shaft at a press-fitted member. Enlarging the shaft at the press-fitted component and using a largeradius fillet would produce a stress distribution such as that shown schematically in Fig. 13(b). A small-radius fillet at the
shoulder would result in a stress pattern similar to that shown in Fig. 10(a).

Fig. 13 Schematic illustration of stress distribution in two types of rotating shafts with
press-fitted elements under a bending load.
An investigation was conducted to study the influence of absolute specimen dimensions on the fatigue strength of
specimens with press-fitted bushings. The tests were carried out on specimens of St 35 carbon steel [0.18% C (max),
0.40% Mn (min), 0.35% Si (max), 0.05% P (max). 0.05% S (max)] with ultimate tensile strength of 559 MPa (81 ksi) and
high-quality chromium-nickel-molybdenum alloy steel with ultimate tensile strength of 726 MPa (105 ksi) (similar to
AISI 9840). Specimen blanks were cut from the surfaces of large forgings that were to be used for propeller shafts. Two
groups of specimens were tested: (1) smooth cylindrical specimens 5, 12, 27, and 50 mm (0.2, 0.5, 1.1, and 2 in.) in
diameter, with gage portions equal in length to four specimen diameters and shoulder radii equal to one diameter and (2)
smooth cylindrical specimens 5, 12, 27, and 50 mm (0.2, 0.5, 1.1, and 2 in.) in diameter with press-fitted bushings. The
outside diameter and length of each bushing were equal to two specimen diameters: thus, the bushings were similar in
size to actual machine parts of this kind. The bushings were made of normalized (195 HB) St 34 steel [0.15% C (max),
0.08% P (max), and 0.06% S (max)] and a brass alloy of unreported composition. Press fitting was done to class 2
tolerances.
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The specimens were tested in rotating bending at a constant frequency of 3000 rpm. The test base (in air) was 107 cycles
for specimens without bushings and 5 × 107 cycles for specimens with bushings. The results (Table 1) showed that the
fatigue limit of steel specimens was sharply reduced by the presence of press-fitted bushings and that the magnitude of
this reduction increased with steel strength.

Table 1 Fatigue strength of steel specimens without bushings, with steel bushings, and
with brass bushings
Specimen

St 35 carbon steel
Without
Steel

Brass

Chromium-nickel-molybdenum alloy steel
Without
Steel
Brass

diameter
bushings
bushings
bushings
bushings
bushings
bushings
mm
in.
MPa
ksi MPa
ksi
MPa
ksi
MPa
ksi
MPa
ksi
MPa
ksi
5
0.2
265
38
157
23
147
21
319
46
196
28
147
21
12
0.5
255
37
157
23
142
20.6
314
45.5
167
24
152
22
27
1.1
221
32
123
18(a)
123
18
294
43
123
18
147
21
50
2.0
201
29
103
15
108
16
294
43
103
15
123
18
(a) 20-mm (0.8-in) diam specimen
The endurance of specimens with press-fitted bushings depends on specimen diameter to a greater extent than does the
endurance of specimens without bushings. The effect of specimen diameter on the fatigue strength of both plain carbon
steel and alloy steel specimens with press-fitted bushings was more pronounced when the bushings were made of steel
than when they were made of brass.
The main cause of the reduction in the fatigue strength of the specimens with bushings was friction between the bushing
and the shaft, which resulted from the cyclic loads in rotating bending, and the resulting wear of the shaft. The wear,
which depends on the frictional force, that is, on the distribution of specific pressure, should vary (as did the pressure)
along the shaft surface. When a shaft with a press-fitted bushing is bent. the maximum pressure should be near the
bushing edge, at a point whose location will vary depending on the fit.
Friction produces wear of the shaft, leads to wear-induced surface roughness, and causes a local temperature increase. all
of which promote nucleation and growth of cracks. Friction also leads to the destruction of oxide films, which passivate
and strengthen metal parts, and activates metal surfaces as a result of plastic deformation. These factors facilitate
chemical reaction between the metal surfaces and the working environment; the resulting damage is known as fretting.
The fatigue strength of specimens up to 20 mm (0.8 in.) in diameter was reduced more by the brass bushings than by the
steel bushings. Conversely, the fatigue strength of specimens greater than 20 mm (0.8 in.) in diameter was reduced less by
the brass bushings than by the steel bushings. The steel bushings, which are harder and more rigid than brass bushings,
exhibited a higher friction coefficient when in contact with steel and produced more intense wear than the brass bushings.
Other factors being equal, the environment had a more damaging effect on small-diameter specimens; the fatigue strength
of large-diameter specimens was influenced predominantly by stress raisers produced as a result of friction-induced wear.
Longitudinal grooves in shafts, such as keyways and splines, are the origins of many service failures of shafts subjected to
torsional stress. Most of these failures result from fatigue fracture where a small crack has initiated at a sharp corner
because of stress concentrations. The crack gradually enlarges as cycles of service stress are repeated until the remaining
section breaks. A sharp corner in a keyway can cause the local stress to be as much as ten times the average nominal
stress.
Failures of this kind can be avoided by using a half-round keyway, which permits the use of a round key, or by using a
generous fillet radius in the keyway. Good results are obtained by the use of fillets having radii equal to approximately
one-half the depth of the keyway. A half-round keyway produces a local stress of only twice the average stress, thus
providing greater load-carrying ability than that permitted by a square keyway. Many shafts with square keyways do not
fracture in service because stresses are low or because fillets with generous radii are used.
Shafts with tapered, or conical, ends may also have keyways for alignment and/or redundancy. Integrity of the tapered
joint relies on the friction fit between the wedgelike taper and the tapered hole in the hub of the part fitting to the shaft. It
is essential to keep the fit very tight by using a threaded end and a locknut or other mechanism to avoid relying on the key
and keyway to transmit the torque.
In an assembly in which a keyed member was loosely fitted to a shaft, nearly all the alternating torque was transmitted
through the key, resulting in initiation of cracks at the bottom edge of the keyway of the shaft and producing a peeling
type of fracture (Fig. 14a). Occasionally, peeling progresses entirely around the shaft and results in a sharp-edged shell
like that shown in Fig. 14(b).

Fig. 14 Peeling-type cracks in shafts. (a) and (b) Cracks originated at keyways.
Figure 15 shows stress fields and corresponding torsional-fatigue cracks in shafts with key-ways or splines. In Fig. 15(a),
the fillet in one corner of the keyway was radiused and the fillet in the other corner was sharp, which resulted in a single
crack; this crack progressed approximately normal to the original stress field. In Fig. 15(b), both fillets in the keyway
corners were sharp, which resulted in two cracks that did not follow the original stress field, a condition that results from
the cross effect of cracks on the stress field.

Fig. 15 Stress fields and corresponding torsional-fatigue cracks. (a) and (b) Shaft with
keyway. (c) Shaft with splines
A splined shaft subjected to alternating torsion can crack along the bottom edges of the splines (Fig. 15c). This is another
instance of a highly localized stress field strongly influencing crack development.
Example 6: Fatigue Cracking of 4340 Steel Compressor Shafts Because of Cyclic Stresses Induced by Gear-Type
Couplings. A plant utilized high-horsepower electric motors to drive large compressors required for a manufacturing
process. Eight compressors had shafts made of 4340 steel quenched and tempered to a hardness of 35 to 39 HRC and
gear-type couplings. The compressors operated for short periods at power levels up to 3730 MW (5000 hp) and for longer
periods at slightly above 2980 MW (4000 hp). Figure 16(a) shows the design of the shaft and the keyways. Two keys,
spaced 180° apart, were expected to transmit the load so that an interference fit between shaft and coupling would not be
required, thus simplifying maintenance. After only a few months of operation at above 2980 MW (4000 hp), six of the
eight compressor shafts were found to be cracked in a keyway, and one of the six had fractured.
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Fig. 16 4340 steel compressor shaft that fractured because of peeling-type fatigue
cracking. (a) Configuration and dimensions (given in inches). (b) and (c) Photographs
showing crack path, failure origin, and beach marks

Failures of Shafts
Revised by Donald J. Wulpi, Metallurgical Consultant

Influence of Fabricating Practices
Surface discontinuities produced during manufacture, repair, or assembly (into a machine) of a shaft can become points of
stress concentration and thus contribute to shaft failure. Operations or conditions that produce this type of stress raiser
include:
•
•
•

Manufacturing operations that introduce stress raisers, such as tool marks and scratches
Manufacturing operations that introduce high tensile stresses in the surface, such as improper grinding, repair
welding, electromachining, and arc burns
Processes that introduce metal weakening, such as forging flow lines that are not parallel with the surface,
hydrogen embrittlement from plating, or decarburization from heat treatment

Fatigue strength may be increased by imparting high compressive residual stresses to the surface of the shaft. This can be
accomplished with such processes as surface rolling or burnishing, shot peening, tumbling, coining, or induction
hardening.
Improper Machining. There are many ways in which improper machining can lead to shaft failures, and unless they are
recognized, correction of service-failure problems can be difficult. The metal on the surface of a machined part can be
cold worked and highly stressed to an appreciable depth (approximately 0.5 to 0.8 mm, or 0.020 to 0.030 in.).
Occasionally, the heat generated in machining, particularly in grinding, is sufficient to heat a thin layer of the steel above
the transformation temperature and thus cause martensitic hardening at the surface upon cooling. Stresses resulting from
thermal expansion and contraction of the locally heated metal may even be great enough to cause cracking of the
hardened surface layer (grinding cracks). Rough-machining operations can produce surface cracks and sharp corners,
which concentrate stresses.
Example 7: Fatigue Fracture of a 4140 Steel Forged Crankshaft Resulting From Stress Raisers Created During Hot
Trimming. Textile-machine crankshafts like that shown in Fig. 17 were usually forged from 1035 steel, but because of
service conditions, the material was changed to 4140 steel. The forgings were made from 5.5-cm (2.15625-in.) diam bar
stock by cutting to length, hot bending, upsetting, hot-trimming flash, hot pressing, and visually inspecting before
shipping.
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Fig. 17 Forged 4140 steel textile-machine crankshaft that fractured in fatigue originating
at machining marks and forging defects. (a) Configuration and dimensions (given in

inches). (b) Fracture surface. (c) Hot trim marks. (d) Snag grinding marks. (e) Hot folds.
(f) Section through a hot fold. Etched with 2% nital. 100×
The crankshafts were failing by transverse fracture of one cheek after one to three years of service. The expected life was
20 years of continuous service. One complete forging that had fractured (No. 1 in this Example) and a section containing
the fractured cheek on the shorter shaft of another forging (No. 2) were sent to the laboratory so that the cause of failure
could be determined.
Investigation. Visual examination of the fracture surfaces of both crankshafts revealed indications of fatigue failure;
however, the origins were not readily visible (Fig. 17b). The surfaces had a clean fine-grain structure, but the edges were
peened—evidently the result of damage after fracture.
The surfaces of the cheeks at the parting line contained rough grooves from hot trimming of the flash and from snag
grinding (Fig. 17c and d). Forging 2 contained the most severe of such markings.
Longitudinal and transverse sections were prepared and etched with hydrochloric acid at a temperature of 71 to 77 °C
(160 to 170 °F). The steel was of good quality and contained the normal amount of nonmetallic inclusions but no
segregation or pipe.
Examination of an as-polished specimen revealed no intergranular oxidation. Etching the specimen with a 10% sulfuric
acid and 10% nitric acid solution revealed no evidence of burning or overheating of the steel.
An area containing shallow surface folds was found on the outer face of one cheek of the throw on forging 1 (Fig. 17e).
As shown in Fig. 17(f), the metal around one of the folds contained some ferrite, and the forged surface was slightly
decarburized. Also, a fatigue crack had initiated in the fold and was propagating across the cheek. Examination of a
section through the fracture surface disclosed cold working of the surface, which could have been the result of a rather
extended period of fatigue cracking.
Chemical analysis of the two forgings found the metal to be 4140 steel, as specified. The hardness of the two forgings at
the subsurface, midradius, and core ranged from 19 to 22 HRC. The specified hardness of the machined forging was
unknown.
Tensile strength of the forgings ranged from 790 to 817 MPa (114.5 to 118.5 ksi), and yield strength at 0.2% offset was
580 to 620 MPa (84 to 90 ksi). Elongation in 3.8 cm (1.5 in.) was 20.6 to 22%, and reduction of area was 56.2 to 59.4%.
These properties were representative of 4140 steel quenched and tempered to a hardness of 20 to 22 HRC. The general
microstructure of the forgings was tempered bainite; the grain size was ASTM 6 to 8.
Conclusions. Fatigue cracking resulted in the transverse fracture of one cheek in each of the two crankshafts submitted for
examination. In crankshaft 1, fatigue cracks were initiated at a shallow hot-work defect. A rough surface resulting from
hot trimming or snag grinding of the forging flash was the point of initiation of fatigue cracks in crankshaft 2.
Corrective Measures. Before being machined, the forgings were normalized, hardened and tempered to 28 to 32 HRC to
increase fatigue strength. The quenching procedure was changed to produce a more complete martensite transformation
and to increase the ratio of yield strength to tensile strength. The surfaces were inspected by the magnetic-particle
method, and shallow folds, notches, or extremely rough surfaces were removed by careful grinding.
Identification Marks. Excessive stresses may be introduced in shafts by stamped identification marks that indicate
manufacturing date or lot number, steel heat number, size, or part number. The location of such a mark and the method by
which it is made can be important. Identification marks should not be placed in areas of high bending or torsional stresses.
For shafts, this often requires that they be located either on the end face or on an adjoining collar, but surface-finish
requirements on the end of the shaft cannot be ignored if thrust loads are taken at that location. Stamping of marks with
straight-line portions is the most likely to cause cracks, although characters with rounded contours also can cause
cracking (Fig. 18). Stamping of metal shaft surfaces should be avoided because it is impossible to predict on which
surface stamp marks will cause cracking in service (more information is provided in the article “Fatigue Failures” in this
Volume.)
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Fig. 18 Cracks in a shaft radiating from deep identification marks made with steel
stamps. Cracking occurred during heat treatment of the shaft.
Example 8: Fatigue Fracture of a 4337 Steel Articulated Rod Originating at an Electroetched Numeral. The articulated
rod in an aircraft engine fractured after being in operation for 138 h since the engine had been overhauled; total operating
time was unknown. The rod was made from a 4337 steel (AMS 6412) forging and was quenched and tempered to 36 to 40
HRC.
Investigation. Visual examination disclosed that the rod had broken into two pieces, approximately 6.4 cm (2.5 in.) from
the center of the piston-pin-bushing bore. The fracture had nucleated at an electroetched numeral 5 on one of the flange
surfaces (arrow B, Fig. 19a). Around the nucleus was a series of concentric beach marks (arrows A and C, Fig. 19a) that
extended almost the full width of the flange and about one-half the width of the web.

Fig. 19 Fracture surface of an articulated rod made from a 4337 steel forging. (a)
Fracture origin (arrow B) at an electroetched numeral, and beach marks (arrows A and
C). (b) Micrograph through fracture origin showing remelted zone (arrow D), notch
produced by electroetching (arrow E), and untempered martensite (arrow F). Etched with
2% nital. 100×
Metallographic examination of a polished-and-etched section through the fracture origin revealed a notch (arrow E, Fig.
19b) that was caused by arc erosion during electroetching. The microstructure of the metal at the origin consisted of a
remelted zone (arrow D, Fig. 19b) and a layer of untempered martensite 0.4 mm (0.015 in.) deep (arrow F, Fig. 19b).
Small cracks were observed in the remelt area and were the result of thermal stresses caused by the high temperatures
developed during electro-etching.
The hardness of the untempered martensite was 56 HRC, and the hardness of the tempered-martensite core was 40 HRC.
The hardness of the rod (40 HRC) and the microstructure of the tempered martensite remote from the electro-etched area
indicated that the material had been properly heat treated.

Conclusions. Fatigue fracture of the rod was caused by a metallurgical notch that resulted from electroetching of an
identification number on the flange.
Corrective Measures. Marking of the articulated rods by electroetching was discontinued because of the detrimental effect
of electroetching such highly stressed parts.
Residual Surface Stresses. Most machining operations produce notches and may also cause residual tensile stresses on the
surface of the workpiece. Grinding can cause local high-temperature heating followed by very rapid cooling as the surface
of the workpiece leaves the grinding-wheel-contact area. Grinding cracks can result, and these cracks can provide points
of fatigue-crack initiation. However, grinding under properly controlled conditions provides a surface with a minimal
amount of residual stress.
Grinding cracks are sometimes visible in oblique light, but are often so tight that they are impossible to see. They can be
detected readily by magnetic-particle inspection, by fluorescent liquid-penetrant inspection, or by etching in cold dilute
nitric acid. If grinding cracks are not detected before the shaft is put in service, the cracks may enlarge such that the shaft
can fail by fatigue or brittle fracture. Grinding cracks often show a characteristic pattern; light grinding cracks occur as
parallel cracks at 90° to the direction of grinding, whereas heavy grinding cracks have a rectangular network pattern.
Residual surface stresses also are produced by electrical discharge machining (EDM), which is metallurgically analogous
to torch (flame) cutting but on a much smaller scale. The cutting effect is produced by a succession of sparks between the
electrode and the workpiece. Each spark heats a small volume of metal to a temperature well above its melting point.
Most of the molten metal is removed from the part by the action of the spark and the surrounding liquid dielectric, but a
thin white surface layer remains on the workpiece and resolidifies as it is quenched by the surrounding mass of metal. The
thickness of the white (untempered martensite) layer varies from 0.005 mm (0.0002 in.) on finishing cuts to 0.08 mm
(0.003 in.) on roughing cuts. This untempered martensite will be very hard and brittle, possibly cracking and leading to
fracture.
Beneath the quenched surface layer is another layer of steel that is heated during EDM; thus, if the workpiece was
originally in the hardened condition, the heated layer is tempered. The lowest tempered hardness is adjacent to the
quenched layer, and the hardness gradually rises in subsequent layers until the original base hardness is reached. The
tempered layer is similar metallurgically to the heat-affected zone in welding and is impossible to avoid. Electrical
discharge machining often produces an as-quenched martensitic layer of base metal that was not molten, but only heated
above the critical temperature to a depth about the same as the white layer. Frequently this layer cannot be distinguished
as separate from the remelted white layer. The tempered zone, when hardened steel is cut by EDM, varies in depth from
about 0.05 mm (0.002 in.) for finishing cuts up to 0.8 mm (0.030 in.) for roughing cuts.
Example 9: Fatigue Fracture of a Rolling-Tool Mandrel Initiated at Cracks Formed by Machining of a Hole. The mandrel
shown in Fig. 20 was part of a rolling tool used for mechanically joining two tubes before they were installed in a nuclear
reactor. The operation consisted of expanding the end of a zirconium tube into a stainless steel cylinder having an inside
diameter slightly larger than the outside diameter of the zirconium tube.

Fig. 20 A2 tool steel mandrel for a tube-expanding tool. Fracture originated at a 6.3-mm
(0.25-n.) diam hole in the square end that was drilled by EDM. The fractograph shows a
crack pattern on the fracture surface that originated at the hole.
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Difficulty was experienced in withdrawing the tool, and a 6.4-mm (0.25-n.) diam hole was drilled by EDM through the
square end of the hardened mandrel. The mandrel, which fractured after making five rolled joints, was made of A2 tool
steel. The tapered end was hardened to 60 to 61 HRC, and the remainder of the mandrel to 50 to 55 HRC.
Investigation. Fracture had occurred at approximately 45° through the 6.4-mm (0.25-in.) diam hole in the square end and
progressed into the threaded section to form a pyramid-shape fragment (Detail A, Fig. 20). The fracture surfaces exhibited
brittle fracture characteristics but with clearly defined beach marks. The fracture pattern was characteristic of a torsional
fatigue fracture.
The fracture originated on both sides and near the top of the hole in the square end, as shown in the fractograph in Fig. 20
(the poor surface finish of the hole is visible). Examination at approximately 10× revealed that the rough surface was the
result of the metal having been melted.
Metallographic examination (at 250×) of specimens taken through the fracture origin revealed that melting had occurred
around the hole, resulting in an irregular zone of untempered martensite with cracks radiating from the surface of the hole.
The core material away from the hole exhibited a microstructure of fine tempered martensite containing some carbide
particles. The martensitic zones around the hole had a hardness of 68 to 70 HRC. The core structure had a hardness of 60
to 61 HRC.
Conclusion. Failure of the mandrel was the result of torsional fatigue initiated by cracks formed by the EDM process used
to drill the hole in the square end. Propagation of the fatigue crack was accelerated by the hardness of the material, which
was considered exceptionally high for this application.
Corrective Measures. The hole through the square end of the mandrel was incorporated into the design of the tool and was
drilled and reamed before heat treatment. The specified hardness of the threaded portion and square end of the mandrel
was changed to 45 to 50 HRC, from the original hardness of 50 to 55 HRC. The specified hardness of the tapered end
remained at 60 to 61 HRC.
Damage During Assembly. Operations performed during assembly can sometimes introduce misalignment of
components, which can be detrimental to the performance of shafts. Proper alignment of bearings, seals, couplings,
pedestals, and foundations has an influence on vibration and bending loads and thus on the fatigue performance of shafts.
Misalignment or even a change in alignment within tolerance limits in conjunction with a stress raiser, such as a deep
scratch or a large nonmetallic inclusion, may initiate a fatigue crack. Figure 21(a) shows the fracture surface of a
crankshaft for a diesel engine that had been operating for several years. The engine was overhauled, and the bearing
journals were chromium plated. The crankshaft failed after the engine had operated only a few hundred hours.

Fig. 21 Diesel-engine crankshaft that broke because of misalignment. (a) Fatigue marks
on the fracture surface. (b) Micrograph of a section through the fracture origin showing a
small crack (arrow) and some inclusions. Etched with nital. 500×
No scratches or tool marks were found at the fracture origin. Metallographic examination of a section through the fracture
surface revealed a very fine crack parallel to the fracture surface and a line of inclusions (Fig. 21b).
Misalignment of the extension shaft with the drive shaft of the assembly shown in Fig. 22 resulted in bending-fatigue
fracture of the shaft at a change in shaft diameter. The drive shaft protruded from a gearbox that was mounted rigidly on
the base of the machine, but the extension shaft was supported in a pillow-block bearing. Tightening the pillow block
deflected the extension shaft downward, imparting significant bending stress to the drive shaft.

Fig. 22 Shaft assembly in which the height of the pillow-block bearing caused
misalignment of the extension shaft with the drive shaft, resulting in bending-fatigue
fracture.
Heat Treatment. The mechanical properties of the material in most shafts are developed through heat treatment or cold
drawing. For quenched-and-tempered shafts less than 7.6 cm (3 in.) in diameter, a predominantly martensitic
microstructure tempered to a surface hardness of 235 HB or higher is typical.
Where the properties of the shaft material throughout its entire cross section are important, use of the lowest austenitizing
temperature consistent with the strength required is usually good practice. The higher the fracture toughness of a shaft
(high KIc), the larger the crack needed to cause fracture.
For most shafts, where surface stresses are high and crack initiation is of concern, surface decarburization can be a major
problem. For very large shafts, rotational speeds are often high enough that internal centrifugal stresses are of major
concern. For such shafts, heat treatments are designed to give optimum strength and toughness uniformly across the full
section.
Example 10: Fatigue Fracture of an 8640 Steel Shaft From a Fuel-Injection-Pump Governor Because of Insufficient
Fatigue Strength. The shaft shown in Fig. 23 was from a fuel-injection-pump governor that controlled the speed of a
diesel engine used in trucks and tractors. Shafts in newly installed governors began breaking after only a few days of
operation. Specifications required the shaft to be made of 8640 steel heat treated to a hardness of 32 to 36 HRC.
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Fig. 23 8640 steel shaft for a fuel-injection-pump governor that fractured by fatigue
through a lubrication hole. Fatigue life of the shaft was increased by nitriding the critical
surface. Dimensions given in inches
The shaft had a cross hole and a groove that were part of a force-feed lubricating system for a sleeve that moved
longitudinally on the shaft to control the amount of fuel delivered to the engine. The shaft rotated at relatively high speed
and was subjected to shock loading; therefore, the mechanism that drove the shaft included a slip clutch designed to
eliminate transmission of shock to the governor shaft.
Investigation. Visual examination of the broken shaft showed that fracture had initiated in the sharp corner at the bottom
of the 3.2-mm (0.125-in.) diam longitudinal hole (Section B-B, Fig. 23). Beach marks were observed on the fracture
surfaces. The shafts had been made of the prescribed metal and heat treated as specified.
Further investigation disclosed that, in an effort to reduce costs, the slip clutch had been eliminated from the drive
mechanism, thus removing the cushioning effect that had been provided for the governor shaft. Restoration of the original
design in a short time was not feasible.
Shafts were taken from stock and fatigue tested in a rotating-beam machine in a manner that would concentrate the stress
at the circumferential groove. By this procedure, the fatigue limit for the shaft (survival for 107 cycles) was found to be
about 480 MPa (70 ksi). This fatigue limit was insufficient for the application because shafts were fracturing after
operating a few hours to a few days.
To improve the fatigue life of the shafts, finished shafts were taken from stock and nitrided for 10 h at 515 °C (960 °F).
The nitrided shafts were then fatigue tested. Results of the tests indicated that the nitriding treatment had increased the
fatigue limit from a minimum of 480 MPa (70 ksi) to a minimum of 760 MPa (110 ksi). Tests showed this strength to be
satisfactory for the application.
Conclusions. Fatigue fracture of the shaft was the result of increased vibration and shock loading after the slip clutch had
been eliminated from the drive mechanism. The increased vibration produced stresses that exceeded the fatigue strength
of the metal in the shaft.
Corrective Measures. The shafts were nitrided, and the portion of the surface covered by the sleeve was lightly buffed
after nitriding. No further changes were made in the manufacture of these parts. No failures occurred during several
months of operation, and the use of nitrided shafts became standard practice. Nitriding the shafts was more economical
than restoring the slip clutch.
Example 11: Fracture of a 1040 Steel Fan Shaft Resulting From Use of an Improper Material. The fan drive support shaft
shown in Fig. 24 fractured after 3600 km (2240 miles) of service (minimum expected life, 6440 km, or 4000 miles).
Specifications required that the shaft be made of cold-drawn 1040 to 1045 steel with a minimum yield strength of 586
MPa (85 ksi). The fractured shaft was sent to the laboratory to determine if failure had resulted from inherent stress
raisers in the design or from nonconformance to specifications.

Fig. 24 1040 steel fan shaft that fractured in reversed-bending fatigue. (a) Overall view of
shaft. Dimensions given in inches. (b) Fracture surface showing diametrically opposed
origins (arrows)
Investigation. Visual examination of the shaft revealed that the fracture had been initiated near the fillet at an abrupt
change in shaft diameter. Examination of the fracture surface disclosed that cracks had originated at two locations
approximately 180 ° apart on the outer surface of the shaft (arrows, Fig. 24b) and propagated toward the center. Final
fracture occurred near the center of the shaft. The fracture surface exhibited features typical of reversed-bending fatigue
(Fig. 24b). Analysis of the material in the shaft showed that it conformed with the composition of 1040 steel.
The mechanical properties of a tensile specimen machined from the center of the shaft were: tensile strength, 631 MPa
(91.5 ksi); yield strength, 369 MPa (53.5 ksi); and elongation, 27%. The yield strength was much lower than the specified
minimum of 586 MPa (85 ksi). Hardness of the shaft was 179 HB.
Metallographic examination disclosed that the microstructure was predominantly equiaxed ferrite and pearlite, indicating
that the material was in either the hot-worked or normalized condition. The grain size was ASTM 6 to 7, which is a finegrain structure. No nonmetallic stringers or segregation were visible. Severe corrosion, which probably occurred after
fracture, was found on the fracture surfaces of the shaft.
Conclusions. The shaft failed in reversed-bending fatigue. Fracture was initiated near a fillet at an abrupt change in shaft
diameter, which is considered a region of maximum stress. The metal did not conform to specifications; it was either hot
rolled or normalized and had a yield strength of only 369 MPa (53.5 ksi).
Recommendations. The development of a quenched-and-tempered microstructure would result in an improvement of the
fatigue strength of the shaft. A 40% increase in the fatigue limit could be effected by quenching and tempering the steel to
a hardness of 30 to 37 HRC (286 to 344 HB) after machining. Shot peening the fillet after machining would provide
residual compressive stresses at the surface, which would inhibit the formation of fatigue cracks and increase the fatigue
limit.

Failures of Shafts
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Influence of Metallurgical Factors
The fatigue properties of a material depend primarily on microstructure, inclusion content, hardness, tensile strength,
distribution of residual stresses, and severity of the stress concentrators that are present.
Internal discontinuities, such as porosity, large inclusions, laminations, forging bursts, flakes, and centerline pipe, will act
as stress concentrators under certain conditions and may originate fatigue fracture. To understand the effect of
discontinuities, it is necessary to realize that fracture can originate at any location—surface or interior—where the stress
first exceeds material strength. The stress gradient must be considered in torsion and bending because the stress is
maximum at the surface, but is zero at the center or neutral axis. In tension, however, the stress is essentially uniform
across the section.
If discontinuities such as those noted above occur in a region highly stressed in tension by bending or torsional loading,
fatigue cracking may be initiated. However, if the discontinuities are in a low-stress region, such as near a neutral axis,
they will be less harmful. Similarly, a shaft stressed by repeated high tensile loading must be free from serious

The file is downloaded from www.bzfxw.com

imperfections, for there is no neutral axis; any imperfection can be a stress concentrator and can be the origin of fatigue
cracking if the stress is high with respect to the strength.
Example 12: Fatigue Cracking of a Forged 4337 Steel Master Connecting Rod Because of Nonmetallic Inclusions.
Routine inspection of a reciprocating aircraft engine revealed cracks in the master connecting rod. Cracks were observed
in the channel-shaped section consisting of the knuckle-pin flanges and the bearing-bore wall. The rods were forged from
4337 (AMS 6412) steel and heat treated to a specified hardness of 36 to 40 HRC.
Investigation. Visual examination revealed H-shaped cracks in the wall between the knuckle-pin flanges (Fig. 25a). The
cracks originated as circumferential cracks, then propagated transversely into the bearing-bore wall. Magnetic-particle
and x-ray inspection before sectioning did not detect any inclusions in the master rod.

Fig. 25 Forged 4337 steel master connecting rod for a reciprocating aircraft engine that
failed by fatigue cracking in the bore section between the flanges. (a) Configuration and
dimensions (given in inches). (b) Fractograph showing inclusions (arrows) and fatigue
beach marks
Macroscopic examination of one of the fracture surfaces revealed three large inclusions lying approximately parallel to
the grain direction and fatigue beach marks around two of the inclusions. The inclusions and beach marks are shown in
Fig. 25(b).
Microscopic examination of a section through the fracture origin showed large nonmetallic inclusions that consisted of
heavy concentrations of aluminum oxide (Al2O3). These inclusions were of the type generally associated with ingot
segregation patterns.
The hardness of the rods, 36 to 40 HRC, and the microstructure of the heat-treated alloy steel were satisfactory for the
application.
A preliminary stress analysis indicated that the stresses in the area of cracking, under normal operating conditions, were
relatively low compared with other areas of the rod, such as in the shank and the knuckle-pin straps.
Conclusions. The rod failed in fatigue in the bore wall between the knuckle-pin flanges. Fatigue was initiated by the
stress-raising effect of large nonmetallic inclusions. The nonmetallic inclusions were not detected by routine magneticparticle or x-ray inspection because of their orientation.
Recommendations. The forging vendors were notified that nonmetallic inclusions of a size in excess of that expected in
aircraft-quality steel were found in the master connecting rods. Forging techniques that provided increased working of the
material between the knuckle-pin flanges to break up the large nonmetallic inclusions were not successful. A
nondestructive-testing procedure for detection of large nonmetallic inclusions was established.
Example 13: Fatigue Cracking of a 1040 Steel Crankshaft Because of Excessive Segregation of Nonmetallic Inclusions.
The crankshaft in a reciprocating engine had been in operation for less than one year when the engine was shut down for
repairs. Examination of the engine components disclosed that the crankshaft had suffered fairly severe cracking. The
crankshaft was sent to the laboratory for a complete examination.
Investigation. The journals of the main and crankpin bearings were inspected by the magnetic-particle method. At least
four of the main-bearing journals had three to six indications of discontinuities 1.5 to 9.5 mm (0.0625 to 0.375 in.) long.
Another main-bearing journal had approximately 20 similar but generally shorter indications. One main-bearing journal
had a crack along the fillet and almost entirely through the web (Fig. 26). Another main-bearing journal had a 1.3-cm

(0.5-in.) long crack in the fillet. Several of the crankpin journals had cracks 10 to 12.7 cm (4 to 5 in.) long, primarily in
the fillets.

Fig. 26 Forged 1040 steel main-bearing journal that failed in fatigue. Top: Section
showing cracks originating at coarse sulfide inclusions. Dimensions given in inches.
Bottom: Macrograph of a 5%-nital-etched section showing the segregated inclusions
(dark areas). 4×
A metallographic section was taken through the No. 4 main-bearing journal at the primary crack. The surface was
macroetched, which disclosed numerous large, coarse segregates identified as sulfide inclusions (Fig. 26).
Macroscopic examination of the crack surface disclosed indications of fatigue cracking with low-stress high-cycle
characteristics. Sulfide inclusions were present in the region where cracking originated.
The crankshaft was made from a 1040 steel forging. The mechanical properties of the metal met the specifications.
Conclusions. The crankshaft failed in fatigue at the main-bearing and crankpin-bearing journals because of excessive
segregation of sulfide inclusions, which acted as stress raisers at which fatigue cracks initiated.
Corrective Measures. Ultrasonic inspection was used in addition to magnetic-particle inspection to detect discontinuities.
Surface Discontinuities. During primary and secondary mill operations, a variety of surface imperfections often result
from hot plastic working of material when lapping, folding, or turbulent metal flow is experienced. The resultant surface
discontinuities are called laps, seams, and cold shuts. Similar discontinuities also are produced in cold-working
operations, such as fillet and thread rolling. Other surface imperfections develop from embedding of foreign material
under high pressures during the working process; for example, oxides, slivers, or chips of the base material are
occasionally rolled or forged into the surface.
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Most of these discontinuities are present in the metal before final processing and are open to the surface. Standard
nondestructive testing procedures, such as liquid-penetrant and magnetic-particle inspection, will readily reveal the
presence of most surface discontinuities. If not detected, discontinuities may serve as sites for corrosion or crack initiation
during fabrication, in addition to their deleterious effect on fatigue strength.
Because fatigue-crack initiation is the controlling factor in the life of most small shafts, freedom from surface
imperfections becomes progressively more important in more severe applications. Similarly, internal imperfections,
especially those that are near the surface, will cause fatigue cracks to grow under cyclic loading and result in failure when
critical size is attained. Service life can be significantly shortened when such imperfections cause premature crack
initiation in shafts designed on the basis of conventional fatigue-life considerations. Surface or subsurface imperfections
can cause brittle fracture of a shaft after a very short service life when the shaft is operating below the ductile-to-brittle
transition temperature. When the operating temperature is above the transition temperature or when the imperfection is
small relative to the critical flaw size, especially when the cyclic-loading stress range is not large, service life may not be
affected.
Example 14: Brittle Fracture of Splines on Induction-Hardened 1151 Steel Rotor Shafts Caused by a Seam in the
Material. Splined rotor shafts like that shown in Fig. 27 were used on small electric motors. It was found that one spline
was missing from each of several shafts before the motors were put into service. The shafts were made of 1151 steel, and
the surfaces of the splines were induction hardened to 58 to 62 HRC. Several shafts were sent to the laboratory for
examination to determine the cause of failure.

Fig. 27 Induction-hardened 1151 steel rotor shaft in which a spline fractured because of a
seam. Top left: Configuration and dimensions (given in inches). Section A-A:
Micrographs of section through broken spline, showing shape of fracture (arrow A), root
of seam (arrow B), and decarburized surface. Sections B-B and C-C: Micrographs of

section through seam showing regions where metal was affected and not affected by
induction heating
Visual examination. The shafts were examined both visually and with the aid of a stereoscopic microscope. This
examination revealed apparent peeling of splines on the induction-hardened end of each rotor shaft. Only one tooth on
each shaft had broken off. Examination of the fracture surfaces revealed that they were dark in color, which indicated that
cracking had occurred before or during oil quenching after induction heating.
The shafts were inspected by the fluorescent liquid-penetrant method for surface cracks or imperfections. This inspection
revealed a longitudinal discontinuity extending from the fracture surface of the tooth through the heat-affected zone at the
end of the spline and into the unheated portion of the shaft (Fig. 27). This defect exhibited the characteristic directionality
of a seam.
Metallographic Examination. Specimens were removed at three locations along each of the fractured shafts and prepared
for metallographic examination.
A micrograph (65 ×) of an unetched section through a fractured tooth (Section A-A, left, Fig. 27) showed that the fracture
surface (arrow A, Fig. 27) was concave and had an appearance characteristic of a seam. The tooth separated from the
shaft when a crack originated at the root of the seam (arrow B, Fig. 27) and propagated at 90° to the seam toward the root
fillet. Etching the specimen in 1% nital and examining it at a magnification of 260 × disclosed partial decarburization of
the surface (Section A-A, right, Fig. 27). The microstructure of the metal in this region of the shaft was characteristic of a
free-machining medium-carbon steel.
Examination (at 65 ×) of an unetched section through the region at the end of the splines that was affected by induction
heating (Section B-B, Fig. 27) showed that the seam had been opened as the result of thermal stresses produced during
induction hardening. The curvature of the surface at the seam was similar to that on the fractured tooth.
Examination (at 65 ×) of an unetched section through the shaft in an area unaffected by induction heating (Section C-C,
left, Fig. 27) disclosed the presence of a crack extending to a depth of approximately 0.6 mm (0.025 in.). The root of the
crack contained oxides typical of those found in seams. Etching the specimen in 1% nital and examining it at 65 ×
revealed partial decarburization along the crack surfaces similar to that found on the fracture surface of the tooth (Section
C-C, right, Fig. 27). The curvature of the crack surface was similar to that observed in the heat-affected zone and on the
fracture surface of the spline tooth.
Decarburization of the crack surfaces and oxides in the root of the crack indicated that the seam had been present before
the shaft was heat treated and are characteristic of seams produced during the manufacture of steel billets, bars, rods, and
wires.
The average hardness across the tooth surface was 60 HRC, which was within the specified range.
Conclusions. The shafts failed by brittle fracture because of deep seams produced during processing of the steel. The
seams acted as stress raisers during induction hardening.
Recommendations. Specifications should require that the shaft material be free of seams and other surface imperfections.
Grain size, composition, and microstructure of a shaft material largely define the strength and toughness of that material
and thus the performance of a shaft of that material. Generally, a fine-grain low-temperature transformation product
(martensite or bainite) is desirable. However, where elevated temperatures are involved, a coarse grain size may be
preferred. Grain size, composition, and microstructure affect material toughness at any given strength level; only when
these factors combine to produce low toughness do they contribute to brittle fracture of a shaft.
Toughness and transition temperature are generally more important in large-diameter shafts than in small-diameter shafts.
The life of a small-diameter shaft is usually determined both by the time required for a fatigue crack to initiate and by the
rate of crack propagation.Large-diameter shafts are more likely to contain flaws of critical size. Thus, the life of a largediameter shaft is often determined solely by the rate of propagation of cracks originating at pre-existing flaws. For largediameter shafts with high internal stresses, the minimum level of toughness that can be expected in the shaft at minimum
operating temperature must be known in order to determine the maximum size of flaw that can be tolerated.
Temper embrittlement of certain shaft steels, especially the nickel-chromium, nickel-chromium-molybdenum, and nickelchromium-molybdenum-vanadium alloy steels used in larger rotor shafts, results from prolonged exposure at
temperatures of 350 to 575 °C (660 to 1070 °F) or from slow cooling after exposure above this temperature range. In most
instances, a short exposure time within, or rapid cooling through, this temperature range will minimize temper
embrittlement. However, when heat treating thick sections, this procedure may not be possible, and temper embrittlement
may occur. Fortunately, temper embrittlement can be reversed by retempering above the temperature range of 350 to 575
°C (660 to 1070 °F) followed by rapid cooling through this range to restore toughness (details of various types of
embrittlement are provided in the article “Mechanisms and Appearances of Ductile and Brittle Fractures” in this Volume).
Temper embrittlement decreases impact toughness by increasing the ductile-to-brittle transition temperature and
decreases the amount of ductile fracture; thus, it is of considerable concern for larger shafts. For steels that exhibit a
sensitivity to temper embrittlement, the degree of embrittlement that develops is largely dependent on composition, heat
treatment, and service conditions.

The file is downloaded from www.bzfxw.com

With respect to composition, molybdenum in amounts from 0.20 to 0.30% significantly retards temper embrittlement.
Greater amounts of molybdenum yield no additional improvement. The effect of molybdenum on suppressing temper
embrittlement decreases as the purity of the steel increases. The total content of impurities (sulfur plus phosphorus plus
nonferrous elements plus gases), expressed in atomic parts per million, ranges in value from about 1500 ppm in steels of
conventional purity (corresponding to the usual amounts found in air-arc-melted steel) to 1000 ppm in very clean steel
(corresponding to vacuum-melted steel) and to about 500 ppm in the extraclean steels (corresponding to vacuum-melted
steel using a very pure charge). Hence, when relatively impure steel is used (with over 1500 ppm impurities and over
0.01% P), the unique role of molybdenum in minimizing temper embrittlement is very important. Molybdenum does not
appear to be a necessary alloying element in the production of high-purity steels (under 500 ppm impurities and under
0.001% P), which are not susceptible to temper embrittlement.

Failures of Shafts
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Effect of Surface Coatings
Metallic coatings of several types and compositions are often used to protect shaft surfaces from wear and corrosion and
to repair worn shafts. The types of coatings include, but are not limited to, electroplating, metal spraying (with or without
subsequent fusing), catalytic deposition, and metal overlaying. Typical coating materials are chromium, nickel, iron, alloy
steels, aluminum alloys, copper alloys, and chromium-nickel-iron alloys. Care must be taken in applying these coatings,
because harmful residual stresses and/or stress concentrators may be inadvertently left in or produced in the shaft.
Many electroplating processes leave harmful residual stresses in the plating and therefore in the adjacent base metal.
Chromium, iron, and nickel platings generally contain high residual tensile stresses, which reduce the fatigue strength of
the base metal of a shaft. Residual tensile stresses reduce the corrosion resistance of both the plating and the base metal.
Piston rods and other parts made of high-strength steel and plated with metallic coatings can crack and fracture at
unexpectedly low stress levels in simple fatigue.
During acid cleaning and electroplating, hydrogen is usually produced and may be absorbed into the base metal. If the
hydrogen is not removed by a subsequent heat treatment, severe embrittlement of the base metal may occur, especially in
base metals with hardnesses above approximately 35 HRC. High-strength highly stressed parts can crack and fracture as a
result of hydrogen embrittlement. Failure by hydrogen embrittlement is even more likely to occur if the shaft contains
high residual tensile stresses before being plated. More information on failures caused by hydrogen embrittlement can be
found in the article “Hydrogen Damage and Embrittlement” in this Volume.
Metal spraying to obtain specific surface properties is sometimes used on shafts and, if proper bonding is obtained, is
usually satisfactory. However, spraying heavy thicknesses of metals that have fairly high coefficients of thermal
expansion on large-diameter shafts results in high residual tensile stresses; in the as-sprayed condition, the metal
sometimes cracks. If subsequent heating is required to bond the coating to the base metal, high residual stresses and/or
thermal cracking of the base metal or coating may occur.
Sprayed metal is mechanically weak and, if overloaded in compression, tends to spread laterally, thus disturbing its
adhesion to the underlying base metal. Sprayed metal adheres well to crankshaft main journals but not to crackpin
journals, which are more heavily loaded than crankshaft main journals and are subject to shock loading. The sprayed
metal is entirely dependent on a mechanical keying action for its adherence to the base metal. A shallow V-shaped
groove, such as a shallow small-pitch thread, is inadequate and has an undesirable stress-raising effect. The most
satisfactory method of surface preparation is shot or grit blasting, which must be done in a manner so that the surface is
roughened and not simply peened. The stress-raising effects of blasting are negligible because of the small size of the
indentations. However, adhesion of sprayed metal to a surface prepared by grit blasting may not always be satisfactory
under severe loading conditions, such as those to which a crankpin is subjected in service.
Example 15: Fatigue Fracture of a Crankshaft That Had Been Reconditioned by Metal Spraying.* During a general
overhaul of a four-cylinder engine, the crankpin journals and 7.6-cm (3-in.) diam main-beating journals were built up by
metal spraying. Four weeks later, the crankshaft broke through the crankpin farthest from the flywheel (driving) end.
Investigation. Examination of the fracture surface revealed that cracking had originated in the fillet at the “inside” surface
of the crankpin (arrow A, Fig. 28a). The crack had propagated in fatigue perpendicular to the crankpin axis and across
approximately 80% of the crankpin before final rupture occurred.

Fig. 28 Crankpin of a crankshaft that fractured in fatigue after the crankpin journals
and main-bearing journals were rebuilt by metal spraying. (a) Fracture surface showing
fracture origin (arrow A). (b) Machined grooves and punch marks (arrow B) on surface
of crankpin. (c) Groove in crankpin, where cracking was initiated
It was found that adhesion of the sprayed-metal coating to the fractured crankpin was very poor and that the coating could
be detached easily by tapping a chisel inserted between the coating and the pin. Portions of the sprayed coating were
removed from all the pins and journals so that the surface preparation carried out before metal spraying could be
examined. In each of two pins, a helical groove approximately 0.8 mm (0.03 in.) wide and deep, with a pitch of 10 per
inch, had been cut in the surface (arrow B, Fig. 28b). The grooving extended over one-half of the pin periphery only; the
remaining portion of the surface had been indiscriminately indented with a tooth punch (Fig. 28b).
From one pin, a large portion of the sprayed metal, extending the whole width of the crank-pin and covering one-third of
its circumference, came away in one piece. Examination indicated that the tongues of metal that filled the grooves had
broken away from the main layer at the level of the original pin surface. The average thickness of the sprayed layer was
0.8 mm (0.03 in.). The hardness of the crankpin was only 163 HB, indicating that it was readily machinable.
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However, the surfaces of the main journals had not been grooved, but appeared to have been roughened by shot or grit
blasting before spraying. The sprayed coating was more firmly adherent to these surfaces than to those of the pins.
With regard to the sequence of failure, there was a possibility that the crack might have been developing at the time
restoration of the shaft was carried out. Careful examination showed that this was unlikely, because the origin of the crack
was situated at the bottom of one of the turned grooves and the crack followed the groove about halfway around the pin
periphery. Figure 28(c) is a view of a portion of the crankpin, showing that the crack occurred in the groove. The
continuation of the groove beyond the point where the crack changed direction is shown at arrow C in Fig. 28(c). The
crack was not located near the region where the fillet was tangent with the shaft surface, as are the majority of such cracks
in crankshafts, but developed about 3.2 mm (0.125 in.) away in the cylindrical region of the pin, which also suggests that
its location was determined by the pre-existing machined groove.
Conclusions. The shaft failed in fatigue. Cracking originated in a groove that was machined in the crankpin to help retain
the sprayed metal.
Recommendations. Surfaces should be prepared for metal spraying by shot or grit blasting in such a manner that they are
roughened, not simply peened. Metal spraying is generally satisfactory for rebuilding of the surfaces of main-bearing
journals, but not for the surfaces of crankpins that are subject to shock loading.
Shaft Repair by Welding. Shafts made of annealed materials can usually be repaired without difficulty using wellestablished welding practices. Generally, these practices include matching of base-metal and filler-metal compositions,
proper preparation of the region to be welded, and thermal procedures that include preheating, postheating, and stress
relieving. The repaired shaft is then heat treated in the conventional manner.
Welding of hardened materials involves compromises and should be avoided whenever possible. For instance, the heataffected zone usually contains areas with hardness 10 to 20 points (HRC) lower than that of the base metal, thereby
causing stresses in the shaft due to a so-called metallurgical notch. To minimize these stresses, the material should be
slowly cooled after welding, then tempered immediately using a temperature slightly lower than the original tempering
temperature.
Weld overlays resulting in a diameter larger than the adjacent shaft diameter should have a tapered transition. This would
minimize the stress concentration at an otherwise abrupt change of section that may coincide with the heat-affected zone
of a weld. Any subsequent grinding of the weld area to produce the desired dimensions should be done carefully, using a
soft grinding wheel and numerous light passes to avoid overheating that would cause grinding cracks.
Example 16: Ductile Fracture of a Forged Steel Shaft at a Change in Section and at a Stainless Steel Weld. The stub-shaft
assembly shown in Fig. 29, which was part of the agitator shaft in a PVC (polyvinyl chloride) reactor, fractured in service
after a nut that retained a loose sleeve around the smaller-diameter section of the shaft had been tightened several times to
reduce leakage. Removal of the stainless steel sleeve revealed that tightening of the retaining nut had forced the end of the
sleeve against the machined stainless steel shoulder on the shaft and had permanently flattened the O-ring seal.

Element

Chemical analysis of steels in shaft assembly
Type 316 stainless steel
ASTM A105, grade 2, steel

Nominal
composition

Shaft
Typical

At fusion

End cap
At fusion

At center

In end
of type 316

line

line

of weld

Carbon
0.456
…
0.55
0.054
Manganese
0.25
0.18
0.20
0.73
Phosphorus
…
…
…
0.010
Sulfur
0.017
…
…
0.016
Silicon
0.35
0.35
0.25
0.29
Nickel
0.10
0.75
10.00
10.16
Chromium
0.068
2.00
16.00
19.43
Molybdenum
0.023
0.65
2.00
2.86
Iron
rem
rem
rem
rem
(a) Maximum content unless range is given.
(b) Carbon content is 0.03% max for type 316L stainless steel.
(c) Chromium content is 18 to 20% for type 316 stainless steel filler metal.
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cap
0.037
0.53
0.016
0.022
0.607
11.06
19.46
2.88
rem

stainless steel(a)
0.08(b)
2.0
0.045
0.03
1.00
10–14
16–18(c)
2–3
rem

Fig. 29 Stub-shaft assembly, for agitator in a polyvinyl chloride reactor, that failed by
ductile fracture. Top left: Configuration and dimensions (given in inches). Detail A:
Sections through failure area showing original design, first revised design, and final
design
The shaft was made of ASTM A105, grade 2 steel, and the larger-diameter section was covered with a type 316 stainless
steel end cap. The cap was secured at each end by welding, using type ER316 stainless steel filler metal (Detail A,
“Original design,” Fig. 29). The radial surface at the change in diameter was a weld overlay, a continuation of the weld
metal securing the cap to the shaft. Transverse fracture of the shaft occurred near this abrupt change in shaft diameter.
The stub shaft was removed from the agitator so that a replacement stub shaft could be installed. Both sections of the
fractured shaft were sent to the laboratory for analysis.
A new stub shaft was made by welding a type 316 stainless steel cap to a forged steel shaft that had a chemical content of
0.25% C, 0.25% Mo, and 1% Cr and a tensile strength of 600 MPa (87 ksi). The grooves machined in the replacement
shaft for the weld overlay had radii instead of sharp corners (Detail A, “Original design” and “First revised design,” Fig.
29).
Investigation. Examination revealed that the forged steel shaft had fractured at approximately 90° to the shaft axis (Detail
A, “Original design,” Fig. 29). The face of the outboard section of the shaft had a groove approximately 6.4 mm (0.25 in.)
deep by 7.9 mm (0.3 in.) wide around its circumference. This step followed the shape of the weld metal on the mating
piece. The fracture surface along the weld metal contained no forged steel, indicating that the failure was in the weld
metal and not in the heat-affected zone of the forged steel shaft. Worn and smeared metal on both mating surfaces
indicated that the stub shaft had continued to rotate after it had fractured.
Inspection of the PVC reactor revealed that the drive coupling between the shaft and motor was purposely misaligned 1.3
mm (0.05 in.) in the vertical direction with the shaft. This misalignment was done to counter the misalignment caused by
bow of the concrete slab base, which occurred when the reactor was loaded.
Cracks in the heat-affected zone or cracks in the martensite transition zone at the fusion line were possible, but were not
evident from microscopic inspection of the weld area. Presence of the martensite transition zone offered a path of easy
crack propagation.
Chemical analyses of the steel shaft and the stainless steel end cap at various locations are given in the table that
accompanies Fig. 29. Analyses of metal at the fusion line were made from scrapings and drill shavings that included
metal on either side of the fusion line; therefore, the values are average values for the general area rather than actual
values for the metal at the fusion line.
The chromium, nickel, and molybdenum contents of the weld metal were lower than those of the filler metal, whereas the
contents of the same elements in the heat-affected zone of the shaft were higher than those of the base metal, indicating
that the weld metal had been diluted by the carbon steel shaft.
The stainless steel used for the end cap was similar to type 316 stainless steel except for a higher chromium content. The
carbon content of the forged steel used for the shaft was greater than the maximum specified for ASTM A105, grade 2.
Microstructure. The base metal that was not affected by the heat of welding had a typical pearlite structure, with ferrite
surrounding each grain. The microstructure changed as the fusion line was approached: the amount of ferrite decreased,
and the microstructure became martensitic.
The hardness of the metal in the steel shaft near the fusion line was 358 HV. Because a maximum hardness of
approximately 520 HV can be obtained with a carbon steel of 0.45 to 0.50% C content, the martensite may have been
tempered by the welding heat during subsequent weld passes.
Discussion. The sharp comers at the root of the weld, which were shown on the original shaft drawing, were not evident
on the shaft, and there was no evidence of a sharp comer on either fracture surface. Therefore, it can be assumed that the
fracture was initiated at the surface (the welding practices employed and penetration of the weld metal may have removed
evidence of the sharp corners).
Some features on the fracture surface were removed by rotation after fracture, which was unfortunate because the surface
may have contained indications of whether fracture originated on the surface in the heat-affected zone or at the fusion line
of the weld. An initial crack on the surface of the shaft could have been caused by inherent defects in the weld or by
tensile stresses resulting from rotation of the misaligned shaft.
Conclusions. The forged steel shaft failed by ductile fracture. The fracture surface was approximately 90° to the axis of
the shaft. The fracture was the result of:
•
•
•

Reduction of the effective cross-sectional area of the shaft by a crack that followed the fusion line of a
circumferential weld that served as an overlay and as a means of securing one end of a stainless steel cap
A stress concentration from the notch effect of the crack created at the root of the weld
Tensile stresses induced by misalignment of the shaft

•

In addition to the normal torsional and tensile stresses of the shaft, a tensile stress that was applied to this area by
the sleeve being forced against the machined surface of the weld when the retaining nut was tightened
excessively.

Corrective Measures. The replacement shaft for the immediate failure followed the first revised design shown in Detail A
in Fig. 29. Shafts for new agitators were made using the final design in detail A in Fig. 29. Both the end cap and the ring
were made of type 316 stainless steel. Welding was done with type ER309 stainless steel filler metal, and the end cap and
end ring were preheated to 150 °C (300 °F). The cap was joined to the shaft using a single U-groove weld, which was
machined flush before the stainless steel ring was installed. Another single U-groove weld was used to join the ring to the
end cap. This design eliminated welding at an inside corner, reducing the stress-concentration factor at that area.
Manganese and zinc phosphate are conversion coatings capable of producing stress concentrations on hardened ferrous
material. This condition results from failure to follow proper processing procedures, which include control of bath
composition, bath temperature, and processing time. Camshaft lobes and bearings are sometimes coated with manganese
phosphate to assist when lubrication is marginal and during break-in. If one or more control parameters are not observed,
the surface becomes grossly etched and pitted. This intergranular surface attack leads to flaking in service and ultimately
to complete deterioration of the highly stressed lobe surface.

Footnote
* Adapted from “Fatigue Failure of a Metal-Sprayed Crankshaft,” Failure Analysis: The British Engine Technical
Reports, American Society for Metals, 1981, p 131–133
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Introduction
MECHANICAL DEVICES usually contain some moving parts. Bearings are usually provided where a specific
spatial relationship (alignment) must be maintained between the parts or where a force is to be transmitted from
one part to the other. Mechanical bearings are usually made of selected material and in special geometries in
order to effect easy and reliable motion for a specific task. The major types are rolling-element (ball or roller)
bearings and sliding bearings. This article will discuss sliding bearings.
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Classification of Sliding Bearings
Sliding bearings are usually conformal; that is, the components of a sliding pair fit together fairly closely. The
surfaces may be flat, spherical, or cylindrical. Flat surfaces include the slideways of machine tools and the
thrust bearings that limit the axial movement of rotating shafts. Spherical surfaces allow rotary motion around
more than one axis, such as that provided by the hip joint of the human skeleton. The cylindrical surface pair
(the shaft and journal pair) is the most common type in machines. These are also called plain bearings or simple
bearings.
Sliding surfaces may be in motion for long periods of time, as in clocks. Some start and stop frequently, but
always slide along one axis, as in engines; others oscillate, as in door hinges. They may operate dry (photo film-
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making machinery) or lubricated with available moisture (some water pumps) or a specifically applied
lubricant. It is usually the case that the more severe the duty of bearings the more precisely they will be made
and the more likely there will be a support (lubrication) system to ensure long life and to prevent catastrophic
failure.
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Bearing Materials
The lowest cost bearings are bushings of molded polymers (plastics) in which steel shafts rotate. The lowest
cost polymers are the nylons and acetals. At low sliding speeds, they usually wear by abrasion due to dirt or the
roughness of the surface of the shaft.
Polymers have two disadvantages—their low thermal conductivity and their tendency to cold flow and become
distorted if loaded very heavily. If polymers are used at high speeds, the surfaces may melt, possibly even with
some of the molten polymer being squeezed out. There are three solutions to the thermal problems. One is to
operate the bearing with a low contact pressure, p, and at a low speed, V. A recommended pV limit is 0.2 MPa ·
m/s (Ref 1). Another is to lay a thin film of polymer on a metal backing to increase the heat-flow rate. A third is
to fill the polymer with a material that has high thermal conductivity. The third solution to the thermal problem
also offers resistance to cold flow. For these purposes, the polymer can be filled and reinforced with particles or
fibers of glass, metal, and minerals. However, these fillers usually cause more wear of the shaft than the
polymer does.
For low friction, the more expensive polytetrafluoroethylene (PTFE) is available. Polytetrafluoroethylene is
sometimes added to acetals to reduce friction. Graphite and molybdenum disulfide (MoS2) are also added;
although they decrease friction, these solid lubricants usually do not prevent wear.
Another low-cost bushing material is porous bronze, which can be impregnated with lubricant. For a little
higher cost, cast iron bearings can be used, particularly for large and flat surfaces.
Polymers, gray cast iron (with large amounts of graphite), and bronzes (see the section “Bronze Bearing
Materials” in this article) are selected as bearing materials because of their ability to survive even though they
may be made to poor tolerances or may be operated with occasional lubricant starvation or without
maintenance. Poor treatment of these bearings will often appear as adhesive grooving and galling. Where these
materials are run against a harder counter-surface, there may be metal transfer to that surface.
Almost all materials, such as carbon, ceramics, white cast iron, and metal alloys of all kinds, can be used as
bearings. These materials may be chosen primarily for corrosion resistance, for prevention of sparking, for
resistance to high volumes of abrasives, or simply because they are available. High-performance bearings are
usually made with considerable care and are comparatively more expensive.
High-Performance Bearings. The soft metals, in various combinations, are used in high-performance bearings,
and they are virtually always lubricated. The soft metals are sometimes used in thicknesses up to 6 mm (0.24
in.), but to increase fatigue resistance, the soft metals are coated or plated on a steel (or other stronger metal)
backing in layers as thin as 25 μm.
The major groups of soft metal bearing materials are:
•
•
•

Tin-base or lead-base babbitts or white metals: These materials are good for embedding hard
contaminant particles and for resistance to galling, but fatigue quickly. Lead alloys also corrode readily
Copper-lead alloys: These are superior to the white metals for corrosion resistance in many applications
Aluminum alloys that contain tin and lead: The alloying elements do not mix, thus forming small solid
droplets in the aluminum that smear over the aluminum surface at times of inadequate lubrication. The
aluminum alloys are superior in corrosion resistance

Babbitts are of two types: tin-base with 4 to 8% Cu and 4 to 8% Sb (SAE 11 and 12; ASTM B23, grades 1, 2, 3,
and 11) and lead-base with a maximum of 10.7% Sn and 9.5 to 17.5% Sb (SAE 13–16; ASTM B23, grades 7,
8, 13, and 15). These babbitts generally cause the least damage to steel shafts when operated with inadequate
lubrication or with contaminants. Tin-base babbitt is more corrosion resistant than lead-base babbitt and is
easier to bond to a steel backing. Babbitts are inherently weak and strongly affected by high temperatures. For
this reason, thin layers of babbitt are often applied to hacking materials, such as bronze, steel, or cast iron.
Copper-lead bearing alloys usually contain between 20 and 30% Pb, up to 3% Sn, and may contain up to 5.5%
Ag and less than 0.1% Zn. Typical alloys are SAE 48, 49, 480, and 481 (CDA alloys C98200, C98400,
C98600, and C98800, respectively). These alloys have all been used as main bearings and connecting-rod
bearings of engines. However, in recent years, corrosion has been found to be a problem with these alloys. They
are, therefore, usually covered with a thin layer of lead-tin, lead-tin-copper, or lead-indium alloy to reduce the
corrosion of the substrate. In some instances, a nickel barrier about 1 μm thick may be placed between the
substrate and the overlay to prevent diffusion of tin from the overlay to the copper in the substrate.
Bronze bearing materials are either leaded bronze, tin bronze, or aluminum bronze. Strength and hightemperature resistance increase in the order lead to tin to aluminum, but embeddability and scuff resistance
decrease in that order.
The leaded bronzes contain from 5 to 25% Pb and up to 10% Sn. The high-lead alloy is soft and has a
temperature limit of about 230 to 260 °C (445 to 500 °F). The addition of tin increases the fatigue resistance
and hardness. Zinc in place of tin improves ductility but decreases strength and hardness. Some wrought leaded
bearing bronzes are SAE alloys 791 to 794, 797, and 799. The alloy SAE 795 has especially good fatigue
resistance. Some castable leaded bearing bronzes are SAE 40 (CDA C83600), SAE 660 (CDA C93200), SAE
66 (CDA C93500), SAE 64 (CDA C93700), CDA C94100, and CDA C94300.
Tin bronzes contain more than 20% Sn, with less than 10% Pb added to aid machinability. Small amounts of
zinc, nickel, or both are sometimes added to increase strength.
Aluminum bronzes have iron, nickel, silicon, and manganese as the principal alloying elements. The hardness
of these alloys may range to 240 HB. They have excellent shock resistance and will operate at comparatively
high temperatures. They tend to scuff more readily than the leaded bronzes. Typical alloys are CDA C86200,
C86300, C95200, C95300, C95400, and C95500.
Aluminum alloys other than bronzes contain about 7% Sn and 1% Cu, with 1 or 2% Si or Mg, plus some lead
and cadmium. The copper is retained in solid solution in the aluminum, but the other alloys form soft-solid
particles in the matrix. These alloys are usually relatively weak and require strong backing. They do not require
an overlay for protection from corrosion; however, an overlay is often provided for start-up protection. Typical
alloys are 850.0-T5, A850.0-T5, and B850.0-T5 (formerly 750-T5, A750-T5, and B750-T5).
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Fluid-Film Lubrication
Fluid films can be provided in a bearing by surface-tension retention of a fluid in a gap, by pumping fluid into a contact
region (hydrostatic lubrication), or by hydrodynamic action.
Surface Tension. If a drop of liquid is placed on a flat surface and then another flat surface is laid upon the wetted surface,
some, but not all, of the liquid will be squeezed out. Surface tension, the same force that makes liquid rise in a very small
diameter glass tube, makes complete exclusion of the liquid impossible. The amount that will be retained in the gap
between two surfaces is related to the wettability of the liquid (lubricant) on the surface of interest. If a drop of the
lubricant spreads out completely and spontaneously on the surface, that lubricant will also run out of the bearing
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completely. If the drop of lubricant stands up as water does on a waxed surface, retention will be low. If the drop has a
base diameter of about twice the height of the drop, retention will be satisfactory. The drop-spreading test is convenient
for selecting materials and lubricants for applications in which small quantities of lubricant are applied throughout the life
of the product. This method is frequently used for flat surfaces, rolling-element bearings, low-speed bushings, and the
myriad of surfaces that are lubricated by the infrequent drop of oil.
Hydrostatic Lubrication. Two sliding surfaces can be separated by pumping a fluid into the contact region at a sufficient
pressure. The contact region must be properly designed so that there is a symmetric or balanced contact-pressure
distribution. A large volume of fluid will separate the sliding surfaces a great distance, thereby producing a low resistance
to movement. However, the energy required to pump the fluid must be considered in the overall economy of the bearing
system. Another factor to consider is that hydrostatic lubrication requires a pump, which may of course fail and ruin a
bearing. The principles of hydrostatic and hydrodynamic bearings are detailed in Ref 2, 3, and 4.
Hydrodynamic Lubrication. If one surface slides along another at a moderately high speed and if the shape of the leading
edge of the moving surface is such that fluid can be gathered under the sliding surface, the two surfaces will be separated
and will slide easily. This is hydrodynamic lubrication.
Figure 1(a) shows the start-up of a shaft in a bearing. A shaft at rest, with a downward load on it, will contact the bearing
at the bottom. As the shaft begins rotating, it climbs one side of the bearing, but it eventually begins to slide. If the shaft
and bearing are immersed in oil, the sliding shaft will drag oil underneath itself to begin forming the hydrodynamic
wedge. It is not a visible wedge because the entire system is immersed. Rather, it is a pressurized region in which the
pressure lifts the shaft. When the wedge of fluid is fully developed, the shaft takes the position shown in Fig. 1(b), with a
minimum separation h. The fluid-film pressure builds behind the location of minimum separation between the shaft and
bearing, taking the shaft surface as the reference.

Fig. 1 Schematic of the transition from inadequate (boundary) lubrication at start-up to
hydrodynamic lubrication at full speed. (a) Steady load at start-up. (b) Steady load at full
speed
The mathematics of the fluid wedge are embodied in equations of hydrodynamics. Some of the variables of interest for a
shaft of diameter D rotating in a journal bearing of inner diameter D + 2c are:
2
2
(1− ∈ ² )
ηN  D   L 
    =
p  c   D  ∈ π (1 + 0.62 ∈ ²)
2

(Eq 1)

where η is the lubricant viscosity (which will change with temperature and pressure), N is the shaft speed (in rpm), p =
W/DL or the average pressure between the shaft and bearing due to the applied load W, L is the length of contact between
the shaft and bearing, c is the clearance, and ∈ = 1 - h/c (h is the minimum separation). The term on the left is one form of
the Sommerfeld number and is sometimes referred to as the bearing characteristic. It is clear from Eq 1, at least, that
bearings with the same Sommerfeld number will operate with the same ∈ .
Many calculations have followed upon the work of Sommerfeld in attempts to optimize bearing design. The result is a
number of guidelines, the most important of which relate to efficiency and stability. For efficiency, Ref 2 recommends
operating with the ratio h/c ≈ 0.3. The consequence of this recommendation would be a particular set of values for the
adjustable variables ηN/p for a given bearing. These values can be readily calculated, and this is done in design. The
procedure is rather detailed and requires some expertise in dimensions and units (see Ref 2, 3, 4). It is sufficient for this
discussion to suggest how to recognize the likely regimes of operation of bearings from the damage done to them.
Miscellaneous Methods of Lubrication. Low-speed bearings do not need large quantities of lubricant flowing through to
remove heat. Therefore, some are lubricated by a drip-feed device, some by a wick that carries lubricant from a reservoir
to the shaft surface, and some use grease. One design for a horizontal shaft uses a large ring that rests on top of the shaft,
dips into a supply of lubricant, and carries lubricant to the shaft as the shaft rotates.

References cited in this section
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Shaft Whirl
Equation 1 was described in the context of a shaft that was carrying a constant downward load. It could also
apply to a weightless shaft that is out of balance. In this case, the contact is restricted to one location on the
shaft, but rotates on the inner surface of the bearing. The fluid wedge develops as in the former case except that
it does so ahead of the location of minimum separation between the shaft and bearing.
An interesting situation develops when a shaft has a small load on it and when an intermittent load is also
imposed such that the position of the shaft in the bearing changes. The shaft will move around in the bearing as
if it were carrying an unbalanced load, which makes the location of minimum separation move in the direction
of shaft motion. This amounts to a receding of the wedge-forming surface, which decreases h momentarily until
the wedge ahead of minimum separation develops. However, because this film cannot be sustained unless there
is a constant out-of-balance load, the film soon diminishes as well. The result is a whirl of the shaft in the
direction of shaft rotation but at half the shaft speed. The value of h is much smaller than for either a constant
load or a constant out-of-balance load. Whirl can be prevented by reducing, ηN/p or by reducing the loadcarrying capacity of the bearing.
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Load-Carrying Capacity, Surface Roughness, Contaminants, and Grooves
The maximum load-carrying capacity of a bearing, according to Eq 1, would appear to be when h = 0, but this is not
practical. First of all, the above equations are based on perfectly smooth sliding surfaces. Second, in practice some
account should be taken of the inevitable dirt, wear debris, and contaminants in lubricated systems.
One practical limit on the minimum value of h is the point at which the asperities or small bumps on all sliding surfaces
begin to interact. This is usually expressed in terms of the lambda ratio, Λ = h / σ 12 + σ 22 . In this equation, the root mean
square (rms) surface roughness of the shaft is σ1, and that of the bearing surface is σ2. Where Λ > 1, there should be no
contact and thus no wear, but such bearings are not economical for uses other than in large capital machinery, such as
electric generators. Most other bearings usually operate with Λ near 1 and even less. The consequence of operating with
Λ < 1, as in the case of overload or where the viscosity of the lubricant is low because of overheating, is that the surface
topographical features (bumps) begin to interact through a very thin local fluid film. This interaction is popularly referred
to as metal-metal contact, which is not accurate. In any case, this interaction causes deformation and fracture of the
beating surface on both micro- and macroscopic scales.
If a bearing is operating in the thick fluid-film regime and if ηN/p decreases, h will increase. Eventually, as Λ decreases,
the friction increases. A widely used method of representing this transition is the plot of the coefficient of friction, f,
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versus ηN/p (Fig. 2). This type of curve is often referred to (although not strictly accurately) as the Stribeck or McKeePetroff curve.

Fig. 2 Approximate relationship of coefficient of friction to Sommerfeld number, ηN/p.
The curve implies that the minimum f and the transition to inadequate hydrodynamic lubrication occur at one critical
Sommerfeld number, which is not the case. Any single curve is for a single value of Λ as well as for particular values of
D, c, and L. However, the curve is illustrative and is widely used. The type of damage seen in bearings is related to these
factors. A whirling shaft may be operating to the left of the transition in Fig. 2, although the design parameters would
indicate adequate fluid-film lubrication.
Grooves and depressions are often provided in bearing surfaces to supply or feed lubricant to the load-carrying regions. It
is often stated that such grooves are reservoirs for lubricant, but they can also be pathways for lubricant to escape. They
function best when lubricant is pumped into them at the pressure prevailing at their location in the bearing. In a
hydrodynamic bearing carrying a steady load, the grooves should be located in the half of the beating behind the location
of the minimum fluid-film thickness. Grooves may be circumferential, axial, or spiral in orientation. If they are supplied
with lubricant from a pump, they should not be open ended because pressure cannot be established in such grooves. The
circumferential groove in the center of the bearing is best for the highest performance beating supplied with large
quantities of lubricant. Spiral grooves are often preferred where the supply volume is low, but axial grooves are easier to
make.
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Squeeze-Film Lubrication
The above discussion relates to a near steady state of bearing operation. In some instances, a shock load may be
imposed on a bearing in which an equilibrium fluid film was established. The value of h cannot decrease
instantaneously: Time is required to decrease the fluid-film thickness. Thus, a bearing will operate for a few
microseconds in a state that is sometimes referred to as the squeeze-film regime. The fluid is squeezed out at a
rate that is proportional to 1/h2. There are few guidelines for calculating the effects of such shock loads.
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Elasto-hydrodynamics
There is another class of surfaces for which adequacy of a fluid film is calculated by equations of elastohydrodynamics. These are cases in which the contacting surfaces are of counterformal shape, as, for example,
with a ball on a bearing race, and the contact surfaces are deformed elastically an amount that is a significant
fraction of the fluid-film thickness. The principles of lubrication are the same as for the hydrodynamic case, but
the governing equations are much more complicated
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Lubricants
In hydrodynamic theory, only the viscosity of the lubricant is considered. Actually, most lubricants are chemically
complex. They often react with the sliding surfaces to some extent, and they change in use. For example, the pH of a
lubricant usually changes during use, which changes both the chemical reactivity and the viscosity. Some lubricants have
fatty acids added in order to achieve desirable friction properties. Others have additives that are chemically reactive under
extreme pressure to prevent scuffing. These chemical reactions are usually carefully controlled to minimize detrimental
effects.
Each type of additive in oil produces selected effects that are too numerous to tabulate here. One effect is to alter friction.
Figure 3 shows schematically the effect of three general classes of oils: without additive, with fatty acid added, and with
additives of the general types known as antiwear and extreme-pressure (EP) additives. Each is responsive to temperature
in a manner different from the others. The temperature increase may be effected by general heating or by localized
friction effects.

Fig. 3 The friction of sliding bearing pairs for three different lubricants.
There are some graphic representations of the effects of additives to be found in the literature, but there is no method of
determining how any one additive will work except to test it. It is thought that the fatty acids attach to a sliding surface
without reacting chemically with the surface. The antiwear and EP additives are thought to form a thin film of reaction
products that has low friction.
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Debris and Contaminant Particles
Virtually all bearings contain particles that were not deliberately placed there. Some of the particles are left
from the manufacturing process; some are dirt; some are the products of chemical reaction, such as oxidation;
and some are wear-debris particles. Hydrostatic bearings are flushed continuously by the flow required to carry
a load; hydrodynamic bearings are often flushed by a flow of lubricant to remove heat, which develops mostly
in the fluid film itself due to viscous shear. It is convenient, then, to supply filtered lubricant to keep the contact
areas reasonably clean.
The effect of contaminants in bearings depends on the hardness of the contaminant, the number of such
particles, and their size. In general, most dirt, usually SiO2 and related minerals, is harder than most shafts and
bearings and will wear them away. One solution is to make the bearing very soft so that particularly offensive
contaminant particles will become embedded in the metal and not cause damage. The alternative is to make the
surfaces so hard that they resist abrasion. In general, a particle will abrade another surface if it is 1.3 times (or
one Mohs number) harder than the other material.
Contaminant particles have been found to be of a size range from less than one micron to tens of microns. For
perspective, hydrodynamic bearings are usually designed with a clearance that is between 0.1 and 0.2% of the
shaft diameter. Thus, for a 50-mm (2-in.) diam shaft, the clearance will be between 50 and 100 μm. The design
value of minimum film, h, will be between about 15 and 30 μm at normal load and down to 5 μm when under
very heavy load. By using automated particle count devices, it has been found that used engine oil may contain,
for example, 31 particles in the size range of 30 to 40 μm, 850 particles in the size range of 15 to 20 μm, and
58,469 particles in the size range of 5 to 10 μm. Under normal conditions, the small particles flow through the
bearing with no effect. The larger ones can be filtered out without difficulty, but the midrange particles may not
be adequately removed. As a rule, those particles of about the dimension of h will cause the most wear.
A surface can be examined to determine whether contaminants may be a major source of wear. This is done by
comparing the surface roughness of the worn surface with that of a new surface. For example, a crankpin
surface may begin with a roughness of 0.25 μm rms. If the crankpin is worn but has the same roughness as
before, it has probably been worn by large contaminant particles of the order of 30 μm. If the crankpin is worn
but has a roughness of 0.05 μm rms, it has been worn with contaminants of about 6 μm in diameter.
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Failure Analysis Procedure
A general procedure for failure analysis of sliding bearings involves the following steps:
•
•

•

Do not clean the machine or bearing before the first examination
Obtain a history of operation of the bearing, lubricants used, other failures in the system, and histories of
bearings in similar machines. It is often helpful to get comments on machine behavior from technicians
and mechanics instead of from engineers and managers
Examine the bearing in its normal operating position, and look for evidence of abnormal environment
and surrounding hearing and damage. Photograph the machine, both close up and overall

•
•
•
•

•
•

•

Examine all parts, wear debris, decomposed lubricant, and so on, during disassembly. Retain samples of
debris and lubricant, and retain both halves of a sliding pair
Use a low-power (binocular, if possible) optical microscope for observing the uncleaned parts, and try
to establish the progression of damage
Use a higher-power optical microscope if something interesting appears and it is not yet appropriate to
clean the parts thoroughly
If the parts can be cleaned, it is usually most convenient to use the scanning electron microscope, even
for magnifications down to 20 ×, because the greater depth of field of the scanning electron microscope
is far less likely to obscure details on a rough surface than an optical microscope at the same
magnification
X-ray microanalysis is a convenient tool for detecting material transfer, the composition of embedded
particles, and loss of layers of multilayer bearings
Look for evidence of fretting, poor bonding between layers in the bearing, oxidation, plastic flow,
fatigue, high temperature, scuffing, and embedded particles (often found in regions of low pressure in
the bearing)
Analyze the lubricant for debris particles and by spectrographic methods to measure the concentration
of dissolved elements, and compare the results with a normal lubricant. The lubricant supplier may have
access to the characteristics of such normal lubricant. Determine the possible sources of high amounts of
dissolved elements
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Bearing Failures
Wear Mechanisms in General. There is a limited number of modes or mechanisms by which small amounts of material
can be removed from a larger body. These are ductile fracture, brittle fracture, high-cycle (ordinary) fatigue, low-cycle
(plastic) fatigue, melting, and chemical dissolution. Hydrogen embrittlement is an example of a hybrid mechanism in
which ordinarily ductile material may fracture in a brittle manner. It is often helpful to try to classify the type of observed
wear in terms of the modes of material loss, because it is in these terms that materials are selected to resist wear.
However, the emphasis in this article is on the analysis of bearings that have failed or are failing so that solutions may be
found for the problem.
Fatigue. Segments of a long-lived bearing may fail by fatigue. A bearing may have many cycles of varying load on it, as
in engines, or may have an unbalanced load, as in other machinery. Fatigue failure will be hastened by high stresses and
by a corrosive environment.
Fatigue cracking of bimetal bearings occurs in stages, beginning with a hen-track pattern on the bearing surface. As
fatigue progresses, the soft metal separates from the hard backing in a pattern shown in Fig. 4. This may occur even
though lubrication is adequate, but operation with very thin fluid films could cause heating and weakening of the bearing
material.
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Fig. 4 Sliding bearing surfaces that failed by fatigue. (a) Wormhole appearance in a leadbase babbitt bearing. (b) Flaking (between arrows) of overlay in a trimetal bearing
The fatigue limit of engine bearings is a major topic. The performance of such bearings in service is very difficult to
quantify, but there are practical guidelines for selecting material types based on applied stress. Table 1 lists such
information.

Table 1 Peak stresses for normal fatigue life of various bearing materials used in
automotive applications(a)
Bearing metal

Peak
(max)
MPa

stress

psi
Solid-metal bearings
Aluminum alloy SAE 770-T101 4.1 mm (0.162 in.) thick
34.5
5000
Bimetal bearings
Tin babbitt 0.6 mm (0.022 in.) thick on steel
8.3
1200
Lead babbitt 0.6 mm (0.022 in.) thick on steel
9.7
1400
Tin babbitt 0.1 mm (0.004 in.) thick on steel
15.2
2200
Lead babbitt 0.1 mm (0.004 in.) thick on steel
16.5
2400
Copper-lead 0.6 mm (0.022 in.) thick on steel
34.5
5000
Aluminum alloy SAE 780 0.8 mm (0.03 in.) thick on steel
41.4
6000
Trimetal bearings
Lead-tin 0.025 mm (0.001 in.) thick on copper-lead 0.6 mm (0.022 in.) thick on steel
51.7
7500
Lead-tin 0.025 mm (0.001 in.) thick on silver 0.3 mm (0.013 in.) thick on steel
51.7
7500
Lead-tin 0,025 mm (0.001 in.) thick on aluminum alloy SAE 780 0.8 mm (0.03 in.) thick on steel
55.2
8000
Lead-tin-copper 0.4 mm (0.015 in.) thick on aluminum alloy SAE 781 0.4 mm (0.015 in.) thick on 69
10,000
steel
(a) Fatigue strength of bearing materials was determined under laboratory conditions of excellent alignment, excellent oil
flow, a high degree of cleanness, ideal clearance, and normal operating temperature of 80 to 105 °C (180 to 220 °F).
Normal fatigue life of bearings is considered to be 161,000 km (100,000 miles) in gasoline automobile engines and
402,000 km (250,000 miles) in diesel truck engines.
Electrical Erosion. Some bearings, particularly those in steam turbines, may have an electrical potential applied across
them, usually inadvertently. When the gap spacing in the bearing is small and the applied potential is high enough, sparks
will pass through the oil film and cause erosion. The bearing surfaces will not be reflective, but will appear frosted (Fig.
5).

Fig. 5 Electrical wear on the surface of a thrust bearing from a steam turbine. The
microscopic pitting is caused by sparking from electric current. Actual size
Fretting. When oscillatory sliding occurs with an amplitude of the order of 0.05 μm, fretting occurs. This may happen on
the outside of the bearing backing, against the housing of the machine. The bearings may not have fit tightly, or the
housing of the machine may have been too flexible, or the bearing may have been assembled with some dirt in it. A
fretted surface is shown in Fig. 6.

Fig. 6 Fretting on the outside surface of steel backing of a sliding bearing.
Corrosion. Several products of degradation of oil (alcohols, aldehydes, ketones, and acids), contaminants (such as water),
and some antiwear additives in oil cause corrosion. A corrosive environment may selectively attack an alloy, removing
only one element. In some environments, lead and zinc may be more readily dissolved than copper or aluminum, for
example, leaving a surface such as that shown in Fig. 7. The remaining copper matrix is unsupported and can readily
fatigue and fracture away.
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Fig. 7 Micrograph of a section through a copper-lead alloy bearing that failed by
deleading. Light area at the upper surface is the copper matrix that remained after the
alloy was depleted of lead. As-polished. 100×
Example 1: Corrosion of Copper-Lead Alloy Sliding Bearings by Sulfur Compounds. A connecting-rod shell bearing
from a six-cylinder gasoline engine was returned to the factory for examination. The bearing was made of copper-lead
alloy SAE 485 bonded to a low-carbon steel backing. The recommended lubrication oil was used in the engine. The
length and type of service was not reported.
Investigation. Material loss was measurable over most of the bearing halves, but the steel backing of the upper bearing
half in particular was exposed in a wide region at the centerline. No dirt or other foreign particles were found. Shallow
pits and a darkened region were visible, and both were partly covered with a brittle waxlike substance that was identified
to be a mixture of copper and lead sulfides.
Conclusion. The sulfides were probably formed by the action of sulfuric acids in the oil on the copper and lead in the
bearing. The sulfides are soft and easily removed from a surface, and this removal constitutes a wearing away of the
bearing.
Recommendations. The best solution to the problem is to change oil with greater frequency to prevent the buildup of
sulfur compounds. If the problem persists, bearing halves that have corrosion-resistant overlay materials should be used.
Corrosion Fatigue. Under some conditions of corrosion, a material that would not fail without the corrosion can fail by
fatigue.
Example 2: Corrosion-Fatigue Failure of a Bearing in a Marine Environment. A support bearing of a hydrofoil vessel
failed after only 220 h of operation. The bearing (Fig. 8) consisted of an outer ring made of chromium-plated AISI type
416 stainless steel and an inner ring with a spherical outer surface made of AISI type 440C stainless steel, with a plastic
material between the two. The plastic material was bonded to the outer ring.

Fig. 8 Plastic-lined stainless steel spherical bearing for a hydrofoil that failed by corrosion
fatigue. (a) Construction of bearing and location of fractures. Dimensions given in inches.
(b) Fracture surface showing multiple fatigue origins (arrows) at edge of bore and on the
spherical surface. 2.5×. (c) Picral-etched section through one of the fatigue origins at the
edge of the bore showing intergranular corrosion (arrow A) and intergranular attack
(arrow B) on the fracture surface. 250×
Investigation. The inner ring had failed in four places, as shown, and several less serious cracks had begun as well. The
plastic material had disappeared, allowing the two metallic rings to come in contact with each other. Examination of the
fracture surfaces of the inner ring showed that it had failed by fatigue and that the fatigue had initiated in corrosion pits.
The fracture was mostly transgranular, and it was corroded by seawater.
Conclusions. Corrosion fatigue was the cause of failure. Corrosion pitting of the spherical inner ring produced local stress
concentrations and formed cracks under repeated stressing. The cyclic stressing and corrosion in the cracks led to the
failure on the inner ring.
Recommendation. The inner and outer rings should both be made from 17-4 PH (AISI type 630) stainless steel, which is
more resistant to corrosive marine environments than either type 440C or type 416 stainless steel.
Cavitation. In certain areas of fluid flow along a solid boundary, high pressures and low pressures can develop. If the
negative pressure is high, cavities can form in the fluid. If the pressure then increases as the cavity travels to an area of
higher pressure, the cavities collapse, and the surrounding fluid impinges on the solid surface. This may produce large
stresses in the solid, and if the stress is repeated, the solid may fail by fatigue. Cavitation often occurs in the unloaded
region of a bearing or on the surface of high-speed gear teeth. Its appearance is shown in Fig. 9.
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Fig. 9 Typical cavitation damage on the surface of a sliding bearing.
Cavitation may be reduced by using fatigue-resistant metals, by increasing the lubricant viscosity, and by increasing the
pressure in the system. Entrained air or water in oil can increase the likelihood of cavitation. More information of this
phenomenon is available in the article “Liquid-Impact Erosion ” in this Volume.
Foreign Particles. As discussed earlier, dirt, chips, and abrasive grit cause wear by abrasion. This is a problem in all
applications of sliding bearings. The foreign matter in office machines is often eraser residue, which is composed of 50%
glass beads by weight and clay from high-quality paper. Some of this material can be kept out with felt wipers and covers,
but it is sometimes better to make the bearings of hardened, sintered iron rather than bronze. One insidious effect of
foreign particles is that they may scratch or score the shaft surface rather severely, which adds more foreign particles to
the system (Fig. 10).

Fig. 10 Sliding bearings damaged by abrasion by foreign particles. (a) Unetched specimen
showing a large foreign particle (arrow) at the interface of a bearing and shaft. 110×. (b)
Bearing surface scored by metal chips
Misalignment. Parts are sometimes improperly manufactured, as in the case of a burr left from drilling (Fig. 11). Another
example of improper manufacture is when the shaft is not cylindrical (Fig. 12). Some bearings are improperly assembled
and fracture very early in use. Some bearing-holder systems deflect excessively, as shown in Fig. 13. The result of
misalignment is a distorted wear pattern, as shown in Fig. 14.

Fig. 11 Burrs around a hole drilled through the wall of a spherical bearing at a
lubrication groove. The burrs contacted the mating surface, resulting in rough operation
of the bearing.

Fig. 12 Barrel-shape and hourglass-shape journals. These types of journals can penetrate
the oil film and result in bearing failure because of increased loading in localized areas.
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Fig. 13 Lower (left) and upper (right) halves of trimetal bearings for a diesel engine that
failed because of distortion of the crankcase. The center three bearing halves sustained
greater damage than the end halves.

Fig. 14 Bearing halves (a) that failed by fatigue resulting from localized overloading after
bearing cap shifted position. (b) Note the damaged areas (arrows A and B) on
diametrically opposite sides of the bearing halves where they contacted the shaft after the
cap shifted.
Long bearings are more likely to be misaligned than short bearings. Sharp edge bearings are likely to fail on the edge,
particularly when there is a heavy overhanging load on the shaft.

Failures of Sliding Bearings
Kenneth C. Ludema, Department of Mechanical Engineering, University of Michigan
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Introduction
ROLLING-ELEMENT BEARINGS use rolling elements (either balls or rollers) interposed between two raceways, and
relative motion is permitted by the rotation of these elements. Bearing raceways that conform closely to the shape of the
rolling elements are normally used to house the rolling elements.The rolling elements are usually positioned within the
bearing by a retainer, cage, or separator; in ball bearings of the filling-slot type and in needle bearings, they occupy the
available space, locating themselves by contact with each other.
Ball bearings can be divided into three categories: radial contact, angular contact, and thrust. Radial-contact ball bearings
are designed for applications in which loading is primarily radial with only low axial (thrust) loads. Angular-contact
bearings are used in applications that involve combinations of radial loads and high axial loads and require precise axial
positioning of shafts. Thrust bearings are used primarily in applications involving axial loads.
Roller bearings have higher load capacities than ball bearings for a given envelope size and are usually used in moderatespeed heavy-duty applications. However, in recent years, improved materials and special designs have allowed use of
cylindrical and tapered-roller bearings in high-speed applications. The principal types of roller bearings are cylindrical,
needle, tapered, and spherical.
Cylindrical-roller bearings have rollers with approximate length-to-diameter ratios of 1:1 to 3:1. Needle-roller bearings
have cylindrical rollers (needles) with greater length-to-diameter ratios (approximately 4:1 to 8:1). The rolling elements
of tapered-roller bearings are truncated cones. Spherical-roller bearings are available with both barrel- and hourglassshape rollers. Figure 1 shows the principal components of ball and roller bearings.

Fig. 1 Principal components of rolling-element bearings.
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Bearing Materials
A significant improvement in air-melted bearing steels has occurred in recent years. Bearing steels are currently
made by electric-furnace melting, ladle refining, and casting by either bottom or top pouring of ingots or
continuous casting. The air-melted steel quality is approaching that of electroslag remelting (ESR) or vacuum
arc remelting (VAR). However, steel from these secondary refining processes is still required for bearings in
high-reliability applications, such as aircraft engines.
The bearing industry has used through-hardened material, such as 52100, for ball bearings since early
introduction in Europe and carburized materials, such as 8620, for roller bearings since the turn of the century
in the United States. A commonly accepted minimum surface hardness for most bearing components is 58
HRC. The carburizing grades have a core hardness range of 25 to 45 HRC.
At surface-hardness values below the minimum 58 HRC, resistance to pitting fatigue is reduced, and the
possibility of brinelling (denting) of bearing raceways is increased. Because hardness decreases with increasing
operating temperature, the conventional materials for ball and roller bearings can be used only to temperatures
of approximately 150 °C (300 °F). Although ball bearings made of high-temperature materials, such as M50
(Fe-0.80C-4Cr-1V-4.25Mo), or roller bearings made of CBS1000M (Fe-0.13C-0.5Mn-0.5Si-1.05Cr-3Ni4.5Mo-0.4V) are usable to approximately 315 °C (600 °F), the practical limit is actually determined by the
breakdown temperature of the lubricant, which is 205 to 230 °C (400 to 450 °F) for the synthetic lubricants that
are widely used at elevated temperatures.
Molybdenum high-speed tool steels, such as M1, M2, and M10, are suitable for use to about 425 °C (800 °F) in
oxidizing environments. Grades M1 and M2 maintain satisfactory hardnesses to about 480 °C (900 °F), but the
oxidation resistance of these steels becomes marginal after a long exposure at this temperature. An important
weakness of these highly alloyed materials is their fracture toughness. Also, regardless of operating
temperature, bearings require adequate lubrication for satisfactory operation.
For bearings that operate in moderately corrosive environments, AISI type 440C stainless steel should be
considered. Its maximum obtainable hardness is about 62 HRC, and it is recommended for use at temperatures
below 175 °C (350 °F). However, the dynamic-load capacity of bearings made from type 440C stainless steel is
not expected to be comparable to that of bearings made from 52100 steel. The carbide structure of 440C is
coarser, the hardness generally lower, and the fracture toughness about one-half that of 52100 steel.
Failures of Rolling-Element Bearings
Revised by Ronald L. Widner, The Timken Company

Bearing-Load Ratings
Bearing-load ratings are based on results of laboratory rolling-contact fatigue tests that have been conducted
under conditions as near ideal as possible. Any departure from these reasonably ideal conditions, such as
misalignment, vibration, shock loading, insufficient or inefficient lubrication, extremes of temperature, or
contamination, will reduce life expectancy and may cause a type of failure other than by rolling-contact fatigue.
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The life of a bearing is expressed as the number of revolutions, or the number of hours at a given speed, a
bearing will complete before developing fatigue spalling. Life may vary from bearing to bearing, but conforms
to a statistically predictable pattern for large numbers of bearings of the same size and type operating under the
same conditions. The L10 rating life of a group of such bearings is defined as the number of revolutions (or
hours at a given constant speed) at which at least 90% of the tested bearings will survive. Similarly, the life
reached or exceeded by 50% of the tested bearings is called the L50 life, or median life. The L50 life is about 3.5
to 5 times the L10 life.
The basic dynamic-load rating for a radial rolling-element bearing is the calculated constant radial load that
90% of a group of apparently identical bearings with stationary outer rings can theoretically endure for one
million revolutions of the inner ring. The basic load rating is a reference value only because, as a load, it
usually exceeds the yield limit of the bearing material. To avoid harmful plastic deformation, static-load
capacities are published along with dynamic-load ratings in most catalogs.
Formulas used by most manufacturers to calculate basic load ratings of rolling-element bearings are given in
Anti-Friction Bearing Manufacturers Association (AFBMA) standards. The basic load-rating life may be
modified by life-adjustment factors, such as reliability, material, lubrication, alignment, temperature, and other
environmental factors. Additional information regarding use of these formulas is provided in the AFBMAANSI Standards 9 and 11 and in literature from bearing manufacturers.
Experimental data have provided a simple relationship between load and bearing life. The bearing life, L10, in
millions of revolutions equals the ratio of bearing rating, C, to applications load, P, raised to an exponent, y,
expressed as L10 = (C/P)y, where y = 3 for ball bearings and y =

10
3

for roller bearings. The exponential

character of this relationship between basic load and bearing life indicates that, for any given speed, a change in
load may have a substantial effect on life in hours.
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Examination of Failed Bearings
If a bearing fails to meet its predicted life requirement, the analyst must discover the cause of damage that led to failure
and recommend measures that will eliminate or control this damage. The influence of uncontrolled or unknown factors
that can overshadow the effect of the controlled variable in tests must be determined.
The analyst should first obtain complete information about the application and operating environment and, if possible, get
samples showing the earliest detectable stages of damage. The complete bearing including the separator should be
obtained rather than the failed part only. Second, the bearings and, if possible, the machine should be visually examined
to determine the general condition of all related parts and the specific condition of the bearing components so that the
type of damage can be identified. The bearing and the installation should be photographed to document the appearance of
the damaged area. Such pictures are valuable for preserving the bearing condition prior to cleaning for future reference.
Parts of this step may be carried out by an experienced field engineer. Third, samples of lubricant and debris should be
collected for analysis. Fourth, the bearings should be thoroughly examined at low magnification (3 to 50×) to classify the
type of damage. Significant areas may be photographed. Fifth, representative areas associated with the damage should be
selected for metallographic study at high magnification (100× or higher) to verify the results of visual examination. A
scanning electron microscope, if available, is an important tool that can provide important analysis and record
photographs over a wide range of magnification. An entire small bearing can be placed on some microscope stages. Sixth,
available information on load, speed, lubrication, operating temperature, and other environmental factors should be
considered in comparing actual and expected life.
The analyst needs information about the application for comparison with previous experience to expedite analysis. The
following information on the application and environment should be available:
•
•
•

Description of the application, including the method of mounting the bearing
Speed of rotation and whether rotation is constant or intermittent or of variable speed
Lubrication system, lubricant, and filtering, if used

•
•
•
•
•
•

Temperature of environment, lubricant, and bearing components
Potential sources of debris
Potential sources of electrical current passing through the bearing
Potential sources of water and other corrosive fluids
Load spectrum and sources of potential-unknown loads
Misalignment of deflections that influence load distribution within the bearing system

Not all of this information may be needed for every analysis, but it is desirable because the necessary data cannot be
established until considerable analytical work has been done. Later acquisition of pertinent data is frequently difficult or
impossible. Generally, the data come from the field representative, the bearing user, or both. The analyst should note
comments by the field representative or bearing user regarding overheating, excessive noise, frequency of replacement,
vibration, looseness, and resistance to shaft rotation.
Before a failed bearing is removed from its housing, the orientation of the outer race with respect to the housing and that
of the inner race with respect to the shaft should be marked so that any distress pattern noted in subsequent inspection can
be related to the conditions that might have produced it. Frequently, such orientation markings can be compared with
similar markings applied at the time of original assembly.
Ball or Roller-Path Patterns. Damage to bearings usually results from subjection to loads or conditions other than those
for which the bearings were designed. For example, misalignment or improper fit can result in loading that differs
considerably, both in magnitude and direction, from that anticipated by the designer. Determination of such abnormal
conditions by inspection of the location and distribution of damage on bearing components is often helpful. Most types of
damage to ball bearings will be located on the path of ball travel. Because each type of loading produces its own
characteristic ball path, the conditions of loading under which the damage occurs can be determined from an inspection of
this ball path. Similar observations can be made on roller bearings.
Satisfactory operation of a bearing that has functioned under radial loads can be easily recognized. In radial ball bearings
that have been properly mounted, operated under good load conditions, and kept clean and properly lubricated, the paths
of the balls on the highly polished raceways appear as dulled surfaces (similar to lapped surfaces) on which microscopic
grinding scratches have been smoothed out. No appreciable amount of material has been removed from the surface of the
raceways or balls, as indicated by the fact that there is no measurable decrease in the diameter of the balls, although the
entire surface has been dulled. Other indications of satisfactory operation are uniformity; exact parallelism with the side
of the raceway, which indicates correct alignment; and centering of the ball path in the raceway, which indicates that
loading of the bearing has been purely radial.
With unidirectional radial loading and a fixed outer ring (Fig. 2a), the load is normally carried on slightly less than half of
the outer-ring raceway. The inner ring rotates through the loaded region; thus, the ball path on the innerring raceway
extends around its entire circumference. Ball paths produced by unidirectional radial loading of a fixed inner-ring bearing
are shown in Fig. 2(b). The load is carried by slightly less than half of the inner-ring raceway; the outer ring rotates
through the load region and develops a ball path that extends around the entire outer-ring raceway.
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Fig. 2 Ball paths produced on raceways of ball bearings by axial and unidirectional radial
loads. Small arrows indicate rotating elements. See text for discussion. Source: Ref 1
The ball paths produced by unidirectional radial loading of a bearing whose fixed outer ring has crept rotationally in its
housing are centered in the raceways, but the path on the outer raceway is longer than that shown in Fig. 2(a) by an
amount equal to the length of the arc through which rotational creep has occurred. Any rotational creep that occurs is
usually sufficient to make the ball path around the outer raceway of the bearing continuous. Evidence of such creep
rotation may be visible on the surfaces at which creep occurs.
A radial-type load can be imposed on a bearing by the manner in which the bearing is mounted. Too tight a press fit of the
outer ring in its housing or of the inner ring on its shaft will result in a more uniform ball path around the circumference
of each raceway than would be seen with adequate internal clearance.
The ball paths produced by pure axial (thrust) loading are shown in Fig. 2(c). In an angular-contact bearing, the distance
that the paths are displaced from the center of the raceways is greater than for a radial-contact bearing carrying an axial
load, because of the greater angle of contact in the radial type. If the axial load is applied continuously, the balls do not
have an opportunity to change their axis of rotation, and circumferential banding of the balls results (Fig. 2c).
If both radial and axial loads act together on a bearing, the path produced will depend on the relative magnitude of each
load. If the axial load is large compared with the radial load, the paths will be similar to those produced by pure axial
loading. However, if the radial load is greater than the axial load, the path on the inner raceway will be wider than the
path on the outer raceway, and the outer-raceway path will be tilted by an amount depending on the relative magnitudes
of the radial and axial loads.
Another type of ball path is caused by misalignments, such as bearings being out of line, outer rings being tilted or out of
square, or inner rings being tilted or out of square. Tilting of the outer ring in its housing causes the ring to become
slightly oval, which results in a squeeze across one diameter and a relief across the diameter at right angles to the first.
This causes narrowing of the ball path at the opposite sides of the diameter across which the relief occurs. If the tilt is not
great enough to take up all the clearance, there will be no ball path on the upper (nonloaded) half of the outer raceway.
Figure 2(d) shows a bearing whose inner ring was tilted or out of square with respect to the axis of rotation. Again, the
amount of tilt and the amount of bearing clearance affect ball-path characteristics. The paths shown are produced when
the load is taken by the bottom portion of the bearing, that is, when some clearance still exists at the top of the bearing
after tilting. The inner-ring ball path is at an angle in the raceway as shown and becomes narrower at two opposite points
on the raceway. This is due to the ovality caused by pressing the ring on the shaft in a tilted manner. If the tilting were
great enough to take up all the clearance at the top of the bearing, the path on the outer raceway would extend around the
entire circumference.
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Failure Types
Failure of rolling-element bearings can occur for a variety of reasons. Accurate determination of the cause of a bearing
failure depends to a large extent on the ability of the analyst to recognize and distinguish among the various types of
failures. In most instances, this recognition will enable the analyst to determine the primary cause of failure and to make
suitable recommendations for eliminating the cause.
The major factors that, singly or in combination, may lead to premature failure in service include incorrect fitting,
excessive preloading during installation, insufficient or unsuitable lubrication, overloading, impact loading, vibration,
excessive operating or environmental temperature, contamination by abrasive matter, entry of harmful liquids, and stray
electric currents. The deleterious effects resulting from the above factors are as follows, though not necessarily in the

same related order: flaking or pitting (fatigue), cracks or fractures, rotational creep, smearing, wear, softening,
indentation, fluting, and corrosion (Ref 2).
Two or more failure mechanisms can be active simultaneously and can thus be in competition with one another to
terminate the life of the bearing. Also, a mechanism that is active for one period in the life of a bearing can lead to or can
even be supplemented by another mechanism, which then produces failure. Thus, in some instances, a single mechanism
will be obvious; in others, indications of several mechanisms will be evident, making exact determination of the primary
cause difficult. When more than one mechanism has been active, proper determination depends not only on careful
examination of the failed components but also on analysis of the material and on the manufacturing, installation, and
operating history of the bearing.
Before discussing the characteristics of the various types of failure in detail, it is pertinent to mention that a rollingelement bearing does not have an unlimited life—a fundamental fact that does not appear to be generally appreciated.
Even if a bearing is run under the recommended conditions of load, speed, and lubrication and is protected against
adverse external influences that would otherwise tend to reduce its life, failure will ultimately result by some process,
such as fatigue, wear, or corrosion.
When a bearing is loaded, elastic deformation occurs at the zones of contact between the rolling elements (balls or rollers)
and the raceways. Although the stresses involved appear to be compressive only, just below the surface there are high
shear stresses and low tensile stresses. Subsurface stresses are described in more detail later in this article. Repeated
stressing in shear resulting from rotation of the bearing ultimately leads to the initiation of fatigue cracks, and fragments
of metal become detached to produce the effect described as pitting or flaking. This type of failure is similar to that found
on the flanks of gear teeth. In addition to load, the pitting or flaking of material from the surface of a bearing race depends
on the lubricant viscosity and/or film thickness. Various theories have been proposed that attribute the spalling to
hydrostatic pressure of the lubricant being forced into surface cracks to propagate them. Another theory states that the
propagation is caused by the tractive forces in the contact causing the subsurface shear stresses to be at the surface.
Experimental data indicate that a rolling-element bearing, considered as a composite whole, does not appear to possess a
fatigue limit, such as is found with the materials from which it is constructed; that is, a rolling-element bearing has no
lowest value of loading below which failure will not occur no matter how many stress cycles are applied. Typical
characteristics and causes of several types of failures are given in Table 1.

Table 1 Characteristics and causes of some common failures of rolling-element bearings
Characteristic and/or location
Wear
Dull raceway surfaces
Shiny raceway surfaces
Dull indentations in raceway at same
spacing as rolling elements
Wear, together with discoloration
Wear at points of contact with cage
Wear of ball cage
Internal looseness from wear of raceway
surfaces and rolling elements
Uneven wear in ball path
Shaft wear or wear in bearing or housing
bore
Electrical Pitting
Small craters uniformly distributed over
ball paths
Small craters randomly oriented or in
bandlike order along ball paths
Fluting
Ridges with burnt craters
Ridges without burnt craters
Smearing
Cage material smeared onto the rolling
elements
Smeared peripheral streaks in bore or on
periphery of outer ring
Smeared peripheral streaks on end face

Cause and remarks
Coarse abrasive matter in bearing
Fine abrasive matter in bearing
See Fretting and Indentation
Running without lubricant or with lubricant that has hardened
Inertia forces acting on cage and insufficient lubricant
Inner or outer rings out of square; abrasive matter in bearing
Abrasive matter in bearing because of insufficient or inefficient lubrication or
ineffective filtration of lubricant
Vibration in presence of abrasive matter
Rotational creep because of loose fit

Continuous passage of electric current
Intermittent passage of electric current

Vibration together with electrical current passing through rotating bearings
Vibration together with wear or excessive overload on rotating bearings
Jamming of rolling elements in cage pockets; too high speed; inefficient
lubrication; inertia forces
Rotational creep from inner ring being loose on shaft or outer ring being loose
in housing bore
Rotational creep as above, or sliding under pressure against shoulder or other
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of ring
Axial smear marks on raceway and/or
rolling elements of cylindrical and
spherical roller bearings
Axial smear marks on spherical raceway
of self-aligning bearings
Axial smear marks on spherical raceway
of self-aligning thrust bearings
Peripheral streaks on raceways, cage
pockets, or rolling elements
Spiral streaks on ends of rollers or
locating flange
Fretting
Red or black oxide spots, usually with
shiny borders, in bore or on periphery of
outer ring
Red oxide on surface where ring
contacts shoulder
Dull indentations on raceway at same
spacing as rolling elements
Corrosion
Local spots or pits on raceways, same
spacing as rolling elements
Spots or pits on surfaces
Indentation
Shiny indentations on raceway at same
spacing as rolling elements
Dull indentations on raceway at same
spacing as rolling elements
Indentations near filling slot or other
isolated area on raceway
Irregular indentations all over rolling
elements
Flaking
At isolated areas on raceway

surface
Mounting under load; inner and outer rings forcibly assembled out of square
with each other; axial displacement between inner and outer rings while under
load
Angular movements of shaft while bearings are stationary under load
Radial movement in unloaded bearings; improper mounting; inefficient
lubrication; faulty manufacture of parts adjacent to bearing
Inefficient lubrication or light loads and high speeds
Inefficient lubrication under axial load; running under no load because of large
radial clearance
Incomplete contact and slight movement or vibration between ring and its seat

Slight movement due to shaft flexure
Vibration in stationary bearing, particularly in presence of abrasive particles;
referred to as false brinelling
Moisture or acid in bearing while stationary for extended periods
Corrosive lubricant or free water in lubricant; moisture on unprotected
surfaces; corrosive atmosphere
Improper mounting procedure, hammer blows during mounting, or excessive
load on stationary bearings; referred to as true brinelling
Vibration in stationary bearing, particularly in presence of abrasive particles;
referred to as false brinelling
Excessive external force when assembling rolling elements
Abrasive products or other foreign matter

Early stage of fatigue originating at indentations from foreign matter, bruise
on raceway, or corrosion
All around one raceway
Progressive fatigue from overload or insufficient clearance because of innerring expansion or outer-ring contraction
At diametrically opposite points on Ring oval through distortion by mounting on out-of-round shaft or in out-ofradial bearings
round housing bore
On only one side of raceway surface
Improper mounting or excessive axial load
At one end of roller raceway
Ring misaligned with cylindrical roller bearings
Equally spaced apart as the spacing of Either true brinelling or false brinelling, depending on appearance of surface;
rolling elements
see Indentation
Oblique flaking on raceway of rotating Misalignment or deflection of shaft; ring out of square
shaft
Oblique flaking on raceway of Shaft deflection or ring out of square
stationary shaft
On rolling element
Forced assembly; overloaded or insufficient lubrication
Eccentric pitting on raceway of thrust Eccentric mounting or loading
bearing
Cracking and Fracturing
Cracks through ring
Fit too tight; nonuniform seating surface; deformation or ovality of housing;
rotational creep or fretting
Axial cracks in inner-ring bore or on Rotational creep or fretting
periphery of outer ring

Circumferential cracks in rings
Radial cracks on end face of rings
Radial cracks on end face of rotating
ring
Fractured flange on ring of roller
bearing
Crack or fracture at root of cage tongues
or across cage pocket

Deformation of housing; nonuniform seating surface; excessive overload
Smearing resulting from rotational creep
Fouling or rubbing on housing or shoulder during operation
Mounting pressure unevenly distributed around flange; hammer blows during
mounting
In bearings generally: insufficient lubricant; too high speed or inertia forces;
smearing; fracture of rolling elements; misalignment. In thrust bearings: ring
mounted eccentrically or out of square; one row of balls not under load

Miscellaneous
Enlargement of inner and outer rings

Operation for prolonged periods at high or low temperature; aging of ring
material
Superficial discoloration of material Lubricant affected by temperature rise; film deposited by extreme-pressure
without reduction in hardness
(EP) lubricants
Abnormal temperature increase
Low lubricant viscosity; too much lubricant, resulting in churning; insufficient
internal clearance; speed too high; excessive load; incipient failure
Pronounced high noise level
Raceways indented by blows during mounting or by vibration when bearings
are stationary
Piping or metallic sound
Insufficient internal clearance; inadequate lubrication
Irregular noise
Foreign matter in bearing; incipient flaking or other surface discontinuities on
the raceways; acoustical properties of adjacent parts
Source: Ref 13
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Failure by Wear
Rolling-element bearings are designed on the principle of rolling contact rather than sliding contact; frictional effects,
although low, are not negligible, and lubrication is essential. If a bearing is adequately and correctly lubricated, wear
should not occur. In practice, however, the entry of dirt, hard particles, or corrosive fluids will initiate wear, causing
increases in the running clearances of the various parts of the bearing, which may lead to noisy operation and early
failure.
Significant amounts of material can be removed from contact surfaces under relatively mild operating conditions if (1)
abrasive contaminants are present in the contact area, (2) there is highly inadequate lubrication, or (3) the contact surfaces
are subjected to a high rate of sliding. This failure mode is characterized by the presence of wear debris in the lubricant
and by evidence of abrasion on the contact surfaces of the raceways and rolling elements. Generally, the surface character
is impaired only gradually, and some rolling-element bearings can sustain considerable wear before they become
unsuitable for operation. Wear failure can be evaluated by dimensional or weight measurement of the components, by
observation of loose wear particles near the contact area, or by spectrographic analysis of the lubricant for wear particles.
Dirt. Ball bearings are particularly sensitive to dirt or foreign matter, which is always more or less abrasive, because of
the very high unit pressure between the balls and raceways and because of the rolling action of the balls, which entraps
foreign particles, especially if they are small. Foreign matter may get into the bearing during initial assembly of the
machine, during repairs, or by seepage from the atmosphere into the bearing housing during operation of the machine.
Dirt can also enter bearings as adulterants in the lubricant.
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The character of the damage caused in bearings by different types of foreign matter varies considerably. Foreign matter
that is fine, or soft enough to be ground fine by the rolling action of the balls or rollers, will have the same effect as that
resulting from the presence of a fine abrasive or lapping material. Both raceways and rolling elements become worn, and
the bearings become loose and noisy. The lapping action increases rapidly as the fine steel debris from the bearing
surfaces adds more lapping material.
A full-complement (uncaged) drawn-cup needle-roller bearing that failed because of wear by fine abrasive material in the
bearing is illustrated in Fig. 3(a). Wear decreased each roller diameter by more than 0.05 mm (0.002 in.), and a block of
rollers eventually turned in the cup. The flow of lubricant (and abrasive) through the bearing was sufficient to forestall
development of heat, although polished flats are much in evidence on the rollers.

Fig. 3 Bearings that failed because of wear by abrasive material in the bearing. (a)
Needle-roller bearing. Note that flats have been worn on the rollers. (b) Abrasive wear
caused by natural diamond dust (≤5 μm) that was deliberately introduced into the
lubricant in the laboratory. Deep grooving of the raceways and excessive wear of the rib
and roller ends is evident. Similar wear can occur from hard third particles, such as
bearing or gear materials, sand, or machining chips. Source: Ref 4
Hard particles, usually nonmetallic, of any size that will scratch, cut, or lap the surfaces of a bearing must be regarded as
abrasive. Figure 3(b) shows the effects of natural diamond particles (≤5 μm) that were added to the lubricant in a
laboratory test. The wear, known as third-particle abrasive wear, was very extensive on all load-carrying surfaces. Some
substances that might not normally be considered as hard or even abrasive, such as iron oxide powder, are excellent
lapping compounds.
Hard, coarse foreign particles or iron, steel, or other metals introduced during assembly of the machine produce small
depressions considerably different from those produced by overload failure, acid etching, or corrosion. Jamming of such
hard particles between rolling elements and raceways may cause the inner ring to turn on the shaft or the outer ring to turn
in the housing.
Corrosive Fluids. Water, acid, or other corrosive fluids, including corrosives formed by deterioration of the lubricant,
produce a type of failure that is characterized by a reddish-brown coating and very small etch pits over the entire exposed
surfaces of the raceways. Frequently, such etching is not evident on the ball path because the rolling action of the balls
pushes the lubricant, loaded with corrosive, away from the ball path. The corrosive oxides formed act as lapping agents
that cause wear and produce a dull gray color on the balls and the ball paths, in contrast to the reddish-brown color of the
remainder of the surface.
Figure 4(a) shows a failure traceable to vibration in the presence of dirt and moisture. General rusting and deep pits can
be seen in this drawn cup, as well as polished indentations resulting from abrasive action under vibratory conditions. The
roller spacing is indicated by the spacing of the polished indentations.
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Fig. 4 Bearings that were damaged by corrosive fluids. (a) Drawn cup for a needle-roller
bearing damaged by vibration in the presence of dirt and moisture. Roller spacing is
indicated by polished indentations. (b) and (c) Corrosion or water etch on bearing
components resulting from a defective seal in a grease-lubricated bearing application. (b)
1.5×. (c) 75×. Source: Ref 4
Some lubricants decompose after extended service without replacement or replenishment, forming acidic by-products. In
the presence of moisture, bearing surfaces may be badly attacked by what is referred to as black-acid etching. Such attack
produces numerous stress raisers that, under subsequent heavy service loads, can lead to spalling. Figure 4(b) shows an
example of water-etched raceways of tapered-roller bearings.
Electrical pitting is produced by passage of electrical current between two surfaces. In such applications as electrical
equipment and railway cars and locomotives, there is a possibility of electric current passing through the bearings. When
the current is broken at the contact surfaces between raceways and rolling elements, arcing or sparking occurs, producing
high temperatures and localized damage. The overall damage is proportional to the number and size of localized points.
A peculiar characteristic of the passage of electric current for prolonged periods of time is the fluting that sometimes
occurs. Fluting is pitting in which cavities occur in a regular pattern, forming grooves (flutes). It can apparently occur in
any type of bearing. Flutes sometimes develop considerable depth, producing noise, vibration, and eventual fatigue from
local overstressing. The cause of fluting is not definitely known. However, it is believed that arcing takes place on the
trailing edges of the rolling elements, resulting in local vaporization of metal and the production of craters and pits. This
spark-erosion effect frequently gives rise to rapid vibrations that assist in producing the characteristic fluting effect. In
some instances, under high magnification, it is possible to observe the burned or fused metal associated with individual
craters. Figure 5 shows an example of fluting, including a micrograph of the hundreds of individual arc spots that help
create the flutes. The effects of the passage of electric current are usually shown on raceways, but they may occasionally
be found on rolling elements, particularly if sparking occurred while the bearing was stationary.

Fig. 5 Tapered-roller bearing damaged by electrical pitting. (a) Fluting damage caused by
continuous passage of electrical current. (b) A roller from (a) polished on the outside
diameter and etched with nital to show the many individual arc marks that led to the
destruction of the raceway surfaces. Source: Ref 4
If fluting is found in bearings in rotating electrical machinery, it is reasonable to suspect that it resulted from passage of
electric current associated with defective insulation or induction effects. Remedial measures to eliminate such stray
currents include incorporation of insulation within bearing housings or at bearing pedestals and use of suitable shortcircuiting connections between the rings or cones.
Pitting of bearing elements by electrical action causes noisy bearing operation. In the following example, use of an
electrically non-conductive grease prevented proper grounding.
Example 1: Pitting Failure of Ball Bearings in an Electric Motor by Static Electrical Discharges. The electric motor in an
office machine was producing intermittent noise. Ball bearings were suspected as the source of the noise and were
removed from the motor and sent to the laboratory for examination.
The bearings were made of type 440C stainless steel hardened to 60 HRC and measured 41 mm OD × 19 mm ID × 12.7
mm wide (1.625 × 0.750 × 0.500 in.). Specifications required the bearings to be lubricated with a grease that could
conduct electricity. Bearing life was approximately 200 h.
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Investigation. The ball-bearing rings were sectioned for examination in an optical microscope. The surfaces of the balls
were observed in a scanning electron microscope. A number of spots were found on the inner-ring raceway (Fig. 6a). An
enlarged view of one spot (Fig. 6b) shows more clearly an area from which metal was removed and evidence of a heataffected zone (HAZ) around the area.

Fig. 6 Weld spots on contact surfaces of a type 440C stainless steel ball bearing. The spots
are caused by static electrical discharges resulting from use of an electrically
nonconductive grease. (a) and (b) Photographs of inner-raceway surface. 10 and 100×,
respectively. (c) and (d) SEM micrographs of ball surfaces. Both 1000×

Figure 6(c) shows a spot on a ball where metal was removed. The metal in the area around the spot showed evidence of
having been melted. Another spot on a ball is shown in Fig. 6(d). This ball was welded to the raceway in the region
shown at the top on Fig. 6(d) and was separated from the raceway as it rotated. Melting of the metal and welding were
indicated by small round beads found in deep indentations in both the ball and the inner-ring raceway. The metal was
melted and joined together for only a brief period of time and was then pulled apart by the force of rotation of the ball and
the inner-ring raceway.
Because welded areas were found on the raceways of both the inner and outer rings and were randomly spaced and not
continuous, it was thought that welding was the result of short electrical discharges between the bearing raceways and
balls. The electrical discharges were suspected to have resulted from use of an electrically nonconductive lubricant in the
bearings, which permitted a static charge to be accumulated and discharged. To confirm this, a motor made by the same
manufacturer was obtained from stock for testing. The electrical resistance between the rotor and the motor frame was
measured and was found to be 2 to 3 MΩ while the motor was running. A set of bearings lubricated with a grease known
to conduct electricity was installed in the motor. The resistance between rotor and motor frame with this arrangement was
only 0.01 to 0.02 MΩ. When not running, the motor had a resistance of less than 0.5Ω (5 × 10-7 MΩ).
As a further check on the electrical conductivity of the lubricant in the failed motor, the resistance across two copper
plates was measured using each type of grease as a separator. The result indicated that the grease in the failed bearings
was a poor conductor of electricity.
Conclusions. Intermittent electrical discharges across the nonconductive lubricant in the ball bearings resulted in melting
and welding of metal at several locations. Because welding was momentary, pits were produced in the ball and ring
surfaces.
Corrective Measures. The lubricant was replaced by an electrically conductive grease. This permitted proper grounding of
the rotor and eliminated welding between balls and race-ways.
Example 2: Failure of a Low-Alloy Steel Bearing in an Electric Motor Because of Stray Electric Currents. The roller
bearing shown in Fig. 7 was one of two that were mounted in an electric motor/gearbox assembly. Rough operation of the
bearing was observed, and the unit was shut down. The bearing was removed and submitted for laboratory analysis.

Fig. 7 Low-alloy steel roller bearing from an improperly grounded electric motor that
was pitted and etched by electrolytic action of stray electric currents in the presence of
moisture.
The bearing components were made of a low-alloy steel, such as 4620 or 8620. The cup, cone, and rollers were
carburized and hardened and tempered to 59 to 64 HRC.
Investigation. Visual examination of the cup, cone, and rollers revealed that their contact surfaces were uniformly
electrolytically etched. This could have occurred only as a result of an electric current and the presence of an electrolyte,
such as moisture, between the cup and roller surfaces of the bearing. The action was similar to anodic etching, as in
electroetching of metallographic specimens, only more severe.
Conclusion. Failure of the bearing was the result of electrolytic etching of the contact surfaces by stray currents in the
electric motor, which was not properly grounded. The etching was caused by uncontrolled input of current for a long
period of time and the presence of ample electrolyte (moisture).
Corrective Measures. The motor was electrically grounded, and the bearing was insulated for protection from stray
currents. Both bearings in the assembly were then sealed to keep out moisture.
Cumulative material transfer, a type of failure sometimes called smearing or galling, results from considerable sliding
between bearing contact surfaces. It is characterized by the formation of welded junctions between the contact surfaces.
This welding usually occurs on a localized microscopic scale and results in removal of material from one or both bearing
surfaces by a tearing action. Wear particles may form, which are sometimes work hardened and cause abrasive wear.
However, metal buildup usually occurs on one or more of the bearing surfaces.
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Smearing failures appear to be confined to contact surfaces that have undergone considerable sliding. Smearing is
generally a self-aggravating condition and, if allowed to progress, often is followed by a temperature-imbalance failure
resulting from the high friction between the smeared surfaces. If the operating conditions that lead to smearing are
relaxed, the failure may be arrested, and there will be some plastic smoothing and possibly wearing away of the
transferred material, which may permit continued operation. The transferred metal appears as a bright fracturelike patch.
One cause of sliding is hardening of grease lubricant due to deterioration or contamination by dirt or other foreign matter.
As a result of hardening of grease, rotation of the balls or rollers within the cage may be effectively prevented, and in
some instances, the bearing can freeze, for example, to such an extent that it will prevent rotation of an electric motor.
Sliding of rollers and subsequent smearing may also occur in a bearing if wear has taken place to a degree sufficient to
permit skewing of the rollers so that their axes of rotation are no longer parallel to that of the shaft. Smearing, in a
characteristic cycloidal pattern, may be frequently observed on the end faces of rollers as a result of sliding contact
between the end faces and their retaining flanges. The possibility of smearing, not the fatigue properties of the material,
limits the amount of axial loading that a roller bearing fitted with flanges on both cones can withstand. Inadequate
lubrication or a lubrication failure can be the cause of smearing of cage material on rolling elements or adhesive wear
between the roller end and cone rib (Fig. 8).

Fig. 8 Examples of adhesive-type wear caused by inadequate lubrication. (a) Metal
pickup on a roller outside diameter from sliding contact on the cage shown in (b).
Approximately actual size. (c) The end of the same roller showing the scoring damage
from the rolling-sliding contact of the thrust rib shown in (d). 3×. Source: Ref 4
Rotational creep, when the term is applied to bearing-failure analysis, refers to an effect in which relative motion takes
place between a press-fitted bearing ring and its shaft or housing. Rotational creep occurs principally on the inner ring and
may result from the ring being initially loose on the shaft as a result of fitting errors or from plastic or elastic deformation
due to either abnormal loads or severe imbalance in service. Under rotational-creep conditions, the assembly behaves like
a friction gear, with rotation resulting from the very slight difference in the circumferences of the shaft and the inner ring.
Rotational creep may also occur in thrust bearings if the shaft shoulder against which the ring abuts is not perpendicular
to the shaft axis. The relative motion that occurs produces heavy score marks and polished regions, both in the bore of the
inner ring and on the shaft. The end face of the ring, which is in frictional contact with the shoulder on the shaft, shows a
characteristic scuffing effect typified by heavy circumferential score marks and, in severe cases, by short radial cracks.
This effect is similar to local seizure, and it is believed that the cracking arises from thermal stresses induced by
intermittent local heating. In some instances, cracks can extend completely through the ring.
Scuffing effects, in addition to those resulting from rotational creep, may occur if a bearing locks solid. Scuff marks may
be present on an outer ring, particularly if the bearing rotates as a whole, and a high polish is generally produced on the
outer cylindrical surface where it rubs against the housing.
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Failure by Fretting
Fretting is variously referred to as fretting corrosion, vibrational false brinelling, friction oxidation, and even chafing or
wear corrosion. Such damage is common where there is vibration or low-radial angle oscillation between the bearing
elements such that relative slip of the involved bearing-element surface takes place. Corrosion, which is part of two of the
terms for fretting given above, describes the resultant wear product, red iron oxide (Fe2O3)—the usual evidence of fretting
of opposing steel contact surfaces. However, ordinary red rust (Fe2O3·H2O) looks the same. The by-product of fretting
may also be black iron oxide (FeO or Fe3O4).
Types of Fretting. Fretting may be of two types. Type 1 is the contact corrosion (fit rust) that takes place between the bore
of the bearing and the shaft or between the outside surface of the bearing and the bore of the housing. Type 2 is fretting
damage within the bearing-contact area. This type of fretting is frequently referred to as false brinelling.
False brinelling is caused by vibrations or oscillations over a few degrees of arc between rolling elements and raceways in
a nonrotating bearing. At the contact areas between the rolling elements and raceways, lubricant is squeezed out, resulting
in metal-to-metal contact and localized wear. False brinelling does not occur during normal running, but is found in the
bearings of machines subjected to vibration while at rest.
There are several features that permit false brinelling to be distinguished from true brinelling (see the section “Brinelling”
in this article). False brinelling is found on those regions of a bearing that are subjected to the heaviest loads, for example,
at the 6 o'clock position in a bearing supporting a horizontal shaft; the effect diminishes in a fairly regular manner on
either side of this position.
False brinelling, although most often found in machines on standby duty subjected to vibration from nearby running
machinery, has also been found to occur during transit. Transport by rail or truck is conducive to this form of damage.
Even transport by sea does not guarantee immunity, particularly where pronounced vibrations from diesel engines may be
present. False brinelling has also been found in the roller-bearing axle boxes of railway cars that have been standing for
some time in sidings and that are subjected to vibrations from passing trains.
In many instances, false brinelling remains undetected until the machine is started, at which time noisy operation is
immediately evident. The phenomenon is thought to be a manifestation of fretting. The minute movements initiated by
vibration cause wear of the contact surfaces, and the fine particles produced rapidly oxidize and result ultimately in
production of characteristic grooves, with the oxide acting as an abrasive. To prevent false brinelling in bearings of
standby equipment, it may be necessary to arrange for continuous slow rotation of shafts while nearby machines are
running.
For a given angular rotation of a shaft resulting from vibration, slightly greater movements of rolling elements relative to
raceways will occur in a bearing with a greater number of elements. These movements may be greater than those at which
false brinelling develops. Therefore, where false brinelling is not severe, changing to a bearing with a larger number of
rolling elements or to one of the needle-roller type may be sufficient.
When equipment is to be transported, one of the following preventive measures should be adopted: (1) dismantle the
machine, (2) remove the rolling-element bearings and fit temporary wooden packings in their place, or (3) use clamps to
lock rotors of electric motors rigidly to the frames and, at the same time, relieve the bearing of the dead-weight load. In
other instances, the machinery could be packed so that the axis of the rotating portion is in the vertical plane, thereby
preventing damage by stationary indentation.
Recommendations for reducing fretting in rolling-element bearings include:
•
•
•

Keep radial play in the bearings at the lowest practical value
Increase the angle of oscillation (if possible) to secure roller or ball overlap in order to drag fresh lubricant into
the area. If the surfaces can be separated by lubricant, fretting of the metal cannot occur
Relubricate frequently to purge the red iron oxide debris and reinstate the lubricating film
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•
•
•

Use a larger bearing of higher capacity to reduce contact loads
Increase the hardness of the elements as much as possible. The commercial antifriction bearing already has fully
hardened components. For best results, the shaft, if used as an inner raceway, should be hardened to 58 HRC
minimum
Use a grease that has been specially formulated to provide maximum feeding of lubricant to areas susceptible to
fretting damage. If the bearing is oil lubricated, flood it if possible

The corrugated surfaces produced by fretting or false brinelling form stress raisers that, under subsequent conditions of
rotation, may produce excessive noise and may cause premature spalling by rolling-contact fatigue.
Figure 9 shows a portion of a shaft that served as the inner raceway for a drawn-cup needle-roller bearing. The rollers left
deep and clearly defined impressions on the shaft. The damage was identified as fretting, or false brinelling, because of
the dull surface with little or no trace of the original surface finish remaining at the bottoms of the indentations, although
the shaft was also brinelled by a very heavy overload.

Fig. 9 Severe damage from fretting (false brinelling) on the surface of a shaft that served
as the inner raceway for a needle-roller bearing.
Example 3: Fretting Failure of Raceways on 52100 Steel Rings of an Automotive Front-Wheel Bearing. The front-wheel
outer angular-contact ball bearing shown in Fig. 10 generated considerable noise shortly after delivery of the vehicle. The
entire bearing assembly was removed and submitted to the laboratory for failure analysis.

Fig. 10 Automotive front-wheel bearing that failed by fretting of raceways on inner and
outer 52100 steel rings. Dimensions given in inches
The inner and outer rings were made of seamless cold-drawn 52100 steel tubing, the balls were forged from 52100 steel,
and the retainer was stamped from 1008 steel strip. The inner ring, outer ring, and balls were austenitized at 845 °C (about
1550 °F), oil quenched, and tempered to a hardness of 60 to 64 HRC.
Investigation. Visual examination of the outer raceway revealed severe fretting and pitting in the ball-contact areas at
spacings equivalent to those of the balls in the retainer. The areas were elongated, indicating that only a slight oscillation
of the ring or wheel had occurred. Similarly spaced but less severely damaged areas were observed on the inner raceway.
Conclusions. Failure was caused by fretting due to vibration of the stationary vehicle position without bearing rotation.
These vibrations were incurred during transportation of the vehicle. This bearing had experienced little if any service, but
showed conclusive evidence of fretting between the balls and raceway.
Recommendations. Methods of securing the vehicle during transportation should be improved to eliminate vibrations.
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Failure by Corrosion
Corrosion of any or all components of a bearing can result from the entry of water or other liquids or from
deterioration of the lubricant. The formation of deleterious decomposition products in lubricants is discussed in
the section “Corrosive Fluids” in this article.
General corrosion of the hardened bearing surfaces often takes the form of minute pitting, which leads to noisy
operation and provides surface discontinuities at which cracks can originate. Corrosion of bearings can take
place during nonoperating periods or even when the bearings are being stored waiting installation, although
corrosion in storage should not occur if the bearings are properly packaged.
Corrosion damage may not be externally visible and may show itself only by subsequent noisy operation. In
this respect, it is generally recommended that the protective lubricant in which the bearings have been packed
by the manufacturer not be removed unless, in the case of very small bearings, it is desirable to replace the
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lubricant by one having lower viscosity. The presence of a small amount of moisture in a lubricant, although
perhaps not sufficient to cause general corrosion, may result in a lowering of the fatigue life of a bearing ring.
If a cold bearing is degreased or washed in a cold, volatile solvent, moisture will condense on the cold bearing
surfaces. The moisture may not be noticeable, but if the bearing is then dipped in cold oil or is covered with a
cold slushing compound, the moisture cannot evaporate and will expend itself in corroding the steel. If the
bearing is immersed in hot oil or slushing compound of suitable temperature and assumes the temperature of
the bath, the moisture will be driven off, and no corrosion should occur. The presence of water or acids in the
lubricant of a running bearing will sometimes cause lines of corrosion to develop in the direction the lubricant
is squeezed out from between the rolling elements and raceways.
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Failure by Plastic Flow
Bearing components, such as balls, rollers, and rings, are generally made of high-strength steels with a hardness of 58 to
64 HRC. However, even at this hardness, overloading of metal components in rolling contact will cause plastic flow. The
geometric relationship of the contact surfaces can be altered by cold flow or by unstable overheating.
Cold Plastic Flow. The primary effect of plastic flow on the operation of a bearing is geometric distortion. The contact
surfaces can be damaged by formation of indentations if the bearing is stationary or by distortion if the bearing is rotating.
Plastic flow on a small scale occurs under normal contact loads and operating temperatures. This has been recognized in
defining a static capacity for rolling-element bearings. The absence of all plastic flow is not required, but flow must be
limited to a tolerable level. Plastic flow in a rolling-element bearing may be evaluated by measuring the distortion of the
contact area.
Rolling-element bearings can be damaged by indentations of several forms, each from a different cause: (1) shallow,
random marks from rolled-in particles (Fig. 11), (2) shallow indentations in the raceways corresponding to regions in
contact with rolling elements when the bearing is stationary, and (3) well-defined, uniformly spaced indentations.

Fig. 11 Denting damage to cone, cup, and rollers from debris entering the bearing from
spalling in another component, through defective seals, or from improperly cleaned
housings.
The first form of indentation results in rolling-contact fatigue, and the second causes bulk damage (damage outside the
contact zone). The third form of indentation is a type of cold plastic flow. The well-defined indentations spaced at a
uniform pitch generally result from balls or rollers having been inadvertently forced into the raceways and often arise
from carelessness or the implementation of incorrect procedures in withdrawing or installing rings. In the most common
situation, the force required to assemble the bearing is applied indirectly through the balls or rollers instead of directly to
the ring itself. Careless handling of the machine in transit can also damage bearings, particularly where impact loading
has been sustained. Similar, regularly spaced marks may be produced on the raceways of a bearing that has been forcibly
assembled with the axis of one ring at a slight angle to the other. These effects (to which the term brinelling is sometimes
applied) usually manifest themselves as noisy operation.
Brinelling, sometimes referred to as true brinelling or denting, is permanent deformation produced by excessive pressure
or impact loading of a stationary bearing. Hollows or dents are produced by plastic flow of metal. Such indentations in
raceways will be spaced in correspondence to ball or roller spacing, thus differentiating true brinelling from dents made
by debris, such as dirt or chips, which usually are spaced randomly. The final grinding marks made during the
manufacture of raceways can be seen, virtually undisturbed, within the true brinelled areas of Fig. 12. Improper mounting
procedures, such as forcing of a tight-fitting or cocked outer ring into a housing, are common causes of true brinelling.
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Improper handling, such as dropping or pounding of bearings, will cause true brinelling. True brinelling can also be
caused by vibrations in ultrasonic cleaning.

Fig. 12 Comparison of true brinelling with false brinelling. (a) In true brinelling, the
surface texture is essentially undisturbed. Note grinding marks in the impression. (b) In
false brinelling (fretting), the surface is worn away or material is transferred. No grinding
marks are visible in the impression. Both 15×. Source: Ref 4
Example 4: True Brinelling of Ball-Bearing Raceways During Ultrasonic Cleaning. During the early stages of production,
randomly selected dictating-machine drive mechanisms, which contained small ball bearings, were found to exhibit
unacceptable fluctuations in drive output. This seemed to indicate that the bearing raceways were being true brinelled
before or during installation of the bearings.
Investigation. The preinstallation practices and the procedures for installing the bearings were carefully studied to
determine the cause of failure. New control practices were instigated with no net gain in bearing performance.
One preinstallation procedure involved removing the bearing lubricant applied by the bearing manufacturer and
relubricating the bearings with another type of lubricant. The bearings were ultrasonically cleaned in trichlorethylene to
ensure extreme cleanness. Careful examination of the bearing raceways at a moderate magnification revealed equally
spaced indentations resembling true brinelling. Further examination showed that the ultrasonic cleaning technique was
improper in that the ultrasonic energy transmitted to the balls brinelled the raceways enough to cause fluctuations in
machine output.
Conclusion. The bearing raceways were true brinelled during ultrasonic cleaning.
Corrective Measures. The lubricant was removed from the bearings by solvent-vapor cleaning instead of by ultrasonic
cleaning.
Spalling that originated at true-brinelling indentations in the surface of a shaft is shown in Fig. 13. The shaft surface in the
failed area served as the inner raceway of a bearing.

Fig. 13 Surface of a shaft, which served as an inner bearing raceway, that failed by
spalling initiated at true-brinelling indentations.
Softening is a plastic-flow phenomenon observed in rolling-element bearings with unstable thermal balance resulting
from the generation of more heat in the bearing than is being removed. The maximum permitted temperature in bearings
depends on the material, but is generally quoted as approximately 120 °C (250 °F). An increase in operating temperature,
if undetected, may result in lubricant failure and seizure of the bearing or in softening of the bearing steel with a reduction
in L10. Gross overheating of bearings above the temperature at which the rolling elements and rings were tempered during
manufacture will result in rapid softening of these parts with subsequent plastic deformation. Occasionally, if the applied
torque is sufficient to overcome the inherent resistance of a seized bearing or to cause the shaft to rotate within the inner
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ring, the heat generated may result in temperatures approaching a dull red heat, leading to loss of strength in the shaft
followed by rapid failure from shear.
Gross destruction of heat-softened components can sometimes be recognized by discoloration and a predominantly
plastically deformed appearance (Fig. 14). Therefore, it may be different in appearance from fracture that results from
cracking. However, temperature-imbalance failures are often so devastating that little is left of the bearing from which to
identify a failure source.

Fig. 14 An example of burnup with plastic flow in a tapered-roller bearing. This type of
failure may result from loss of lubrication or gross overload. The damage begins as heat
generation followed by scoring, and if the lubricant is not replenished or the load reduced,
the excessive heat buildup results in hot plastic flow. Source: Ref 4
Reference cited in this section
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Failure by Rolling-Contact Fatigue
Failures caused by rolling-contact fatigue are the result of cyclic shear stresses developed at or near bearing-contact
surfaces during operation. The effects on the shear-stress field below the surface of a bearing raceway as a cylindrical
roller travels across the surface are shown schematically, from right to left, in Fig. 15. The roller is shown at position 1 in
Fig. 15(a). In the material directly below the roller, the shear stresses along the x, y, and z axes are equal to zero and are
not shown in the stress diagram below the roller, but the maximum shear stress, τmax, is indicated on planes at 45° to the
coordinate axes. The material just to the left of the roller (position 2, Fig. 15a) is subjected to shear stresses, τzy and τyz, in
the directions of the coordinate axes. In position 3, Fig. 15(a), the shear stresses are zero. In Fig. 15(b), the roller is shown
in position 2. The 45° shear stress in the material below the roller is at a maximum, and τzy and τyz are zero. The material
just to the right and left of position 2 is subjected to stresses τzy and τyz, which have finite values.

Fig. 15 Shear stresses produced by a cylindrical roller below the surface of o bearing
raceway. Source: Ref 5
Figure 15(c) depicts the roller in position 3, and τmax is shown as being in the material below the roller. The shear stresses
along the major axes at position 2 once again have finite values, while the stress at position 1 has dropped to zero.
It will be noted after studying Fig. 15(b) that the shear-stress field reverses itself at position 2. This reversal is believed to
be the primary contributor to bearing failure and is the phenomenon on which the Lundberg-Palmgren theory (Ref 5) is
based. A maximum value for τzy is reached at approximately the same distance below the surface as is τmax. The absolute
value of this maximum, because it extends from τzy to -τzy, becomes |2τzy| and thus is greater than the maximum shear
stress, τmax.
The probability of survival of a bearing is assumed to be a function of the stressed volume, alternating shear stress,
number of stress repetitions, and depth of alternating shear stress. A discussion of the theoretical relationships involved is
provided in Ref 6. The products of the above assumptions are mathematical relationships that allow life predictions based
on geometric properties of the bearing.
Alternating shear stresses reach maximum values at a distance below the surface determined by the load on the bearing as
well as by other design factors. Subsurface cracks are usually initiated in regions of surface contact where these
alternating shear stresses acting in the material are at a maximum. Pure rolling loads generate maximum shear stresses
slightly below the surfaces of the contacting components. With the addition of frictional or sliding forces, maximum shear
stresses move closer to the surface. Sliding forces of sufficient magnitude can cause failure to originate at the surface and
can significantly reduce bearing life.
Subsurface-initiated fatigue cracks usually propagate parallel to the surface and then abruptly to the surface. They are
easily distinguishable provided subsequent operation does not destroy the identifying features. As metal spalls out, steep-
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sided flat-bottomed pits remain. These result in progressive deterioration of the material by one or more cumulative
damage mechanisms that eventually cause initiation and propagation of fatigue cracks. In some failures, the initial stages
are characterized by polished contact surfaces in which small pits are often observed; this damage may be serious enough
to preclude further satisfactory bearing operation. Such surface distress, if allowed to continue, can also lead to spalling,
in which metal fragments break free from the components, leaving cavities in the contact surfaces. In other instances,
subsurface cracks are initiated with little or no observable surface deterioration until the final stages of the process, when
cracking and spalling become evident. The mechanisms of rolling-contact fatigue are discussed in more detail in the
articles “Fatigue Failures” and “Fretting Wear Failures” in this Volume.
Rolling-contact fatigue failures can be separated into two general categories: surface initiated and subsurface initiated.
These two categories may be further subdivided according to the appearance and location of the fatigue spalling, as well
as the factors that led to crack initiation. These factors may be related to material, manufacture, mounting, operation,
lubrication, and care of the bearing. The recognition of the interplay of such factors is achieved through fractography.
Surface-Initiated Fatigue. Fatigue cracks may be initiated at or very near the contact surfaces of bearing components as
the result of several causes. Geometric stress concentrations, for example, can produce abnormally high stresses in
localized regions of bearing raceways because of improper contact configuration, misalignment, or distortion. Eventually,
such situations can lead to surface deterioration, crack initiation, and spalling. Figure 16 shows the damage on the outer
raceway of a roller bearing due to surface deterioration and spalling that resulted from overloading of the rollers at one
end. Inclusions and other defects are seldom responsible for surface damage, although they sometimes act as sites for
crack initiation. In some failures, cracks are formed at the surface; in others, slightly below it.

Fig. 16 Damage from surface deterioration and spalling in the drawn-cup outer raceway
of a needle-roller bearing because the rollers were overloaded at one end.
Corrosion pits, handling scratches, surface inclusions, and surface dents can also cause stress concentrations and lead to
surface-initiated rolling-contact fatigue cracks. Surfaces of fractures (spalls) resulting from such origins usually have an
arrowhead type of appearance and point in the direction of load approach. The cracks are open to the surface at the
earliest stages of development and thus can be reservoirs for the lubricant. Crack propagation may then be accelerated by
hydraulic pressure developed in the cracks during each stress cycle. Corrosive contaminants such as water and organic
acids resulting from lubricant deterioration, may also expedite crack propagation if they infiltrate the cracks.
Minor surface discontinuities, such as peeling, are usually associated with ineffective lubrication. Shallow flakes of
material are removed from the contact zone, whereas relatively deep cavities are produced by spoiling. Micropits may
form on the surface and can initiate fatigue cracks. Crack propagation is usually at an acute angle to the contact surface,
but results in a spall cavity that is parallel to the contact surface with only shallow penetration (Fig. 17).

Fig. 17 Microspalling (peeling) on a tapered-roller bearing caused by a thin lubricant film
compared to the composite surface roughness. (a) Cup showing fatigue on the peaks of
surface texture. (b) Cone showing fatigue on the peaks of surface texture. (c) Roller with a
general spalled area. All 65×. (d) Transverse section through a slightly spalled area on a
roller showing typical shallow cracking. Nital etch. 350×. Source: Ref 4
Damage involving large regions of a bearing surface indicates marginal oil-film thickness. Damage limited to areas
surrounding surface irregularities, such as scratches and other depressions, results from localized metal-to-metal contact;
if surface deterioration is allowed to continue, deep spalling will eventually occur.
In an application in which a portion of the surface of a shaft served as a roller-bearing inner raceway, flaking on the
raceway (Fig. 18) contributed to failure of the shaft. The lubricating oil was very light, and the film was of insufficient
thickness to separate the raceway and the rollers. Fine flaking propagated along the ridges of the surface finish; as the
ridges flaked away, the valleys began to flake, and surface breakup became general.
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Fig. 18 Fine flaking damage on the surface of a shaft that served as a roller-bearing inner
raceway. The flaking originated along the ridges of the surface finish of the shaft.
Example 5: Contact-Fatigue Failure of a Raceway for a Thrust Bearing. The service life of a production gearbox had
decreased drastically from that normally encountered. The axial load on a bevel gear was taken by a thrust-type roller
bearing in which a ground surface on the back of the bevel gear served as a raceway. The gear was made of 8620 steel
and was carburized and case hardened to 60 HRC; case depth was 0.9 mm (0.036 in.). The outside diameter of the bevel
gear was 9.2 cm (3

5
1
3
in.). The thrust bearing had a 3.8-cm (1 -in.) inside diameter and a 5.6-cm (2 -in.) outside
8
2
16

diameter.
Investigation. The gearbox was dismantled, and inspection of the bevel gear disclosed spalling damage on the ground
bearing raceway at five equally spaced zones.
The gear was mounted on an arbor, and the bearing raceway was checked for runout. The raceway was found to undulate
to the extent of 0.008 mm (0.0003 in.) total indicator reading (TIR). A spalled area was observed at each of the high
points.
1
2

The outside surface of the gear hub was a 3.8-cm (1 -in.) diam raceway for a radial-contact roller bearing. Examination
of this surface disclosed a five-lobe contour having a 0.007-mm (0.00028-in.) (TIR) radial deviation. A chart trace on a
rotary profile recorder was made of the two surfaces. The high surfaces on the radial-bearing raceway coincided exactly
with the beginning of the spalled area on the thrust-bearing raceway and therefore the high points on that raceway.
Magnetic-particle inspection of the thrust-bearing raceway revealed the presence of numerous cracks that resembled
grinding cracks. Microscopic examination of a section through the thrust-bearing raceway also disclosed numerous
fissures that resembled grinding cracks.
The thrust bearing operated under a heavy load, which was intensified by the local support at the five high zones. This
high nonuniform loading, in conjunction with grinding cracks, was sufficient to produce spalling.
Corrective Measures. The spindle of the grinding machine was reconditioned to eliminate the five equally spaced
undulations. Heat treatment of this gear was more carefully controlled to minimize retained austenite. Fatigue life of the
bearing returned to normal with these changes.
Flaking is preceded by formation of pits, which appear initially on one of the raceways rather than on the balls or rollers.
In the early stage of flaking, isolated pits are formed, but these join rapidly, forming lines or bands of confluent pits and
progressively destroying the raceways. The process of destruction is self-accelerating because the pits themselves, as well
as the particles of metal that become embedded in the raceways, cause vibration and noisy running. Impact loading at the
edges of the pits produces further deterioration. In addition, metallic particles in the lubricant increase the overall wear
rate.
As a general rule, fatigue flaking first becomes evident in the stationary ring of a bearing. For a horizontal shaft supported
by bearings at each end, with the inner rings rotating and the outer rings stationary (Fig. 2a), loading is radial and the
highest stress occurs opposite the point of loading. On each outer (stationary) raceway, there is a specific zone that is

subjected to a cycle of maximum stress every time a rolling element passes over it, but because of the rotation of the inner
ring, the maximum stress is exerted at a different region of the inner raceway with every cycle. In circumstances in which
the outer ring revolves and the inner ring is stationary (Fig. 2b), the converse is true. For the same speed of rotation, a
bearing having a fixed inner ring has a lower life expectancy than a bearing in which the inner ring rotates.
The cause of flaking can frequently be determined by its location on a raceway. Ideally, the load in a roller bearing is
uniformly distributed across the rollers and raceways. Flaking in a narrow ring in a plane corresponding to one end of the
rollers would indicate grossly uneven loading and would suggest that the axes of the two raceways are not parallel.
Flaking restricted to one portion of a stationary raceway is usually caused by overloading from dead weight, excessive
belt tension, gear-tooth reaction, or misalignment of driving couplings. Service life can be extended by partially rotating
the stationary ring at appropriate intervals, shorter than those at which flaking was found to occur.
Shaft-bearing assemblies required to withstand a significant amount of axial loading usually incorporate angular-contact
bearings arranged in opposition and initially adjusted to a certain degree of preload. In this type of application, flaking can
be caused by the stresses induced by an increase in preload resulting from thermal expansion as the operating temperature
is increased.
Flaking damage may also be distributed around a raceway at intervals corresponding approximately to the distance
between the balls or rollers. In these instances, flaking may be initiated at indentations (true-brinelling marks) produced
by impact when the bearing is mounted. Another cause for flaking located at roller spacing is corrosion pitting. Both of
these modes of damage were described earlier.
Example 6: Rolling-Contact Fatigue Failure of Type 440C Stainless Steel Radial-Contact Ball Bearings Because of
Excessive Axial Load. The radial-contact ball bearings supporting a computer microdrum became noisy and were
removed for examination. A sample of the lubricant used with the bearings was sent to the laboratory with four sets of
bearings.
Two sizes of bearings were used for the microdrum: 20 mm ID × 42 mm OD × 12 mm wide (0.8 × 1.7 × 0.5 in.), and 35
mm ID × 62 mm OD × 14 mm wide (1.4 × 2.4 × 0.6 in.). The bearings were made of type 440C stainless steel and were
hardened to 60 to 62 HRC. For accurate positioning of the microdrum, which rotated at 3600 rpm, a spring washer that
applied a 22.6-kg (50-lb) axial load on the smaller bearing was installed in contact with the inner ring.
Investigation. The seals of one set of bearings (one small and one large) were removed so that the inner surfaces of the
bearings and seals could be examined. Also, samples of the grease in the bearings were taken for analysis and comparison
with the sample submitted with the bearing. Comparison of infrared spectrophotometer patterns indicated that the two
greases were similar, but not of the same composition.
The bearings were soaked and washed in a petroleum solvent until they were absolutely clean of grease. The solution was
evaporated by heating. The residue contained particles that were attracted to a magnet. These magnetic particles were
recleaned and mounted for viewing in a scanning electron microscope. Observation at a magnification of 100× indicated
that the particles had flaked off the outer-raceway surface and were not foreign contaminants (Fig. 19a).

Fig. 19 SEM views of the surface of the outer-ring raceway of a type 440C stainless steel
radial-contact ball bearing that failed by rolling-contact fatigue and of particles found in
the lubricant. (a) Lubricant-residue particles that flaked off the raceway. 100×. (b) Flaked
surface showing nearness of flaking to edge of raceway (arrow). 200×. (c) Flaked surface.
1000×
The surfaces of the inner and outer raceways were examined in a scanning electron microscope. Smearing, true-brinelling
marks, and evidence of flaking were found off-center on one side of the outer-ring raceway. This pattern is commonly
found in a radial ball bearing subjected to an axial load that moves the contact area to one side of the raceway. Views of
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the flaked surface in the outer-ring raceway are shown in Fig. 19(b) and 19(c). Surface damage to the inner raceway was
less severe.
The true-brinelling marks on the raceways were caused by excessive loading when the bearing was not rotating or during
installation. These marks were not prominent and were smeared when the raceway surfaces were flaked.
A new bearing of the smaller size was installed in a test stand with a preload of 22.6 kg (50 lb). After 4000 h of operation,
the temperature of the bearing was 44 °C (111 °F), and the bearing was noisy. Normal operating temperature for these
bearings did not exceed 31 °C (88 °F).
Conclusions. The bearings failed in rolling-contact fatigue, as indicated by flaking in the raceway surface. The 22.6-kg
(50-lb) preload moved the zone of contact between the balls and raceway to one side of the raceway, reducing the normal
contact area. Metallic particles found in the lubricant in the bearing were from the outer-ring raceway. Some flaking
occurred at the true-brinelling marks in the raceways.
Corrective Measures. The preload was reduced to 13 kg (28 lb) using a different spring washer. This eliminated the noise,
reduced the operating temperature to normal, and extended bearing life to an acceptable level.
Spalling failure is the result of fatigue and is recognizable by craterlike cavities in the surfaces of raceways or rolling
elements. The cavities have sharp edges, generally steep walls, and more or less flat bottoms. Spalling may be obliterated
by further destruction of the part or by rolling of surrounding metal into the cavities. Spalling can originate either at or
below the contact surface. Figure 20 shows severe spalling damage on the end of a shaft that served as a raceway for a
roller bearing. The spalling did not extend all the way around the shaft, only about 225°. The general pattern of spalling
damage indicated good alignment and load distribution. However, failure was premature. Linear marks in the damaged
surface indicated that the shaft was of poor-quality material. The raceway surface was underlaid with inclusions, which
served as stress concentrators for fracture initiation.

Fig. 20 Spalling damage on the end of a shaft that served as roller-bearing raceway. The
spalling was initiated at subsurface inclusions.
Subsurface-Initiated Fatigue. Subsurface fatigue results from the shear stresses described above acting in the region below
the contact surface of the rollers or balls on the bearing races. Nonmetallic inclusions act as stress concentrators and are
the cause for the most common mode of subsurface-initiated fatigue.
Microstructural alterations that occur at high-stress levels or very high lives at more moderate stress levels have been
judged to cause planes of weakness resulting in fatigue spalling. Subcase fatigue in case-carburized components is also
related to highly stressed applications.
Effect of Inclusions. Nonmetallic inclusions in the load-carrying areas of bearing elements can reduce resistance to
contact-fatigue fracture. An inclusion is foreign material with properties different from those of the matrix. Nonmetallic
inclusions are compounds, sometimes complex compounds, that are present in all steels as a result of steelmaking
practices, additions for machinability, or additions for strengthening or grain-size control. The primary inclusion types are
oxides, nitrides, sulfides, and carbides.
The most detrimental inclusions are the hard (compared to the steel matrix) nondeformable types with an angular shape
(oxides, nitrides, and some carbides) that are sometimes loosely bonded to the steel matrix. Oxide inclusions have the
greatest influence on rolling-contact fatigue because of their size and frequency and their poor bond with the steel matrix.

Oxide inclusions result from the steelmaking process, which requires the use of aluminum or silicon for deoxidation of
the molten steel during the refining of steel. Aluminum is also required to ensure that a steel is fine grained and remains
that way during subsequent thermal processing. Modern bearing steelmaking processing is aimed at elimination of large
oxide inclusions and minimizing the frequency and severity of the smaller ones.
Sulfur is added to steel to improve its machinability. The sulfur forms inclusions by combining with manganese, an
alloying element added for hardenability. Fortunately, manganese sulfide inclusions are deformable and form an intimate
bond with the steel matrix. Historically, they have not been found to influence rolling-contact fatigue life. In wrought
products, the inclusion formations are usually discontinuous or semicontinuous stringers oriented parallel to the direction
of working. Thus, the most adverse effects of nonmetallic inclusions occur when the stress direction is perpendicular to
the lay of the stringer. Under cyclic or fluctuating load, inclusions locally intensify stresses to a degree depending on the
shape, size, hardness, and distribution of the inclusions. Initiation and propagation of fatigue cracks from a nonmetallic
inclusion origin does not automatically mean the bearing has been prematurely damaged. The true bearing load and the
material specification for the particular application must be known.
Example 7: Fracture of Ball-Bearing Components by Rolling-Contact Fatigue Because of Subsurface Nonmetallic
Inclusions. The pilot of an aircraft reported illumination of the transmission oil-pressure light and an accompanying drop
in pressure on the oil-pressure gage. The aircraft was grounded so that the transmission could be checked.
Investigation. Teardown analysis of the transmission revealed no discrepancies in assembly of the bearings and related
components. The oil strainer contained numerous fragments of bronze similar to that used in the bearing cage.
The center bearing of the transmission input-shaft ball-bearing stack had a broken cage and one ball that had been split
into several pieces along paths resembling the seams of a baseball. Also observed were several scored balls and flaking
damage in the raceways of the inner and outer rings. Total operating time for this bearing stack was 770 h.
The origin of flaking in the raceway of the rotating inner ring was identified by the following distinguishing features (Fig.
21a). The origin (area in rectangle), oriented axially in the raceway, was dark and discolored, and was flanked by areas of
markedly different-textured flaking damage, that is, shallow fine-texture flaking damage extending from the origin in the
direction of inner-ring rotation (arrow A) and deep coarse-texture flaking damage extending from the origin in the
direction opposite to the rotation of the inner ring (arrow B). Both areas had a convex texture in relation to the axial
origin.
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Fig. 21 Inner-ring raceway of an aircraft-transmission ball bearing that failed by rollingcontact fatigue because of subsurface nonmetallic inclusions. (a) Macrograph of innerring raceway showing fine-texture flaking damage (arrow A), coarse-texture flaking
damage (arrow B), and origin of flaking (rectangle). 3×. (b) Micrograph of section
through inner ring at origin of flaking showing inclusions (arrow C). 440×
A section parallel to the axially oriented origin was cut at the origin area. The specimen was ground and polished for
metallographic examination. As shown in Fig. 21(b), stringers of nonmetallic inclusions (arrow C) were revealed at the
origin. The chemical composition, microstructure, and hardness of the bearing elements were checked and found to be
acceptable.
Conclusions. Failure of the bearing occurred through a contact-fatigue mechanism (flaking) activated by the presence of
subsurface nonmetallic inclusions (stringers).
Microstructural alterations are another type of inhomogeneity sometimes found in bearing materials. Although inclusions
and other kinds of discontinuities are initially present in bearing materials, microstructural alterations are formed during
actual operation of the bearing. These alterations result from localized plastic deformation caused by the action of
subsurface cyclic stresses. When observed in a microscope, microstructural alterations appear as a white-etching
constituent, either in a characteristic patchy form known as butterflies (Fig. 22) or in the form of narrow parallel bands at
an acute angle to a contact surface (Fig. 23a) beneath a spall. At present, it is uncertain to what extent such alterations
affect the fatigue life of bearings. Although fatigue cracks have been observed in or very near alterations and sometimes
propagate along them, it is not certain that alterations actually cause fatigue-crack initiation. Nevertheless, microstructural
alterations are associated with rolling-contact fatigue and may yet prove to be responsible for the initiation of cracks in
certain instances.

Fig. 22 Stress butterflies (microstructural alterations) in a steel bearing ring. 4% nital
etch. Approximately 425×

Fig. 23 Microstructural alterations in a 52100 steel bearing ring. (a) Micrograph of
picral-etched section through a spalled area showing elongated bandlike microstructural
alterations. 200×. At the top is a profile of the bottom of the spalled area. (b) Macrograph
of part of the spalled area. 7 ×. Note parallel ridges that were formed because subsurface
cracking partly followed microstructural alterations.
Microstructural alterations create planes of weakness along which cracks can propagate. Figure 23 illustrates a spalled
area that was produced by rolling-contact fatigue in which cracks propagated alternately along and between bandlike
microstructural alterations inclined at 23° to the surface.
Subcase fatigue is also the result of subsurface-initiated cracking in case-hardened components. Cracks are initiated in or
below the lower-carbon portion of the case near the junction of case and core. Once formed, such cracks usually
propagate parallel to the case-hardened region until branching cracks propagate to the surface and form spalling cavities.
This type of failure is rarely encountered in normal service; rather, it appears under gross-overload conditions, such as
may be encountered in accelerated tests. Increasing case depth usually minimizes subcase fatigue.
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Failure by Damage
Bulk-damage failures are the result of damage to bearing components outside the contact zone. Although evidence of
material deterioration may be observed on the rolling-contact surfaces, the most severe damage is found at other locations
on bearings. Deterioration of the bearing results from one or more causes, including overloading, overheating, bulk
fatigue, fretting, and permanent dimensional changes.
Fractured rings, rollers, balls, and cages are examples of bulk-damage failures. Such failures may be the result of
overloading the bearing beyond its design limits, but they can also occur because of misalignment, improper mounting,
and improper fitting of a ring on a shaft or in a housing. Severe overloading is usually accompanied by permanent
dimensional changes in the bearing as evidenced by distortion of the components. Figure 24 shows a drawn-cup needleroller bearing that was mounted side by side with another in a sleeve, or tire. The bearing failed because of gross
overload. The core material, being relatively soft, suffered bulk plastic flow. As the cup increased in width,
circumferential stretch cracks developed on the outside surface, and the oil hole became elongated. The cup wall thinned
out sufficiently that radial play became excessive and, coupled with noisy operation, resulted in termination of the service
life of the bearing. A similar but perhaps more dramatic example of bulk damage due to high compact loads on a
stationary tapered-roller bearing cone is shown in Fig. 25.

Fig. 24 Drawn-cup needle-roller bearing that failed by gross overload. As the cup
increased in width under overload, the oil hole became elongated, and circumferential
cracks developed in the outer surface.

Fig. 25 Bulk damage to a stationary tapered-roller bearing cone resulting from gross
impact loading that yielded the cone material and cracked the case-carburized surface.
Source: Ref 7
Cracks and Fractures. Significant cracking in rings and rolling elements takes several forms and results from several
causes. Although fracture can result from fatigue, fatigue that leads to fracture differs from the very localized rollingcontact fatigue cracking that causes pitting, flaking, and spalling.
Circumferential cracks that develop in the outer ring of a bearing may indicate of a lack of uniform support from a
housing not truly cylindrical but shaped like a barrel or an hourglass. Under these conditions, flexing can take place under
load, leading to the development of fatigue cracks that, in a ball bearing, are usually found at the bottom of the ball
raceway. This form of cracking ultimately leads to separation of the ring into two or more pieces. Crowned races can be
used to compensate for bending in the shaft.
Cracking of inner rings frequently occurs in service. Such cracking generally takes place in an axial direction and may be
caused by an abnormally high hoop stress resulting from an excessive interference fit on the shaft. On the other hand, a
loose fit can lead to movement between the ring and the shaft, giving rise to radial cracking on the end faces—an effect
discussed in the section “Rotational Creep” in this article.
Cracking of any component of a bearing can result from gross overloading, but may also be associated with other effects,
such as overheating, wear, and flaking. Fatigue cracks are sometimes initiated at surface locations where pitting, flaking,
and spalling have occurred. In other instances, cracks may start from regions where there is evidence of fretting, which
has an adverse effect on fatigue endurance.
Cracks that lead to detachment of small, roughly semicircular pieces from the retaining flanges (back-face ribs) of roller
bearings may be caused by excessive loading due to (1) incorrect assembly and dismantling procedures, (2) general abuse
in service, or (3) abnormally severe axial impact, which brings the ends of the rollers into heavy contact with the cup or
cone back-face rib.
Fracture and cracking of balls and rollers occur occasionally. Balls generally fail by splitting into portions of
approximately equal size. Beach marks on the fracture surfaces indicate normal fatigue cracking, that is, not cracking due
to rolling-contact fatigue; the cracks often originate in regions of incipient flaking on the outer surface. Splitting of balls
is initiated primarily in the area of fiber flow essentially perpendicular to the rolling surface. Fiber orientation arises
because balls are manufactured by upsetting slugs of round stock between hemispherical dies.
A similar form of failure is shown by rollers. Most rollers fracture axially into two equal portions, but others, although
extensively cracked, remain intact. The region of final fracture is approximately circular and is situated on the central axis
of the roller adjacent to the one end face. The basic cause of this particular form of cracking is not obvious, but it most
likely arises from gross overloading in both the radial and axial directions.
Rollers subjected to considerable end thrust, with one face being forced into heavy contact with one of the flanges of the
inner raceway, frequently fail by smearing and wear. Final fracture is usually located adjacent to the smeared end, but
may be near the opposite end face.
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Another form of failure involves fatigue cracking in a diametral plane and in a helical direction at 45° to the axis of the
roller. The pattern of cracking is symmetrical, with a second, helical crack on the remote side of the roller. Usually,
cracking in the diametral plane develops first, and the cracks turn when they reach the opposite edge of the roller and
proceed in a helical direction. In general, such cracking develops as a result of excessive compressive loads, which
produce tensile stresses at right angles to the direction of loading. In addition, torsional stresses are involved, as indicated
by the helical cracks. In theory, a roller should not be subjected to torsional stresses, but such stresses can result from
misalignment or inherent dimensional discrepancies, particularly if the load on the inner and outer rings is carried by
opposite ends of the rollers.
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Effects of Fabrication Practices
Correct assembly of a rolling-element bearing into a machine, as well as correct design and fabrication of the machine
elements contiguous with the bearing, are essential for satisfactory operation. Satisfactory life and operation of a bearing
depend on correct mounting design, accuracy of the machine elements that support the bearing, cleanness of the bearing
assembly, and proper mounting on the shaft and in the housing.
Mounting Design. The rotating ring of a rolling-element bearing is generally press fitted onto a shaft or into a housing,
while a sliding fit is maintained on the other ring. Tightness of fit between a bearing ring and a shaft or housing varies
with the use to which the bearing will be subjected. The type of fit depends on the magnitude and direction of the load
(radial or axial) and on whether the load will be applied to the inner or the outer ring or whether application of load to
both members may occur. Shaft and housing tolerances have been standardized by ANSI and AFBMA.
The standard internal looseness in a bearing is sufficient to allow for recommended tightness of fit between the inner ring
and the shaft or between the outer ring and the housing. If tight fits are required in mounting both rings or if the inner ring
will be substantially warmer than the outer ring during operation, the internal clearance in the unmounted bearing must be
greater than normal to compensate for press fitting or thermal expansion. A smaller internal clearance than normal is used
when radial and axial displacements must be minimized.
Selection of a bearing with inadequate internal clearance for conditions where external heat is conducted through the shaft
can result in overheating or noisy operation due to expansion of the inner ring. An oversize shaft to undersize bore results
in an excessive press fit and reduces the internal bearing clearance sufficiently to make the bearing tight, causing the
bearing to overheat or become noisy.
Rotational creep will occur when the inner ring is loose on the shaft or the outer ring is loose in the housing. This will
result in overheating, excessive wear, and contact erosion (or fretting) between the ring and the shaft or housing.
Shaft Shoulders and Fillets. The height of the shaft shoulder should be about half the thickness of the inner ring at the
face. If the shaft shoulder is too low, the corner radius of the inner ring will push up against the shaft shoulder (Fig. 26a).
Inadequate support of the bearing at the shaft shoulder can result in bending of the shaft or cocking of the bearing, which
can cause overheating of the bearing, vibration, hard turning of the shaft, and general unsatisfactory operation of the
equipment.

Fig. 26 Incorrect and correct shaft-shoulder heights and fillet radii for mounting rollingelement bearings on shafts. (a), (b), and (c) Incorrect designs. (d) Correct design. See text
for discussion.
A shaft shoulder that is too high (Fig. 26b) results in rubbing or distortion of the bearing seals. Also, it is sometimes
necessary to remove the bearing from the shaft. This operation requires that a puller be placed against the inner ring, and a
surface must be left free on which the puller can operate. A slight corner break should be used on the shaft shoulder and
on the bearing seat to avoid raising burrs that would interfere with assembly of the bearing.
Either an undercut or a fillet is used between the bearing-seat surface and the shaft shoulder. An undercut is usually the
simplest design at the corner between the shaft seat and the shoulder provided the weakening effect of the undercut can be
tolerated. Frequently, however, a fillet must be used; the shaft fillet radius should be less than the bearing bore corner
radius indicated in the bearing catalog for the particular bearing being considered. With too large a fillet radius, the face
of the bearing will not seat against the shaft shoulder (Fig. 26c), and misalignment of the bearing, bending of the shaft,
inadequate support, and improper shaft and bearing location may result.
The proper relationship between the diameter of the shaft and the outside diameter of the inner ring and between the shaft
fillet radius and the corner radius on the inner ring are shown in Fig. 26(d). Generally, these same conditions apply to the
housing shoulder and fillet radius.
Shaft Alignment and Deflection. Alignment of shaft, bearings, bearing seats, and the machine itself should be within
certain tolerances to provide efficient mechanical operation. Misalignment can originate from any of the four general
situations shown in Fig. 27. Carefully calibrated micrometers and dial indicators, with the appropriate mounting and
clamping accessories, are used to evaluate misalignment.

The file is downloaded from www.bzfxw.com

Fig. 27 Four types of misalignment of rolling-element bearings.
In actual engineering applications, misalignment does not always cause failure. A single-row deep-groove ball bearing
1
1
° angular misalignment without cramping or binding. This is less than 1.6 mm (
in.) per foot, and a
4
16
1
30-cm (1-ft) long shaft out of line by as much as 1.6 mm (
in.) is unusual. Figure 27(a) illustrates tilting of inner rings
16

can with-stand

when housing bores are out of line. Much more prevalent is an out-of-square bearing-housing bore (Fig. 27b) or housing
shoulder; these can cause tilting of the outer ring. A cocked or tilted inner bearing ring (Fig. 27c) is also common. The
same effect is created by out-of-square lockwashers and locknuts holding the bearing inner ring. On a 2.5-cm (1-in.) diam
shaft, a shoulder being out of square by 0.1 mm (0.005 in.) corresponds to

1
° misalignment; thus, difficulties with tilted
4

inner and outer bearing rings are not uncommon. Shaft deflection (Fig. 27d) is rarely critical, because many shafts would
break before their angularity at the bearing reached

1
°. All these conditions should be checked if the ball path on a
4

raceway indicates misalignment; if any of these conditions exist, changes in bearing clearances may be required, or
inspection procedures with improved measurement techniques might be necessary.
Misalignment is indicated by a ball path not parallel to the edge of the raceway (Fig. 2d). When the misaligned path is on
the outer raceway, such as in applications where the inner ring rotates, the bore of the housing is not parallel to the shaft
axis (Fig. 27b). If the path on the inner raceway is not parallel with the edge of the raceway, it is generally because the
inner ring is cocked on the shaft (Fig. 27c), the shaft shoulder is not square with the bearing seat, or the shaft is bent (Fig.
27d).

Misalignment of either ring of a deep-groove bearing will impose an additional load on the bearing. This additional load,
together with the normal load, causes overstressing and overheating, resulting in early failure, as in the following
example.
Example 8: Failure of a Bearing for a Jet Engine Because of Misalignment Between the Bearing and a Shaft. An engine
on a jet aircraft produced excessive vibration in flight and was immediately shut down.
Dismantling the engine revealed complete failure (fracture) of the cage in one of the two main-shaft ball bearings. The
ball bearings were both of the single-row deep-groove type with split inner rings, manufactured for use in jet-aircraft
engines. The bearings were made of vacuum-melted 52100 steel and were designed to operate at a maximum temperature
of 175 °C (350 °F). The bearings were side by side in the engine.
Investigation. Hardness surveys were conducted on the inner and outer rings of both bearings. Hardness of the inner and
outer rings of the bearing having the unfailed cage averaged 58 and 59 HRC, respectively, which is consistent with the
specified hardness of 58 to 64 HRC. The inner ring of the bearing with the failed cage had a hardness of 55 HRC, and the
outer ring 57 HRC. At 175 °C (350 °F), these parts would have a hot hardness of 50 HRC, perhaps indicative of
overtempering.
All components of both bearings were visually inspected for evidence of excessive heating, structural damage, and
misalignment. Figure 28(a) shows a photograph of the bearing with the fractured cage. Damage caused by severe scoring,
scuffing and plastic deformation of the material surrounding the ball pockets of the cage is shown in Fig. 28(b). The cage
was also cracked between pockets at several locations around the periphery; one of these cracks (arrow) is visible
between the two pockets at top in Fig. 28(b).
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Fig. 28 52100 steel jet-engine ball bearing that failed because of overheating resulting
from misalignment. (a) Photograph of bearing components showing fractured cage. (b)
Enlarged view of cage showing damage caused by scoring, scuffing, and plastic
deformation around ball pockets and a circumferential crack (arrow). (c) Segment of ball
groove in outer raceway, showing off-center damage from misalignment. (d) Micrograph
of section through spalling cavity in inner raceway of unfailed bearing showing inclusion
(arrow) about 0.013 cm (0.005 in.) below surface
Examination of the outer raceway of the bearing with the failed cage revealed severe damage to approximately 20% of the
load-bearing surface. As shown in Fig. 28(c), more damage occurred on one shoulder of the groove than on the other,
indicating misalignment of the bearing during at least part of its operation. Further evidence of misalignment was found in
the ball pockets of the cage, which were unevenly worn. This misalignment caused severe stressing of the cage material,

resulting in fracture of the cage. Discoloration of the bearing components indicated that the bearing had been heated to
temperatures in excess of the design limit. The cause of misalignment is uncertain, but may have been improper mounting
of the bearing on the main shaft.
The second bearing exhibited no damage other than several small spalling cavities in the inner-ring raceway.
Metallographic examination of a circumferential section through the largest cavity revealed an elongated subsurface
inclusion (arrow, Fig. 28d). This inclusion was in the region of maximum shear stress in the bearing (approximately 0.1
mm, or 0.005 in., below the surface), which indicated that it had initiated the spalling cavity.
Conclusions. Failure of the cage resulted from overheating and excessive stressing of the cage caused by misalignment of
the bearing on the main shaft. The bearing that failed was slightly tempered by overheating during operation.
The small spalling cavities found on the inner ring of the backup bearing were caused by an elongated subsurface
inclusion located several thousandths of an inch below the surface and in the region of maximum shear stress. These
cavities were not large enough to contribute to vibration in the engine at the time it was shut down.
Abuse before or during mounting can cause bearing raceways to become ball dented. Bearings operated in this condition
are very noisy. Ball denting, or true brinelling, is caused by excessive pressure exerted on the raceways through the balls
when the bearing is not rotating (see the section “Brinelling” in this article). Denting commonly occurs in small bearings
that are pressed into the housing while already mounted on the shaft. If the outer ring is tight or becomes cocked in the
housing and pressure to force it into position is applied through the inner ring, indentations are produced.
Impact in an axial direction can force the balls against the edge of the groove, causing dents and nicks. Brinelling can be
easily distinguished from dents produced by chips or dirt because ball dents are usually spaced the same distance apart as
the balls. Ball dents can be produced in the bottom of a groove if sufficient impact loads are transmitted through the balls
in a radial direction.
Mounting bearings on a shaft by applying blows or force to the outer raceway will also cause denting. If the force is
sufficient, the raceway may crack. With less force, dents are produced near the center of the raceway, causing rough and
noisy operation. As operation continues, pitting followed by flaking will develop at the individual dents. A nick on a ball
or a raceway resulting from impact by some sharp object causes noise and vibration, and pitting is likely to follow.
Metal chips and dirt can adhere to and enter bearings that are placed on dirty benches or floors. Such contaminants can
cause noise, denting, and locking of one or more of the rolling elements, which ultimately produces failure. Heating
bearings with a torch to facilitate mounting or removal is hazardous. A severe temperature gradient is produced that may
cause cracking or warping, and excessive heating will lower the hardness, change dimensions, and induce early failure.
Punctured and bent bearing shields interfere with bearing performance and eventually cause bearing damage. Shield
damage usually results from use of an improper tool in mounting or removing a bearing from a shaft or spindle.
Broken ball retainers in ball bearings may be the result of misalignment during installation. Excessive shaft deflection can
also be responsible for broken retainers. A ball-path pattern alternating from one side of a raceway to the other will be in
evidence when a retainer has failed.
When bearings are pressed onto a shaft, the bore must be in perfect alignment with the shaft surface before force is
applied. If a misaligned bearing is forced onto a shaft, the inner ring may be distorted or cracked. Forcing a misaligned
hardened ring onto a shaft can burr or score the shaft seat. An arbor press is the most satisfactory means of applying the
mounting force; use of impact tools should be avoided.
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Heat Treatment and Hardness of Bearing Components
The most common through-hardened ball bearing materials are 52100 low-alloy steel and M50 high-speed tool steel.
Table 2 lists average hardness, amount of retained austenite, and typical austenite grain size for eight ball bearing
materials (three heat-treatment lots of each material).

Table 2 Variations among heat-treatment lots in average Rockwell C hardness, amount
of retained austenite, and austenite grain size, for eight bearing materials
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Bearing

Austenite

Average

Retained

hardness,

austenite, grain size

material

Rockwell C vol %

(ASTM

E 112)
52100 steel
Lot A
62.5
4.90
13
Lot B
62.0
4.10
13
Lot C
62.5
0.80
13
Halmo
Lot A
60.8
0.60
8
Lot B
60.8
1.00
8
Lot C
61.1
1.70
8
T1 tool steel
Lot A
61.4
7.30
11
Lot B
61.4
5.20
9
Lot C
61.0
9.50
10
M42 tool steel
Lot A
61.8
1.00
9
Lot B
61.3
4.40
10
Lot C
61.3
4.90
8
M50 tool steel
Lot A
62.6
1.90
10.3
Lot B
62.2
2.90
9
Lot C
62.3
1.50
10
M10 tool steel
Lot A
62.2
1.10
9
Lot B
62.0
2.40
6
Lot C
61.8
1.60
6
M1 tool steel
Lot A
63.3
2.90
10
Lot B
63.4
3.30
9
Lot C
63.5
1.00
8
M2 tool steel
Lot A
63.4
1.70
6
Lot B
63.4
2.40
10
Lot C
63.4
2.30
9
Source: Ref 8
Hardness is an important variable in rolling-contact fatigue and can significantly affect bearing life (see the section
“Bearing Materials” in this article). In general, bearing hardness should be at least 58 HRC for adequate bearing life.
Investigations have shown that, within limits, rolling-contact fatigue life increases as hardness of the bearing components
is increased (Ref 9).
Significant differences in hardness between rings and balls can affect bearing life. Experimental results (Ref 10) indicate
that balls should be approximately 1 to 2 Rockwell C points harder than rings.
Because bearings operate at elevated temperatures and because bearing life depends on hardness, the hardness of the
bearing material at operating temperature is significant. Data on short-term hot hardness (Ref 11) indicate that there is a
significant difference between bearing components of low-alloy steels, such as 52100, and those of high-speed tool steels,
such as M50, in ability to maintain hardness as temperature increases.
Most bearing alloys fall within the low-alloy or high-speed tool steel categories; however, a heat treatment that is
optimum for a material in a tool is not necessarily optimum for the same material when used in a bearing component.
Unfortunately, most heat treatments for these bearing materials are based on the heat treatments that have been developed
for the materials as tools.

Example 9: Bearing Failure Caused by Improper Heat Treatment of Outer-Ring Raceway. A large bearing from a radar
antenna was replaced because of deformation, surface cracking, and spalling on the raceway of the outer ring. Figure
29(a) shows a sectional view of the bearing.

Fig. 29 Large-diameter 4140 steel radar-antenna bearing that failed because of improper
heat treatment of outer-ring raceway. (a) Configuration and dimensions (given in inches).
(b) Fractograph showing typical damage on outer-ring raceway. (c) Micrograph of section
through metal in outer ring adjacent to raceway showing ferrite, scattered patches of
pearlite, and tempered martensite. (d) Micrograph of section through outer ring at
raceway showing grains elongated by metal movement (raceway surface is at top)
Specifications required that the rings be made of 4140 steel. The raceway surfaces were to be flame hardened to 55 HRC
minimum and 50 HRC 3.2 mm (

1
in.) below the surface. Other surfaces of the rings were to have a hardness of 24 to 28
8

HRC. The bearing capacity at 1.67 rpm was a radial load of 713,000 kg (1,572,000 lb) and an axial (thrust) load of
459,000 kg (1,012,800 lb). Samples of the inner and outer rings 15 to 20 cm (6 to 8 in.) long were sent to the laboratory
for examination.
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Investigation. Examination revealed that the raceway of the outer ring was damaged by deformation, surface cracking,
and spalling (Fig. 29b). The raceway of the inner ring exhibited little or no damage.
Wet chemical analysis of the material in the inner and outer rings showed it to be 4140 steel. Molybdenum contents were
0.26% in the inner ring and 0.31% in the outer ring, both slightly above the specified range of 0.15 to 0.25%. However,
this deviation is not significant and would not affect strength properties or hardenability.
A cross-sectional specimen about 9.5 mm (

3
in.) thick was taken through the center of each sample; after cutting, both
8

surfaces of each specimen were ground smooth. Hardness of the raceway of the outer ring was 29.8 to 11.7 HRC. A
horizontal traverse through the center of the ring showed a hardness of 26.1 to 18.7 HRC. A vertical traverse 4.1 cm (1

5
8

in.) from the outer surface showed a hardness of 25.2 to 18.9 HRC. The low hardness values for the outer-ring raceway
indicated that it had not been properly flame hardened. The hardness of the top and outer surfaces of the rings was within
specifications. The hardness traverse of the inner ring raceway showed a hardness of 46.8 to 54.8 HRC, which was below
the specified hardness of 55 HRC minimum.
The specimens were etched in 3% nital to differentiate between hardened and unhardened areas. The inner ring showed a
well-developed hardened case at the raceway; the outer ring did not.
Metallographic examination of an etched specimen showed that the structure of the inner ring adjacent to the raceway was
a mixture of tempered martensite and some ferrite. This suggested that heat treatment was insufficient to make the
structure completely austenitic before quenching; therefore, the full hardening capability of the steel was not attained. The
microstructure of the material away from the hardened surface was a mixture of finely divided pearlite and ferrite, which
resulted in the metal being relatively soft.
The microstructure of the material in the outer ring adjacent to the raceway (Fig. 29c) was a mixture of white ferrite,
scattered patches of pearlite, and martensite, which showed that the steel had been improperly austenitized, producing
very low hardness.
Displacement of metal on the outer raceway is shown in Fig. 29(d). The grain structure had been elongated, indicating
metal movement. Rolled-out and embedded metal particles were also found in the surface.
Hardenability of the metal in the outer ring was checked by heating a specimen 25 × 25 × 6.4 mm (1 × 1 ×

1
in.) along
4

one edge with an oxyacetylene torch to 870 to 900 °C (1600 to 1650 °F), then quenching in water. Hardness in the heated
area was 57 to 60 HRC; in the unheated area, 23 HRC.
Conclusions. Failure of the raceway surface of the outer ring of the bearing was the result of incomplete austenitization.
The steel in the inner-ring raceway had been hardened to slightly below the specified hardness of 55 HRC minimum, but
the outer-ring raceway had a maximum hardness of only 29.8 HRC. The raceway surface in the outer ring was not
properly heated by the flame-hardening process; therefore, subsequent quenching and tempering operations, if any, would
have had virtually no effect on hardness.
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Lubrication of Rolling-Element Bearings*
The functions of lubricants for rolling-element bearings are to provide a thin film of oil between bearing contact surfaces
to reduce metal contact, to prevent excessive heating by acting as a coolant, to remove wear debris and other foreign
substances from the contact surfaces, and to help seal out dust, dirt, and other environmental contaminants. Experience
has shown that reductions in bearing life will occur if a lubricant is ineffective in performing any of these functions.
Lubricants must have the proper physical and chemical characteristics under the conditions of operation. A program of
regular inspection and maintenance is necessary to ensure that both the lubricant and its distribution system, as well as
other mechanical components, remain in satisfactory condition.
Thin-Film Lubrication. When the proper amount of lubricant is supplied to a bearing, a thin film is formed on the bearing
surfaces. During operation, extremely small and randomly distributed surface irregularities penetrate the thin film,
causing metal-to-metal contact. The operational life of a bearing is inversely related to the number of such contacts per
revolution. Other factors being equal, the fewer the contacts made per cycle, the longer the life of the bearing.
Under load, the area of contact between a ball and its raceway is elliptical in shape (Fig. 30a). The zone of contact
between a cylindrical roller and its raceway is rectangular (Fig. 30b), whereas a tapered roller forms an area that is wider
at one end (Fig. 30c). As load is applied, the elements deform elastically, and contact is spread over an increasingly larger
area. With a suitable lubricant between the surfaces, such an increase in contact area and the increase in fluid viscosity
caused by the load result in the formation of a pressurized (elastohydrodynamic) film that separates the surfaces during
operation (Ref 13).

Fig. 30 Schematic representation of areas on raceways deformed by a ball (a), a
cylindrical roller (b), and a tapered roller (c). Source: Ref 12
Elastohydrodynamic films are only a few micro-inches in thickness. Film thickness can be increased by increasing the
rotational velocity of the bearing, increasing the viscosity of the oil, or improving the conformity of rolling elements to
their raceways. Increasing either temperature or load decreases film thickness. Consequently, it is detrimental to bearing
life to operate a bearing at too low a speed, too high a load or temperature, or with an oil of insufficient viscosity.
The surface finish of bearing elements is also an important consideration in elastohydrodynamic lubrication. In addition to
the periodic dimensional deviations resulting from machining, bearing surfaces contain nonperiodic irregularities,
including scratches, debris, and indentations with raised edges. Ordinarily, these features are quite small and have a
statistical size distribution; they range in height from a few micro-inches to a few hundredths of a micro-inch or less.
However, elastohydrodynamic films are also only a few micro-inches in thickness, and for a given film thickness, some of
the surface features protrude through the film and contact the opposing surface. Under conditions of insufficient film
thickness, the number of contacts per revolution is excessive, and bearing life suffers accordingly.
Temperature. Sources of heat in bearings include frictional contact between component surfaces, hysteresis losses
because of cyclic stressing of the metal, and fluid friction caused by displacement and churning of the lubricant. Sources
external to the bearing may also contribute to heating, as in hot-rolling mills, paper-mill dryers, and jet-aircraft engines.
Lubricating oils and greases are available for applications over a wide range of temperatures. As shown in Fig. 31, oils of
higher viscosity are better suited for bearing applications in which rotational velocites are low and operating temperatures
are high. Oils of lower viscosity are more suitable for bearings operated at higher speeds and lower operating
temperatures. Petroleum-base oils and greases are available for both subzero and high-temperature operations. Many
lubricants are formulated to function over a wide temperature range. For example, certain greases can be used at
temperatures from -55 to 175 °C (-65 to 350 °F) (Ref 15). Under certain conditions, greases made with nonsoap
thickeners can operate at temperatures up to 260 °C (500 °F). If oil-type lubricants are required for continuous hightemperature operation, as in jet-engine applications, specially formulated ester-base fluids may be required.
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Fig. 31 Viscosities of several lubricants for ball and roller bearings, as related to
operating speed and temperature. Source: Ref 14
Contamination. Contaminants that may enter a bearing include dust, dirt, fine metallic particles, water, and acid fumes.
Lubricants help to keep such contaminants out of the bearing and restrict the action of those that reach the raceway and
rolling-element surfaces. Hydrophobic oil films and antirust additives inhibit the effects of water contamination.
Lubricating oils may also be used to flush foreign particles from the contact zone; these particles are removed from the oil
by filtration.
Abrasive dust or dirt in a bearing causes wear of bearing components. The resulting increase of internal clearance causes
radial and axial play, reduced accuracy and rigidity of shaft positioning, and increased vibration and noise. Furthermore,
metallic particles and other hard debris can become embedded in contact surfaces. Repeated impact of rolling elements on
these particles causes dents and scratches that deteriorate the surface finish. The resulting raised or sharp edges produce
highly localized stress concentrations that can lead to early fatigue failure. Adequate lubrication minimizes the effects of
such abrasive particles by establishing films of sufficient thickness to allow easy passage of the contaminants between
bearing surfaces.
Corrosion can result if condensation occurs in an idle bearing, or if water enters the housing during operation. Rust
particles can flake off the components, forming surface pits; in addition, an abrasive lapping compound may be formed by
mixing of the particles with the lubricant. Water contamination can also cause corrosion fatigue, stress-corrosion cracking
(SCC), galvanic corrosion, and hydrogen embrittlement of high-strength bearing steels (Ref 16). Corrosion from other
sources, such as acid fumes, can produce effects similar to those caused by water. Although corrosion inhibitors are
included in most lubricant formulations, moisture and other corrosive elements must be excluded from the bearing and the
lubricating system.
Housings of open-type bearings are provided with shaft seals to control the flow of lubricant. Outward flow of a lubricant
aids in preventing dirt, water, and other contaminants from entering the bearing. Shaft seals may be of the clearance or
rubbing-contact type. Seals must be examined periodically to inspect for excessive wear and to evaluate effectiveness in
preventing contamination. Slingers can sometimes be installed on shafts for centrifugal removal of water or other liquids.
Example 10: Failure of Bearings Because of Wear of Labyrinth Seals. A large number of drive-shaft hanger bearings
failed after 300 to 400 h in service. The bearings normally lasted 600 h or more. The shaft was made of aluminum 2024T3 tubing 2.5 cm (1 in.) in diameter and 1.2 mm (0.049 in.) in wall thickness. The shafts were supported by labyrinthsealed single-row radial ball bearings of ABEC-1 tolerances. The bearings had spot-welded two-piece retainers and were
lubricated with 1.5 ± 0.2 g of a paste-type mineral-oil lubricant or a grease conforming to MIL-G-81322. The lubricant
contained molybdenum disulfide and polytetrafluoroethylene particles having a size of about 5 μm. The grease contained
a thickening agent and synthetic hydrocarbons.
Investigation. Examination of the failed bearings revealed that the rings were blackened, deformed, and smeared. The
balls were embedded in the inner-ring raceway, which had been softened by the elevated temperatures reached during the
failure. The retainers were broken, and the seals were worn and bent out of shape.
Examination indicated that the following factors contributed to the failures:

•
•
•
•
•

Insufficient lubrication
Contamination of the bearings by gritty particles (dirt)
Intrusion of a corrosive agent (water)
Corrosion pitting of rings and balls
Contact-fatigue mechanisms

Bearings that had been in service about 300 h were examined. These bearings exhibited light corrosion pits throughout the
rings and balls. However, pitting occurred primarily in the areas of contact between balls and raceways. Areas
surrounding these pits contained evidence of contact fatigue. The bearings were blackened by the high temperatures, but
the amount of coke residue or burned lubricant was minimal. The seals exhibited wear, which had permitted penetration
of gritty particles; water and other corrosive agents; and leakage of lubricant out of the bearing.
Maintenance reports contained notes regarding grease slinging by these bearings. This was substantiated by the dry
conditions of the failed bearings.
New bearings were tested under simulated environmental conditions. Half of these bearings had labyrinth seals and were
lubricated with the mineral-oil paste; the remainder had a positive rubbing seal and the MIL-G-81322 grease. The
bearings with the positive rubbing seals and MIL-G-81322 grease lubricant had 30 to 100% longer life than those with the
labyrinth seals and mineral-oil-paste lubricant.
Conclusions. Wear of the labyrinth seals permitted the lubricant to flow out of the bearing and dirt and corrosive agents to
enter, resulting in overheating.
Corrective Measures. Bearings containing a positive rubbing seal and a MIL-G-81322 grease lubricant were installed.
These bearings had satisfactory life.
In certain applications, contamination problems require a change in the method of lubrication. For example, where bath
oiling is used and considerable trouble is encountered with dirt, it may be advisable to change to circulation oiling. The
lubricant can then be cleaned by passing it through a full-flow filter. Where dust, moist air, or acid fumes are a problem,
changing to an oil-mist system may be beneficial. This type of system can maintain clean, dry air under positive pressure
in the housing and thus prevent contaminants from entering. In all instances, passages for supply and drainage of oil must
be free of dirt and other clogging debris.
Effective Oil and Grease Lubrication. General guides for determining if oil or grease should be used as a lubricant are
listed in Table 3. Lubricating oils must be of suitable viscosity for the particular application to minimize the frequency of
contact between the bearing surfaces, to reduce frictional heating from all sources, and to protect against wear. Adequate
film strength is necessary to resist the wiping action between components, particularly in tapered-roller bearings carrying
heavy axial and radial loads. Lubricating oils should have the highest possible resistance to oxidation to prevent the
formation and accumulation of sludge during long periods of operation. Corrosion inhibitors are needed to provide
maximum protection when corrosive agents are present.

Table 3 Guides for choosing between grease and oil lubrication for bearings
Operating condition
Temperature

Grease
Oil
Below 93–121 °C (200–250 Above 93–121 °C (200–250 °F)
°F)
Speed factor (bore, mm, × rpm) Below 200,000–300,000
Above 200,000–300,000
Load
Low to moderate
High, where oil is necessary for cooling
Long periods without attention
Yes
No, rate of leakage and other losses higher
Central oil supply for other No
Yes
machine elements
Dirty conditions
Yes, if proper design seals out Yes, if circulated and filtered
contaminants
Lowest torque
No, soap structure offers Yes, except excessive amount of oil and churning
resistance
should be avoided. Use oil mist.
Source: Ref 14
Greases suitable for bearing applications should be of high quality to last for long periods of service. In addition to the
requirements listed for oils, greases should have proper structural stability to resist both softening and stiffening in service
and should have the appropriate consistency for the method of application. Greases must have the proper slump
characteristics at operating temperature, or controlled oil-bleeding properties, for adequate penetration into the small
clearances between separators and raceways. Greases used in permanently packed bearings must be exceptionally stable.
Although the housings of some bearings are packed by hand, most have grease fittings. Except when it is necessary to
exclude water by complete filling with grease, no housing should be packed so full that the constant churning by the
rolling elements causes unnecessary lubricant friction and high operating temperatures. Excessive lubrication, like
lubricant starvation of bearings, is detrimental to optimum performance and long bearing life.
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Footnote
* This section is a condensation of an unpublished article by C.J. Polk, Mobil Research and Development Corp.
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Failures of Lifting Equipment
Frank L. Jamieson, Stelco Inc. (retired)

Introduction
LIFTING EQUIPMENT is used for raising, lowering, and transporting materials, parts, and equipment, generally within a
limited area. The types of metal components used in lifting equipment include gears, shafts, drums and sheaves, brakes
and brake wheels, couplings, bearings, wheels, electrical switchgear, chains, steel wire rope, and hooks. This article will
primarily deal with many of these metal components of lifting equipment in the following three categories:
•
•

Cranes and bridges, particularly those for outdoor and other low-temperature service
Attachments used for direct lifting, such as hooks, chains, wire rope, slings, beams, bales and trunnions, and the
members to which they are attached, such as lifting lugs or eyes
Built-in members that are the items necessary for the operation of lifting equipment, such as shafts, gears, and
drums

•

Most of the failures discussed are related to the more common and critical components of lifting equipment used in steel
mills and similar industrial applications, but the problems encountered and the methods of analysis are the same as for
lifting equipment used in other industries.
Failure Mechanisms. Failures of lifting equipment commonly result from fatigue, ductile fracture, brittle fracture, and
wear. A part may fail from any one of these mechanisms or from a combination of two or more of them. A member may
initially fracture by fatigue, with final fracture being of a ductile or brittle nature. Total brittle fracture of a part is most
undesirable, because it is unpredictable and often has catastrophic results. Periodic inspection of a part that is susceptible
to brittle fracture is often of little purpose. It is preferable for fracture of a component to begin by fatigue rather than
suddenly in a brittle manner. Properly timed inspections will usually reveal a slowly propagating crack, and the
equipment can be removed from service before failure occurs.
Wear is easily recognized; excessive wear can usually be corrected by changing the material or its processing. However,
the complete elimination of wear of lifting equipment may require selection of a material that is subject to brittle
fracture—an alternative that may well be unacceptable.
Failure Origins. Failures occur for a number of reasons, which may be related to operation, design, material selection,
material quality, and manufacturing practices. The largest portion of lifting-equipment failures are of operational origin.
Overloading of a lifting mechanism is a common practice and often leads to either ductile or brittle fracture or to fracture
by fatigue from repeated overstressing. Figure 1 shows a steel wire rope that fractured in tension due to overloading. With
a fatigue type of failure, the member will usually fail at a load well below its specified load limit; thus, a false sense of
security exists when dealing with a member that is fracturing by fatigue. Periodic inspection of such parts is therefore
very important. Items that show signs of excessive wear or abuse should be removed from service for replacement or
repair. Figure 1 shows the end of a steel wire rope that failed in tension because of overloading. Excessive wear on a 165
8

mm ( -in.) diam 6 × 37 (6 strands of 37 wires each) fiber-core improved plow steel wire rope is described in Example in
this article. Corrosion failures are also relatively frequent because of the environments in which lifting equipment is
operated.
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Fig. 1 End of a steel wire rope that failed in tension because of overloading. Necking at
the ends of the wires indicates ductile fracture; no worn or abraded areas were found at
the break.
Section changes, keyways, lubrication holes, rough-machining marks, and threaded sections are often points of initiation
of cracks. Small fillets, sharp corners, grooves, and threads act as stress raisers from which fatigue cracks initiate and
fractures propagate. Correct design of a threaded shank on a hook, for example, and the stress-relief groove at the base of
a threaded shank are very important to failure prevention. Failures have also occurred where names, numbers, and other
identification marks are die stamped or imprinted on highly stressed surfaces. Information on the effects of identification
marks is provided in the articles “Fatigue Failures” and “Failures of Shafts” in this Volume.
Another common cause of lifting-equipment failures is improper material selection. The choice of a material is related to
such aspects as its basic quality, composition, overall mechanical properties, notch toughness, corrosion resistance,
weldability, and machinability. In most applications, many materials may be satisfactory for a particular part, but only a
few materials will be optimum.
In hardenable steels, tempered martensite has greater fatigue resistance than mixed structures. From a practical and
theoretical aspect, alloy steels are a better material selection than carbon steels because of the deeper-hardening
characteristics of alloy steels.
The most encompassing cause of failures of lifting equipment is poor manufacturing, assembly, and maintenance
practices. Inferior machining, defective welds, residual welding stresses, misalignment, and improper and insufficient
lubrication are all common and critical causes of lifting-equipment failures. Metallurgically, the most common cause of
failures is improper heat treatment. Quench cracks and residual heat-treat stresses contribute to such failures. The
examples in this article illustrate many of these causes.
Investigation of Failures. The investigation of a failure can provide valuable information that can be used for design
improvement, material selection, and other factors related to the efficient operation of lifting equipment. Much
information can be obtained by visual examination. Close, careful visual inspection should always precede any technique
requiring destruction or cutting of a failed part.
A frequent error in investigating a failure is to interpret it automatically on the basis of the most commonly known causes
indicated from past experience. Although this cannot be avoided entirely, efforts should be made to be alert for other or
unique details that may be contributory or related factors and that may significantly alter the interpretation.
In the investigation of a fatigue failure, the following should be considered: material, design of the entire machine as well
as that of the failed part, fabrication practice (machining, welding, forging, or casting), heat treatment, types of loading to
which the equipment is subjected, and operating environment, such as corrosive or high-temperature atmospheres.
Many failures may be the result of a combination of several faults or contributing factors. Correcting one fault may not be
sufficient or may even have a strongly adverse effect in the presence of other uncorrected faults. It is important that the
investigator sort out the contributory causes of failure from the associated but immaterial aspects of the failed part to
determine the proper corrective measures. The techniques for conducting failure analyses are provided in the article
“Conducting a Failure Examination” in this Volume.
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Materials for Lifting Equipment
Recommendations given here are for materials commonly used in the manufacture of lifting equipment for the
steel industry; other industries may use different materials as required by the application. The recommendations
are general; thus, each situation must be considered individually. Transition temperatures of the steels used in
the equipment should be considered in all cases, particularly for applications that involve temperatures below
20 °C (68 °F). For a discussion of ductile-to-brittle transition, see the article "Mechanisms and Appearances of
Ductile and Brittle Fracture" in this Volume.
Chains, Chain Hooks, and Fittings. Low-carbon steel chains are in wide use and are generally acceptable.
However, to ensure a greater margin of safety, alloy steel chains with a hardness of 302 to 352 HB are
recommended.
Chain hooks are usually made of a grade of steel similar to that of the chain assembly, except in special cases.
The design of chain hooks is often characteristic of the manufacturer rather than the application. Materials for
chains for use in acid or other corrosive environments must be specified for the particular application.
Shafts. Misalignment of shafts resulting in failure is a common occurrence and is difficult to eliminate when
dealing with large equipment. Frequently, 1040 or 1045 steel is specified for shafts. Failures in shafts made of
these steels can often be minimized by heat treatment. In other cases, it may be necessary to make shafts from
quenched-and-tempered alloy steels, such as 4140 or 8640, which have excellent fatigue properties. For severe
applications and large section sizes, 4340 or a comparable high-alloy steel may be used with excellent results.
More information is available in the article “Failures of Shafts” in this Volume.
Bridges and Cranes. The use of a steel having a high impact resistance at low temperatures is required for the
prevention of brittle fracture of structures, especially welded ones, that are subjected to cold-temperature
conditions in service. Use of a fine-grain, normalized, relatively low-carbon (0.20% C) steel will generally
ensure adequate impact resistance and freedom from high hardness in the heat-affected zone (HAZ) of welds.
Fully quenched-and-tempered low-carbon steels and similarly treated alloy steels are also used for such
applications.
Miscellaneous Equipment. Lifting booms, coil hooks, lugs and rings, boxes and containers, trunnions, and
miscellaneous attachments should be made of either normalized or quenched-and-tempered fully killed finegrain steels. For equipment operated at temperatures below 20 °C (68 °F), the transition temperature of the
material must also be considered; the material selected should have a transition temperature below the operating
temperature. When the weight of these components is a limiting factor, plain carbon steels may not be suitable.
A high-strength low-alloy steel can be used instead, the grade and fabrication depending on the requirements of
the specific application.
Flame-cut parts and welded components, insofar as possible, should be stress relieved at 600 to 650 °C (1100 to
1200 °F); flame cutting may produce hard edges that are deleterious to machining and may act as stress raisers
in a weldment. Nondestructive inspection of welded assemblies is highly recommended. In the fabrication of a
member, the material should be oriented so that the rolling direction will be parallel to the direction of principal
service stress.
Bolts, nuts, and washers should be made in accordance with ASTM A 325 (Ref 1) or other recognized
specifications for applications in which they are used only as fasteners. Pins and bolts used as pivots should be
of fully killed fine-grain steel of compositions that will satisfy processing and application requirements. Rivets
should be made in accordance with ASTM A 502 (Ref 2). Particular designs or service conditions may require
the use of heat-treated alloy steels.

References cited in this section
1. “Standard Specification for High-Strength Bolts for Structural Steel Joints,” A 325, Annual Book of
ASTM Standards, ASTM, Philadelphia
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2. “Standard Specification for Steel Structural Rivets,” A 502, Annual Book of ASTM Standards, ASTM,
Philadelphia
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Steel Wire Rope
Many factors must be considered when investigating a failure of steel wire rope used on lifting equipment. Environment
is of obvious concern because wire rope may be subjected to corrosive atmospheres, such as water, acid, and various
chemicals, or to elevated temperatures. Another important factor that must be considered is the flexibility of wire rope.
When sheaves or drums are involved, and they almost always are, the diameter of the sheave or drum has a direct
relationship to the flexibility of the wire rope. The degree of flexibility of a wire rope is determined by its construction.
Figure 2 illustrates the component parts of a wire rope.

Fig. 2 Components of a steel wire rope. Source: Ref 3
Strength and Stretch. The ultimate breaking strength of a wire rope is by design less than the aggregate strength of all the
wires and will vary, depending on the construction of rope and grade of wire used. All manufacturers of wire rope publish
catalogs that list minimum breaking strengths for the various sizes, constructions, and grades of ropes. The proper design
factor for a wire rope demands consideration of all loads. These loads should include (when applicable) acceleration,
deceleration, rope speed, rope attachments, number and arrangement of sheaves and drums, conditions producing
corrosion and abrasion, and length of rope.
Cold-drawn high-carbon steel wire, the type generally used in wire rope, has a modulus of elasticity of approximately
1.93 to 1.99 × 105 MPa (28,000 to 29,000 ksi). Modulus of elasticity is the measure of the degree to which the wire will
stretch under increasing load. The amount of rope stretch caused by the relative movement of all the wires in their attempt
to adjust their positions to a stable condition corresponding to the load imposed varies with the construction of the rope.

Generally, the more flexible ropes, which contain the greatest number of wires and have fiber cores, will stretch more
than all-metal ropes with fewer wires and therefore less flexibility.
Stretch resulting from the movement of the wires is of two types: constructional and elastic. When a rope is first placed
under load, the resulting slight rearrangement of the wires will cause a permanent lengthening, known as constructional
stretch, and a recoverable lengthening, which is elastic stretch.
The constructional stretch, depending to some degree on the magnitude of the load imposed, amounts to approximately
0.5 to 0.75% of the length of the rope for six-strand ropes with fiber cores. For six-strand ropes with steel cores, the
corresponding value is 0.25 to 0.5%; for eight-strand ropes with fiber cores, 0.75 to 1%.
The preceding remarks apply to bright ropes of a type intended to operate over sheaves and drums, and it is assumed that
the ends of the rope are restricted against rotation, are free from corrosion, and have not deteriorated appreciably either
internally or externally. Corrosion and other kinds of rope deterioration have a marked effect on stretch properties.
Sheaves. The size of a sheave is usually expressed in terms of its diameter measured at the base of the groove. This is its
tread diameter. It can also be expressed as a ratio determined by dividing the tread diameter by the nominal rope diameter.
As sheave size is decreased, the stresses resulting from bending and the contact pressure between rope and sheave are
increased. Higher bending stresses cause more rapid fatigue of the wires in the rope. Increased pressure also accelerates
rope deterioration and, at the same time, increases sheave wear.
As sheave size is increased, rope-to-sheave pressure is decreased, and bending becomes easier. If bending alone were
involved, an increase in rope life could obtained by increasing sheave size up to a limit of about 90 to 100 times the rope
diameter for a 6 × 19 (6 strands of 19 wires each) classification rope. However, except on some shaft hoist installations,
sheaves this large are seldom in actual use for two reasons. First, bending is seldom, if ever, the only factor involved.
Large, expensive sheaves would be unnecessary if the abrasion or scrubbing encountered by the rope on some other part
of the installation were the determining factor in its ultimate service life. Second, most machines would not be practical
with such large sheaves, and many would never have been designed if sheaves of this size were mandatory.
In practice, many factors other than bending influence rope life, such as repeated stressing, abrasion, pounding, impact,
vibration, twisting, speed, drum-winding abuse, corrosion, and lack of maintenance. For many applications, one or more
of these factors affects rope life more than sheave size alone.
The optimum sheave size is determined by evaluating the factors affecting safe, economical operation. On high-speed
mobile-type equipment and on equipment requiring low initial cost, it is customary to use smaller sheaves. The need for
more frequent rope replacements is outweighed by the speed and flexibility of movement provided by the more compact
equipment.
Although no definite minimum sheave size can be established for all types of installations, one important factor must not
be overlooked. The heavy pressures between the wires at the contact points in the rope, combined with the high bending
stresses resulting from operation over small sheaves, have a definite effect on rope deterioration. Under such adverse
conditions, wire breakage often occurs at and between the points where the strands contact each other and contact the core
of the rope. Broken wires in these sections are difficult, and sometimes impossible, to detect.
Therefore, for applications in which a high degree of safety is essential, sheaves should be liberal in size to provide better
assurance that the wires will deteriorate progressively on the surface of the rope where they can be readily seen and
evaluated. Extremely small sheaves should be limited to those types of equipment on which such usage is in line with
acceptable practice.
Sheave size is such an important factor in wire-rope life that many laboratory bending or fatigue tests have been
conducted to evaluate this relationship. Laboratory bending life can be determined; however, field service life can seldom
be judged by these results. There are too many factors existing under actual field conditions to be simulated under
controlled laboratory tests.
Laboratory tests have their value for research and development, particularly to the wire-rope engineer. It may also be
important at times to show how bending alone, as performed in such tests, affects wire rope.
5
8

One series of tests was made on 16-mm ( -in.) diam wire-rope specimens in the 6 × 7, 6 × 19, 6 × 37, and 8 × 19
classifications. The sheaves ranged from 20 to 50 cm (8 to 20 in.) in diameter. The load approximated a design factor of
five, and specimens were operated until they broke. The number of cycles of operation was the measure of bending life.
The laboratory tests showed that as the ratio of sheave diameter to rope diameter was reduced, there was a reduction in
bending life, with the reduction in bending life showing the same trend for all specimens tested, and that the reduction in
bending life was faster than the reduction of the sheave-to-rope diameter ratio.
Sheave Grooves. To allow wire rope to perform the maximum amount of useful work, it is essential that sheave grooves
be of sufficient diameter to provide and maintain proper rope clearance. All wire rope, when new, is slightly oversize to
allow for some pulling down while becoming adjusted to its normal working tensions.
Table 1 lists the recommended groove clearances for the usual sheave applications. In some cases, departures from these
recommendations are advisable. For example, with some deflectors or equalizers, smaller clearances can be used, or with
conditions involving large fleet angles, larger clearances may be necessary.
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Table 1 Groove clearance in sheaves based on nominal wire-rope diameter
Nominal rope diameter Groove clearance(a)
mm
in.
mm
in.
6.4–7.9
0.4
1 5
1
–
9.5–19
20.6–28.6
30–38
40–57
59–76
<76

4 16
3 3
–
8 4
13
1
–1
16
8
3
1
1 –1
16
2
9
1
1 –2
16
4
5
2 –3
16

<3

0.8
1.2
1.6
2.4
3.2
4.0

64
1
32
3
64
1
16
3
32
1
8
5
32

(a) Recommended groove diameter equals nominal rope diameter plus groove clearance.
The diameter of a sheave groove does not remain constant. Its change is influenced by the rope and, to a great extent, by
the sheave material and the pressures involved. Because a groove of the recommended size becomes worn to a smaller
diameter by the time a rope is taken out of service, the question arises as to whether or not a sheave should be regrooved
each time a new rope is installed. In theory, best service will be obtained when a new rope starts with all sheave grooves
exactly proper for the conditions involved. In practice, it would be false economy in most installations to change sheaves
with every rope replacement. In most cases, the economical procedure is to allow the new rope to take additional wear at
first, even at the expense of some rope life. For most installations, the limit below which a sheave should be regrooved is
a clearance value in excess of the nominal rope diameter equal to half the clearance listed in the second column of Table
1.
When a sheave is regrooved, it is generally necessary to dress the flanges and to cut the base of the groove to the proper
diameter. If only the base is machined, the throat angle near the base may be left too small to provide proper clearance
where the rope makes a fleet angle to one side or the other.
Rope Pressure. In addition to the bending stresses introduced by operation over sheaves, wire rope is subjected to radial
pressure by its contact with the sheave. This pressure sets up shearing stresses in the wires, distorts the rope structure, and
affects the rate of wear of the sheave grooves. Therefore, the magnitude of the pressure and the wear resistance of the
sheave material should be considered when selecting the most suitable rope construction.
The radial pressure, in pounds per square inch of projected area of the rope, can be determined using:
P=

2T
Dd

(Eq 1)

where P is radial pressure (in pounds per square inch), T is tension in the rope (in pounds), D is tread diameter of the
sheave (in inches), and d is diameter of the rope (in inches).
Just as is true for bending stresses, the magnitude of the stresses resulting from the radial pressure increases as the size of
the sheave decreases. High bending stresses generally indicate the need for flexible rope constructions. However, the
resulting relatively small-diameter wires have less ability to withstand heavy pressures than the larger wires in the less
flexible rope constructions. Both factors should be considered in selecting the most suitable type of wire rope.
Furthermore, the pressure of the rope against the sheave tends to flatten the rope structure. This type of rope distortion can
be controlled to a large extent by proper sheave-groove contour.
Contact of the rope with the sheave results in wear in the rope and the sheave groove. The rate of wear is influenced by
the magnitude of the rope pressure against the sheave groove.
Sheave Material. If the sheave material has insufficient wear resistance, the grooves will wear to the diameter of the rope
operating in it. When a new full-size rope is installed, the groove worn small by the previous rope will subject the new
rope to unnecessary abrasion in its attempt to grind the groove to its own diameter. To avoid this condition, the sheavegroove material should be selected to resist the wear corresponding to the rope pressure that will be present.
Table 2 lists allowable radial pressures calculated from Eq 1 for three cast, annealed sheave materials. Heat treatment to
improve wear resistance will permit greater pressures. The values listed in Table 2 are of necessity approximate, but do
represent desirable limits for avoiding excessive groove wear. These values are for regular-lay wire rope, in which the
wires are laid in the direction opposite to the twist of the strands in the rope. The values can be increased for lang-lay wire
rope (wires and strands laid in the same direction).

Table 2 Allowable pressures on sheaves of three materials for various classifications of
wire rope(a)
Rope classification

Allowable pressures

on sheaves made of:
11-13Mn steel
Cast iron
Cast steel
psi
Mpa
psi
Mpa
psi
Mpa
6×7
2.1
300
3.8
550
10.3
1500
6 × 19
3.4
500
6.2
900
17.2
2500
6 × 37
4.1
600
7.4
1075
20.7
3000
8 × 19
4.1
600
7.4
1075
20.7
3000
Flattened strand
5.5
800
10
1450
27.6
4000
(a) Values are for regular-lay rope: for lang-lay rope, these values may be increased 15%, except for flattened-strand rope,
which is normally lang lay
Drums. A common method of driving a wire rope is by a drum. One end of the rope is fastened to the drum, and the rope
is wound and stored as the drum revolves. In some applications, both ends of the rope are attached to the drum.
Most drums are cylindrical with flanges at the ends. Flanges may not be necessary with grooved drums when the rope will
never wind in more than one layer and when the rope cannot get out of the grooves. Flanges are necessary for multiplelayer winding and for cases where the rope might slip or wind off the face.
Drum size, groove contour, pressure, and drum material relate closely to the matters previously discussed on sheaves. The
groove contour in grooved drums should be the same as in sheaves. The radial pressure between rope and drum on the
first layer of a properly grooved drum is calculated by Eq 1. For these conditions, the same limitations apply to the
materials listed in Table 2.
High pressures are exerted on the face of the drum with two or more layer winding. This has little influence on the choice
of drum material because the additional pressure is applied after the first-layer wraps are fixed in position on the drum.
Higher pressures resulting from multiple-layer winding should be considered in the structural design of the drum. A drum
for two-layer winding does not have to be twice as strong as that for single-layer winding, nor does one for three layers
have to be three times as strong. When a second layer is wound on a drum, some tension is lost in the rope on the first
layer. With the application of a third layer, additional tension is lost in the rope on the second layer. Studies have
indicated that the combined rope tension with two layers is about 1
about 2

3
times the tension with one layer, with three layers
4

1
1
times the tension with one and with four layers about 2 times the tension with one.
8
4

With plain-faced drums, the actual radial pressures are higher because the rope does not have support around part of its
circumference. On drums of this type, wear to both rope and drum would be more severe than that on grooved drums, and
rope deterioration, resulting from pressure, would be more pronounced.
The diameter of the drum should be influenced by considerations of safety and economy. For general conditions, the
ratios for sheaves should be considered, but for some applications, departures are made from these values.
Where bending is the primary factor affecting the service life of the rope, the drum may be slightly smaller in diameter
than the sheaves in the system, because in traveling in each direction the rope bends only once at the drum, whereas it
bends twice at each sheave. In traveling over each sheave, the rope is bent the first time when it conforms to the curvature
of the sheave and the second time when it straightens out and leaves the sheave. The number of bends is decreased on
those machines in which the rope travel is not very great and the section of rope operating on and off the drum does not
reach the sheaves. The reeving diagrams shown in Fig. 3 can be used to determine the number of bends in a wire rope
when multiple-pulley blocks are used.
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Fig. 3 Three reeving diagrams for double-drum hoists.
When wire rope is wound on a drum, it exhibits a slight rotation because of the spiral lay of the strands. Standing behind
the drum and looking toward an oncoming overwind rope, rotation of a right-lay rope is toward the left, whereas rotation
of a left-lay rope is toward the right. This rotation is extremely small and seldom of any significance.
However, with a plain-faced drum, in which the only other influence to the rope is winding on the first layer is the fleet
angle, this slight rotation can sometimes be used to advantage in keeping the windings close and uniform. Rightlay rope is
standard and the one most readily available from stock. Therefore, all machines or installations having plain-faced drums
should be designed for use with right-lay rope.
With a plain-faced drum, a right-lay rope, and overwind reeving, the attachment should be made at the left flange. With a
right-lay rope and underwind reeving, the attachment should be made at the right flange.
When grooved drums are used, there generally is sufficient control by the grooving to wind the rope properly whether it is
right or left lay. With either an overwind or an underwind installation or a left or right flange attachment, the standard
right-lay rope construction can be used. Only in special applications should a change to left-lay rope be considered. One
instance would be when opposite rotation of the rope might help prevent open winding, or a piling up at the flange under
adverse fleet-angle conditions.
Grooved drums offer greater control and uniformity of rope winding compared with plain-faced drums. Moreover, when
several layers are involved, grooved drums also influence the winding of the second and subsequent layers, provided the
change from each layer to the next is properly accomplished. Grooving also provides some degree of circumferential
support for the rope, which is advantageous to drum and rope life.
Maximum support is provided by grooving that has a depth equal to half the diameter of the rope, if the contour is proper.
However, it is seldom possible or advisable to make the grooves this deep. For some applications, deep grooves have
another advantage: they help keep the rope winding properly where a swinging load or some other condition of abnormal
displacement causes the rope to lead improperly to the drum.
Deep grooves can be a disadvantage by adding to rope abrasion and restricting freedom of movement as the rope enters
the groove. In leading to the drum, there is only one point at which the lead is absolutely straight into the groove. On
either side of this point, some fleet angle is encountered. This causes rope and groove wear if the rope is confined around
too much of its circumference.
There is seldom any advantage in designing a groove to have more than 150° circumferential support at the base, and in
most cases, it would be disadvantageous to do so. If single-layer winding is involved and if deep grooves are necessary,
this can be best accomplished by spreading the wraps apart and providing higher ridges between grooves.
It is important that grooved drums be designed with the proper pitch or distance from center to center of grooves to allow
ample but not excessive clearance between successive wraps of rope. This is essential to prevent crowding and scrubbing
of the oncoming rope against the rope already on the drum. To provide proper conditions for multiple-layer winding, the
pitch between grooves should only be enough to prevent rope contact when winding under the maximum angle of fleet.
1
2

Example 1: Bending-Fatigue Failure of a Steel Wire Hoisting Rope for a Stacker Crane. A 13-mm ( -in.) diam 18 × 7
fiber-core improved plow steel nonrotating wire rope broke after 14 months of service on a stacker crane. Previously, 131
2

mm ( -in.) diam 6 × 37 improved plow steel ropes with independent wire-rope cores had been used. These ropes were in
service for 12 months. The change to an 18 × 7 rope was made because of difficulties caused by twisting of the 6 × 37
rope.

Investigation. Chemical analysis of the steel wire indicated a carbon content of 0.51 to 0.55%, as specified. The tensile
strength of the individual wires averaged 1234 MPa (179 ksi), which was above average. The quality of the steel was
satisfactory, with the crown wires showing very little wear.
The hoist arrangement for this crane consisted of one rope with each end attached to a separate drum; the rope wound
around two 30-cm (12-in.) diam sheaves in the block and back up and around an equalizer sheave (Fig. 3b). The section
of the rope that had been in contact with the sheaves was found by measurement checks. Reverse bending of the section
of the rope normally subjected to this flexing revealed the presence of broken wire ends (Fig. 4), which indicated that the
1
2

rope failed by fatigue. The minimum sheave diameter for a 13-mm ( -in.) diam 18 × 7 wire rope should be 43 cm (17
in.). Thus, the 30-cm (12-in.) diam sheaves were too small.

Fig. 4 13-mm ( 1 -in.) diam 18 × 7 fiber-core improved plow steel nonrotating wire rope
2

that failed in bending fatigue. The rope was operated over a sheave that was too small in
diameter.
Conclusions. Failure of the wire rope occurred by bending fatigue. Continually running the same section of the rope over
a sheave too small in diameter resulted in excessive bending stresses.
Corrective Measures. The sheave diameter could not be increased; therefore, the flexibility of a 6 × 37 rope was required.
1
2

1
2

The 13-mm ( -in.) diam 18 × 7 rope was replaced by two 13-mm ( -in.) diam 6 × 37 steel-core ropes stranded side by
side, one with left lay and the other with right lay. The twisting problem was eliminated by the use of the two counterstranded cables.
Corrosion is another common cause of wire-rope failure. The corrosive atmospheres in which wire ropes operate are
created by blast furnaces, cleaning tanks, plating tanks, and exposure to outdoor elements. Figure 5 shows corrosion
failure of a steel wire rope that operated partially underwater.
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Fig. 5 Steel wire rope with heavy corrosion and broken individual wires resulting from
intermittent underwater service.
Shock loading of a wire rope can cause it to vibrate, producing high-frequency cyclic bending stresses in the rope.
Vibration is most severe at the connection end of the rope, and can result in fatigue failure.
Example 2: Fatigue Failure of a Steel Wire Rope Resulting From Shock Loading. The wire rope on a cleaning-line crane
broke while lifting a normal load of coils. This rope, which was specified for the application, was 11-mm (

7
-in.) diam 8
16

× 19 fiber-core rope of improved plow steel wire. Service life of the rope was 5 weeks; average expected life was 6
weeks. The rope was inspected weekly.
Investigation. Visual examination of a section of the wire rope adjacent to the fracture revealed several broken wires and
fraying of the fiber core (Fig. 6a). The construction and mechanical properties of the rope were as specified.

Fig. 6 Steel wire rope, used on a cleaning-line crane, that failed from fatigue resulting
from vibration caused by shock loading. (a) Section of the wire rope adjacent to the
fracture. Approximately 1 1 ×. (b) Unetched longitudinal section of a wire from the rope
2

showing fatigue cracks originating from both sides. 75×
Metallurgical examination of several wires revealed a uniform cold-drawn microstructure with no evidence of severe
abrasion or martensite. Microscopic examination of a longitudinal section of a wire revealed fatigue cracks originating
from both sides of the wire (Fig. 6b). One crack changed direction and propagated parallel to the centerline of the wire.
The diameter of the sheave on the bale, 27 cm (10

5
7
in.), was slightly below that specified for the 11-mm ( -in.) diam
8
16

rope.
Observation of the crane in operation revealed that in rolling the coils over the edge of the rinse tank after pickling the
hook received a sudden shock load, which was transmitted to the rope, causing vibrations. The vibrations were most
severe at the clamped end of the rope.
Conclusions. Failure of the rope was attributed to fatigue, resulting from vibration caused by shock loading.
Corrective Measures. Pitched roll plates were installed between the tanks where rolling of coils was required. The plates
reduced the free fall of the coils and aided in rolling. Also, the diameter of the sheave was increased to 33 cm (13 in.).
Scrubbing of a wire rope against a foreign object can cause excessive heating of the crowns of the outside wires. Because
these regions are small in comparison to the total area of the wire, they may be rapidly quenched to a martensitic structure
by the adjacent and underlying cooler metal. Martensite has very little ductility and will readily crack under the slightest
bend.
Martensite is more easily formed in rope made of the higher-carbon grades of steel wire. Two ropes were analyzed that
had operated under similar conditions as main lines in a logging machine. The ropes were 3.2 cm (1

1
in.) in diameter and
4

of 6 × 19 independent wire rope core (IWRC) construction. One of the ropes had a carbon content of 0.685% and a
manganese content of 0.607%; the other rope had a carbon content of 0.751% and a manganese content of 0.607%.
Both ropes developed martensite on the crowns of the outside wires. The martensite was caused by the friction and heat
generated by the action of the rope sliding against the sides of the sheave. The outside wires were rapidly heated, then
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rapidly quenched by the adjacent metal. The difference in carbon contents manifested itself in the layer of martensite
formed being greater in the wires that contained the greater amount of carbon. Figure 7 shows a micrograph that
illustrates the martensite layer developed by the wires having 0.685% carbon content. The ropes containing the 0.751% C
wires displayed a deeper layer of martensite. The rope made of the lower-carbon wires had a life of about three times the
other; however, this life was not considered satisfactory. The formation of martensite must be avoided, which means that
the cause of failure was the abuse the ropes received and not necessarily the carbon content or the martensite formation.

Fig. 7 Transverse section through 2.6-mm (0.102-in.) diam steel wire. Light-etching
surface layer (top) is untempered martensite; adjacent dark-etching zone is self-tempered
martensite. The matrix was composed of deformed pearlite. Etched with 5% nital. 265×
Example 3: Fatigue Fracture of Individual Steel Wires in a Hoisting Rope. The wire rope on a crane in a scrapyard broke
after 2 weeks of service under normal loading conditions. Expected life of the wire rope was 2 months. The rope was 165
8

mm ( -in.) diam 6 × 37 fiber-core improved plow steel. This type of rope is made of 0.71 to 0.75% C steel wires, with a
tensile strength of 1696 to 1917 MPa (246 to 278 ksi).
The rope became damaged while it was attached to a chain for pulling jammed scrap from the baler. The chain broke
during this operation, skipping the cable up onto the edge of the sheave. The rope then apparently seated itself in a kink
on the flange of the sheave.
Investigation. As shown in Fig. 8(a), the rope was heavily abraded (scrubbed) and crushed. Also, several of the individual
wires were broken.

Fig. 8 Wire rope, made of improved plow steel with a fiber core, that failed because of
heavy abrasion and crushing under normal loading. (a) Crushed rope showing abraded
wires and crown wear. 1.8×. (b) Nital-etched specimen showing martensite layer (top) and
uniform, heavily drawn microstructure. 500×

Metallographic examination of several of the broken wires revealed a uniform cold-drawn microstructure, with patches of
untempered martensite in regions of severe abrasion and crown wear.
Chemical analysis of the wire showed a carbon content of only 0.46%, whereas 0.71 to 0.75% C was specified. The
tensile strength (1620 MPa, or 235 ksi) was below specification.
A hard layer of martensite (Fig. 8b) was formed on the wires as a result of abrasion. This surface layer, being very brittle,
was susceptible to fatigue cracking while bending around the sheave.
Conclusions. The wire rope failed in fatigue because of the brittle layer of martensite on the wires. Both the carbon
content and the tensile strength of the wires were below specifications.
Corrective Measures. Because of a record of poor service life on this wire rope, 6 × 19 rope was substituted because it
withstands abrasion and drum crushing better than 6 × 37. Service life was doubled after this change in rope construction.
1
2

Example 4: Failure of Steel Wire Rope Because of Overheating. A 3.8-cm (1 -in.) diam 6 × 37 rope of improved plow
steel wire broke in service during dumping of a ladle of hot slag.
Investigation. Examination of the rope showed a heavy blue oxide extending 0.6 to 0.9 m (2 to 3 ft) back from each side
of the break. The broken ends of the rope showed tensile fractures. Microscopic examination of the wires adjacent to the
break revealed that the steel had been recrystallized. The rope had thus been heated in excess of 700 °C (1300 °F). The
tensile strength of the wires in the rope that broke was 896 MPa (130 ksi), whereas the specification required 1724 MPa
(250 ksi).
Conclusions. Failure of the wire rope was attributed to overheating, which resulted in a 50% loss of tensile strength.
Recommendations. Wire ropes must not be subjected to extremes of heat, such as exposure to hot slag, except for brief,
intermittent periods of time. Prolonged or continuous exposure will cause a rapid deterioration of service life.
Example 5: Fatigue Fracture of a Steel 8 × 19 Elevator Cable. Fracture occurred in one of six cables on a passenger
elevator. The elevator continued to operate on the remaining five cables until routine inspection discovered the broken
5
8

cable. The cable was made of 16-mm ( -in.) diam steel wire rope designated as 8 × 19 G Preformed Extra High Strength
Special Traction Elevator Cable with fiber core. The cables had been in service for 1

1
years. The end of the wire rope
2

was sealed into a conical shape (Fig. 9a) in a low-melting alloy. Fracture occurred at the shackle where the end of the
cable was socketed.

The file is downloaded from www.bzfxw.com

Fig. 9 Fatigue fracture of a steel 8 × 19 elevator cable. The fracture resulted from cyclic
torsional and tensile stresses. (a) Conical shape at end of cable, and end of broken cable.
(b) As-received 1.2-mm-diam wire. 25×. (c) Same wire after cleaning with a cold aqueous
solution of 10% HCl. 25×. A indicates a nick in side of wire; B, a bright, smooth area
containing fatigue marks. (d) Longitudinal section of 0.6-mm-diam wire etched in 2%
nital showing necked region. 55×. (e) 2% nital-etched longitudinal section through 1.6mm-diam wire showing cold working at A, flat-type fracture surface at B, and
longitudinal cracks. 100×. (f) Fractured end (left) and longitudinal view (right) of 1-mmdiam wire. Both 34×. Arrows A indicate nick in a region showing cold working and wear
in service; arrow at far right, a secondary crack origin.
The fractured end, a length of wire rope away from the fracture, and several mounted specimens of various wires from the
rope were examined. Samples of wire received were 1.2-mm (0.0465-in.) diam heart wire, 1-mm (0.0405-in.) diam outer
wire, and 0.6-mm (0.023-in.) diam inner wire.
Investigation. Close examination of the wire rope under a stereomicroscope revealed two general types of fracture:
•
•

A flat-type fracture in the samples of larger-diameter 1.2- and 1-mm (0.0465- and 0.0405-in.) wires
A cup-and-cone type of fracture in the samples of smaller-diameter 0.6-mm (0.023-in.) wire

Generally, the larger wires, which failed with a flat-type fracture, were rusted; the smaller wires were oxidized but were
not as heavily rusted. Figure 9(b) illustrates the fractured ends typical of the larger wires as received; Fig. 9(c), after
removal of the rust. Arrow A in Fig. 9(c) indicates what appeared to be a nick in the side of the wire; arrow B indicates a
bright, smooth area containing beach marks radiating inward, which indicated fatigue cracking. Flat-type fractures were
believed to result from cyclic stresses, with the major stress component being torsional.
The nature of ductile behavior in the 0.6-mm (0.023-in.) diam wires is illustrated in Fig. 9(d), which shows a reduction of
area in a necked-down region under excessive tensile stress without fracture. The fracture surfaces of the smaller-diameter
wires were slightly oxidized; however, some bright regions could be seen, which indicated that the smaller wires broke
later than the larger-diameter wires.
Numerous specimens were examined microscopically on a longitudinal plane at the failed ends. Figure 9(e) shows the
typical microscopic characteristics of the larger wires. The important features are the cleanness of the material,
microstructure, and the nature of the failure. No evidence of material or processing defects could be associated with the
failure. It appears that as transverse cracking occurs under cyclic torsional stresses, longitudinal cracking follows as the
transverse cracking progresses, placing the maximum torsional fiber stress below the surface. Because of the fibrous
nature of cold-drawn materials, longitudinal crack propagation would be expected under conditions of cyclic torsional
loading with transverse crack propagation. Restriction of free movement of the socket-end in the shackle would be
expected to promote fracture by increasing the magnitude of the torsional stress under cyclic loading.
Evidence of torsional stress was also observed in the 1-mm (0.0405-in.) diam wires. Figure 9(f) shows nicks and cold
working on the surfaces of the wire in the region of fracture. This particular wire probably failed under greater tensile
stress after the 1.2-mm (0.0465-in.) diam heart wires broke. Ductility of this wire is indicated by some necking and by
cup-and-cone characteristics in the fracture surface. Most of the wires examined showed essentially flat fracture surfaces.
The cleanness of the wire in the region of fracture is also illustrated in Fig. 9(f).
Conclusions. Mechanical damage to the surfaces of the wires was sufficient to cause fatigue cracking under the stresses
encountered in service. The wire rope was composed of several sizes of wire; rust on the fracture surfaces of the largerdiameter wires indicated that they had failed first. The smaller-diameter wires behaved in a ductile manner under
excessive loads before ultimate failure. The microstructure and cleanness of the material appeared normal for the
application and could not be associated with the broken wires examined.
Stress-corrosion cracking (SCC) frequently occurs in terminals that have been roll swaged on ends of wire ropes for
marine use. In the following example, rolling lines from the swaging operation acted as stress raisers. Cracks developed
along these stress raisers, and corrosion by seawater occurred in the cracks.
Example 6: SCC of a Stainless Steel Wire-Rope Terminal. An eye terminal made of AISI type 303(Se) stainless steel that
3
8

was roll swaged on the end of a 9.5-mm ( -in.) diam wire rope was found to have cracked extensively after 1 year of
service. The terminal was sectioned, and specimens were mounted for metallographic examination.
Investigation. Examination of one specimen revealed that a hairline crack had initiated at the inner surface of the fitting.
Holes in the region adjoining the crack and the rough texture of the crack surface (Fig. 10) indicated that a corrosive
medium (presumably seawater) had entered the crack from the inner surface of the fitting and, coupled with the hairline
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crack, developed crevice corrosion. High residual stresses in the swaged metal caused the crack to propagate toward the
outer surface, followed closely by corrosion. The last 0.3 mm (0.012 in.) of metal thickness failed in pure tension, as
evidenced by the smooth appearance of the crack surface in this region.

Fig. 10 Composite micrograph of a transverse section through a type 303(Se) stainless
steel eye terminal for a wire rope showing corroded crack surface and final-fracture
region. 75×
Swaging creates a few small cracks in the surface of the hole in a terminal, particularly when swaging onto stranded wire
rope. Residual stresses plus load stress and corrosion frequently result in stress corrosion.
Conclusions. The terminal failed by SCC as a result of residual stresses from swaging, load stresses, and corrosion by
seawater.
Recommendations. Rotary swaging or swaging in a punch press is recommended instead of roll swaging. Roll swaging is
accomplished by nonsymmetrical radial metal deformation. The size of internal cracks is likely to be greater under these
conditions than when swaging is accomplished in a more uniform symmetrical reduction, such as by rotary swaging or
press swaging. Corrosion then combines with the internal stress to cause SCC.

Reference cited in this section
3. A.B. Dove, Ed., Steel Wire Handbook, Vol 3, The Wire Association, Inc., Branford, CT, 1972
Failures of Lifting Equipment
Frank L. Jamieson, Stelco Inc. (retired)

Chains
Chains made of resistance-welded plain low-carbon steel are in wide use and are generally acceptable. However, to
ensure safety and to minimize chain failures, heat-treated alloy steel chains with a hardness range of 302 to 352 HB
should be used. This hardness range is recommended to reduce the frequency of brittle fractures and to avoid premature
wear and excessive stretching. However, it is much more desirable for a chain to stretch or to exhibit wear than to be so
hard that it can fail by brittle fracture from a small fatigue crack, as often happens to chains with hardnesses of 375 HB
and higher.
Fatigue cracks in chains are usually initiated at one of the following origins:
•
•
•

A heavily cold-worked zone resulting from misuse of the chain
A weld zone with entrapped inclusions or with inadequate weld penetration
The portion of a weld at the inside surface of a link, which, because of its position, cannot be planed as smoothly
as the outside surface

In the investigation of chain failures, the following possibilities must be considered in determining the cause of failure:
•
•
•

Subjection of the chain to sudden impact loads or unbalanced loads
Kinks, twists, or knots in the chain, which create severe stresses that can bend, weaken, and break chain links
Deterioration of the chain by strain, usage, corrosion, or operation at elevated temperatures. The specified load
limit should be reduced when alloy steel chains are used above 260 °C (500 °F). Chains should be replaced when
wear has exceeded the specified limit of the manufacturer
Stretching of the chain, which usually indicates overloading and which can be avoided by the use of proper chain
size. Stretch is often expressed in terms of percentage of overall length. This is not recommended, because
individual links may often be severely elongated; thus, only a small portion of the entire chain is stretched. To
determine the degree of stretching, the chain should be inspected link by link
Improper repair of the chain. Alloy steel chains should always be identified as such to ensure that any repairs—
for example, replacement of damaged section or joiner links—are made properly. Alloy steel chains are usually
returned to suppliers for repair and proof testing

•

•

Regular inspection of chains is imperative. Where many chains are in service, inspection is usually done visually. There
are critical applications, however, in which magnetic-particle or liquid-penetrant inspection should be implemented.
Inspection of individual links by these methods is a slow and tedious process and is carried out only when chain failure
would cause injury to personnel and damage to equipment.
Example 7: Fracture of a 4615 Steel Chain Link Because of a Weld Defect. A resistance-welded chain link made from 165
8

mm ( -in.) diam 4615 steel broke while lowering a 9070-kg (10-ton) load of billets into a rail car. The acceptable load
limit of the chain was approximately 13,600 kg (15 ton). The chain had been in service for 13 months. Because of the
large number of chains in service and the fact that chains were left around billets in storage, no routine inspection was
carried out.
Observations. The link broke at the weld. Beach marks, typical of fatigue, originated at the inside of the link (arrow, Fig.
11a). Metallographic examination of a section through the fracture surface revealed cracks (arrows A, Fig. 11b) in the
weld zone that were up to 1.2 mm (0.0465 in.) deep. Examination of this region at a magnification of 65× showed that the
cracks were filled with scale, indicating that they had formed during resistance welding of the link. The chain was made
of fine-grain quenched-and-tempered 4615 steel with a hardness of 285 HB, as specified.
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Fig. 11 Resistance-welded 4615 steel chain link that broke because of a weld defect. (a) A
fracture surface of the chain link showing fatigue beach marks (arrow) progressing across
the surface from the inside of the link. (b) Nital-etched longitudinal section through the
link showing fracture origin (arrow O) and weld cracks (arrows A). Weld cracks at top
were approximately 1.2 mm (0.0465 in.) deep.
Conclusions. Failure of the chain link was attributed to weld defects, which acted as stress raisers from which fatigue
cracks originated.
Corrective Measures. Inspection revealed welding laps in all chains in service. All such chains were removed from
service and replaced with defect-free chains. The chain manufacturer changed the welding method to ensure defect-free
chain links.
Example 8: Brittle Fracture of Alloy Steel Chain Links Because of Excessive Hardness. Over a 1-year period, chain-link
5
8

fractures occurred in many of several thousand 16-mm ( -in.) diam alloy steel sling chains used for handling billets.
Several shipments of new chains had been acquired because of expansion of production facilities. No failures had
occurred before delivery of the new chains.
Observations. The links broke at the weld, with the breaks originating at the inside of the link. The breaks were often
undetected because the broken links opened only slightly at the fracture line. There had been no fracture-related damage
to the links. Metallographic examination revealed no weld irregularities. All failures occurred in links having hardness
values in the range of 375 to 444 HB.
Upon contacting the supplier, it was learned that the hardness level of the new chain links was 375 to 444 HB, a change
from the previous hardness level of 302 to 375 HB. Hardness was increased to minimize wear, but it made the links notch
sensitive, resulting in fractures that initiated at the butt-weld flash on the inside surfaces of the links. It is believed that
most of the fractures occurred during the winter months; the low temperatures undoubtedly caused a further reduction in
ductility.
Conclusions. The chain links failed in a brittle manner because the high hardness of the material made it notch sensitive,
particularly at low temperatures.
Corrective Measures. All chains were visually inspected, and those with broken links were returned to the supplier for
repair. All chains were retempered to a hardness of 302 to 375 HB.
All new alloy steel sling chains were subsequently ordered to a hardness of 302 to 352 HB. No failures of this type were
reported since the chains were retempered and the hardness requirement of 302 to 352 HB was introduced.

Failures of Lifting Equipment
Frank L. Jamieson, Stelco Inc. (retired)

Hooks
Hooks are designed for individual applications to suit the type of load, the size and weight of the load, the intended
service environment, and the degree of versatility required. Failure of hooks occurs frequently, and hooks are continually
being altered to avoid future failures. Among these alterations are changes in method of fabrication, grade of steel, heat
treatment, and design.
In general, the most important features required of a hook material are excellent fatigue properties and resistance to brittle
fracture. It is desirable for a hook to exhibit wear rather than to fracture in a brittle manner because of the possible serious
injury and damage that can result. Such a hook should be evaluated visually while in service, and if signs of excessive
wear are found, the hook should be removed from service for repair or replacement. If worn in the saddle region, a hook
may be ground smooth within the specified reduction limit (usually, a maximum of 20% of the cross-sectional depth),
renormalized if originally in a normalized condition (or otherwise thermally treated, depending on prior treatment), and
returned to service. If fatigue cracks are found by magnetic-particle inspection, it may be possible to eliminate these
cracks by grinding within the specified limits; if not, the hook should be scrapped.
Welding on crane hooks is to be discouraged. When welding must be done to attach safety devices or to join laminated
sections, it should be followed by a heat treatment that will eliminate any hard spots or residual stresses in the HAZ.
Frequently, hooks that have been in service for a considerable length of time are given a stress relief to eliminate the
effects of cold working from repeated lifting contacts by chains or rings.
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Materials for Crane Hooks. C-hooks, pin hooks, coil hooks, and sister hooks are usually forged from fully killed finegrain carbon or alloy steels. Extremely large ladle hooks and coil hooks are made of laminated plate sections.
Specifications governing forgings for industrial use are given in ASTM A 668 (Ref 4); these specifications may be
augmented as required.
Low-carbon (1018, 1020, or 1025) and medium-carbon (1045) steels are widely used in the normalized or the quenchedand-tempered condition. Alloy steels used include the 8620, 4320, 4130, and 4140 grades, generally in the quenched-andtempered condition. The low-carbon steels usually have greater resistance to crack propagation. Other alloy steels, or
other materials, may be required in certain corrosive atmospheres or because of weight limitations placed on the hook.
Some hooks have been made of cast steel. Derrick hooks, for example, may be of quenched-and-tempered 4140 cast steel.
This heat-treated steel has excellent fatigue properties. L-shape hooks, such as coil hooks, are usually constructed of lowalloy steel. Hooks that are torch cut from plate often fail because of cracks initiated in the torch-hardened zone. Such
items should be thermally treated to eliminate this condition. A riveted, laminated L-shape hook is much more desirable.
Depending on their ultimate service requirements, hooks are frequently magnetic particle inspected or ultrasonically
tested during processing and at final inspection.
Design of C-Hook. The design of the hook shown in Fig. 12 has been developed from years of experience, and since its
employment in a large steel complex, no failures of hooks of this design have occurred. The hook design may be adjusted
to accommodate any load limit. The hook is forged from fully killed fine-grain 1020 steel and is normalized after forging.
This steel exhibits excellent fatigue properties and will wear rather than fail in a brittle manner.

Fig. 12 Typical design of a 45,360-kg (50-ton) capacity 1020 steel C-hook with a stressrelief groove at end of threads and well-proportioned radii in body. Dimensions given in
inches
Many hooks break at large changes in section or at poorly blended radiused section changes in the shank. The design
shown in Fig. 12 avoids severe section changes. An important feature of this hook is the stress-relief groove at the end of
the threads. If the nut is turned past the last thread—as it should be so as not to concentrate the stress at the bottom of the
exposed thread groove—the stresses will be distributed over the length of the stress-relief groove, minimizing stress
concentrations. The depth of a properly designed groove exceeds that of the thread roots. The thread design illustrated has
also been found to be optimum. It is important, as with all hooks, to avoid rough-machining marks in the threads. Also,
the nuts should be individually fitted to hooks.

Control and Testing. All hooks must be clearly identified, and accurate records must be kept of their characteristic
features and location in the plant. Hooks should be inspected at least once a year, if not more often, depending on the
predicted service life and the severity of the application. Magnetic-particle and liquid-penetrant inspection are commonly
used for hooks. If feasible, new hooks should be checked by magnetic-particle inspection and should be spark tested to
ensure that the correct grade of steel has been used.
Example 9: Fatigue Fracture of a 1020 Steel Crane Hook. The crane hook shown in Fig. 13 broke in the threaded shank
while lifting a load of 9072 kg (10 ton). The crane was nominally rated at 13,000 kg (15 ton). Service life of the hook was
not known. The nut, still threaded on the broken shank, and the hook were sent to the laboratory for failure analysis.

Fig. 13 13,600-kg (15-ton) 1020 steel crane hook that failed in fatigue. View of a fracture
surface of the hook showing beach marks. Original and improved designs for the nut and
the threaded end of the hook are also shown. Dimensions given in inches
Investigation. Chemical analysis of the metal in the hook showed that it was killed 1020 steel. The steel had a hardness of
116 HB and was judged to be satisfactory for the application.
Visual examination disclosed that fracture had occurred at the last thread on the shank. Rough-machining marks and
chatter marks were evident on threads. The fourth thread from the fracture had a small crack at the root. Beach marks
emanating from the thread-root locations on opposite sides of the fracture surface (View A-A, Fig. 13) identified these
locations as the origins of the fracture.
Metallographic examination revealed a medium-coarse slightly acicular structure, indicating that the material was in the
as-forged condition. Light segregation and nonmetallic inclusions were present, but the material was considered sound.
Conclusions. Fracture of the hook resulted from fatigue cracking that originated at stress concentrations in the root of the
last thread. Life of the hook was shortened considerably because the material was in the as-forged condition, which
resulted in low fatigue strength.
Corrective Measures. The crane hook was normalized after forging to produce the most desirable structure. A stress-relief
groove with a diameter slightly smaller than the root diameter was placed at the end of the thread, and a large-radius fillet
was machined at the change in diameters of the shank. Also, the nut was redesigned to extend beyond the threaded
portion to relieve the stresses (Improved design, Fig. 13). Undercutting the last thread, using large-radius fillets, and
ensuring that all crane hooks were properly normalized prevented additional failures for about 16 years.
Example 10: Fatigue Fracture of a 1040 Steel Coil Hook. A 10,890-kg (12-ton) coil hook failed after 8 years of service
while lifting a load of 13,600 kg (15 ton). The hook had been torch cut from 1040 steel plate.
Investigation. The inner surface of the hook exhibited the normal ironing (wear) marks. Visual examination of the fracture
surface indicated that cracking had originated at the inside radius of the hook (Fig. 14a). Beach marks, typical of fatigue
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fracture, extended over approximately 20% of the fracture surface. The surface containing the beach marks was stained;
the surface of the final-fracture region was bright.

Fig. 14 Torch-cut 1040 steel coil hook that failed by fatigue. (a) Fracture region of the
10,890-kg (12-ton) hook. (b) Macrograph of a nital-etched section showing cracks
propagating from the surface (top), which was hardened and embrittled during torch
cutting. 7 1 ×. (c) Replacement hook of a laminated design made of ASTM A242 fine-grain
2

steel plate. Dimensions given in inches
Macroscopic examination of the torch-cut surfaces revealed numerous cracks. Figure 14(b) shows a macrograph of an
etched section through the hook, illustrating cracks that were initiated in a hardened martensitic zone at the torch-cut
surface. One crack is shown extending into the coarse pearlite structure beneath the martensitic zone.
Conclusions. The hook fractured by fatigue that originated at the brittle martensitic surface produced in torch cutting. The
25% overload contributed to the failure. The hook should have been normalized after torch cutting.
Corrective Measures. The coil hooks were remade to a laminated design (Fig. 14c); these hooks were flame cut from
ASTM A242 fine-grain steel plate, then ground to remove the material damaged by flame cutting. The hooks were stress
relieved at 620 °C (1150 °F) after welding but before riveting the wear pads. No failures were reported since adoption of
the laminated design.
1
2

Example 11: Failure of a Forged Semikilled 1015 Steel Hook on a 13-mm ( -in.) Diam Chain Sling. A hook on a two1
2

leg chain broke while lifting a 4990-kg (11,000-lb) load. The included angle between the two 13-mm ( -in.) diam chains
was 60°. The service life of the sling was 2

1
years.
2

Investigation. The safe load limit for each leg of the sling was 2630 kg (5800 lb). The hook broke at the junction of the
eye and shank. The diameter of the hook at this junction was approximately 22 mm (

7
in.).
8

Visual examination of the fracture region revealed light intergranular oxidation at the surface on the side of the hook
where cracking started. Approximately 50% of the fracture surface contained beach marks; the remainder contained
cleavage facets.
Metallographic examination showed a medium-coarse acicular as-forged structure. The internal cleanness and soundness
of the metal were satisfactory. Chemical analysis showed the metal to be semikilled 1015 steel.
Conclusions. Fatigue fracture was initiated at a region of intergranular oxidation that developed during forging. The
acicular as-forged structure provided poor fatigue and impact properties, which contributed to failure of the hook.
Corrective Measures. The chain-sling hook was replaced with one made of normalized, fully killed, fine-grain 1020 steel.

Reference cited in this section
4. “Standard Specification for Steel Forgings, Carbon and Alloy, for General Industrial Use,” A 668, Annual Book
of ASTM Standards, ASTM, Philadelphia

Failures of Lifting Equipment
Frank L. Jamieson, Stelco Inc. (retired)

Shafts
The most common or recurring initiation sites for fatigue fractures in shafts are section changes with insufficient fillet
radii, roughly machined keyways and section changes, intersections of keyways with section changes, improperly located
grease holes, and fretting corrosion from connecting attachments.
Shafts are usually subjected to bending or torsional loading or both. Careful visual examination of the fracture surfaces
can provide the information necessary to identify the actual manner of loading. Bending stresses are largely the result of
misalignment of bearings, fittings, or couplings and are usually difficult to eliminate completely. Although a particular
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steel may be satisfactory for a certain application under normal conditions, misalignment will impose further stresses that
result in the shaft being unsuitable for the application.
To provide a greater margin of safety, which is justified for lifting equipment, it is recommended that the shaft material be
upgraded from the normally used hot-rolled medium-carbon steel to quenched-and-tempered carbon or alloy steel. Such
materials, particularly alloy steels when properly heat treated, display superior fatigue properties and are much less
susceptible to service failures. The danger and downtime resulting from a shaft failure make upgrading by heat treatment
or a change in material economically feasible. It is presumed, of course, that any required improvement in design, such as
increasing fillet radii or removing keyways from shoulders, would also be considered before or incorporated with any
change in processing or material. For a more complete discussion of shaft failures, see the article “Failures of Shafts” in
this Volume.
Example 12: Fatigue Fracture of a 1030 Steel Crane Shaft. A drum pinion shaft, part of the hoisting gear of an 18,140-kg
(20-ton) capacity crane operating in a blooming mill, broke while the crane was lifting a 9070-kg (10-ton) load.
Specifications indicated that the shaft was made of 1030 steel in the as-rolled condition.
Investigation. The end of the broken shaft containing the keyway was visually examined (Fig. 15). The keyway extended
into a shoulder at a change in diameter; chatter marks, rough-machining marks, and sharp corner radii were visible in the
keyway. Also, at each end of the keyway was a circular recess below the normal keyway surface—an outdated method of
machining a keyway that is infrequently used. Both the bottoms and the sides of the recesses contained tool marks.

Fig. 15 Fatigue-fracture surface and keyway of a broken 1030 steel pinion shaft.
Examination of the fracture surface (Fig. 15) revealed that the origin of fracture was a sharp corner at the end of the
keyway. Beach marks radiated from the origin over a large portion of the fracture surface. The final-fracture zone, a small
ductile shear lip, was approximately 30° off-center, indicating low stress and rotational bending. The shaft material was
1030 steel, as specified, and had a slightly acicular fine-grain structure.
Conclusion. The shaft failed by fatigue fracture, which originated at a sharp corner at the end of a keyway at a change in
section.
Corrective Measures. A replacement shaft was made of 4140 steel, quenched and tempered to a hardness of 286 to 319
HB. The keyway was moved away from the change in section and was machined with a 1.6-mm (

1
-in.) radius in the
16

bottom corners. A larger-radius fillet was machined at the change in section.
1
2

Example 13: Fatigue Cracking of a 1040 Steel Main Hoist Shaft. The 14-cm (5 -in.) diam main hoist shaft of a mobile
shovel was found to have multiple crack indications when ultrasonically inspected in the field. A crack indication located
approximately 15 cm (6 in.) from the gear end extended around the shaft at a change in section adjacent to the bearing
surface. The shaft was removed for further examination. It had been in service for 3 years. A previous shaft had failed
after a short service life.
Investigation. Magnetic-particle inspection of the shaft showed a crack around the entire circumference at the change in
section (Fig. 16). The fillet at the change of section where the crack was located was well polished and generally free of

rough-machining marks. However, the crack coincided with the junction of the fillet and the smaller diameter (10.8 cm,
or 4

1
5
in.) at this change in section. A slight step, or break, in the continuity of the 8-mm ( -in.) radius fillet and some
4
16

machining marks were noted at this junction. Microscopic examination of a section through the crack indication revealed
a fine crack extending 2.5 mm (0.10 in.) from the surface, originating at the machining marks.

Fig. 16 Change in section in a 1040 steel main hoist shaft where a fatigue crack (arrow)
was initiated at rough-machining marks and a break in a fillet.
Chemical analysis of the shaft indicated that it was made of 1040 steel. Hardness was 170 HB. Metallographic
examination revealed a fine, uniform, normalized structure.
Conclusions. The shaft failed by fatigue; the step at the base of the fillet was the point of initiation of the fatigue crack.
The shaft was underdesigned from a material standpoint; 1040 steel with a hardness of 170 HB was too low in fatigue
strength.
Corrective Measures. Shaft material was changed to 4140 steel oil quenched and tempered to a hardness of 302 to 352
HB. All discontinuities related to fillet machining were also removed. With the above changes, no further failures were
encountered.
Reversed Torsional Loading. Shafts used in lifting equipment are frequently subjected to reversed torsional loading.
Insufficient fillets at the roots of spline teeth act as stress raisers, and fracture occurs frequently when the shaft is
subjected to torsional loading.
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Example 14: Fatigue Fracture of a 4140 Steel Cross-Travel Shaft. The horizontal cross-travel shaft on a derrick broke
after 2 years of service. Specifications required the shaft to be made of 4140 steel quenched and to a hardness of 302 to
352 HB.
Investigation. Examination revealed that the shaft had fractured approximately 13 mm (

1
in.) from the change in section
2

between the splined end and the shaft proper. At this point, the cracks propagated in the longitudinal and transverse
directions until failures occurred (Fig. 17a). A transverse section through the spline (Fig. 17b) showed that the
longitudinal cracks had been initiated at the sharp corners at the roots of the spline teeth. The cracks visible in Fig. 17(b)
were highlighted by techniques used in magnetic-particle inspection. Operation of the derrick had subjected the shaft to
reversed torsional loading.

Fig. 17 4140 steel cross-travel shaft that failed in service. (a) Broken end of the shaft from
a derrick showing the star-type fracture that results from reversed torsional loading. (b)
Transverse section through the spline showing cracks initiated at sharp corners at the
roots of the spline teeth
Conclusions. The shaft fractured in fatigue from reversed torsional loading; the sharp corners at the roots of the spline
teeth acted as initiation sites for fatigue cracks.
Corrective Measures. The fillets at the roots of the spline teeth were increased in size and polished to minimize stress
concentrations in these areas, and no further shaft failures occurred.

Failures of Lifting Equipment
Frank L. Jamieson, Stelco Inc. (retired)

Cranes and Related Members
Failures resulting in the immobilization of cranes are most often related to shafts (which have been discussed previously),
structural members (as related primarily to grade of steel and fabrication practice), crane wheels, and rail runways. Figure
18 shows the fracture surface of a 1055 steel crane wheel that failed by fatigue. The most common cause of failure is poor
welding practice. Poor welding practice, such as a lack of preheat or postheat or use of the wrong filler metal, often
results in hardening from the heat of welding, weld porosity, incomplete fusion, inadequate joint penetration, and weld
cracks. Poor welding practice may occur not only during repair but also in initial fabrication or assembly.

Fig. 18 1055 steel wheel from a stripper crane that failed by fatigue. The wheel foiled
after about 1 year of service in the 544,320-kg (600-ton) crane. In the center of the
fracture is a fatigue zone showing beach marks that are concentric around the crack
origin, which evidently was an internal flaw about 3.8 cm (1 1 in.) beneath the wheel-tread
2

surface. Chevron patterns are visible in the area of final fast fracture that surrounds the
fatigue zone. 0.3 ×
The most common method of repairing structural members is welding. The part must be welded properly, or it may fail
soon after being returned to service. Such faults as microcracks and macrocracks, mechanical gouges, and excessive wear
may be corrected by welding. If a crack is present, it should be removed by grinding. Magnetic-particle or liquidpenetrant inspection should be done to ensure complete removal of the crack before repair welding. Generally, all parts
should be preheated before welding to prevent hardening from the heat of welding. This is most critical in medium-carbon
and high-carbon steels because of their sensitivity to hardening by welding heat. It is essential that the correct welding
filler metal be used. After welding, low-carbon steel members may be air cooled if they have been preheated correctly. To
prevent hardening from the heat of welding, the cooling rate of medium-carbon and high-carbon steel members should be
controlled—for example, by wrapping them in asbestos.
The susceptibility of a crane to failure is also heightened by a poor choice of material. In general, structural members of a
crane should be designed so as not to fail in a brittle manner. The members should be made from impact-resistant finegrain steels to resist brittle fracture and to exhibit excellent fatigue properties. This becomes more critical in coldtemperature applications.
Crane members should be inspected periodically for fatigue cracks to ensure that a failure is not imminent. A standard
specification covering all items related to cranes is difficult to establish because of the wide variety of associated items.
Those specifications that do exist must be viewed as a minimal guideline.
Example 15: Fracture of a Steel Tram-Rail Assembly. Figure 19(a) shows a hoist carriage tram-rail assembly fabricated
by shielded metal arc welding the leg of a large T-section 1020 steel beam to the leg of a smaller T-section 1050 steel rail.
Several of the welds failed in one portion of the assembly. Cracks in weld regions of other portions of the assembly were
found by magnetic-particle inspection.
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Fig. 19 Tram-rail assembly that fractured because of poor welding practices. (a) Section
of tram rail as fabricated. T-section beam (1020 steel) is at top, T-section rail (1050 steel)
is at bottom. (b) Enlarged view of welded area showing crack at toe of weld (arrow). (c)

Crack in rail initiated in the HAZ produced by feathering of the weld deposit. (d) Crack
in rail initiated in the HAZ caused by weld spatter
Investigation. The weldment was inspected using the magnetic-particle method. This inspection revealed four weld cracks
and several indefinite indications. All cracks were located at the toes of welds that joined the rail to the beam, such as the
crack shown at the arrow in Fig. 19(b).
Metallographic examination of longitudinal sections through the welds revealed, in every instance, that cracks originated
in HAZs in the rail section. A crack (arrow, Fig. 19c) was initiated in a localized HAZ produced by feathering the weld,
which left a thin deposit of weld metal on the upper edge of the rail. Cracks were also found in HAZs resulting from weld
spatter (Fig. 19d). Additional macrographs revealed cracks in welds and in HAZs resulting from arcing the electrode
adjacent to the weld.
A relatively broad HAZ containing tempered and untempered martensite was present at each of the weld beads because of
multiple-pass welding. The rail and beam both exhibited normal as-rolled steel structures with no irregularities. Chemical
analysis revealed the rail to be made of 1050 steel and the beam of 1020 steel.
Hardness surveys revealed the following values: beam, 132 HB; rail, 255 HB; weld metal, 285 HB; tempered martensite,
321 HB; and untempered martensite, 578 HB.
Conclusions. The tram-rail assembly failed by fatigue cracking in HAZs. The size and shape of HAZs adjacent to welds
indicated that the assembly had been neither preheated nor postheated during the welding operation. Welding
workmanship was generally very poor. There was excessive feathering of weld metal and careless arcing during welding,
which resulted in HAZs containing hard untempered martensite. Thus, vibration of the tram rail by movement of the hoist
carriage on the rail could easily initiate and propagate fatigue cracking in the HAZs.
Corrective Measures. Welding procedures were improved, and the replacement rail assemblies were preheated and
postheated.
Example 16: Brittle Fracture of a 1020 Steel Stop-Block Guide on a Crane Runway. A section broke from a stop-block
guide (Fig. 20) on a crane runway and fell to the floor. A system consisting of wire ropes, pulleys, a counterweight, and a
lever was used to raise the stop block from the crane runway to permit the crane to pass. When the crane was to be
isolated within an area, the stop block was returned to the down position. Because the weight of the stop block and guide
was about 30% greater than that of the counterweight, there was some impact against the rail each time the block was
returned to the down position. One section of the fractured guide was sent to the laboratory for determination of the cause
of failure.

Fig. 20 Welded stop-block assembly for a crane runway showing stop-block guide that
failed by brittle fracture. Dimensions given in inches
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Investigation. Examination of the fracture surface disclosed a brittle crystalline-type break. The point of initiation was in a
hardened heat-affected layer that developed during flame cutting and welding. Hardness of the heat-affected layer was
248 HB.
Chemical analysis showed the metal to be 1020 steel. The base metal (hardness, 156 HB) had a coarse as-rolled structure
and a grain size of ASTM 00 to 4. The coarse grain size indicated that the weldment (stop block and guide) had not been
normalized.
Conclusions. The stop-block guide failed in a brittle manner. Failure was initiated at a metallurgical and mechanical notch
that was produced by flame cutting and welding.
Corrective Measures. New stop-block weldments were made from fully silicon-killed 1020 steel with a maximum grain
size of ASTM 5. The weldments were normalized at 900 °C (1650 °F) after flame cutting and welding to improve
microstructure and impact strength. All flame-cut surfaces were ground to remove notches. Stop-block weldments in
service were checked for grain size and heat treatment and were normalized where required.
Example 17: Brittle Fracture of an Aluminum Alloy Lifting-Sling Member. The T-section cross member of the lifting
sling shown in Fig. 21(a) broke in service while lifting a 966-kg (2130-lb) load. The L-section sling body and the cross
member were made of aluminum alloy 5083 or 5086 and were joined by welding using aluminum alloy 4043 filler metal.
Design load for the sling was 2722 kg (6000 lb).

Fig. 21 Aluminum alloy lifting sling that fractured because of improper welding of the
cross member to the sling body. (a) Configuration and dimensions (given in inches). (b)
Fracture surfaces of the sling body (top) and the cross member (bottom). (c) Enlarged
view of a fracture surface of the sling body showing weld defects
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Investigation. Visual examination of the sling showed that fracture occurred at the weld joining the sling body and the
cross member. Examination of the ends of the failed cross member showed that a rotational force had been applied on the
cross member, causing it to fracture near the sling body. The fracture surfaces of the sling body and the cross member are
shown in Fig. 21(b). Macrographic examination of the weld disclosed inadequate joint penetration and porosity (Fig.
21c).
Chemical analysis showed that the metal was within specifications for aluminum alloy 5083 or 5086. Analysis of the weld
metal indicated that aluminum alloy 4043 filler metal had been used. The silicon content was lower and the magnesium
and manganese contents were higher than normal for alloy 4043 filler metal. These differences were attributed to dilution
of the weld metal by the base metal.
A similar sling was fabricated in the laboratory, set up in a test fixture, and subjected to three-point loading duplicating
that intended for the sling that failed. The yield strength of the test sling (stress causing permanent deflection in the cross
member) was 3538 kg (7800 lb), and the ultimate load was 7031 kg (15,500 lb).
The initial break in the test sling started at the welded joint between the sling body and the edge of the flange of the cross
member and propagated through the body to failure. The cross member of the sling that failed in service sustained
permanent deformation; however, the same member of the test sling exhibited no evidence of deformation.
Conclusions. The sling failed in a brittle fracture at the weld when the cross member was overloaded. Overloading was
attributed to misalignment of the sling during loading, which concentrated the entire load on the cross member.
Recommendations. In welding of aluminum alloy 5083 or 5086, aluminum alloy 5183 or 5356 filler metal should be used
to avoid brittle welds. Aluminum-silicon filler metals, such as alloy 4043, should not be used to weld aluminum alloys in
which the magnesium content exceeds 3%, because an excess of Mg2Si produces brittle welds.
Example 18: Fracture of a 1055 Steel Crane-Bridge Wheel. A bridge wheel on a crane fractured after 1 year of service.
The wheel was forged from 1055 steel. The wheel fractured in the web between the hub and the rim.
Investigation. Visual examination of the fracture surface revealed a small area containing beach marks that originated in a
heavily burned area on the web surface. Metallographic examination of a section taken through the region that contained
the beach marks showed surface burning to a depth of approximately 0.8 mm (0.030 in.) (Fig. 22). The degree of
decarburization and oxide dispersion that were visible indicated a forging defect.

Fig. 22 Surface burning that initiated fracture in the web of a crane-bridge wheel forged
from 1055 steel. Etched with 2% nital. Approximately 35×
Conclusions. Failure occurred because of surface burning during the forging operation. To prevent this type of failure,
heating practice during forging should be more closely controlled to eliminate surface burning. If burning does occur, the
burned region, if not too severely damaged, should be removed by machining.
Example 19: Fatigue Fracture of a Forged 1055 Steel Crane-Bridge Wheel. A bridge wheel from a 272,160-kg (300-ton)
stripper crane failed after 1

1
years of service. The wheel was forged from 1055 steel, and the tread, hub faces, and hub
2

bore were machined. The wheel fractured in the web near the rim.
Investigation. Macroscopic examination of the fracture surfaces revealed beach marks indicative of fatigue at ten
locations. Fatigue cracking extended across about 15% of the surface before final fracture occurred. The dark areas on the
fracture surface shown in Fig. 23(a) are the portions that failed by fatigue. The surface of the web was heavily scaled and
decarburized.

Fig. 23 1055 steel crane-bridge wheel that failed by fatigue. (a) Fracture surface of the
crane-bridge wheel. Fatigue originated at forging defects. Dark areas are fatigue beach
marks. (b) Micrograph of a nital-etched section through the fatigue origin showing a gross
forging defect along the fracture surface (at right) and decarburized web surface
(bottom). 35×
Chemical analysis showed that the material was equivalent to 1055 steel. Metallographic examination revealed that the
wheel had been normalized and that the tread had been hardened to a depth of 5 mm (0.2 in.). The tread was tempered
martensite; the core, fine pearlite.
Examination of a micrograph of a section through one of the fatigue origins showed a gross forging defect extending
about 1.8 mm (0.072 in.) along the fracture surface (at right, Fig. 23b). Shallower forging defects and the decarburized
surface were visible along the web surface (bottom, Fig. 23b).
Conclusions. Fatigue cracking of the wheel initiated at forging defects in the web.
Corrective Measures. Replacement wheels were machined all over and were magnetic particle inspected to detect any
cracks that could act as stress raisers.
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Failures of Mechanical Fasteners
Walter J. Jensen, Lockheed-Georgia Company

Introduction
THE PRIMARY FUNCTION of a fastener system is to transfer load. Many types of fasteners and fastening systems have
been developed for specific requirements, such as higher strength, easier maintenance, better corrosion resistance, greater
reliability at high or low temperatures, or lower material and manufacturing costs.
The selection and satisfactory use of a particular fastener are dictated by the design requirements and conditions under
which the fastener will be used. Consideration must be given to the purpose of the fastener, the type and thickness of
materials to be joined, the configuration and total thickness of the joint to be fastened, the operating environment of the
installed fastener, and the type of loading to which the fastener will be subjected in service. A careful analysis of these
requirements is necessary before a satisfactory fastener can be selected. The selection of the correct fastener or fastener
system may simply involve satisfying a requirement for strength (static or fatigue) or for corrosion resistance. On the
other hand, selection may be dictated by a complex system of specification and qualification controls. The extent and
complexity of the system needed is usually dictated by the probable cost of a fastener failure.
Adequate testing is the most practical method of guarding against failure of a new fastener system for a critical
application. The designer must not extrapolate existing data to a different size of the same fastener, because largerdiameter fasteners have significantly lower fatigue endurance limits than smaller-diameter fasteners made from the same
material and using the same manufacturing techniques and joint system.
Types of Mechanical Fasteners. For descriptive purposes, mechanical fasteners are grouped into threaded fasteners, rivets,
blind fasteners, pin fasteners, special-purpose fasteners, and fasteners for composites. Rivets, pin fasteners, and specialpurpose fasteners are usually designed for permanent or semipermanent installation.
Threaded fasteners are considered to be any threaded part that, after assembly of the joint, may be removed without
damage to the fastener or to the members being joined.
Rivets are permanent one-piece fasteners that are installed by mechanically upsetting one end.
Blind fasteners are usually multiple-piece devices that can be installed in a joint that is accessible from only one side.
When a blind fastener is being installed, a self-contained mechanism, an explosive, or other device forms an upset on the
inaccessible side.
Pin fasteners are one-piece fasteners, either solid or tubular, that are used in assemblies in which the load is primarily
shear. A malleable collar is sometimes swaged or formed on the pin to secure the joint.
Special-purpose fasteners, many of which are proprietary, such as retaining rings, latches, slotted springs, and studs, are
designed to allow easy, quick removal and replacement and show little or no deterioration with repeated use.
Mechanical fasteners for composites are frequently used in combination with adhesive bonding to improve the integrity of
highly stressed joints. The usual bolts, pins, rivets, and blind fasteners are used for composites; however, the many
problems encountered have stimulated the development and testing of numerous special-purpose fasteners and systems.
Some of these problems are drilling of and installation damage to the composite, delamination of the composite material
around the hole and pullout of the fastener under load, differences in expansion coefficients of the composite and the
fastener, galvanic corrosion between the composite hole wall and the fastener, moisture and fuel leaks around the
fastener, and fretting.
Load-carrying capacity has been significantly improved by increasing the head diameter of fasteners in order to distribute
loads over a greater surface area. The bases of nuts and collars were similarly increased.
Fasteners for composites should fit the holes with no clearance in order to avoid fretting, but an interference fit may cause
delamination. This problem has been alleviated to some extent by the development of several special sleeve/ fastener
combinations.
The extreme temperature changes experienced by aircraft can cause differential thermal expansion and contraction of
composites and their fasteners, thus altering clamp-up loads. Therefore, all new joint designs should be thoroughly tested
to ensure satisfactory service. Although adhesives are generally used to join composites, mechanical fasteners are added
to increase reliability when severe service conditions are involved. Table 1 compares fastener usage for several composite
materials.

Table 1 Fasteners for advanced composites
Fastener

Fastener

type
Blind rivets

material
(a)

Blind bolts(b)

5056
aluminum
Monel
A-286
A-286
Alloy steel

Surface

Suggested application
Epoxy/graphite
Kevlar

Fiberglass

Honeycomb

coating
None
None
Passivated
Passivated
Cadmium

composite
Not
recommended(h)
Good(h)
Good(h)
Excellent(h)
Not
recommended(h)
Excellent(d)

Excellent(h) Excellent(h)

(e)

Excellent(h)
Excellent(h)
Excellent(h)
Excellent(h)

(e)

Excellent(h)
Excellent(h)
Excellent
Excellent

(e)
(e)
(e)

Pull-type
Titanium
None
Excellent(c) Excellent(c) Good or not
lockbolts
recommended(f)
(d)
(c)
(c)
Stump-type
Titanium
None
Excellent
Excellent
Excellent
Good or not
lockbolts
recommended(f)
(g)
Asp fasteners
Alloy steel
Cadmium/nickel Good
Excellent
Excellent
Excellent
Pull-type
7075
Anodized
Not
Excellent
Excellent
Not recommended
lockbolts
Aluminum
recommended
(a) Blind rivets with controlled shank expansion.
(b) Blind bolts are not shank expanding.
(c) Fasteners can be used with flanged titanium collars or standard aluminum collars.
(d) Use flanged titanium collar.
(e) Performance in honeycomb should be substantiated by installation testing.
(f) Depending on fastener design; check with manufacturer.
(g) Nickel-plated Asp only.
(h) Metallic structure on backside.
Source: Ref 1
Specifications are used to outline fastener requirements, to control the manufacturing process, and to establish functional
or performance standards. Their goal is to ensure that fasteners will be interchangeable, dimensionally and functionally.
The most common fastener specifications are product specifications that are set up to govern and define the quality and
reliability of fasteners before they leave the manufacturer. These specifications determine what material to use; state the
objectives for tensile strength, shear strength, and response to heat treatment; set requirements for environmental
temperature or atmospheric exposure; and define methods for testing and evaluation. To ensure proper use of fasteners,
additional specifications are necessary as a guide to proper design application and installation.
All ASTM and SAE specifications covering threaded fasteners require that the heads be marked for grade identification.
Grade markings are a safety device that provides a positive check on selection, use, and inspection. The markings reduce
the possibility of selecting and using a bolt of insufficient strength, which might lead to a failure and cause damage to
equipment or injury of personnel. The failure analyst should be familiar with the different grade markings required by the
specifications.
In an effort to standardize the reporting of fastener test failures, a failure-identification code has been established for
reporting the failure of each fastener resulting from tests under MIL-STD-1312. Failures of threaded and blind fasteners
and of fastened sheet covered by this identification code are illustrated in Fig. 1.
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Fig. 1 Types of failures in threaded and blind fasteners and in fastened sheet. Source: Ref
2
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Failures of Mechanical Fasteners
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Failure Origins
The most common locations for fastener failure are in the head-to-shank fillet or, on threaded fasteners, through the first
thread inside the nut or at the transition from the thread to the shank. Failure origins are often imperfections in the metal
caused by segregation in the form of inclusions, such as sulfides and oxides in the ingot, or by folds, laps, or seams that
have formed because of faulty working either in the semifinishing or finishing mills.
Seams are crevices in the surface of the metal that have been closed, but not welded, by working the metal. Seams seldom
penetrate to the core of bar stock. Seams may cause additional cracking in hot forging and quench cracking during heat
treatment. Oxides in a seam can be the result of exposure to elevated temperatures during processing. Seams are
sometimes difficult to detect in an unused fastener, but they are readily apparent after a fastener has been subjected to
installation and service stresses, as discussed below.
During periodic inspection of an airplane, a longitudinal crack was found in one of the wing-attachment bolts. The bolt
was 22 mm (

7
1
in.) in diameter and 89 mm (3 in.) in length and conformed to National Aerospace Standard 634.
8
2

Chemical analysis verified that the bolt material was 4340 steel, as called for in specifications, and hardness
measurements indicated that it had been heat treated to a tensile strength of 1379 MPa (200 ksi).
As indicated by the arrows on the photograph of the bolt in Fig. 2(a), the crack extended almost the full length of the bolt
shank, but it branched circumferentially at the head-to-shank fillet (arrows, Fig. 2b) and extended about halfway through

the bolt-head diameter (arrows, Fig. 2c). The bolt was sectioned to expose a portion of the crack surface, which was found
to be heavily oxidized (Fig. 2d). Figure 2(e) shows a micrograph of a cross section transverse to the crack that illustrates
the thickness and uniformity of the oxide coating. This heavy oxide coating and the longitudinal direction of the crack
indicated that a seam was present in the bolt bar stock. Hot heading had disrupted the linear direction of the seam in the
bolt-head areas so that the crack branched in a circumferential direction. Installation and service loads apparently opened
the seam, which made it visually detectable.

Fig. 2 4340 steel wing-attachment bolt that cracked along a seam. (a) Bolt showing crack
(arrows) along entire length. (b) Branching cracks (arrows) at head-to-shank radius. (c)
Head of bolt showing cracking (arrows) about halfway through bolt-head diameter. (d)
Section through bolt showing heavy oxidation on crack surface (between arrows). (e)
Section through crack showing thickness and uniformity of oxide coating. Etched with 2%
nital. 1000×
Corrective action was not deemed necessary, because the periodic scheduled inspection of the aircraft was considered
adequate to identify any faulty part for replacement and thus prevent failure of any safety-of-flight components.
Failures of Mechanical Fasteners
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Causes of Fastener Failures
In a well-designed mechanically fastened joint, the fastener may be subjected to either static loading (overload) or
dynamic fatigue loading. Static loading may be tension, shear, bending, or torsion—either singly or in combination.
Dynamic forces may result from impact or from cyclic fatigue loading, including vibration. Pure shear failures are usually
obtained only when the shear load is transmitted over a very short length of the member, as with rivets, screws, and bolts.
When the ultimate shear stress is relatively low, a pure shear failure may result, but in general, a member subjected to a
shear load fails under the action of the resulting combined stresses. In addition to fatigue and overload, other common
causes of fastener failures include environmental effects, manufacturing discrepancies, and improper use or incorrect
installation. The following illustrates a common manufacturing discrepancy.
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During an assembly operation involving HL 22-8 fasteners, the fastener heads would sometimes crack (Fig. 3a and b).
Aluminum alloy 7075-T73 nuts were being installed on type 7075-T6 fasteners with an installation torque range of 7.3 to
8.5 N · m (65 to 75 in. · lb). Dimpled fracture features indicated that the head cracks were caused by overload; however,
chemical analyses, hardness tests, and microstructural examination showed that the fasteners were within specifications.
Unused fasteners and nuts from the same batch were installed in a simulated joint in an effort to duplicate the head
cracking. Overtorquing of the fasteners caused nut-thread stripping at torques of 10.2 to 11.3 N · m (90 to 100 in. · lb).
Additional torque tests using stronger steel nuts stripped the fastener threads but did not produce any head cracks.
However, when the fastener holes were drilled 2 to 4° off normal to the bearing surface, the head cracks shown in Fig.
3(c) were produced with torques of 7.9 to 10.2 N · in (70 to 90 in. · lb). The mandatory use of a drill guide to prevent offline holes eliminated the problem.
A threaded fastener may be either a male or a female threaded cylinder—both of which are necessary as a two-element
device for applying force, primarily to clamp two members together. Bolts, screws, and studs are male threaded cylinders;
nuts or tapped holes are female threaded cylinders. For this discussion, bolts and nuts are considered representative of the
two.
The primary force in the bolt is tension, which is set up by stretching the bolt during tightening, whereas the most
important stress in the nut is the shear stress in the threads. If both the bolt and the nut had perfectly matched threads and
both elements were inelastic, the torque load would be evenly distributed over all of the engaged threads. However,
because the economy of mass production of fasteners requires that all fasteners be produced with practical dimensional
tolerances and because all fastener materials are elastic, all threaded fastener devices experience nonuniform distribution
of load over the threads. The bolt tension causes elongation, which results in more load on the threads near the bearing
face of the nut, and the compression load of the nut is likely to have the same load-concentrating effect. To obtain a more
uniform distribution of load along the threaded cylinder and thus minimize the chance of failure, a more ductile material
must be provided for one of the elements. The usual combination is to provide material with high tensile strength for the
bolt and material with good ductility for the nut (Ref 3).
In the theory of joint design, the ideal application can be represented as a situation in which there is a rigid structure and a
flexible or elastic fastener. The bolt then behaves like a spring (Fig. 4a). When the bolt is preloaded or when the spring is
stretched, a stress is induced in the bolt (and a clamping force in the structure) before any working load is encountered. As
the working load is applied, the preloaded bolt does not encounter an additional load until the working load equals the
preload in the bolt (Fig. 4b). At this point, the force between members is zero. As more load is applied, the bolt must
stretch. Only beyond this point will any cyclic working load be transmitted to the bolt.

Fig. 4 Schematic showing the springlike effect of loading conditions on bolted joints. (a)
Theoretical load condition for an elastic fastener and a rigid structure. (b) Ideal
relationship of bolt load to working load with an elastic fastener and a rigid structure. (c)
Actual relationship (both fastener and structure elastic) of bolt load to working load
For schematic representation of an actual condition, the structural material would also be represented by springs. The bolt
would also be preloaded, but before application of the working load, the bolt encounters a slight increase in load because
of the elasticity of the structural members. Actually, some of the additional load is encountered before the working load
equals the preload. As the dynamic working load cycles, a fatigue condition is established.
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When the bolt encounters an increase in load, being elastic, it stretches. If this stretch (strain) exceeds the elastic limit, the
bolt yields plastically, taking a permanent set. The result is a loss in preload or clamping force (dashed curve, Fig. 4c).
With a fluctuating load, this situation can cycle progressively, with continued loss of preload and possibly rapid fatigue
failure (the effect of preload on steel automotive wheel studs and the fracture that resulted from the preload are described
in Example in this article).
To eliminate fatigue problems that occur at room temperature, the designer should specify as high an initial preload as
practical. The optimum fastener-torque values for applying specific loads to the joint have been determined for many
high-strength fasteners. However, these values should be used with caution, because the tension produced by a selected
torque value depends directly on the friction between the contacting threads. The use of an effective lubricant on the
threads may result in overloading of the fastener, whereas the use of a less effective lubricant may result in a loose joint.
With proper selection of materials, proper design of bolt-and-nut bearing surfaces, and the use of locking devices, the
assumption is that the initial clamping force will be sustained during the life of the fastened joint. This assumption cannot
be made in elevated-temperature design.
At elevated temperature, the induced bolt load will decrease with time as a result of creep, even if the elastic limits of the
materials are not exceeded, and this can adversely affect fastener performance. Therefore, it is necessary to compensate
for high-temperature conditions in advance when assembling the joint at room temperature. Failures that occur at elevated
temperatures necessitate evaluation of the properties of the fastener material relative to the applied loads, operating
temperature, and time under load at temperature.
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Fretting
Fretting results from a very small movement of one highly loaded surface over another. The slight movement
prevents the formation of, or destroys, any protective oxide film. Thus, continually clean surfaces become
available for oxidation. Also, because there is no oxide film to prevent true metal-to-metal contact, local
bonding of microscopic areas can occur, ultimately resulting in dislodgment of extremely small metal particles
from the surfaces. Because of their relatively small size, these metal particles are then rapidly oxidized by the
ambient atmosphere.
Bolted machine parts that are subjected to vibration are the most susceptible to fretting. Fretting can be
prevented by minimizing clearance in boltholes and by using high-strength fasteners properly tensioned to
prevent relative motion of contacting surfaces.
Failures of Mechanical Fasteners
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Corrosion in Threaded Fasteners
Corrosion is electrochemical in nature; therefore, an electrolyte must be present. Water is an excellent electrolyte,
especially if it contains dissolved minerals. Temperature is also important because little reaction occurs below 5 °C (40
°F). Oxygen is required and is present in the atmosphere and, to a lesser extent, underwater and underground.
Types of corrosion include atmospheric corrosion, liquid-immersion corrosion, crevice corrosion, galvanic corrosion,
stress-corrosion cracking, and hydrogen damage. Detailed information on these types of failures is available in the articles
“Stress-Corrosion Cracking,” and “Hydrogen Damage and Embrittlement” in this Volume.

Atmospheric Corrosion. Atmospheric contaminants vary widely with location; therefore, rates of atmospheric corrosion
vary widely. For ferrous materials, because of sulfur and chloride compounds, most severe corrosion generally occurs in
highly industrialized and severe marine locations, with rural exposure being much less corrosive.
Liquid-Immersion Corrosion. Both fresh water and saltwater are corrosive. Saltwater is usually more severe than fresh
water because saltwater is a better electrolyte and because the electrochemical current generated by inhomogeneities in
the same metal or by different metals is greater. Also, the chloride ions present break down the protective oxide film and
corrosion products. Completely submerged locations are not as corrosive as those at the waterline or splash zone, where
more oxygen is present and where the surface is alternately wet and dry.
Crevice Corrosion. Every bolted connection offers the potential for crevice corrosion. Corrosion may be of two types,
depending on the tightness of the joint or crevice opening. If there is a gap or opening, dirt can collect and retain moisture
and thus enhance corrosion. On the other hand, in a correctly made tight joint, corrosion can result because of an oxygen
deficiency or oxygen-starvation cell. The area of low oxygen becomes an anode, and the high-oxygen area becomes a
cathode; thus, corrosion occurs. Fortunately, the ferrous metals most used for fasteners are not highly susceptible to the
second type of crevice corrosion. Stainless steels and other metals that, in the presence of oxygen, form protective passive
surface films are much more susceptible as the film breaks down and creates an active metal area.
Galvanic Corrosion. When dissimilar metals are in contact or are electrically connected together, galvanic corrosion
results because of the electrical potential existing between the two metals. Current thus produced has a great effect on
metal corrosion and must be considered whenever different metals are to be fastened together.
Galvanic corrosion particularly should be kept in mind at all times when designing structures using fasteners. Too often,
errors are made—for example, using ferrous fasteners to join more noble metals such as copper alloys. In this case,
galvanic corrosion and the size effect are involved, as described below.
For a structure to be well designed, the anode or corroding-metal area should be large relative to the cathode or protected
metal in order to ensure reasonable anode life. With fasteners, this is sometimes difficult to accomplish because fasteners
are always smaller than the structure they join. In one example of size effect, iron nails were used to fasten copper
sheathing to the bottom of wooden ships to prevent marine growth. At the end of each voyage, most of this sheathing had
fallen off because of the accelerated corrosion of the iron nails.
Galvanic corrosion can be avoided by using the same metal for both fastener and structure. Several alternatives exist
when this is impractical or impossible: the structure may be painted, the fastener may be isolated by non-conducting
materials or plated with a more noble metal, moisture may be prevented from contacting the couple, or fasteners may be
made of a metal that will be protected by sacrifical corrosion of the much larger mass of the metal being fastened.
Stress-corrosion cracking (SCC) is an intergranular fracture mechanism that sometimes occurs in highly stressed fasteners
after a period of time, and it is caused by a corrosive environment in conjunction with a sustained tensile stress above a
threshold value. An adverse grain orientation increases susceptibility of some materials to stress corrosion. Consequently,
SCC can be prevented by excluding the corrodent, by keeping the static tensile stress of the fastener below the critical
level for the material and grain orientation involved, or by changing to a less susceptible material or material condition
(for example, aluminum alloy 7075 is less susceptible to SCC in the T73 or T76 temper than in the T6 temper). In some
cases, the corrodent can be the seemingly innocuous ambient atmosphere; in others, it can be unwittingly added, as in the
following example.
Example 4: SCC of Stainless Steel Bolts. Stainless steel bolts broke after short-term exposure in boiler feed-pump
applications. Specifications required that the bolts be made of a 12% Cr high-strength steel with a composition
conforming to that of AISI type 410 stainless steel.
Several bolts from three different installations were sent to the laboratory for examination. One lot consisted of ten 100mm (4-in.) long 1–8 UNC bolts, the second lot nine 100-mm (4-in.) long 1–8 UNC bolts, and the third lot five 70-mm
(2.75-in.) long

5
-11 UNC bolts. An antiseizure compound consisting of metallic copper flakes in a silicone vehicle had
8

been applied to the bolts during assembly.
All of the bolts had fractured in the threaded portion, but not all at the same thread. None of the 25-mm (1-in.) diam bolts
5
8

had fractured under the head, but some of the 16-mm ( -in.) diam bolts had broken under the head and in the threads.
Visual Examination. The 25-mm, (1-in.) diam bolts exhibited external damage, which varied in degree, depending on the
5
8

time that had been required to shut down the unit. No external damage was observed on the 16-mm ( -in.) diam bolts.
The first lot of 25-mm (1-in.) diam bolts exhibited flat fracture surfaces with chevron patterns. The second lot was similar
in fracture-surface appearance; however, the fracture surfaces were badly stained by the corrosive boiler feedwater. The
5
8

fracture surfaces of the 16-mm ( -in.) diam bolts exhibited stained brittle-fracture features in starlike patterns.
Examination of bolts in all three lots also disclosed a copper-colored residue adhering to the threads. This residue was
from the antiseizure compound that had been applied during assembly.
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Accelerated Corrosion Testing. Laboratory corrosion tests were conducted on four bolts taken from stock. The purpose of
the tests was to determine the effects of the antiseizure compound in acidified 3.5% NaCl solution on bolts at two
hardness levels.
Two bolts, one with a hardness of 41 to 42 HRC and the other of 20 to 22 HRC, were coated with the antiseizure
compound. Another bolt that had a hardness of 41 to 42 HRC and a bolt having a hardness of 18 to 20 HRC were left
uncoated for the test. All four bolts were assembled in a static test fixture and tightened to a torque value equal to 90% of
their yield strength and then intermittently dipped in an acidified solution of 3.5% NaCl. Intermittent dipping consisted of
a 10-min total immersion and a 50-min air dry for 8 h per day, 5 days per week for 3 months.
After 3 months of testing, the coated bolt having a hardness of 41 to 42 HRC fractured completely across at the third
thread from the head. The three other bolts had not fractured, but were tensile tested to destruction. The results of the test
and appearance of the fracture surfaces are presented in Table 2. This test demonstrated the damaging effects of the
metallic copper antiseizure compound to high-hardness 12% Cr steels in the presence of a corrosive medium.

Table 2 Results of stress-corrosion tests of 12% Cr steel bolts in a 3.5% NaCl solution to
determine effect of antiseizure coating
Appearance(a)

Bolt Hardness,
HRC

Surface

1

41–42

Uncoated Localized pitting, no cracks

Tensile
strength
MPa
ksi
1524
221

2

18–20

Uncoated Localized pitting, no cracks

862

125

3

20–22

Coated(b)

896

130

4

41–42

Coated(b) Bolt completely failed in test Not applicable
fixture

Heavy pitting, no cracks

Remarks

No corrosion attack on
fracture surface
No corrosion attack on
fracture surface
No corrosion attack on
fracture surface
Heavy corrosion on fracture
surface

(a) After 3 months of intermittent dipping in a 3.5% NaCl solution.
(b) Coated with an antiseizure compound consisting of metallic copper flakes in a silicone vehicle
Microscopic examination showed that the microstructure of the metal in the bolts of lot 1 (Fig. 9a) contained tempered
martensite. The metal in the two other lots (Fig. 9b) showed a two-phase structure consisting of tempered martensite,
ferrite, and nonmetallic sulfide stringers. Ferrite content of the matrix was about 38%.

Fig. 9 Microstructures of stainless steel bolts that failed from SCC. (a) Branched
intergranular cracking in a type 410 stainless steel bolt from lot 1 (see Example). Etched
with picral plus HCl. 250×. (b) Microstructure of a type 416 stainless steel bolt typical of
those in lots 2 and 3 (see Example). Same etchant as (a). 100×. (c) to (e) Typical fracture
surfaces of the bolts showing carbide particles (c), intergranular fracture (d), and
intergranular fracture with corrosive residue (e). Electron fractographs of unetched
specimens. 6500×
The examination also showed that the threads on some of the bolts had been produced by cutting, and on others by
rolling. Both types of threads had fractured on the bolts in service.
Longitudinal sections were taken through the fractured bolts and examined microscopically. Branched intergranular
cracking at the thread root next to the fracture, similar in appearance to the crack shown in Fig. 9(a), was found in several
of the bolts. Intergranular cracking and oxide entrapment were found under the bolt heads and at the fracture surfaces.
Fractographic examination by electron microscopy disclosed evidence of corrosion products on the fracture surfaces with
localized pitting and second-phase carbide particles. The carbide particles (probably chromium carbide, Cr23C6) and
evidence of intergranular fracture are shown in Fig. 9(c). The fractograph shown in Fig. 9(d) illustrates brittle
intergranular fracture with corrosive residue on the surface. Large clusters of carbide particles and evidence of
intergranular fracture are shown in Fig. 9(e). No fatigue indications were in evidence. The branching intergranular cracks
shown in Fig. 9(a) and the intergranular fracture surface with corrosion products shown by the electron fractographs in
Fig. 9(d) and (e) are evidence of stress corrosion.
Chemical analysis of the metal in a fractured bolt from each lot revealed the following compositions:
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Element Composition, %
Lot 1 Lot 2 Lot 3 Nominal(a)
C
0.140 0.058 0.061 0.15
Mn
0.560 0.370 0.410 1.00
P
0.010 0.017 0.018 0.04
S
0.016 0.251 0.241 0.03
Si
0.392 0.437 0.395 1.00
Cr
12.09 12.54 12.14 11.5–13.5
(a) Nominal composition for type 410 stainless steel (to which bolts were specified to conform). Percentages, except for
chromium, are maximums.
Bolts from lot 1 conformed to specifications, but a deviation from prescribed chemical composition was found in lots 2
and 3, which also contained a sulfur addition to enhance machinability.
Conclusions. Fracture of the bolts was by intergranular stress corrosion. A metallic copper-containing antiseizure
compound on the bolts in a corrosive medium set up an electro-chemical cell that produced trenchlike fissures or pits for
fracture initiation. Because the bolts were not subjected to cyclic loading, fatigue or corrosion fatigue was not possible.
Corrective Measures. Bolts were required to conform to the specified chemical composition. The hardness range for the
bolts was changed from 35 to 45 HRC to 18 to 24 HRC. Petroleum jelly was used as an antiseizure lubricant in place of
the copper-containing compound. As a result of these changes, bolt life was increased to more than 3 years.
High static tensile stresses above the threshold for SCC can be minimized by introducing compressive stresses on the
fastener surfaces where SCC is most likely to originate. Cold rolling and shot peening are two means of keeping static
tensile stresses at the operating surface below the safe maximum. However, the beneficial effects of either of these will be
negated if the fastener is subsequently heat treated, if the normal service temperature is above the tempering or aging
temperature of the material, if the fastener is loaded above its yield point, or if general corrosion removes the
compressively stressed layer.
Example 5: SCC of a T-Bolt. The T-bolt shown in Fig. 10(a) was part of the coupling for a bleed air duct of a jet engine
on a transport plane. Specifications required that the 4.8-mm (

3
-in.) diam T-bolt be made of AISI type 431 stainless
16

steel and heat treated to 44 HRC. The operating temperature of the duct was 425 to 540 °C (800 to 1000 °F), but that of
the bolt was lower. The T-bolt broke after 3 years of service. The expected service life was equal to that of the aircraft.
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Fig. 10 AISI type 431 stainless steel T-bolt that failed by SCC. (a) T-bolt showing location
of fracture. Dimensions given in inches. (b) Fracture surface of the bolt showing shear lip
(arrow A), fine-grain region (arrow B), and oxidized regions (arrows C). (c) Longitudinal
section through the bolt showing severe intergranular carbide precipitation. Etched
electrolytically with 10% NaCN. 540×
The bolt was made by cold upsetting bar stock to a T-shape, chasing the threads, bending to the specified curvature, then
heat treating. Heat treatment consisted of heating to 1010 to 1040 °C (1850 to 1900 °F) and oil quenching, tempering at
275 to 415 °C (525 to 575 °F) for 2 h, and retempering for the same time and temperature. In the manufacture of similar
bolts, the threads were rolled after heat treatment, and the bolt shank was shot peened.
Investigation. Visual examination of the fracture surface revealed intergranular cracking and evidence of brittle fracture.
Macrographs were taken of the outer surface of the bolt and of the fracture surface. The outer surface contained
circumferential cracks on the lower (tension) side of the T-bolt. The fracture surface (Fig. 10b) exhibited three distinct
fracture areas—a shallow 45° shear-lip section along one side (arrow A, Fig. 10b), a thin region containing fine grains
along part of the surface that could have been the result of stress corrosion or fatigue (arrow B, Fig. 10b), and regions that
appeared to be oxidized as the result of a prior crack (arrows C, Fig. 10b). Hardness of the T-bolt was found to be 44
HRC, as specified.
Examination of micrographs of longitudinal sections through the T-bolt revealed the basic microstructure to be acicular
martensite with no δ-ferrite present. However, there was evidence of severe intergranular carbide precipitation (Fig. 10c),
which indicated that the material had been subjected to the sensitizing-temperature range after the bolt had been
manufactured.
The micrographs also showed some intergranular surface and subsurface cracking near, but not at, the primary fracture.
Although not confirmed, chlorine or chlorides in some form could have been present around the duct.
Conclusions. The bolt broke as a result of SCC. Thermal stresses were induced into the bolt by intermittent operation of
the jet engine. Mechanical stresses were induced by tightening of the clamp around the duct, which in effect acted to
straighten the bolt. The action of these stresses on the carbides that precipitated in the grain boundaries resulted in fracture
of the bolt.
Corrective Measures. Because of the operating temperatures of the duct near the bolt, the material was changed to A-286,
which is a heat-resisting alloy and is less susceptible to carbide precipitation. The bolt was strengthened by shot peening
the shank and rolling the threads after heat treatment. Avoidance of heating in the sensitizing range would have been
desirable, but difficult to ensure because of the application.
Example 6: SCC of a Die-Cast Zinc Alloy Nut. The two nuts shown in Fig. 11 (a) and (b) were used to secure the watersupply pipes to the threaded connections on hot-water and cold-water taps. The nut used on the cold-water tap (Fig. 11a)
fractured about 1 week after installation.

Fig. 11 Die-cast zinc alloy nuts from a water tap. (a) Nut for the cold-water tap that failed
by SCC. (b) Mating nut for the hot-water top that shows only isolated areas of corrosion.
(c) Unetched section showing metal in the cold-water tap after corrosion testing. 600×
The cold-water tap and fractured nut were submitted to the laboratory for examination to determine the cause of failure.
The mating hot-water tap was forwarded for comparison.
Investigation. Visual examination of the two taps indicated that they were of similar design. As shown in Fig. 11(a) and
(b), the two nuts on the threaded connections were of a different style, although they had the same size of thread. The two
nuts did not exhibit any evidence of installation abuse, such as stripping of the threads. Various other marks and
indentations were found on the flats of the nuts, particularly on the hot-water nut, such as would be made during normal
installation.
Examination of the fracture surfaces of the cold-water nut did not reveal any obvious defects to account for the fracture,
but there were indications of excessive porosity in the nut. The fracture had occurred through the root of the first thread
that was adjacent to the flange of the tap.
Metallographic examination of the cold-water nut revealed evidence of considerable corrosive attack, mainly
intergranular, extending into the material from the surface. This was present over the entire surface, including the threads,
and extended into the material as deep as 0.25 mm (0.010 in.). Chemical spot tests indicated that the nut had been zinc
plated.
Microscopic examination of the fracture surfaces of the cold-water nut indicated that considerable intergranular corrosion
had also occurred at both sides of the fracture surface to a substantial depth, somewhat more than at the zinc-plated outer
surface. Because this was a recent fracture, it would appear that corrosion on the fracture surface occurred before the
failure rather than after.
Visual and microscopic examination of the hot-water nut also revealed some evidence of corrosion, but only in isolated
areas mainly associated with the threads. This nut was plated with a copper-nickel coating. Corrosion was present only at
breaks in the plating and then only to a limited extent.
Radiographic examination indicated that both nuts had excessive porosity in similar amounts and distribution.
Metallographic examination revealed that both nuts had a cast structure and were of a similar basic composition of zincaluminum die-casting alloy.
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Corrosion Testing. It appeared that the cold-water nut was highly susceptible to corrosive attack; the hot-water nut did not
exhibit this characteristic to the same degree. Samples of nuts of both styles were subjected to a corrosion test designed to
indicate whether a particular zinc-alloy casting was susceptible to intergranular attack in atmospheric service. The test
consisted of exposing the nuts in air saturated with water vapor at a temperature of 90 °C (195 °F) for 10 days.
If the metal was attacked during this test, it indicated that there were deficiencies in magnesium content or that the content
of the impurities (lead, cadmium, and tin) were above 0.004%, 0.003%, and 0.002%, respectively. In either case, fracture
during the test would indicate that the parts are likely to fail in service.
After 4 days of testing, the cold-water nut was noted to be severely cracked and was therefore removed for further
examination. Slight pressure between the fingers caused the nut to crumble into several fragments. Metallographic
examination of the material in the cold-water nut indicated that it had completely disintegrated, as shown by the cracks
and corrosion network in the micrograph in Fig. 11(c). The zinc plating on the outer surface appeared to be relatively
unattacked.
The corrosion test for the hot-water nut was run for the full 10 days without any outward signs of attack. Metallographic
examination revealed that there had been some additional corrosion, but not to as great an extent as in the cold-water nut.
Conclusions. The nut from the cold-water tap failed by SCC. Apparently, sufficient stress was developed in the nut to
promote this type of failure by normal installation because there was no evidence of excessive tightening of the nut.
Corrosion testing of the nuts indicated that the fractured nut was highly susceptible to intergranular corrosion because of
either a deficiency in magnesium content or excessive impurities, such as lead, tin, or cadmium. The primary cause of
failure of the fractured nut was, therefore, an incorrect alloy composition.
Corrective Measure. This composition problem with zinc alloys was recognized many years ago, and particular attention
has been directed toward ensuring that high-purity zinc is used. This corrective measure was reported to have resulted in
virtual elimination of this type of defect.
Hydrogen Damage. Many fasteners require some kind of protective coating against corrosion. This need is sometimes
satisfied by an electrodeposited coating, such as cadmium or zinc. An acid pickling bath is usually used to clean ferrous
fasteners before plating. This pickling bath and the subsequent plating operation both supply nascent (atomic) hydrogen to
the fastener surface, and some of the hydrogen is absorbed by the steel. In high-strength steel components that have been
electroplated but have not been baked for expulsion of hydrogen, hydrogen diffuses to the area of the highest triaxial
stress, such as at a notch. Figure 12 shows a cadmium-plated 8740 steel nut that failed by hydrogen embrittlement
because the nuts were not baked after electroplating. After an incubation period, a crack initiates and, with time,
propagates through the section. A characteristic of this phenomenon is that there is a stress value below which hydrogeninduced delayed failure will not occur. This is sometimes referred to as the static-fatigue limit.

Fig. 12 Cadmium-plated 8740 steel aircraft-wing assembly nut that failed by hydrogen
embrittlement. The nut was not baked after electroplating to release hydrogen. (a)
Overall view. 5×. (b) Fracture surface. 9×. (c) Scanning electron micrograph of typical
intergranular fracture shown in box in (b). 3600×
This difficulty, resulting from hydrogen charging during the pickling or electroplating process, can sometimes be
eliminated without appreciable change in hardness by baking after plating at about 205 °C (400 °F) in air for a suitable
time at temperature, depending on the size and finish of the fastener. In the following examples, cadmium-plated high-
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strength steel bolts that had not been properly baked failed when normally stressed in service, and a case is described in
which baking did not alleviate the hydrogen-embrittlement problem.
Example 7: Delayed Failure of an Electroplated Steel Bolt Because of Hydrogen Embrittlement. Cadmium-plated highstrength steel bolts were used to facilitate quick disassembly of a vehicle. One bolt was found fractured across the root of
a thread after being torqued in place for 1 week. The bolts were made of 8735 steel heat treated to a tensile strength of
1241 to 1379 MPa (180 to 200 ksi) with a hardness of 39 to 43 HRC, followed by cadmium plating.
The bolt that failed and several that did not were sent to the laboratory for determination of the cause of failure. It was
reported that the bolts that did not fail were stressed less than the specified torque level when attached to the assembly.
Investigation. It was assumed that the bolts had not been given a baking treatment for removal of hydrogen. Because there
is no nondestructive test that will confirm such an assumption, two of the bolts were baked at 205 °C (400 °F) for 24 h,
then a series of tests was performed on both the baked and the as-plated bolts.
First, short-term tensile tests were performed on one of the as-plated bolts and on one that had been baked. The two bolts
exhibited similar notched tensile strengths (1448 MPa, or 210 ksi, for the as-plated bolt and 1510 MPa, or 219 ksi, for the
baked bolt); therefore, this test did not disclose the presence of hydrogen. Consequently, the remaining bolts were tested
under static loading.
The bolts were static loaded in tension on a creep frame. Delayed failure occurred in the as-plated bolts, but no failure
occurred in the bolt that was baked to remove the hydrogen. Test results were as follows:
Condition Applied stress Time-toMpa
ksi
failure, h
As-plated 690
100
5.1
As-plated 517
75
5.6
As-plated 517
75
1.1
As-plated 345
50
67(a)
(b)
Baked
517
75
598(a)
(a) No failure occurred; tests were concluded after time shown.
(b) Baked 24 h at 205 °C (400 °F)
These results indicated that the static-fatigue limit was between 345 and 517 MPa (50 and 75 ksi) for the as-plated
(hydrogen-charged) bolts. The properly baked bolt did not fail when it was subjected to a torque stress of 517 MPa (75
ksi).
Conclusions. Failure of the bolts was the result of time-dependent hydrogen embrittlement. Had the remaining bolts been
torqued to the normal stress levels, all would have failed within 2 weeks.
Corrective Measures. The bolts were baked, as specified by ASTM B 242, at 205 °C (400 °F) for 30 min. No further
failures occurred. Baking for 30 min is the minimum baking time; however, baking times up to 24 h are recommended for
greater safety.
Example 8: Hydrogen Embrittlement of Cadmium-Plated Alloy Steel Self-Retaining Bolts in a Throttle-Control Linkage.
Two clevis-head self-retaining bolts used in the throttle-control linkage of a naval aircraft failed on the aircraft assembly
line (a failed bolt is compared with an unused bolt in Fig. 13a). Specifications required the bolts to be heat treated to a
hardness of 39 to 45 HRC, followed by cleaning, cadmium electroplating, and baking to minimize hydrogen
embrittlement. The bolts broke at the junction of the head and shank. The nuts were, theoretically, installed fingertight.

Fig. 13 Cadmium-plated alloy steel self-retaining bolts that fractured because of
hydrogen damage. (a) Fractured and unused intact bolt. (b) Fractured bolt; brittle
fracture surface is indicated by A and B. (c) and (d) Electron fractographs of surfaces A
and B, respectively, showing brittle intergranular fractures. 5000×
Investigation. Inspection of the bolts and nuts showed excessive burrs in the threads at the cotter-pin holes and the nut
slots, which made it necessary to use a wrench in assembly. This obviously had set up a tensile stress, which caused the
bolts to fail. The fillet at the junction of the head and shank was undesirably sharp, but met the manufacturer's
specification of 0. 13 to 0.25 mm (0.005 to 0.010 in.) for the fillet radius.
Macroscopic examination of the fracture surface (Fig. 13b) gave no evidence of corrosion, fatigue marks, or rapid ductile
failure. Electron fractographs of the fracture surface (Fig. 13c and d) showed a typical brittle intergranular fracture,
suggestive of hydrogen embrittlement. The microstructure was found to be sound and normal, and the hardness was
within specifications.
Considerations of the event of failure before actual service and the possibility of hydrogen embrittlement that is inherent
in cleaning and electroplating procedures led to the question of whether the bolts had been adequately baked after plating
and whether postplating treatment had been performed as specified. To explore this possibility, bolts from the same lot as
the failed bolts were tested in prolonged tension in three conditions: as-received, baked at 205 °C (400 °F) for 4 h, and
baked at 205 °C (400 °F) for 24 h. The bolts in the first two conditions failed under a sustained tensile load, but the bolts
baked for 24 h did not, indicating that baking by the manufacturer had either been omitted or had been insufficient.
Conclusions. The failure was attributed to hydrogen embrittlement (resulting from cleaning, cadmium plating, or both)
that had not been satisfactorily alleviated by subsequent baking. The presence of the burrs on the threads prevented
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assembly to fingertightness, and the consequent wrench torquing caused the actual fractures. The very small radius of the
fillet between the bolt head and the shank undoubtedly accentuated the embrittling effect of the hydrogen.
Corrective Measures. The cleaning and cadmium-plating procedures were stipulated to be low-hydrogen in nature, and an
adequate postplating baking treatment at 205 °C (400 °F), in conformity with ASTM B 242, was specified. A minimum
radius for the head-to-shank fillet was specified at 0.25 mm (0.010 in.). All threads were required to be free of burrs. A
10-day sustained-load test was specified for a sample quantity of bolts from each lot.
Example 9: Hydrogen Embrittlement of Alloy Steel Fasteners (Ref 5). During an inspection of a structure 2 weeks after
assembly, the heads of several cadmium-plated AISI 8740 steel fasteners were found to be completely separated from
their respective shanks (Fig. 14). Scanning electron microscopy (SEM) examination of the fracture surfaces revealed a
brittle, intergranular fracture mode (Fig. 15), indicating hydrogen embrittlement. An investigation was conducted to
determine the extent of hydrogen embrittlement in the various lots of cadmium-plated 8740 steel fasteners.

Fig. 14 Cadmium-plated AISI 8740 alloy steel fasteners that failed by hydrogen
embrittlement. See also Fig. 15.

Fig. 15 Scanning electron micrograph of fracture surface of fasteners shown in Fig. 14.
880×
Mechanical Testing. To simulate installation conditions, fasteners from several lots were torqued to 80% of rated ultimate
tensile strength into a predrilled aluminum alloy plate. This high torque (greater than normal installation) was used to
speed the failure rate of the fasteners.
After 335 h, a head was lifted with fingernail pressure from the shank of a fastener. Another was removed by inserting the
blade of a pocket knife under the head. After 41 days, the test rig was disassembled. Nine more fasteners were found to be
cracked in the head-to-shank radius. All of the failures were brittle in nature.
Stress-rupture tests. When torque tests were abandoned, all subsequently tested fasteners were installed in fixtures in
which a constant load equivalent to 90% of the rated ultimate tensile strength could be maintained on the specimens.
Stress-rupture testing was performed on lever-arm-type creep machines. Testing of any lot of pins was suspended when
one pin failed (indicating hydrogen embrittlement) before the end of the 72-h test period. Four pins per lot were used as a
representative sample. If none of the four pins failed during the 72 h, the lot was considered to be free of hydrogen
embrittlement and was released for production. If a lot was embrittled, one of the fasteners being tested generally failed
within the first 4 h.
Metallurgical examination showed that the microstructure of the steel base metal was tempered martensite, supposedly
heat treated to an ultimate tensile strength range of 1240 to 1380 MPa (180 to 200 ksi). Testing revealed that the actual
ultimate tensile strength of the fasteners varied from 1310 to 1480 MPa (190 to 215 ksi). The grain-flow pattern in the
head-to-shank radius was satisfactory.
Condition of cadmium plating. The thickness of the cadmium plating on the fasteners varied from 7.9 to 11 μm (0.31 to
0.43 mils). The coating was applied from a plating bath to which brighteners were added. Bright, impervious coatings
increase the possibility of hydrogen embrittlement in steels by forming a barrier to outward hydrogen diffusion from
plated parts.
An accepted practice for removing hydrogen picked up during plating operations is to bake the cadmium-plated parts for
23 h at 190 ± 14 °C (375 ± 25 °F). This treatment was implemented, as well as baking fasteners
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Corrosion Protection
The most commonly used protective metal coatings for ferrous metal fasteners are zinc, cadmium, and
aluminum. Tin, lead, copper, nickel, and chromium are also used, but only to a minor extent and for very
special applications.
In many cases, however, fasteners are protected by some means other than metallic coatings. They are
sometimes sheltered from moisture or covered with a material that prevents moisture from making contact, thus
drastically reducing or eliminating corrosion. For fasteners exposed to the elements, painting is universally
used. The low-alloy high-strength steel conforming to ASTM specification A 242 forms its own protective
oxide surface film. This type of steel, although it initially corrodes at the same rate as plain carbon steel, soon
exhibits a decreasing corrosion rate, and after a few years, continuation of corrosion is practically nonexistent.
The oxide coating formed is fine textured, tightly adherent, and a barrier to moisture and oxygen, effectively
preventing further corrosion. Plain carbon steel, on the other hand, forms a coarse-textured flaky oxide that
does not prevent moisture or oxygen from reaching the underlying noncorroded steel base.
Steels conforming to ASTM A 242 are not recommended for exposure to highly concentrated industrial fumes
or severe marine conditions, nor are they recommended for applications in which they will be buried or
submerged. In these environments, the highly protective oxide does not form properly, and corrosion is similar
to that for plain carbon steel.
Zinc Coating. Zinc is the coating material most widely used for protection of fasteners from corrosion. Hot
dipping is the most often used method of application, followed by electroplating and, to a minor extent,
mechanical plating.
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Hot dipping, as the name implies, involves immersing parts in a molten bath of zinc. Hot-dip zinc coatings are
sacrificial by electrochemical means. These coatings for fasteners meet ASTM specification A 394, which
specifies an average coating weight of 1.25 oz/ft2 (2.2-mil thickness). Zinc electroplating of fasteners is done
primarily for appearance, where thread fit is critical, where corrosion is not expected to be severe, or where life
expectancy is not great.
Specification ASTM B 633 for electrodeposited zinc coatings on steel specifies three coating thicknesses: GS,
25 μm (0.0010 in.); LS, 13 μm (0.0005 in.); and RS, 4 μm (0.00015 in.)—corresponding to coating weights of
0.59, 0.29, and 0.09 oz/ft2, respectively. These electrodeposited coatings are often given supplemental
phosphate or chromate coatings to develop a specific color and, to a minor extent, enhance corrosion resistance.
Corrosion life of a zinc coating is proportional to the amount of zinc present; thus, the heaviest electrodeposited
coating (GS) would have only about half the life of a hot-dip galvanized coating.
Mechanical (nonelectrolytic) barrel plating is another method of coating fasteners with zinc. Coating weight
can be changed by varying the amount of zinc used and the duration of barrel rotation. Such coatings are quite
uniform and have a satisfactory appearance.
Cadmium coatings are also applied to fasteners by an electroplating process similar to that used for zinc. These
coatings meet ASTM specification A 165. As is true for zinc, cadmium corrosion life is proportional to the
coating thickness. The main advantage of cadmium over zinc is in marine environments, where the corrosion
life of cadmium is longer. Cadmium-plated steel fasteners also are used in aircraft in contact with aluminum
because the galvanic characteristics of cadmium are more favorable than those of zinc. Chromate coatings are
also used over cadmium coatings for the reasons given for zinc-plated fasteners.
Aluminum coating on fasteners offers the best protection of all coatings against atmospheric corrosion.
Aluminum coating also gives excellent corrosion protection in seawater immersion and in high-temperature
applications.
Aluminum coatings are applied by hot-dip methods at about 675 to 705 °C (1250 to 1300 °F). Aluminum alloy
1100 is usually used because of its general all-around corrosion resistance. As with any hot-dip coating, a
metallurgical bond is formed that consists of an intermetallic alloy layer overlaid with a coating of pure bath
material.
Aluminum coatings do not corrode uniformly, as do zinc and cadmium coatings, but rather by pitting. In some
cases, these pits may extend entirely through the coating to the base metal; in others, only through the overlay
to the intermetallic layer, Pits, which may occur in a part soon after exposure, sometimes discolor the coated
surface, but cause little damage. The complex aluminum and iron oxide corrosion product seals the pits, and
because the corrosion product is tightly adherent and impervious to attack, corrosion is usually limited. There is
little tendency for corrosion to continue into the ferrous base, and there is none for undercutting and spalling of
the coating.
Aluminum coatings will protect steel from scaling at temperatures up to about 540 °C (1000 °F); the aluminum
coating remains substantially the same as when applied, and its life is exceptionally long. Above 650 °C (1200
°F), the aluminum coating diffuses into the steel to form a highly protective aluminum-iron alloy. This
diffusing or alloying is time-temperature dependent; the higher the temperature, the faster the diffusion.
However, scaling will not take place until all the aluminum is used up, which may take a thousand or more
hours even at temperatures as high as 760 °C (1400 °F).
Prevention of galling at elevated temperatures is another characteristic of aluminum coatings. Stainless steel
fasteners for use at 650 °C (1200 °F) have been aluminum coated just to prevent galling. Coated nuts can be
removed with an ordinary wrench after many hours at these temperatures, which is impossible with uncoated
nuts.
Failures of Mechanical Fasteners
Walter J. Jensen, Lockheed-Georgia Company

Fastener Performance at Elevated Temperatures

The temperature, the environment, and the materials of the structure are normally fixed; therefore, a design
objective is to select a bolt material that will give the desired clamping force at all critical points in the joint. To
do this, it is necessary to balance the three time- and temperature-related factors (relaxation, thermal expansion,
and modulus) with a fourth factor—the amount of initial tightening or clamping force.
Modulus of Elasticity. As temperature increases, the modulus of elasticity decreases; therefore, less load (or
stress) is needed to impact a given amount of elongation (or strain) to a material than at lower temperatures.
This means that a fastener stretched a certain amount at room temperature to develop preload will exert a lower
clamping force at higher temperature. The effect of reducing the modulus is to reduce clamping force, whether
or not the bolt and structure are of the same material, and is strictly a function of the bolt metal.
Coefficient of Expansion. With most materials, the size of the part increases as the temperature increases. In a
joint, both the structure and the fastener increase in size with an increase in temperature. If the coefficient of
expansion of the fastener exceeds that of the joined material, a predictable amount of clamping force will be
lost as temperature increases. Conversely, if the coefficient of expansion of the joined material is greater, the
bolt may be stressed beyond its yield or even fracture strength, or cyclic thermal stressing may lead to thermal
fatigue failure. Thus, matching of materials in joint design can ensure sufficient clamping force at both room
and elevated temperatures without overstressing the fastener.
Relaxation. At elevated temperatures, a material subjected to constant stress below its yield strength will flow
plastically and permanently change dimensions in the direction of the stress. This phenomenon is called creep.
In a joint at elevated temperature, a fastener with a fixed distance between the bearing surfaces of the male and
female members will produce less and less clamping force with time. This characteristic is called relaxation. It
differs from creep in that stress changes because the elongation or strain remains constant. Such elements as
material, temperature, initial stress, manufacturing method, and design affect the rate of relaxation.
Relaxation is the most important of the three time- and temperature-related factors. It is also the most critical
consideration in design of fasteners for service at elevated temperature. A bolted joint at 650 °C (1200 °F) can
lose as much as 50% of preload. Failure to compensate for this could lead to fatigue failure or a loose joint,
even though the bolt was properly tightened initially.
Other Considerations. Bolt preloading is not the only aspect of joint design that must be considered for
elevated-temperature service. Other considerations include time, environment, serviceability, coatings,
manufacturing methods, fastener design, and material stability. The element of time that is introduced with
exposure to heat requires an assessment of the service life of the structure (or at least of the fastener) and of the
amount of this life that will be spent at elevated temperature.
Galling and seizing are serious considerations if there is to be subsequent disassembly, which is usually
necessary for threaded connections. Many of the materials with desirable elevated-temperature properties, such
as the stainless steels, are inherently prone to galling during sliding contact of one member over another, even
at room temperature. These materials require protective lubricating coatings. Additional problems of seizing of
mating materials develop after exposure to temperature. Ease of disassembly requires that a suitable coating be
used and that clearance sometimes be provided at the pitch diameter.
At moderate temperatures, where cadmium and zinc anticorrosion platings might normally be used, the
phenomenon of stress alloying becomes an important consideration. Conventional cadmium plating, for
example, is usable only to 230 °C (450 °F). At somewhat above that temperature, the cadmium is likely to melt
and diffuse into the base material along the grain boundaries, causing cracking by liquid-metal embrittlement,
which can lead to rapid failure. For corrosion protection of high-strength alloy steel fasteners used at
temperatures between 230 and 480 °C (450 and 900 °F), special nickel-cadmium coatings such as that
described in AMS 2416 are often used.
At extremely high temperatures, coatings must be applied to prevent oxidation of the base material, particularly
with refractory metals. These must be selected on the basis of the environments. In static air, suitable coatings
are available. However, at partial pressure or in dynamic air, there will be a significant reduction in service life.
Fastener-manufacturing methods can also influence bolt performance at elevated temperature. The actual
design and shape of the threaded fastener are also important, particularly the root of the thread. A radiused
thread root is a major consideration in room-temperature design, being a requisite for good fatigue
performance. However, at elevated temperature, a generously radiused thread root is also beneficial in
relaxation performance. Starting at an initial preload of 483 MPa (70 ksi), a Waspaloy stud with square thread
roots lost a full 50% of its clamping force after 20 h, with the curve continuing downward, indicating a further
loss. A similar stud made with a large-radiused root lost only 36% of preload after 35 h.
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Selection of fastener material is perhaps the single most important consideration in elevated-temperature
design. Most materials are effective over a limited temperature range. No fastener material is suitable for
service at temperatures ranging from cryogenic to ultrahigh.
Standard high-strength bolts of medium-alloy steel have a usable temperature range up to about 230 °C (450
°F). The medium-alloy chromium-molybdenum-vanadium steel conforming to ASTM A 193, grade B16, is a
commonly used bolt material in industrial turbine and engine applications to 480 °C (900 °F). An aircraft
version of this steel, AMS 6304, is widely used in fasteners for jet engines.
For many industrial applications, corrosion- and heat-resistant stainless steels are usable to 425 °C (800 °F).
Stabilized grades, such as types 321 and 347, can be used at slightly higher temperatures, at lower strength
levels.
The 5% Cr tool steels, most notably H11, are used for fasteners having a tensile strength of 1517 to 1793 MPa
(220 to 260 ksi). They retain excellent strength through 480 °C (900 °F).
From 480 to 650 °C (900 to 1200 °F), corrosion-resistant alloy A-286 is used. Alloy 718, with a roomtemperature tensile strength of 1241 MPa (180 ksi), has some applications in this temperature range.
The nickel-base alloys René 41, Waspaloy, and alloy 718 can be used for most applications in the temperature
range of 650 to 870 °C (1200 to 1600 °F). Between 870 and 1095 °C (1600 to 2000 °F) is a transition range in
which the nickel- and cobalt-base alloys do not retain sufficient strength to give satisfactory service.
Mechanical fasteners are available for short-term exposure at ultrahigh temperature. Some refractory-metal
fasteners are in service in carefully controlled applications at temperatures of 1095 to 1650 °C (2000 to 3000
°F).
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Liquid-Metal Embrittlement (LME)
Liquid-metal embrittlement is the brittle failure of a normally ductile metal when it is coated with a thin film of a liquid
metal and subsequently stressed in tension. Embrittlement manifests itself as a reduction in fracture stress, strain, or both;
failure occurs well below the yield stress of the solid. Even small amounts of liquid metal can cause catastrophic failure
by LME. Fracture is usually intergranular, with little crack branching or striations to indicate slow crack propagation.
More information on this subject is available in the article “Liquid-Metal and Solid-Metal Induced Embrittlement” in this
Volume, and the article “Failures of Locomotive Axles” in this Volume gives examples of steel locomotive axles that
failed by liquid-metal contamination by copper alloy bearing materials.
In one case of LME of mechanical fasteners, cadmium-plated 4140 steel nuts (hardness: 44 HRC) were inadvertently used
on bolts for clamps used to join ducts that carried hot (500 °C, or 930 °F) air from the compressor of a military jet engine.
The nuts were fragmented or severely cracked (Fig. 16a). Fracture surfaces were oxidized and tarnished (Fig. 16b), and
fracture was brittle and intergranular (Fig. 16c). Failure occurred when the hot air melted the electroplated cadmium
(melting point: 321 °C, or 610 °F), causing LME of the steel base metal.

Fig. 16 Cadmium-plated 4140 steel nuts from a military jet engine that failed by LME. (a)
Fragmented and cracked nuts. (b) Typical fracture surface. (c) Electron fractograph
showing brittle intergranular fracture
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Rivets
Solid, tubular, and split rivets are among the most commonly used fasteners for assembled products. Rivets are used as
mechanical fasteners because they have a favorable relative cost and weight, because they are available in a wide variety
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of materials, head styles, and sizes, or because they have excellent hole-filling ability. To achieve these benefits, however,
a product must be designed for riveting from the beginning, with consideration given to production as well as product
design. The five basic types of rivets used are shown in Fig. 17.

Fig. 17 Five basic types of rivets used to fasten assembled products.
Rivet Positioning. The location of the rivet in the assembled product influences both joint strength and clinching
requirements. The important dimensions are edge distance and pitch distance.
Edge distance is the interval between the edge of the part and the centerline of the rivet and is controlled by the bearing
strength of the material being joined. Maximum bearing strength is obtained with an edge distance equal to twice the
diameter of the rivet shank. At less than this distance, the bearing strength of the joint decreases approximately directly
with edge distance under some shear loadings. Even in the absence of shear load, edge distance of twice rivet-shank
diameter should be specified to avoid buckling of the material while clinching. The recommended edge distance for
plastic materials, either solid or laminates, is between two and three diameters, depending on the thickness and inherent
strength of the material.
Pitch distance, which is the interval between centerlines of adjacent rivets, should be determined by the load to be carried
across the joint and by the size of the fastener. Unnecessarily high stress concentrations in the riveted material and
buckling at adjacent empty holes can result if the pitch distance is less than three times the diameter of the largest rivet in
the assembly. The maximum pitch distance is limited by the tendency of the sheet to buckle between rivets. Multiple rows
of rivets, sometimes staggered, are frequently necessary to provide the desired joint strength.
Types of Rivet Failures. Standard design analyses of riveted joints consider two primary types of failures: (1) shear in the
shank of the rivet and (2) bearing or crushing failure of the metal at the point where the rivet bears against the joined
members. The load per rivet at which each of these two types of failures may occur is separately calculated, and the lower
value of the two calculations governs the design. However, the practical goal should be to design all riveted joints as
bearing critical. This can be accomplished by selecting the correct material composition, condition, and thickness. For
optimum performance, the rivet and the members being joined should have the same properties, but from the driving
standpoint, it is often necessary to have a softer rivet.
In addition to the design considerations, rivets may also be susceptible to failure by many of the same failure mechanisms
experienced by threaded fasteners. For example, rivets are especially susceptible to fatigue failure when used in the same

joint with threaded fasteners. This is because rivets fill the holes more completely than threaded fasteners and are thus
subjected to more than their proportionate share of the load.
Shear in Shank. The number of planes on which a rivet may fail in shear depends on the type of joint that is riveted.
Rivets are normally used in single or double shear. For design purposes, the load required to shear a rivet can be assumed
to increase directly with the number of planes on which shear loading occurs; thus, in double shear, a rivet is
approximately twice as strong as in single shear. However, if the members being joined are relatively thin and have
significantly greater hardness than the rivets, the rivets will fail at a lower value of shear stress than that determined in
tests with thicker material.
Machine-countersunk flush-head rivets are subject to failure of the sheet or to shear and tension failure of rivet heads.
Riveted joints with thin outer sheets are critical because of the instability of the outer sheets, which can buckle around the
rivet before full bearing stress is developed (Fig. 18).

Fig. 18 Schematic of buckling failure of a thin sheet in a riveted joint. Countersinking the
top sheet formed a sharp edge at the faying surface.
Bearing-Surface Failure. In riveted joints involving sheet of moderate thickness, the controlling factor is the strength of
the rivet head, because induced shear and tension in the rivet head are more critical than shear through the shank.
Determining factors are the magnitude of the induced loads in the rivet head, the deflection of the rivet head and sheet
under load, and the bearing of the knife-edge of the countersunk hole in the top sheet of the rivet. Typical loading of a
riveted joint is shown in Fig. 19(a); failure generally occurs as shown in Fig. 19(b). Because of these inherent limitations
of flush-head rivets, protruding-head rivets are preferred. Flush-head rivets should be used only when a clean surface is
required for appearance or for aerodynamic efficiency or when clearance for an adjacent structure is inadequate to
accommodate protruding-head fasteners.

Fig. 19 Schematic of typical behavior of flush-head rivets. (a) Loading of rivet. A, bearing
area of the upper sheet; B, bearing area of the lower sheet; L, load; P, shear component;
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Pt, tension component; Pr, resultant of shear and tension components. (b) Shear and
tension failure mode
Stress-Corrosion Cracking. In aluminum alloys containing more than 4% Mg, the introduction of plastic deformation
followed by aging at a slightly elevated temperature, such as might occur in the tropics, can lead to SCC. A rivet of Alcan
aluminum B54S-O, shown in cross section in Fig. 20(a), failed during a stress-corrosion test in the laboratory and
illustrates this effect. The rivet was heated for 7 days at 100 °C (212 °F) before testing. The residual deformation from the
heading operation, followed by the treatment at elevated temperature, resulted in failure from SCC. The path of the
fracture along the grain boundaries is illustrated in Fig. 20(b). The specimen was etched in dilute phosphoric acid, which,
on alloys of this type, outlines the grains in a material that is sensitive to stress corrosion. Electron microscope
investigation has shown that this type of grain-boundary attack prevails when a fine, closely spaced precipitate is present
at the grain boundary (Ref 6). If the precipitate is coarser and more widely spaced, as when treated at 230 °C (445 °F) for
6 h, small etch pits that resemble a string of pearls at the grain boundaries can be seen with the optical microscope. Such a
structure is not susceptible to SCC.

Fig. 20 Alcan aluminum alloy B54S-O rivet that failed by stress corrosion after being
heated for 7 days at 100 °C (212 °F). (a) Section through rivet showing shape of fracture
surface. 5×. (b) Micrograph showing an intergranular fracture path. 450×

Reference cited in this section
6. A.T. Thomas, Etching Characteristics and Grain Boundary Structures of Aged Aluminum-Magnesium Alloys, J.
Inst. Met., Vol 94, 1966
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Blind Fasteners
Blind fasteners are mechanical fasteners that can be installed in a joint that is accessible from one side only. When a blind
fastener is set, a self-contained mechanical, chemical, or other device forms an upset on the inaccessible, or blind, end of
the fastener and also expands the fastener shank, thereby securing the parts being joined.
Blind fasteners are classified according to the methods by which they are set, either pull-mandrel, threaded, drivepin, or
chemically expanded. Rivets that conform to these classifications are illustrated in Fig. 21.
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Fig. 21 Types of blind fasteners used in assembled components.
A blind-fastened joint is usually in compression or shear, both of which the fasteners can support somewhat better than
tensile loading. The amount of loading that blind fasteners subjected to vibration can sustain is influenced by minimum
hole clearance and such installation techniques as applying compression to the assembly with clamps before the fasteners
are set.
Some blind fasteners can be used in material as thin as 0.5 mm (0.020 in.) if the heads are properly formed and if shank
expansion is carefully controlled during setting. However, in joining sheets that are dissimilar in thickness, the best
practice is to form the blind head against the thicker sheet. Also, if one of the components being joined is of a
compressible material, rivets with extralarge-diameter heads should be used.

Tolerances applied to blind-fastener holes vary according to the type of rivet used. Ordinarily, it is more economical to
select a fastener that clamps against the surfaces of the components being joined than to select one that depends only on
hole filling.
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Pin Fasteners
Pins are effective fasteners where loading is primarily in shear. They can be divided into two groups: Semipermanent pins
and quick-release pins.

Semipermanent Pins
Semipermanent pin fasteners require the application of pressure for installation or removal. The two basic types are
machine pins and radial-locking pins.
General rules that apply to all types of Semipermanent pins are:
•
•
•

Avoid conditions in which the direction of vibration is parallel to the axis of the pin
Keep the shear plane of the pin a minimum distance of one pin diameter from the end of the pin
Where the engaged length is at a minimum and appearance is not critical, allow pins to protrude at each end for
maximum locking effect

Machine Pins. The four important types of machine pins are dowel pins, taper pins, clevis pins, and cotter pins. Machine
pins are used either to retain parts in a fixed position or to preserve alignment. Under normal conditions, a properly fitted
machine pin is subjected to shear only, and this occurs only at the interface of the surfaces of the two parts being fastened.
Taper pins are commonly used to fasten parts that are taken apart frequently, where the constant driving-out of the pin
would weaken the holes if a straight pin were used.
Example 10: Fatigue Fracture of a Taper Pin in a Clutch-Drive Assembly. The drive wheel on the clutch-drive support
assembly shown in Fig. 22(a) was slightly loose and caused clutch failures in service after 6.8 × 106 cycles. After failure,
removal of the taper pin holding the drive wheel on the shaft was difficult, indicating that the pin was tight in the
assembly. The taper pin was made of 1141 steel, the shaft 1117 steel, and the drive wheel 52100 steel.
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Fig. 22 Steel clutch-drive support assembly that failed in service after a taper pin
fractured. The pin fractured because of a loose fit between components. (a) Drive support

assembly. Section A-A shows the break in the small end of the taper pin (arrow). (b)
Fractured pin; note axial grinding marks on the surface. (c) Fretting on the portion of the
shaft covered by the drive wheel
Investigation. Upon removal from the assembly, the taper pin was found to be broken at the small end (Section A-A, Fig.
22). In assembly, the fracture occurred near the interface of the shaft and the drive wheel. As shown in Fig. 22(b), the
surface of the taper pin contained axial grinding marks, some of which were partly obliterated by movement of the
components during operation, before and after the pin broke. Evidence of fretting was also found on the pin. Surface
finish on the pin was 1 μm (45 μin.); specifications required 0.8 μm (32 μin.). The fracture surface of the pin contained
ductile tears, fatigue striations, and shear lips.
Examination of the clutch shaft revealed that fretting had occurred on the portion of the shaft covered by the drive wheel
(Fig. 22c). It did not appear that fretting alone had impaired machine operation.
During the investigation, a second clutch-drive support assembly was received at the laboratory. This second assembly
exhibited a loose fit similar to the first. The assembly was sectioned transversely at the taper pin, and the pin was found to
be fractured in the same area as the first. There was a tight line-to-line fit between the shaft and the taper pin. However,
there was a maximum clearance of 0.08 mm (0.003 in.) between the drive wheel and the large end of the pin, and there
was a lesser amount at the small end. Also, the clearance between the shaft and the drive wheel was 0.04 mm (0.0015 in.)
(specifications permitted a maximum clearance of 0.025 mm, or 0.001 in.). Because of the excessive clearance between
the shaft and the drive wheel, alternating stresses were transmitted to the pin.
Conclusions. Failure of the clutch-drive support assembly occurred as a result of fatigue fracture of a taper pin. A loose fit
between the drive wheel and the shaft and between the drive wheel and the pin permitted movement that resulted in
fatigue failure. Fretting of the pin and drive shaft was observed but did not appear to have contributed to the failure.
Recommendations. The assembly should be redesigned to include an interference fit between the shaft and the drive
wheel. The drive wheel and the shaft should be taper reamed at assembly to ensure proper fit. In addition, receiving
inspection should be more critical of the components and accept only those that meet specifications.
Example 11: SCC of 300M Steel Jackscrew Drive Pins. Both jackscrew drive pins on a landing-gear bogie failed
suddenly when the other bogie on the same side of the airplane was kneeled for a tire change. The pins were smooth
cylindrical tubes that fastened the top tubular ends of the jackscrew to the plane. The primary service stress on the pins
was shear. The pins had nominal dimensions of 41-mm (1.6-in.) outside diameter, 25-mm (1-in.) inside diameter, and
178-mm (7-in.) length, and they had a smooth push fit with a hole tolerance of +0.04 to +0.1 mm (+0.0015 to +0.0040
in.). They were shot peened and chromium plated on the outside surface and were cadmium plated and painted with
polyurethane on the inside surface. The pins were made of 300M steel heat treated to a tensile strength of 1931 to 2069
MPa (280 to 300 ksi). The top of the jackscrew was of 6150 steel heat treated to a tensile strength of 1241 to 1379 MPa
(180 to 200 ksi).
Investigation. After the retrieved portions of the fractured pins had been reassembled (Fig. 23a and b), it was evident that
they had sustained prior mechanical damage. Both ends of the pins were dented where the jackscrew had pressed into
them, probably as a result of overdriving the jackscrew at the end of an unkneeling cycle. One end of the forward pin was
noticeably bent (Fig. 23c). The chromium plating was missing from the dented areas, and these areas were heavily
corroded.

The file is downloaded from www.bzfxw.com

Fig. 23 300M steel jackscrew drive pins that failed by SCC. (a) Four views of aft-pin
locations of individual origins (numbers), directions of fracture (arrows), and finalfracture regions (wavy lines). (b) Same as (a) except for forward pin. (c) Top surface of
forward pin showing slight bend at left end. (d) Micrograph showing pits in base metal
under cracks in chromium plating. Etched with nital. 100×. (e) Electron fractograph
showing corroded intergranular fracture surface at origin 1 on forward pin (see b).
4000×. (f) Same as (e) except at 6500× showing origin 1A on aft pin. (g) Micrograph
showing intergranular crack in base metal propagating from corrosion pit adjacent to
crack. 400×
Chromium-carbon replicas of the areas of fracture origin showed a heavily corroded intergranular fracture mode (Fig. 23e
and f). Subsequent metallographic examination revealed deep corrosion pits adjacent to the fracture origins and directly
beneath cracks in the chromium plate (Fig. 23d). Intergranular cracks that had propagated from several of the pits under
the cracks in the chromium plate are shown in Fig. 23(g).
The dimensions, surface finish, and composition of the pins were within the specified limits. Microhardness traverses and
metallographic examination of sections through the pins confirmed that neither carburization nor decarburization had
occurred on the surface of either pin. Alkaline chromate etching confirmed that no intergranular oxidation products were
present. The microstructure was typical of tempered martensite and was satisfactory.
Conclusions. Overdriving the jackscrew dented the drive pins and caused cracking and chipping of the chromium plate.
The unprotected metal rusted, and stress-corrosion cracks grew out of some of the rust pits. The terminal portion of the
fracture resulted from overstress when the remaining uncracked cross section was not adequate to carry the load.
Corrective Measures. The jacking-control system was modified to prevent overdriving and subsequent damage to the
drive pins. The pin material was changed from 300M steel to PH 13-8 Mo stainless steel, which is highly resistant to

rusting and SCC. The inside diameter of the pins was reduced to compensate for the lower strength of the PH 13-8 Mo
steel. The protective plating and paint were eliminated because of the good corrosion resistance of the new material.
Radial-locking pins are of two basic styles: (1) solid, with grooved surfaces, and (2) hollow spring pins, which may be
slotted or spiral wound. In assembly, radial forces produced by elastic action at the pin surface develop a friction-locking
grip against the hole wall. Spring action at the pin surface also prevents loosening under shock and vibration.
Locking of the solid grooved pins is provided by parallel, longitudinal grooves uniformly spaced around the pin surface.
When the pin is driven into a drilled hole corresponding in size to the nominal pin diameter, elastic deformation of the
raised groove edges produces a force fit with the hole wall. Optimum results under average conditions are obtained with
holes drilled the same size as the nominal pin diameter. Undersize holes should be avoided, because they can lead to
deformation of the pin in assembly, damage to hole walls, and shearing-off of the raised groove edges.
Resilience of hollow cylinder walls under radial compression forces is the principle of spiral-wound and slotted tubular
pins. Compressed when driven into the hole, the pins exert spring pressure against the hole wall along their entire engaged
length to develop locking action. For maximum shear strength, slotted pins should be placed in assemblies so that the
slots are in line with the direction of loading and 180° away from the point of application.

Quick-Release Pins
Quick-release pins are of two types: push-pull and positive locking. Both use some form of detent mechanism to provide
a locking action for rapid manual assembly and disassembly.
Push-pull pins are made with a solid or hollow shank containing a detent assembly, such as a locking lug, button, or ball,
which is backed by a resilient core, plug, or spring. These pins fasten parts under shear loading, ideally at right angles to
the shank of the pin.
Positive-locking pins use a locking action that is independent of insertion and removal forces. These pins are primarily
suited for shear-load applications. However, some tension loading can usually be tolerated without adversely affecting the
function of these pins.
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Special-Purpose Fasteners
Special-purpose fasteners, many of which are proprietary, are frequently used in nonstructural applications to provide
some unique feature, such as quick release, snap action, or cam action. These fasteners are subject to the same failure
mechanisms experienced by threaded fasteners and rivets.
Spring clips are a type of special-purpose fastener that perform multiple functions, are generally self-retaining, and, for
attachment, require only a flange, panel edge, or mounting hole. The spring-tension principle of fastening eliminates
loosening by vibration, allows for design flexibility, compensates for tolerance buildup and misalignment, and minimizes
assembly damage.
The basic material for spring-clip fasteners is steel with 0.50 to 0.80% carbon content. Fasteners are generally formed in
the annealed stage, then hardened and tempered to 45 to 50 HRC. Zinc or cadmium electroplating is specified for certain
applications. Other applications may use a zinc mechanical plating to eliminate hydrogen embrittlement.
Example 12: Failure of a Zinc-Electroplated 1060 Steel Fastener. The fastener shown in Fig. 24 was used to secure plastic
fabric or webbing to the aluminum framework of outdoor furniture. Several clips were required on each piece of furniture,
and these had to hold the fabric for several seasons of varying weather conditions.
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Fig. 24 Zinc-electroplated 1060 steel fastener that failed by hydrogen embrittlement. The
part was used to secure fabric to lawn-furniture framework. Dimensions given in inches
The fasteners were made in high-production progressive dies from 0.7-mm (0.028-in.) thick cold-rolled 1060 steel. They
were barrel finished to remove burrs and hardened and tempered to 45 to 52 HRC. The fasteners were electroplated with
zinc and coated with clear zinc dichromate.
During attachment of the fabric to the furniture, approximately 30% of the fasteners cracked and fractured as they were
compressed to clamp onto the framework prior to springback, which held the fabric in place. Fasteners on some of the
furniture that was successfully assembled had fractured in warehouses, in retail stores, and in service, allowing the plastic
fabric or webbing to come off the chair.
Discussion. The heat treatment of the fasteners consisted of austenitizing at 790 °C (1450 °F) for 10 min, quenching in oil
at 80 °C (180 °F), rinsing, then tempering at 345 °C (650 °F) to obtain a microstructure of tempered martensite. After
being acid cleaned, zinc electroplated to a thickness of 0.005 mm (0.0002 in.), and coated with a clear dichromate, the
fasteners were baked 8 h at 165 °C (330 °F) to remove the nascent hydrogen. Fasteners treated in this manner were very
brittle and had a limited capacity of being compressed without fracture. Low ductility at room temperature and delayed
failure are characteristic of steel that has been damaged by hydrogen embrittlement.
Conclusions. The fasteners failed in a brittle manner as the result of hydrogen embrittlement. Hydrogen was induced into
the surface of the steel when the hardened parts were acid cleaned before electroplating and during the electroplating
operation. Baking at 165 °C (330 °F) for 8 h failed to remove all of the nascent hydrogen that had diffused interstitially
into the steel.
Corrective Measures. The heat treatment was changed from austenitizing, quenching, and tempering to austenitizing at
790 °C (1450 °F) for 15 min, quenching in a potassium chloride salt bath at 345 °C (650 °F) for 20 min, air cooling, and
rinsing. This heat treatment produced a more ductile and bainitic structure than the original heat treatment, as well as a
hardness of 48 to 52 HRC. In addition, the method of plating the fastener with zinc was changed from electroplating to a
mechanical deposition process.
These two changes eliminated the possibility of hydrogen embrittlement, because acid cleaning was not needed after
austempering and before plating. Also, mechanical deposition of zinc coating does not produce hydrogen embrittlement in
hardened steel.
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Fastener Failures in Composites
The typical failure mechanism for statically loaded graphite composite joints is fastener pullout (Fig. 25a and b). The
oversize fastener head is evident in Fig. 25(b); the collar flange, Fig. 25(a). Collars are used, rather than nuts, to avoid
galling, which is frequently a problem when titanium nuts and bolts are installed, Figure 26(a) shows the typical pullouttype failure of a flush-head fastener in a composite joint. However, when this type of joint is fatigue tested, failure is
usually first initiated by cocking of the fasteners, followed by fatigue failure of one or more of the fasteners (Fig. 26b).
The fasteners in Fig. 26(b) were installed with close-fitting sleeves in the holes to improve fatigue life. After the sleeve is
placed in the hole, the interference-fit fastener is pulled into the sleeve; this expands the sleeve to provide an interference

fit between it and the composite and reduces the possibility of delamination which can occur if interference-fit fasteners
are forced into unsleeved holes. Non-destructive inspection of some type is needed to detect delamination or other
internal damage without removal of the fasteners.

Fig. 25 Static tensile failures in carbon-graphite composite samples. Failure was by
fastener pullout. (a) Single-lap shear specimen. (b) Double-lap shear specimen. Both 1 1 ×
3

Fig. 26 Fatigue failure of fasteners in single-lop shear carbon-graphite composite joints.
(a) Fastener pullout resulting from a static tensile load. (b) Fatigue failure of fasteners
initiated by cocking of the fasteners. Both 1 1 ×
3
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Introduction
SPRINGS are made in many types, shapes, and sizes, ranging from delicate hairsprings for watches to massive
buffer springs for railroad equipment. The vast majority of springs are made from one of several grades of
carbon or alloy steel. However, to accommodate the broad spectrum of applications, springs have been made
from a wide variety of metals and alloys, including stainless steels, heat-resisting alloys, copper alloys and
titanium alloys.
The broad range of compositions, sizes, and types of springs is equaled by the required range of quality and
characteristics. Quality can range from that required for low-cost ballpoint pens to the extremely high quality
necessary for aerospace applications.
Ordinary springs, such as those used in noncorrosive environments and at temperatures not much higher than
room temperature, are produced to high strength levels that often can be obtained entirely by severe
coldworking (drawing or rolling). This approach to producing springs generally dictates that no metal be
removed from the wire or strip during working, which allows any existing defects in the raw material to remain.
Springs produced in this manner are adequate for many applications because minor surface discontinuities are
of little or no consequence.
More rigorous applications are likely to require springs with defect-free surfaces. Such surfaces can be obtained
by conditioning of billets or even by grinding of the wire or strip stock from which the springs are formed.
These practices, however, significantly increase cost and decrease availability. For more detailed information
on compositions, properties, methods of manufacture, and major applications for springs, see the article “Steel
Springs” in Properties and Selection: Irons, Steels, and High-Performance Alloys,, Volume 1 of theASM
Handbook.
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Operating Conditions

Although most spring applications involve operating temperatures that are not far above or below room
temperature, many applications require springs to operate over an appreciable temperature range. For instance,
valve springs in internal-combustion engines must operate in frigid weather for start-up, then, within minutes,
must function at the normal operating temperature of the spring chamber, which may approach 90 °C (195 °F).
This temperature range, and even a range with a maximum temperature somewhat higher, can be
accommodated by springs made of carbon or low-alloy steels (for examples of springs that failed because of
excessive operating temperatures, see the article “Analysis of Distortion and Deformation” in this Volume).
However, some springs are required to operate at much higher temperatures and thus must be made of heatresisting materials. Such applications must be evaluated individually before a suitable selection of material can
be made.
Corrosive Environments. Most springs are not subjected to environments more corrosive than humid air; there
are, however many exceptions. As for elevated-temperature service, applications that involve corrosive
environments must be evaluated individually before selection of materials for springs or of suitable protective
coatings.

Common Failure Mechanisms
Fatigue is the most common mechanism of failure in springs, as demonstrated by the examples in this article.
Any of the causes noted in the section “Common Causes of Failures” in this article may result in failure by
fatigue; more than one cause is sometimes involved.
Relaxation is another common failure mechanism. This condition is caused by overstressing and often results
from use of a grade of material that is marginal for the application. Relaxation from operation at excessively
high temperatures is also a common failure mechanism.
Although some spring materials are quite notch sensitive and have limited ductility, brittle fracture is not a
major problem in springs in the usual sense. Apparently, this is true because the section sizes are usually small,
an extreme degree of working has been used (which creates a homogeneous structure), and care in minimizing
stress concentrations has been applied.
One form of brittle fracture occasionally encountered results from hydrogen absorption in martensitic
structures, which occurs in electroplating or other cleaning or finishing processes. Corrosion contributes to
spring failure in much the same way as it contributes to failure of other highly stressed structures, although in
springs it is most often connected with fatigue. Nevertheless, static stress-corrosion failures can occur at high
stresses in the presence of electrolytes.

Examination of Spring Failures
For the most part, procedures that apply to analysis of failures in other parts also apply to analysis of spring
failures (see the article “Conducting a Failure Examination” in this Volume). Loading and other service
conditions as well as all details of the material should be determined, and a preliminary visual examination
should be made to identify fracture-surface features, wear patterns, contact marks, surface deposits, and
temperature colors. Fracture features often are damaged by clashing of the portions of the broken spring;
therefore, it may be necessary to analyze several similar failures to arrive at the correct conclusion as to the
cause of failure. For small springs, a stereoscopic bench microscope is essential because the entire cross section
may be only as large as the origin of failure in many large sections.
Another important factor is lighting. Spot lighting is sometimes required, but because of reflection into and
away from the objective lens, such lighting can be misleading. What is best for fractography is often not best
for stereo viewing. A small ring-type fluorescent lamp around the objective is suitable for general use if
supplemented by a more concentrated source of light. By exploration at all possible viewing angles with this
lighting, features may be revealed that otherwise could escape detection.

Common Causes of Failures
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Overstressing is a common cause of failure of springs. Settling and other types of distortion are generally
caused by operation of springs at stresses that are higher than expected. It must be kept in mind, however, that
the stresses a given spring can withstand are greatly affected by the operating environment. For example,
helical springs made of 6150 steel provided failure-free service in fuel-injection pumps when the fuel oil being
pumped was a normal low-sulfur grade, but several of these springs failed under identical stress conditions
when the fuel oil contained substantial amounts of hydrogen sulfide. In addition, operating temperatures that
are higher than those anticipated often result in failures of springs without changes in stress.
Design deficiencies, material defects, processing errors or deficiencies, and unusual operating conditions are
common causes of spring failures. In most cases, these causes result in failure by fatigue.
In the remainder of this article, 19 examples of specific failures of springs are presented. Although most of the
springs discussed in these examples failed by fatigue, the fatigue cracks were initiated by a wide variety of
causes. In some of the examples, more than one cause contributed to failure.

Failures Caused by Errors in Design
Rules governing design of the more common types of springs are generally well understood and closely followed. Proper
distribution of stresses and avoidance of sharp bends are among the principal requirements of a well-designed spring.
Because the rules of design are generally understood and followed, the number of failures of springs that occur solely as
the result of faulty design is comparatively small. However, there are occasional exceptions.
For example, one of a test set of titanium alloy Ti-13V-11Cr-3Al torsionally stressed compression springs failed by
fatigue after 12 × 106 cycles at a maximum stress of 640 MPa (93 ksi). The surface of the fracture, which occurred one
turn from the end, is shown in Fig. 1. Radial marks emanate from the fracture origin (arrow), which was in an area of
contact with the end turn of the spring. In this area, small elongated gall marks were visible, indicating that there was
sliding motion over a region about 0.1 mm (0.004 in.) in length. It was concluded that fretting in this area had lowered the
fatigue strength. In this instance, and in many others, the proximity of one coil to another does not permit some areas to
be shot peened properly, and this can contribute to a reduction in fatigue life.

Fig. 1 Fractograph of the surface of a fracture that occurred one turn from the end of a
titanium alloy spring. The arrow indicates the point of contact with the end of the next
coil. 10×
Failures Caused by Material Defects
Seams frequently contribute to failures of springs, usually by initiating fatigue cracks. Pipe, inclusions, and pits may also
contribute to premature failures. The following three examples describe fatigue failures that resulted from material defects
of these types. Additional examples of failures due to defects can be found in the section “Failures That Occur During
High-Stress Fatigue” in this article (see Examples, , , ).

Example 1: Fatigue Failure of a Locomotive Suspension Spring that Initiated at a Seam. Hot-rolled hardened-andtempered 5160 bars for suspension springs are purchased to a restricted seam-depth requirement. Outdoor exposure can
result in rusting in the seam and on the fracture surface (Fig. 2a). This macrograph shows a smooth portion of the fracture
that exhibits a step due to a seam, which can be seen on the surface.

Fig. 2 Fatigue fracture of a locomotive spring with a bar diameter of 36 mm (1

7
16

in.). (a)

A step (shown by arrow) is visible at the fracture surface near the inner diameter of the
spring. A seam is visible, extending from the step. 0.6×. (b) Higher magnification (1.7×) of
thumb-nail position of the fracture. The step is in the center of a smaller semicircle
indicated by arrows. Growth occurred principally to the right of the step until the area
was approximately doubled, at which time rapid fracture (rough texture) began. (c) The
seam wall (exposed by a specimen-fracture technique) is very dark in places because of
scale. Below this is a mottled area exhibiting rust and scale. At the base of this area are
dozens of fatigue origins with faces all parallel to the final fracture. At the bottom is the
area of rapid, rough fracture. 14×. (d) Metollographic cross section of the seam. The light
flecks near the surface are ferrite; the gray areas in the seam are unidentified
nonmetallics, probably oxides. 100×

The file is downloaded from www.bzfxw.com

Investigation. Figure 2(b) shows a detailed view of the area around the step. The thumb nail looks off-center from the
step, but there is a smaller thumb-nail shape that is concentric with the step and a second stage of growth, very slightly
rougher, that spreads principally to the right of the step. The demarcation line is nearly invisible because of rust on the
fracture. The rapid stage of failure, which begins at the edge of the thumb nail, is much rougher and exhibits rays that
diverge approximately radially from it.
Figure 2(c) shows the seam wall at 15× from a section next to that shown in Fig. 2(b). This was accomplished by cutting
the metal away beneath the seam with an abrasive cutoff disk oriented such that the cut was aligned with the seam.
Cutting was continued until the wheel had penetrated to about 0.8 mm (

1
in.) from the bottom of the seam. The section
32

of the spring was then placed in a vise so that the abrasively cut walls could be pushed toward each other and the seam
walls pulled apart by using the sound metal in between as a fulcrum. Under these conditions, the sound metal just under
the seam is placed in tension, and it fractures in a ductile manner. The seam wall has two zones, the lower zone being
mottled.
At the base of the seam wall are dozens of spear-head-shaped areas pointing away from the seam. These facets are all
parallel to the final thumb-nail surface and are fatigue cracks. Although they extend laterally into the matrix metal, they
are deeper than they are wide, showing that the fracture fronts did not develop at a uniform rate in all directions in their
early stages. The orientation of these origins is normal to the direction of resultant tensile stress from torsional stressing of
the spring material.
Figure 2(d) shows a metallographic view of a cross section of the seam. The light areas near the surface are
predominantly ferrite resulting from decarburization. The dark areas in the seam are nonmetallics that were not identified.
Conclusion. The failure in this spring initiated at the base of a seam. Many fracture origins developed, which oriented
normally to the direction of tensile stress at 45° to the wire axis, resulting from the torsional stressing of the spring
material. As failure progressed, one or more of these origins developed into a semicircular fracture plane at the same 45°
angle. This eventually caused complete fracture.
Example 2: Fatigue Fracture of Alloy Steel Valve Springs Because of Pipe. Two outer valve springs broke during
production engine testing and were submitted for laboratory analysis. The springs were from a current production lot and
had been made from air-melted 6150 pretempered steel wire. The springs were 50 mm (2 in.) in outside diameter and 64
mm (2

1
7
in.) in free length, had five coils and squared-and-ground ends, and were made of 5.5-mm ( -in.) diam wire.
2
32

Because both failures were similar, the analysis of only one will be discussed.
Investigation. The spring (Fig. 3a) broke approximately 1

1
turns from the end. Fracture was nucleated by an apparent
2

longitudinal subsurface defect. Magnetic-particle inspection did not reveal any additional cracks or defects.

Fig. 3 Valve-spring failure due to residual shrinkage pipe. (a) Macrograph showing
fracture as indicated by arrow. (b) Fracture surface; pipe is indicated by arrow.
Microscopic examination of transverse sections of the spring adjacent to the fracture surfaces revealed that the defect was
a large pocket of nonmetallic inclusions at the origin of the fracture. The inclusions were alumina and silicate particles.
Partial decarburization of the steel was evident at the periphery of the pocket of inclusions. The composition and
appearance of the inclusions and the presence of the partial decarburization indicated that the inclusions could have been
associated with ingot defects. The defect was 0.8 mm (0.03 in.) in diameter (max), 25 mm (1 in.) long, and 1.3 mm (0.05
in.) below the surface (Fig. 3b).
The steel had a hardness of 45 to 46 HRC, a microstructure of tempered martensite, and a grain size of ASTM 6 or 7, all
of which were satisfactory for the application. The fracture surface contained beach marks typical of fatigue and was at a
45° angle to the wire axis, which indicated torsional fracture.
Conclusions. The spring fractured by fatigue; fatigue cracking was nucleated at a subsurface defect that was longitudinal
to the wire axis. The stress-raising effect of the defect was responsible for the fracture.
Example 3: Fatigue Fracture of a Carbon Steel Pawl Spring That Originated at a Delamination at a Rivet Hole. The pawl
spring shown in Fig. 4(a) was part of a selector switch used in telephone equipment. Three of these springs that broke and
strip specimens of the raw material used to fabricate similar springs were examined to determine the cause of failure. The
springs had been blanked from 0.4-mm (0.014-in.) thick tempered 1095 steel, then nickel plated.

The file is downloaded from www.bzfxw.com

Fig. 4 Nickel plated 1095 steel pawl spring that fractured by fatigue. (a) Configuration
and dimensions (given in inches) of the failed component. (b) Micrograph showing pits at
edge of rivet hole. 45×. (c) Micrograph of area adjacent to rivet hole, showing
delaminations (arrows) filled with nickel plating. 250×. (d) Micrograph showing
delamination, at A, that initiated fracture; edge of rivet hole is at B. 250×
Investigation. Longitudinal specimens from the three broken springs were mounted and processed, and microscopic
examination of these specimens revealed numerous pits around the rivet holes. These pits are readily visible in Fig. 4(b), a
close-up view of one rivet hole, because their surfaces were covered with nickel plating that was not removed during
grinding and etching of the specimen. The pits as well as other defects found at the rivet holes and at the bottom end of
the spring were produced by a dull blanking-and-punching tool.
A longitudinal section through a rivet hole is shown in Fig. 4(c). This micrograph reveals delaminations that were formed
at inclusion sites during punching of the rivet holes and that were filled with nickel during the plating operation. Each of
the delaminations acted as a stress raiser, and one of them initiated the fracture (Fig. 4d).
Longitudinal specimens were sectioned from the raw material and bent slightly for mounting purposes. Examination of
the stock revealed numerous long, narrow sulfide stringers, which probably were the main cause of delamination in this
spring material.

The broken springs and the specimens of raw material had a hardness of 52 to 53 HRC, which was acceptable because
specifications required a minimum hardness of 45 HRC. However, the hardness was higher than normal and may have
contributed to delamination.
Conclusions. Fracture of the springs occurred by fatigue that originated at delaminations around the rivet holes. The
fatigue was caused by stresses from blanking and rivet compression and by use of poor-quality spring material.
Occasional failures have resulted from the stress pattern alone even though the material is satisfactory.

Failures of Springs
James H. Maker, Consultant, Associated Spring

Failures That Occur During High-Stress Fatigue
Figure 5 shows a modified 5160 (0.5% Cr and 0.1 to 0.2% V) hardened-and-tempered valve spring that failed due to
fatigue after running 10 to 15 × 106 cycles at deflections considerably larger than those encountered in production
engines. Depending on the size of the engine, typical loads and deflections are 70 to 110 kgf (150 to 250 lbf) and 13 mm
(0.5 in.), respectively. The failure origin is at the inner diameter, and the fracture plane at that point is at an angle to the
wire axis. It is not at 45° to this axis, as would be predicted for failure from torsional loading, but is much nearer the
normal of the wire axis. Examples, , , , and in this article discuss valve-spring failures due to various causes that occurred
during high-stress fatigue. Because all the springs are similar in appearance and composition to the valve spring shown in
Fig. 5, no photographs of the individual springs will be shown; only scanning electron microscopy (SEM) fractographs of
the failure origins will be given in this section. No specific data on stresses or life to failure will be given in the following
examples. The failures are from a variety of automobile valve springs made on four continents and from modified valve
springs run in laboratory tests.

Fig. 5 Valve spring that failed due to fatigue. Fractographs of similar valve springs are
shown in Fig. 6, 7, 8, 9, 10, and 11. 0.8×
The methods for listing stresses differ. The dynamic stresses and range may be considerably greater than the calculated
stresses due to harmonic vibrations excited by high engine speeds. If the material in a valve spring has a tensile strength
of 1655 MPa (240 ksi), if there are no flaws in the surface deeper than a few tenths of a thousandth of an inch, and if the
spring is made with a careful manufacturing process, there may still be a few field failures if the dynamic operation
(torsional) stress range is of the order of 275 to 1035 MPa (40 to 150 ksi).
Example 4: Failure of Valve Spring Because of Grinding and Shot Peening Operations. The valve spring shown in Fig. 6
was made from ground rod. The transverse marks are remnants of the grinding and are apparent because the shot-peening
pattern was light at this location. In this area a transverse crack grew from one such mark under the influence of local
stress fields. The crack continued to grow deeper and wider until the loading became sufficient to reorient the crack front
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to the plane normal to the major tensile axis. The transverse crack is somewhat galled because of the sliding motion of the
crack surfaces on each other as the crack opened and closed with successive cycles.

Fig. 6 Transverse failure origin in a valve spring made from ground rod. The transverse
marks (arrow) are remnants of the grinding operation. 8×
Recommendations involved altering the shot-peening procedure to create adequate surface compression at all stressed
points on the springs. The base of surface flaws should ideally be in the zone of high compressive stress from the peening.
Example 5: Influence of Inclusions on Failure. Figure 7(a) shows two areas that are dark due to the electrostatic charging
of the nonmetallics present. In Fig. 7(b), the inclusions are visible immediately below the surface (marked BB). The
fracture in this zone consists of a number of triangular facets with the apexes pointing inward toward the second dark area
(marked AA) with its inclusion. The triangles are much like the multiple origins discussed in Example in this article (see
Fig. 2c), indicating multiple origins associated with the inclusion cluster. The second, deeper inclusion appears to be a
secondary origin surrounded by a faint partial ring formation like a beach mark, with a ray pattern faintly visible. The
inclusion at AA would probably not have caused a failure. Two of the small inclusions at the surface were less than 0.025
mm (0.001 in.) in length on the fracture, and because they are in the zone of maximum compression, either one might not
have caused failure; however, the group created a stressed zone that fostered eventual fatigue failure.

Fig. 7 Spring failure originating at a cluster of inclusions. (a) Two adjacent dark areas
(boxed zone) indicate presence of nonmetallics. 9×. (b) Two failure origins are located at
BB, and one at AA. 43×

Figure 8 shows a failure origin formed at a nonmetallic inclusion located 0.2 mm (0.008 in.) below the wire surface. This
is well below the zone of peak compression produced by shot peening; consequently, the protective effect is considerably
lessened. The beach marks form nearly complete ellipses with a centroid near but not exactly at the inclusion. The first
crack opening probably began at the boundary of the inclusion nearest the wire surface, progressing toward the centroid.
A larger inclusion at the bottom of the fractograph took no part in developing the ellipse pattern. In this spring, the
applied stress at this point would be about 20% lower than at the surface, and the metal would be essentially free of
anything but a modest residual tension from peening. It was, therefore, not an appreciable factor in this fatigue failure.

Fig. 8 Failure origin at an inclusion (arrow) located 0.2 mm (0.008 in.) below the spring
surface. Note beach marks surrounding inclusion. 55×
Note also the smaller inclusion just below the surface at the left of the fractograph. The metal at this point shows a trace
of postfailure damage, which did not break the hard inclusion. This nonmetallic had nothing to do with the failure, and
may not have caused any difficulty, because it is in the zone of maximum compression from peening.
Example 6: Fracture at a Transverse Wire Defect. A failure originating at a transverse wire defect is shown as a band
extending across the central part of Fig. 9. Above it is the shot-peened surface, and below is a zone of marks, each
delineating the progress of the crack front after an increased number of cycles. The defect is about 0.13 mm (0.005 in.)
deep and 0.64 mm (0.025 in.) long. This defect could have resulted from a scratch or gash incurred in handling the rod.
Drawing causes the sides of such defects to be pushed into close contact.

Fig. 9 Fracture at a wire defect. Beach marks are prominent beginning at the base of the
flaw, which is indicated by the arrow. 39×
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The striations below the defect indicate progressive crack development and are rarely seen in steel as hard as valve-spring
wire. At the base of this area, several faceted areas developed, pointing away from the surface. A tensile-mode fracture
plane then formed around all these fronts. This fills the bottom area of the fractograph.
Example 7: Spring Failure Due to a Surface Defect. Figure 10 shows light streaks arranged in a diagonal direction on the
wire surface. The streaks are parallel to the wire axis. A darker depressed area is visible between the streaks and below
the center of the fractograph. The light areas were raised and rubbed smooth by the other half of the spring. This occurred
because the engine ran after failure of the spring. Careful examination of the depressed areas revealed distinct outlines
that represent sharp corners in the depressions. The origin at one of the sharp corners is shown immediately above the
center of the fractograph. The depressed area associated with this was in the other half of the spring that sustained more
extensive postfailure damage. Apparently, a hard material (possibly mill scale) was impressed during drawing of the wire,
but was broken out during peening, leaving the depressions with sharp-bottomed corners.

Fig. 10 Spring failure originating at a sharp-edged pitted area. Arrows indicate the
location of the sharp-edged areas. 28×
Example 8: Spring Failures Originating at a Seam. The failure shown in Fig. 11(a) began at the seam that extended more
than 0.05 mm (0.002 in.) below the wire surface. The fatigue-fracture front progressed downward from several origins.
Each one of these fronts produces a crack that is triangular in outline and is without fine detail due to sliding of the
opposing surfaces during the later stages of fracture. This occurs when the fracture plane changes to an angle with the
wire axis in response to the torsional strain. These surfaces are seen in the lower part of Fig. 11(a).

Fig. 11 Failures in wire springs. (a) Longitudinal failure originating at a seam. 45×. (b)
Origin of failure at a very shallow seam. The arrow indicates the base of the seam. 115×

The failure shown in Fig. 11(b) has many of the characteristics of that shown in Fig. 11(a), except that the seam is
scarcely deeper than the folding of the surface that results from shot peening. Observation of it requires close examination
of the central portion of the fractograph. This spring operated at a very high net stress and failed at less than a million
cycles.
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Failures Caused by Fabrication
Fabrication errors or deficiencies often result in spring failures. The most common of these are:
•
•
•
•
•
•
•
•

Split wire, usually caused by overdrawing of the wire
Tool marks
Arc burns, sometimes occurring during welding and sometimes during plating; either can cause hard, brittle spots
Hydrogen damage, usually resulting from improper pickling or plating practice
Improper winding, which may allow formation of flats or scratches
Improper heat treating
Improper relation of spring index and hardness. A small index and high hardness may result in incipient cracks
Unfavorable residual-stress pattern

The examples that follow demonstrate how improper fabrication can result in failure.
Example 9: Failure of Carbon Steel Springs During Testing Because of Split Wire. The springs shown in Fig. 12 failed to
comply with load-test requirements. These springs were formed from 3.8-mm (0.148-in.) diam cold-drawn carbon steel
wire.

Fig. 12 Split wire in a 3.8-mm (0.148-in.) diam carbon steel spring (top). The spring at
bottom appears to have a seam along its entire length, as indicated by the arrow.
During load testing, most of the springs from a production lot supported a load of 90 kg (200 lb) without going solid.
However, the springs shown in Fig. 12, which were from the same lot, supported only 60 to 70 kg (130 to 150 lb).
Investigation revealed split wire, as shown in the spring at top in Fig. 12. The spring at bottom in Fig. 12 is intact except
for what appears to be a seam (arrow) that runs the entire length of the spring. The upper spring (originally similar to the
lower) has been deliberately distorted to expose the split interfaces. The fracture shows a smooth heat-tinted longitudinal
zone, which was the original split, and a rougher bright-appearing longitudinal zone, which resulted from tearing during
testing and examination. The course of the defect can be followed for a full turn in Fig. 12.
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Conclusion. The springs failed the load test because of split wire. This condition can vary from the extreme demonstrated
here to occasional short lengths of one or two turns that have no visible or magnetically detectable opening to the surface
and that cannot be detected until the spring is stretched out of shape. The cause of this condition is overdrawing, which
results in intense internal strains, high circumferential surface tension, and decreased ductility.
Example 10: Fatigue Fracture of a Phosphor Bronze Spring Because of Tool Marks. Premature failure of a copper alloy
C51000 (phosphor bronze, 5% A) spring occurred during life testing of several such springs. As shown in Fig. 13(a), the
fracture occurred in bend 2, which had an inside radius of 0.38 mm (0.015 in.). The wire used for the springs was 0.46
mm (0.018 in.) in diameter and was in the spring-temper condition (tensile strength, 1000 MPa, or 145 ksi).
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Fig. 13 Phosphor bronze (C51000) spring that failed prematurely during fatigue testing.
Failure was due to the presence of a tool mark (indentation) at a bend. (a) Setup for
fatigue testing, and detail of the spring showing location of crack at bend 2. (b) A broken
end of the spring, 40×; the tool mark (indentation) is just to the right of fracture surface.
(c) Spiral marks on spring surface. 450×. (d) and (e) Two areas of the fracture surface,
225×; flat along edge of surface in (d) is tool mark. (f) Micrograph of a longitudinal
section through spring at bend 2, 145×; arrow points to crack that originated at surface at
inside of bend
Test Procedure. These springs were formed, then assembled and tested as shown in Fig. 13(a) for up to 50 × 106 cycles.
During testing, the springs were subjected to cyclic loading, mainly in the horizontal and vertical planes, with
displacements of approximately 3.2 mm (0.127 in.) and 0.5 mm (0.020 in.), respectively. Some torsional loading also
resulted. The vertical loading was applied by means of a typical cantilever arrangement. Near bend 3 the springs were
subjected to impact loading by a plastic loading member, which moved a driven member approximately 0.5 mm (0.020
in.). This complex loading system developed very complicated stress patterns along the length of the springs.
The springs were examined by high-power microscopy at various intervals during testing to note the time at which cracks
were initiated. After approximately 150,000 cycles, a crack was observed at the inside of bend 2 in one of the springs, as
shown in detail A in Fig. 13(a).
Investigation. Microscopic examination of the surface of the fractured spring revealed an indentation at the inner surface
of the bend, where fracture occurred (Fig. 13b). This indentation was presumed to have been made by the bending tool
during forming. Spiral marks and other surface defects, such as those shown in Fig. 13(c), were observed on the surfaces
of all the springs being tested. These spiral marks are similar to those that can be produced on springs during rotary
straightening. The indentation and the other marks were, in effect, notches and would have some detrimental effect on
fatigue life because of the reduced cross-sectional area in those zones.
Microscopic examination of the fracture surface (Fig. 13d) revealed two areas of prominent characteristics. One area was
smooth, discolored, and rippled, indicating the gradual propagation of a crack from one or more origins. The indentation
developed by the bending tool is also shown in Fig. 13(d). The remainder of the surface (Fig. 13e) had either a crystalline
or a fibrous appearance, which indicated final fracture.
A longitudinal section was taken through bend 2. A micrograph of this section (Fig. 13f) revealed a crack that had
originated at the surface at the inside bend and had propagated toward the outside of the bend. The crack had been
initiated at a spiral mark where the fatigue limit had been decreased by a weak skin.
The small bend radius could create a condition that would result in straining at the bend zone and therefore render the
section weak. It is difficult to determine to what extent the small bend radius contributed to spring fatigue, but this
condition is recognized as an important factor in fatigue life.
The microstructure of the metal appeared normal for drawn wire and contained no non-metallic inclusions that would act
as stress raisers.
Conclusions. The spring failed by fatigue that was initiated at a bending-tool indentation and at spiral rotary-straightener
marks. The small bend radius at the fracture zone contributed to the failure.
Recommendations. The springs should be made of wire free from straightener marks, and the bending tool should be
redesigned so as not to indent the wire. The small bend radius should be increased, particularly at bend 2, the area of
maximum stress.
Example 11: Fatigue Fractures of Toggle-Switch Springs That Originated at Tool Marks. Several electrical toggle
switches failed by fracture of the conical helical spring sealed within each switch enclosure. The springs were fabricated
from 0.43-mm (0.017-in.) diam AISI type 302 stainless steel wire to the configuration shown in Fig. 14(a). In
qualification testing of the springs at room temperature, fractures occurred after 11,000 to 30,000 switching cycles. Two
broken springs and two unbroken springs were submitted for laboratory examination.

Fig. 14 Stainless steel toggle-switch spring that fractured by fatigue originating at a tool
mark. (a) Configuration and dimensions (given in inches) of the spring. (b) Fracture
surface, 85×; fracture origin (arrow) is at lower edge of tool mark. (c) SEM fractograph of
fracture origin, 1000×. (d) SEM micrograph of surface of an unbroken spring, showing
area around a tool mark, 300×
Investigation. Inspection of a fracture surface of one of the broken springs revealed a typical fatigue fracture that
originated at a tool mark on the wire surface. This fracture surface is shown in Fig. 14(b); the fracture origin is indicated
by the arrow at the fight edge of the fracture surface. Scanning electron microscope fractographs showed regions
displaying beach marks around the fracture origin and parallel striations within the beach-mark regions. Outside the area
containing beach marks the fracture surface was dimpled in a fashion characteristic of overload or rapid ductile fracture.
Figure 14(c) is a fractograph of the fracture origin in Fig. 14(b). An appreciable amount of scale was observed on the
fracture surfaces of both broken springs.

The file is downloaded from www.bzfxw.com

The inner surfaces of one unbroken spring and both broken springs had coarse textures and contained tool marks (Fig.
14d); the tool marks had been formed during the spring-winding operation. The other unbroken spring had a relatively
smooth-textured surface and no tool marks. The microstructure of the wire in all four springs was normal. Chemical
analysis of the material established that its composition was in conformity with specifications for type 302 stainless steel.
Conclusions. Fracture of the springs was caused by fatigue and was initiated at tool marks.
Corrective Measures. The spring-winding operation was altered to eliminate the tool marks. No further fatigue failures of
the toggle-switch springs occurred.
Example 12: Fatigue Fracture of a Music-Wire Spring Caused by Poor Electroplating Practice. A cadmium-plated musicwire return spring that operated in a pneumatic cylinder was designed for infinite life at a maximum stress level of 620
MPa (90 ksi). Several such springs broke after only 240,000 cycles. No flaws were revealed by visual inspection.
Investigation. Figure 15(a) shows the surface of one spring at the origin of failure. The origin was at the outside surface of
the coiled spring despite higher stress at the inside surface (due to the Wahl effect).

Fig. 15 Fractured music-wire spring. (a) Fracture surface at 9.2×; arrow indicates
fracture origin. (b) Fracture surface, 9.2×; arrow indicates hard kernel that caused
fracture
Figure 15(b) shows the fracture surface, which has a small kernel (arrow) at its center. This kernel appears as a circle on
the surface and looks like a weld deposit. Stroking this kernel with a file showed it to be extremely hard, indicating that
the kernel may have resulted from extreme localized overheating.
It was learned that these springs had been barrel electroplated after fabrication. It is well known that barrel loads that are
too small or that tangle can result in intermittent contact with the dangler (suspended cathode contact) as the barrel
rotates. This allows high local currents when the last contact is broken, resulting in an arc that causes local melting of the

metal being plated. Because the motion of the barrel rapidly moves the spring away from the dangler, the spot of molten
metal caused by arcing is quenched instantly by the plating solution and by the mass of the cold metal of the spring.
Conclusion. Fatigue fracture of the spring resulted from a hard spot that was caused by arcing during plating.
Recommendations. Hard spots can be avoided either by resorting to rack plating, which is more expensive than barrel
plating, or by using barrels that have fixed button contacts at many points instead of dangler-type contacts.
Example 13: Fatigue Fracture of a Carbon Steel Counterbalance Spring Caused by Hydrogen Damage. During fatigue
testing, the power-type counterbalance spring shown in Fig. 16(a) fractured at the two locations indicated by the arrows.
The spring had been formed from hardened-and-tempered carbon steel strip and subsequently subjected to a phosphating
treatment. In the normal manufacture of these springs, winding to solid is performed to take out set (provide stable torque
output) before phosphating. Although this operation creates residual tensile stresses in the interior surfaces of the coils,
phosphating of this spring had not produced sufficient hydrogen absorption to cause embrittlement.
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Fig. 16 Carbon steel counterbalance spring that failed during fatigue testing. (a)
Macrograph showing fracture locations (arrows). 1 ×. (b) Fracture surface showing dark
3

band (arrow) that nucleated fracture. 6×. (c) Etch pits in surface. 100×
Investigation disclosed a dark band at the inside edge of the fracture surface, as indicated by the arrow in Fig. 16(b). This
dark band was rust colored and extended through about 20% of the spring thickness. Examination of the cleaned surface
revealed etch pits 0.05 to 0.1 mm (0.002 to 0.004 in.) deep (Fig. 16c). Such pits were never observed on properly
phosphated springs; therefore, the spring that failed must have been subjected to an abnormal acid attack in pickling or
phosphating. This attack resulted in considerable absorption of hydrogen by the metal.
Conclusion. The dark band in Fig. 16(b) could have been rust colored only by the chemical action of some aqueous
medium, which means that the part cracked in a water-base solution—either the phosphating solution or the pickling
solution.
Cracks can result from vigorous pickling. The sum of the tensile stress from setout (which deforms the metal beyond the
yield point) and the internal hydrogen pressure exceeds the strength of the metal. When the crack reaches the edge of the
area of residual tensile stress, it stops. In normal practice, when hydrogen pickup is low, no fracture occurs. It was
therefore suspected that the spring had been subjected to excessive acid pickling before phosphating and that this
excessive pickling was responsible for hydrogen absorption by the spring. Normal phosphating treatments do not cause
hydrogen embrittlement.
Example 14: Fatigue Fracture of a Carbon Steel Wiper Spring Because of Stress Concentration at a Sharp Corner. Parts
such as the one shown in Fig. 17(a) were used as grease-wiper springs for cams. The springs were formed from stampings
of 0.25-mm (0.010-in.) thick carbon spring steel (0.65 to 0.80% C) and were hardened to HR15N 84 to 86. The springs
were fracturing at the 0.025-mm (0.001-in.) radius on the stamped 135° corner at a 90° bend after 5× 106 cycles; normal
life was 2.5× 109 cycles.
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Fig. 17 Wiper spring that fractured at a small-radius corner of a stamped bend. (a)
Configuration and dimensions (given in inches) of the spring. (b) SEM micrograph
showing a forming crack (arrow) in the 135° corner on a new spring. 200×. (c) SEM
micrograph showing a crack (arrow) that originated at the 135° corner in a used spring.
20×
Four broken springs were sent to the metallurgical laboratory to determine the cause of fracture. Three new springs from
stock and six used springs from reconditioned machines were also sent to the laboratory for inspection and comparison.
The grease-wiper springs that fractured were of an old design, but they had been made in a new die.
Investigation. Visual examination of all the springs in the laboratory disclosed tool marks 2 to 2.3 mm (0.080 to 0.090 in.)
from the center of the stamped bend. The fracture surfaces were nearly parallel to these marks, but the fractures had not
been initiated by them.
Examination of the fracture surface by SEM revealed fatigue striations originating from cracks at the 0.025-mm (0.001in.) radius inside corner at the bend. Examination of a new part from stock and one from a reconditioned machine also
showed cracks originating at the small radius inside corner. Fig. 17b). This micrograph also shows the condition of the cut
edge of the stamping.
On the new parts, the cracks extended approximately 0.5 mm (0.020 in.) along the width. On the used parts, the cracks
extended across approximately 75% of the width and completely through the stock thickness (Fig. 17c).
Stress calculations indicated the maximum stress at the bend, in stock of maximum thickness (0.3 mm, or 0.012 in.), to be
283 MPa (41 ksi) without considering the stress-concentration factor in the 135° corner. The minimum stress under the
same conditions would be 83 MPa (12 ksi). Based on 0.3-mm (0.012-in.) thick stock and a maximum stress of 283 MPa
(41 ksi), calculated stress as a function of the radius of the 135° corner was:
Maximum
Radius
Stress

mm

in.

concentration stress
MPa ksi

factor
0.025 0.001 3.0
841
122
0.38 0.015 1.82
510
74
0.64 0.025 1.56
434
63
0.76 0.030 1.52
427
62
0.89 0.035 1.46
407
59
The maximum allowable fluctuating stress for this material was 945 MPa (137 ksi). Therefore, the 841 MPa (122 ksi)
maximum stress provides a very small factor of safety.
Conclusions. The wiper springs fractured in fatigue that originated at 0.025-mm (0.001-in.) inside radius at the corner of a
stamped bend. The very small radius resulted in a high stress-concentration factor in the spring, which caused the
maximum applied stress to approach the allowable limit. Tool marks at the bend were not considered major causes of
fracture. Cyclic loading resulted from cam rotation.
Corrective Measures. The corner radius was increased to 0.76 mm (0.030 in.), and the tools were repolished to avoid tool
marks. These changes increased fatigue life of the springs to an acceptable level.
Example 15: Fatigue Failure Caused by Weld Spatter. A medium-carbon helical spring was installed in a machine
assembly that was welded into its final location. During welding, which was conducted several inches from the spring, no
shield was used to prevent spatter from landing on the wire surface. Figure 18 shows an elongated drop of metal a short
distance from the fracture and two tiny droplets between it and the fracture. Although no spatter was observed at the
origin, visual observation revealed an oxide color difference on the surface at the origin. The other half of the fracture was
not available, but it was assumed that a drop of molten metal landed at the origin. The degree of heating involved would
lessen or eliminate the compressive stress produced by shot peening, and contraction of the surface in contact with the
tightly adherent weld metal during cooling could generate other stresses. Adherence of the spatter drop could be affected
by the opening and closing of the fatigue crack.

Fig. 18 Helical spring that failed by fatigue. Weld spatter (arrows) was believed to have
caused the failure (see text). Arrow FO indicates fracture origin. 29×
Conclusion. No evidence of other reasons for failure could be found. It was therefore concluded that a weld spatter bead
had resulted in the fatigue failure.
Example 16: Flat-Spring Failure Due to an Edge Defect. The face of a 6150 flat spring was under tensile stress. Although
small flaws were visible on the surface (Fig. 19), the failure began at the dark spot on the edge, where roughness resulted
from shearing during the blanking operation. On the fracture surface at the left, rays approximately 0.18 mm (0.007 in.)
below the surface can be seen diverging from the origin.

Fig. 19 Failure origin (arrow) on the edge of a flat spring. 58×

Failures of Springs
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Failures Caused by Corrosion
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Corrosive environments very often are principal contributors to failures of springs. Any metal is more likely to be
attacked when under stress. Consequently, springs are extremely susceptible to stress-corrosion cracking.
Example 17: Stress-Corrosion Cracking of Inconel X-750 Springs. Springs such as that shown in Fig. 20(a) were used for
tightening the interstage packing ring in a high-pressure turbine. After approximately seven years of operation, the turbine
was opened for inspection, and several of the springs were found to be broken. Operation of the turbine was not impaired
by the broken springs. The springs were made of 1.1-mm (0.045-in.) diam Inconel X-750 wire. The interstage packing
rings were machined from centrifugally cast leaded nickel brass (German silver). The broken springs were submitted for
laboratory analysis.

Fig. 20 Inconel X-750 spring that failed by stress-corrosion cracking. (a) Configuration
and dimensions (given in inches) of the spring. (b) and (c) Unetched longitudinal sections
showing intergranular cracking. 100× and 500×, respectively
There were chemical deposits in the turbine starting at about the fifth stage. These deposits were judged to have come
from the water or boiler chemicals. There were no broken springs in the fifth or sixth stages. The temperatures attained in
the turbine stages were:
•
•
•
•
•
•

Stage 1: 462 °C (864 °F)
Stage 2: 405 °C (761 °F)
Stage 3: 372 °C (702 °F)
Stage 4: 351 °C (664 °F)
Stage 5: 330 °C (626 °F)
Stage 6: 313 °C (595 °F)

Investigation. Many of the springs were broken into small pieces that had a white deposit on their rustlike surface scale.
The white deposit was 100% water soluble and had a pH of 9.6 (slightly alkaline). Spectrographic examination showed
the surface scale to contain a high amount of sodium, a small amount of tin, a high trace of zinc, and traces of lead and
calcium.
Chemical analysis of the spring material showed that it was within specifications for Inconel X-750. The hardness values
were within the specified range of 43 to 48 HRC.
Metallographic examination of a longitudinal section through the wire revealed intergranular cracks (Fig. 20b and c)
about 1.3 mm (0.05 in.) in depth and oriented at an angle of 45° to the axis of the wire. In some places, these cracks were
90° apart on the wire circumference. A light-gray phase had penetrated the grains on the fracture surfaces. A fine lacey
attack was also observed along the surface of the wire to a depth of about 0.013 mm (0.0005 in.). This general attack had
the appearance of liquid-metal corrosion. When bent in the laboratory, the spring wires fractured in a brittle manner along
a plane 45° to the wire axis, which is characteristic of brittle fracture from torsional loading.
High-nickel alloys are susceptible to embrittlement by some low-melting metals and alloys. Tin, lead, and zinc melt
below the maximum service temperature of the turbine, which was 462 °C (864 °F). One Sn-Zn system had a eutectic
melting point of less than 204 °C (400 °F). Such metals can cause liquid-metal embrittlement at temperatures above their
melting points.
Sodium, tin, and zinc could have been present in a pigmented oil or grease used as a lubricant during spring winding and
could have been left on the Inconel wire by the manufacturer. The white deposit on the surface of some of the springs was
slightly alkaline and could have initiated stress-corrosion cracking by caustic penetration.

Conclusions. The springs fractured by intergranular stress-corrosion cracking during service. The cracks were promoted
by the action of liquid zinc and tin in combination with static and torsional stresses on the spring wire. Stress-corrosion
cracking by caustic action was an alternative but less likely mechanism of fracture.
Corrective Measures. The springs were cleaned thoroughly by the spring manufacturer before shipment to remove all
contaminants and were cleaned again before installation in the turbine. Failure of the springs was thus reduced to a
minimum.
Protective Coatings. Electroplated coatings of any of several metals or organic coatings, such as paint, are commonly
used to protect springs that must operate in corrosive environments. These means of protection can be very effective, but
either or both of two deficiencies are likely to prevail, particularly for helical springs that have closely spaced coils. The
portions of springs that have the greatest need for protection (often about 1

1
to 2 coils from the ends) usually get the
2

least protection because of the proximity of the coils to each other and are the areas from which protective coatings are
most likely to be rubbed or broken away in operation.
Failures of Springs
James H. Maker, Consultant, Associated Spring

Failures Caused by Operating Conditions
In some instances of spring failure, the cause is not evident, even after an exhaustive examination of material, processing,
and design factors. When a thorough investigation in these areas does not reveal the cause, it is necessary to investigate
operating conditions. Changes in operating conditions that are thought to be only minor deviations from normal
sometimes prove to be the causes of spring failure.
Example 18: Fracture of a Landing-Gear Flat Spring. A flat spring for the main landing gear of a light aircraft broke after
safe execution of a hard landing. The spring (Fig. 21a) was submitted for laboratory examination. No information was
furnished concerning design, material, heat treatment, or length of service.
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Fig. 21 Landing-gear spring, 6150 steel, that broke during a hard landing. (a)
Configuration and dimensions (given in inches) of the spring. (b) Fractograph showing
fatigue crack that initiated the brittle fracture. 7×
Investigation. Fracture occurred near the end of the spring that was inserted through a support member about 25 mm (1
in.) thick and attached to the fuselage by a single bolt. The required fit between the spring and the support member was
obtained by inserting wedges beneath the spring at each side of the support. These wedges were bolted to the support
member, and the degree of tightness of the assembly was controlled by the tension on the bolts. Details of the assembly
are shown in section A-A in Fig. 21(a).
The spring had broken laterally at an angle of about 60° to its longitudinal axis (Fig. 21a). One end of the fracture
corresponded to the point at which the forward edge of the spring contacted the support member. The other end of the
fracture was in an unsupported area.
Brinelling (plastic flow and indentation due to excessive localized contact pressure) had occurred on the upper surface of
the spring where the forward and rear edges of the spring contacted the support member. There was no evidence of
brinelling on the bottom surface of the spring where it contacted the support member.

Visual examination of the fracture surface revealed that the spring had failed by mainly brittle fracture. Chevron marks
indicated that fracture had started beneath the brinelled area at the forward edge of the upper surface of the spring. Figure
21(b), a light microscope fractograph of this corner, shows that the origin of the brittle fracture was in fact a small fatigue
crack that had been present for a considerable period of time before final fracture occurred.
Microscopic examination of longitudinal and transverse sections near the fracture confirmed that the material had suffered
extensive grain flow from cold working in the brinelled areas. The general microstructure was fine-grained tempered
martensite of good quality. There was no surface decarburization.
Chemical analysis identified the spring material as 6150 steel. The hardness of the material was 49.5 to 51 HRC.
Discussion. Normal recurring vertical landing loads cause the top surface of the spring at the edge of the support to be
stressed in compression. These probably were the major loads applied to the spring. On the other hand, side and drag
loads produce tensile stresses at the top surface of the spring. When vertical, side, and drag loads are applied
simultaneously during a landing, the resultant stress at the support is compressive. However, after the aircraft has touched
down and the vertical load has decreased to the static load of the aircraft, the continuing application of side and drag loads
during taxiing causes a tensile stress at the top surface of the spring.
Compressive stresses in the top surface of the spring at the support are generally localized at the edges of the support by
the wedges and by any lack of straightness across the section that may have been introduced during fabrication or that
may have occurred when the complicated loading pattern caused a torsional deflection in the region of failure. Also, it
was considered probable that the assembly could have been more tightly compressed than it actually was. This would
explain the brinelling observed near the forward and the rear edges of the top surface. The localized plastic deformation
under compressive loading (brinelling) created high residual tensile stresses in the deformed region, reducing the capacity
of the material to withstand fluctuating tensile stresses due to applied loads.
Ultimately, a crack started at the corner where the fluctuating tensile stress was highest under combined side and drag
loads. This crack progressed by fatigue over a relatively long period of time (many landings). Final fracture occurred
when the applied stress (primarily tensile stress due to side and drag loads) exceeded the critical fracture stress for the
partially cracked spring. Under normal conditions, such a cracked part might last a long time, although complete fracture
would occur eventually. An abnormal condition, such as a sharp change of direction on a runway or taxiway, rolling over
the edge of a runway, or encountering a rut, could impose a sufficient amount of additional loading to cause final, fast
fracture.
Conclusions. Fracture of the landing-gear spring was caused by a fatigue crack that resulted from excessive brinelling at
the support point. The fatigue crack significantly lowered the resistance of the material to brittle fracture under critical
side and drag loads.
Although the loading at the time of final fracture may have been unusual, a spring that did not contain a fatigue crack
similar to the one found in the failed spring probably would not have broken. The fatigue crack had been present in the
part for some time, and suitable inspection would have revealed it.
Recommendations included regular visual examinations to detect evidence of brinelling and wear at the support in aircraft
with this configuration of landing-gear spring and means of attachment. If visual examination showed evidence of
brinelling or wear, the spring should be magnetic-particle inspected for evidence of cracks. Liquid-penetrant inspection
might be adequate if the amount of brinelling were minor, although care should be used in this type of inspection because
brinelling can hide small cracks.
Cracked parts should be replaced. Brinelling itself need not be cause for retiring a part. The presence of a crack was
considered necessary for failure to occur in the manner described in this example.
Example 19: Failure of a Retainer Spring Because of Cyclic Loading and Torsional Vibration. The part shown in the
“original design” portion of Fig. 22 was a valve-seat retainer spring from a fuel control on an aircraft engine. This spring
was found to be broken during disassembly of the fuel control for a routine overhaul after 3980 h of service. The two
inner tabs had broken off but were not recovered. There had been no known malfunction of the fuel control.
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Fig. 22 Original and improved designs of a 17-7 PH stainless steel valve-seat retainer
spring. As originally designed, the inner tabs on the spring broke off as a result of fatigue,
and the outer tab exhibited wear.
The spring, made of 0.23-mm (0.009-in.) thick 17-7 PH stainless steel, was thrust loaded in assembly, but there was no
thrust load on the tabs. The thrust load was the primary function of the spring. The radial, or torsional, load was rotational
vibration of the assembly in which the spring imparted a relatively constant thrust load. The three tabs were antirotational
devices and were subjected to unintentional torsional vibrations. These torsional vibrations created the cyclic loading that
resulted in fracture.
Investigation. As received at the laboratory, the spring was clean and free from corrosion products, with no evidence of
chemical attack. Radial wear marks on the convex surface indicated that the part had been in relative rotation against its
contacting member. The outer tab was worn in the area indicated in detail A in Fig. 22, which was evidence of slippage
and apparent rotation against the contacting member. There was a wear mark on the concave surface 180° from the outer
tab.
The fracture zone of an inner tab that broke off is shown in detail B in Fig. 22. Examination of the fracture surfaces of the
washer in the area of the tabs revealed beach marks indicating that fatigue fracture had been initiated at the convex
surface of the washer and had propagated across to the concave surface. The cracks originated in the 0.38-mm (0.015-in.)
radius fillet between the tab and the body of the washer. The fracture started at three places at radial cracks emanating
from the radii at the intersections of the tab and washer, and at one place on the sheared edge of the stamping.
Microscopic examination of the radial cracks showed a slight amount of plastic deformation, with the short surface
between the fractures pushed toward the concave side. The two cracks on the sides of one tab were opened by sectioning.
The fractures were smooth with arc-shape crack fronts.
Analysis of this compound fracture indicated that it was composed of fatigue fractures caused by the formed tab being
loaded so as to compress the spring along the axis of its centerline and produce torsional vibrations. After the radial
cracks had started as a result of torsional vibration, a straight bending mode of stress resulted in initiation of fatigue
cracking in the concave side of the tab at the bend.
This was not an isolated failure; shortly after this part had been examined, three additional springs that had broken were
returned from service. Although there were some minor variations in the type of fracture, the basic cause appeared to be
the same for all the springs. Examination of a mating part revealed worn impressions that had been generated by the
torsional motion of the tabs against the walls of the mating slot. Twelve springs from stock were inspected and found to
be in satisfactory condition except for some malformed areas that were unrelated to this problem.
Conclusion. The two inner tabs broke in fatigue as the result of cyclic loading that compressed and torsionally vibrated
the spring. The fracture resulted in relative rotation between the spring and the mating parts, both the one in contact with
the convex side and the one in contact with the outer tab, as evidenced by the wear on the appropriate surface.
Corrective Measures. The springs were redesigned as shown in the “improved design” view in Fig. 22. The fillets were
replaced with slots to minimize stress concentration at the corners. Fatigue testing indicated that springs of the improved
design would have a service life 2

1
times as long as that of springs of the original design.
2

Failures of Tools and Dies
George F. Vander Voort, Carpenter Technology Corporation

Introduction
FAILURE MECHANISMS in tool and die materials that are very important to nearly all manufacturing
processes are discussed in this article. A wide variety of tool steel compositions are used. Properties and
selection of tool steels are described in the Section “Tool Materials” in Volume 3 of 9th Edition Metals
Handbook; microstructures and metallographic techniques for tool steels are detailed in the article “Tool
Steels” in Volume 9 of ASM Handbook, formerly 9th Edition Metals Handbook. This article is primarily
devoted to failures of tool steels used in cold-working and hot-working applications.

Tool and Die Characteristics
Steels used for tools and dies differ from most other steels in several aspects. First, they are used in the
manufacture of other products by a variety of forming processes (stamping, shearing, punching, rolling,
bending, and so on) and machining processes (drilling, turning, milling, and so on). Second, tools and dies are
generally used at higher hardnesses than most other steel products; 58 to 68 HRC is a typical range. Dies for
plastic molding or hot working are usually used at lower hardnesses, typically from 30 to 55 HRC.
These high hardness requirements are needed to resist anticipated service stresses and to provide wear
resistance. However, the steels must also be tough enough to accommodate service stresses and strains without
cracking. Premature failure due to cracking must be avoided, or at least minimized, to maintain minimum
manufacturing costs. Unexpected tool and die failure can shut down a manufacturing line and disrupt
production scheduling. This leads to higher costs.
Tools and dies must also be produced with the proper size and shape after hardening so that excessive finishing
work is not required. Heat-treatment distortion must be controlled, and surface chemistries must not be altered.
Because of the careful balance that must be maintained in heat treatment, control of the heat-treatment process
is one of the most critical steps in producing successful tools and dies. Heat treating of tool and die steels is
discussed in the Section “Heat Treating of Tool Steels” in Heat Treating, Volume 4 of the ASM Handbook. In
addition to controlling the heat-treatment process, tool and die design and steel selection are integral factors in
achieving tool and die integrity.

Analytical Approach
Analysis of tool and die failures is substantially aided by knowledge of the manufacturing and service history of
the failed part. In many instances, however, such information is sketchy, and the analyst must rely on
experience and engineering judgment. The examples discussed in this article are typical of tool and die failures
and illustrate many of the features specific to such failures. Additional information can be found in the Selected
References that follow this article.
A basic approach can be followed for most tool and die failures that will maximize the likelihood of obtaining
reasons for the failure. At times, however, no reason for failure can be discovered. In such cases, the failures are
normally attributed to unknown service conditions.
Before beginning the investigation, a complete history of the manufacture and service life should be compiled.
This is often difficult to accomplish. Next, the part should be carefully examined, measured, and photographed
to document the extent and location of the damage. Relevant design features, as well as some machining
problems, are generally apparent after this study. The origin of the failure, when due to fracture, will also
usually be determined. Only after careful visual examination has been completed should any destructive work
be considered. In certain cases, various nondestructive examination techniques—for example, ultrasonics, xray, or magnetic-particle inspection—should be implemented before cutting to obtain a more complete picture
of the damage, either internal or external.
When this work is completed, several other phases of the study can begin. First, the composition of the
component should be verified by a reliable method. Tool and die failures occasionally result from accidental
use of the wrong grade of steel. While this work is underway, the analyst continues macroscopic examination of
the fracture features by opening tight cracks (when present). Because quench cracking is a very common cause
of failures, the fracture surfaces should always be checked for temper color. Scale on a crack wall would
indicate that it was exposed to temperature higher than those used in tempering.
Visual inspection of the damage done to a tool and die is usually adequate to classify the type of tool and die
failure, as illustrated by the examples in this article. High-magnification fractographic examination is required
in only a small percentage of the cases. A simple stereomicroscope generally suffices.
Microstructural examination at and away from the damage and at the origin is imperative. This generally
requires good edge-retention preparation, which is relatively easy for tool steels. A large percentage of tool and
die failures are due to heat-treatment problems, as illustrated by the examples in this article; the value of proper
metallographic procedures cannot be stressed enough.
Other techniques are also very important. Hardness testing is used to confirm the quality of the heat treatment
and often reveals problems. Macrostructural examination, either by cold etching (more common) or hot etching,
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is very useful for detecting gross problems. Prior-austenite grain size is frequently evaluated by the Shepherd
fracture grain size technique, a simple but accurate approach. X-ray diffraction can be used to determine the
amount of retained austenite present.
In some cases, it is necessary to perform simulations or to conduct experimental heat treatments to determine if
a part was tempered. Chemical analysis of millings or turnings from the surface will define variations in
surface-carbon content. Electron metallographic devices using either wavelength- or energy-dispersive x-ray
analysis can be used to identify inclusions or segregates. It is also helpful in some studies to compare the
characteristics of good parts to those of failed parts.
When these data are compiled and analyzed, the analyst is ready to prepare a report that details the cause of
failure with the supporting facts. In many such cases, it is also necessary to make recommendations regarding
corrective action for future parts or for existing parts.

Causes of Tool and Die Failures
A number of factors are responsible for tool and die failures including:
•
•
•
•
•
•
•
•

Mechanical design: Must be compatible with the steel grade selected, the procedures required to manufacture the
tool or die, and the use of the tool or die
Grade selection: Must be compatible with the design chosen. the manufacturing processes used to produce the
tool or die, and the intended service conditions and desired life
Steel quality: Must be macrostructurally sound, free of harmful inclusions to the degree required for the
application, and free of harmful surface defects
Machining processes: Must not alter the surface microstructure or surface finish and must not produce excessive
residual stresses that will promote heat-treatment problems or service failures
Heat-treatment operation: Must produce the desired microstructure, hardness, toughness, and hardenability at the
surface and the interior
Grinding and finishing operations: Must not impair the surface integrity of the component
Tool and die setup: Alignment must be precise to avoid irregular, excessive stresses that will accelerate wear or
cause cracking
Tool and die operation: Overloading must be avoided to ensure achievement of the desired component life

The above classification of factors, while helpful in categorizing problems, will not necessarily deduce the cause ofa
particular failure. For example, a failure due to one of the above factors may have been caused by other problems earlier
in the processing sequence. To illustrate, the majority of cracking problems attributed to abusive grinding practices are
caused by failure to temper the part or are due to overaustenitization. Both of these problems will make a tool steel
virtually impossible to grind without producing surface burning and cracking regardless of the care taken during grinding.
Thus, the above factors are interdependent, much like the links of a chain. If one step is poorly executed, the tool or die
will exhibit limited service life regardless of how carefully all of the other steps are conducted. This sensitivity to
processing stems from the use of tools and dies at these very high hardness levels, at which minor deficiencies in
processing exert major influences on performance.

Mechanical Testing of Tool Steels
For the majority of tool steels, tensile tests at room temperature are not conducted because of the technical difficulties of
obtaining valid results at these very high hardnesses. Also, because most tools and dies are subjected to high compressive
stresses, it would be more useful to obtain compressive yield strength data to aid the designer. However, such tests are
quite difficult to perform, and few useful data are available. Consequently, the simple indentation hardness tests,
generally the Rockwell C test or the Vickers test, are used to define strength differences. Such data are simple to produce
and are extremely useful. The lower carbon, high-strength hot-work tool steels can be tested in tension, and such data are
available for both room temperature and elevated temperatures. Tension, compression, and hardness testing arc discussed
in separate articles in Volume 8 of ASM Handbook, formerly 9th Edition Metals Handbook.
As a class, tool steels are not noted for high toughness. Impact-type tests are commonly used, but most test specimens
either are not notched or have a C-type notch rather than the more common V-notch. Use of the latter type of specimen is
reserved for the higher-toughness grades or is used with low-blow fracturing devices. Fracture-toughness data are
available for many tool steel grades, particularly the higher-toughness grades for which such data are useful. For most

tool steels, planc-strain fracture toughness predicts very small critical flaw sizes, which emphasized, the need for
minimizing stress concentrators and maintaining smoothly machined surfaces.

Types of Failures
Tool and die failures due to breakage, which are generally catastrophic, are the most spectacular and draw the most
attention from the failure analyst. Such failures are usually the easiest to diagnose, but the analyst should be cautioned not
to halt the investigation when one obvious problem is observed. It is not uncommon to observe several factors that
contribute to the failure in varying degrees. The goal of any failure analysis should be to provide a total picture of all the
problems present so that complete corrective action, rather than partial corrective action, is taken on future parts.
Aside front cracking, a wide variety of problems can be encountered that cause limited tool or die life. These problems
include, but are not limited to, distortion (during heat treatment, machining, or service), excessive wear, galling, pick-up,
erosion, pitting, cosmetic problems, and corrosion problems.

Influence of Design
Any examination of tool or die failures must begin with a careful reexamination of the design to determine if
shortcomings are present and if improvements can be made. Tools and dies that perform satisfactorily over the desired
service life may not produce the same performance if a new manufacturing process is adopted, the grade is changed, or
the service conditions are altered. Consequently, in the study of the existing design, it is imperative to obtain complete
details on the history of the component relative to its past performance, manufacturing line-up, service conditions, and so
on. All too often, however, such data are sketchy.
The importance of a good design cannot he overemphasized. Poor design can cause or promote heat-treatment failures
before any service life is obtained or may reduce service life, sometimes dramatically. In designing a tool or die, a host of
factors must be considered. In practice, it is difficult to separate the design stage front grade selection because the two
steps are interdependent. The choice of a certain grade of steel, such as one that must be brine or water quenched, will
have a very substantial bearing on all aspects of design and manufacture. In general, any steel grade that requires liquid
quenching demands very conservative, careful design. Air-hardening grades tolerate some design and manufacturing
aspects that could never be tolerated with a liquid-quenching grade. The design must also be compatible with the
equipment available—for example, heat-treatment furnaces and surface-finishing devices.
Designing tools and dies is more difficult than designing components made from structural steels because of the difficulty
in predicting the service stresses. Despite advances made in design procedures, much of the design work is still
empirically based. Such experience is primarily based on past failures; therefore, it is important that the findings of the
failure analyst be incorporated into future work. Despite the shortcomings of the empirical approach, there is a vast body
of common sense engineering knowledge available for guidance (see the Selected References).
Effect of Sharp Corners and Section-Mass Changes. Analysis of many tool and die failures shows that two relatively
simple design problems cause the most failures. These design shortcomings are the presence of sharp corners and the
presence of extreme changes in section mass. A sharp corner concentrates and magnifies applied stresses, stresses that
arise in tool and die manufacturing (such as during quenching), or stresses that occur during service. In addition to
promoting cracking during liquid quenching, sharp corners promote buildup of residual stresses that may not be fully
relieved by tempering and can therefore reduce service life. The largest possible fillet should be used at all sharp corners.
Air-quenching grades are more tolerant of sharp corners than liquid-quenching grades and are preferred when only
minimal fillets can be used.
Changes in section size can locate premature failures. Figure 1 shows two AISI W1 carbon steel concrete roughers that
failed after a few minutes of service. Cracking occurred at the change in section due to bending stresses. Although the
section change has a smooth, filleted surface, it is still a verv effective stress concentrator. Subsequent design changes
involved a tapered change in section at the cracked location and later at the start of the wrench flats above the cracked
region.
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Fig. 1 AISI W1 (0.85% C) tool steel concrete roughers that failed after short service (2
min for S, 7 min for S11). Failures of these and other concrete roughers all occurred at the
change in section (arrows indicate cracks).
Holes placed too close to the edges of components are a common source of failure during Treat treatment or in service.
Figures 2(a) and 2(b) show an AISI O1 tool steel die that cracked during oil quenching. The die face contained numerous
fine cracks. The left side of the die broke off during quenching. Figure 2(b) shows both sides of the fracture. Temper
color (arrow), typical of the 205 °C (400 °F) temper used, is apparent. This indicates the depth of the crack produced
during quenching that was open during tempering. Coarse machining marks and deep stamp marks were also present.

Fig. 2(a) Front view of an AISI O1 tool steel die that cracked during oil quenching. The
die face contains holes that are too close to the edge for safe quenching. See also Fig. 2(b).
0.6×

Fig. 2(b) Side view of broken die halves showing the mating fracture surfaces and temper
color (arrow) on the crack surfaces. A front view of this component is shown in Fig. 2(a).
0.5×
Sharp, unfilleted corners may also promote quench cracking. Figure 3 shows a 76- × 87- × 64-mm (3- × 3

7
1
- × 2 -in.)
16
2

AISI O1 tool steel die that cracked during oil quenching. The crack pattern (emphasized using magnetic particles) that
emanates from the sharp corners is visible. A few cracks are also associated with the holes that are rather close to the
edges. Temper color was observed on the crack surfaces, indicating that the cracks were present before tempering.

Fig. 3 AISI O1 tool steel die that cracked during oil quenching. Note the cracks
emanating from the sharp corners. The four holes, which are close to the edge, also
contributed to cracking. Temper color was observed on the crack walls.
Figure 4 shows another example of a quench crack initiated by a sharp corner. This fixture was also made of AISI O1 tool
steel that was oil quenched. In this case, the corner was filleted, but there was a nick in the corner where cracking began.
The shape of this fixture is also poor for a steel that must be oil quenched. The thinner outer regions cool more rapidly,
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forming martensite first, while the more massive central region cools at a slower rate. An airhardenable steel would be a
better choice for this part.

Fig. 4 Fixture made from AISI O1 tool steel that cracked during oil quenching. This
design is poor for liquid quenching. A nick in the fillet region helped to initiate cracking.
0.75×
Another example of a poor design for liquid quenching is shown in Fig. 5. This 76-mm (3-in.) diam × 76-mm (3-in.) long
threaded part made of AISI W2 carbon tool steel cracked in half at an undercut at the base of the threads. Figure 5 shows
the two broken halves, along with a cold-etched disk taken from the hollow portion of the part. The hardened outer case
can be seen in the fracture detail and in the cold-etched disk. Similar parts, without the undercut, were successfully
hardened.

Fig. 5 Threaded part made from AISI W2 tool steel that cracked during quenching at an
undercut at the base of the threads. (a) The two pieces that separated during fracture. (b)
Cold-etched (10% aqueous nitric acid) disk cut through the threaded portion showing the
hardened surface zone, which is also visible on the fracture faces shown in (a)
Influence of Steel Grade
Selection of the optimum grade for a given application is generally a compromise between toughness and wear resistance,
although other factors may be more important in certain situations. Because most tools and dies operate under highly
stressed conditions, toughness must be adequate to prevent brittle fracture. It is usually better for a tool or die to wear out
than to break in service prematurely. Thus, in a new application, it is best to select a grade that will definitely have
adequate toughness. When some experience is gained that shows freedom from breakage but perhaps excessive wear, a
different grade can be chosen that would provide better wear resistance but somewhat less toughness. As experience is
gained, the best grade choice can be made by balancing the required toughness and wear resistance.

Influence of Machining
Machining problems are a common cause of tool and die failures. It is generally best to avoid machining directly to the
finish size unless a prehardened die steel is used. It is difficult to obtain perfect control of surface chemistry and size
during heat treatment. Thus, some final grinding is usually needed after heat treatment. The presence of decarburization is
generally quite detrimental. Also, because stresses are high in heat treatment and in service, rough machining marks must
be avoided. Identification stamp marks are another common source of failures in heat treatment and in service; they
should be avoided.
Quench-Crack Failures. Two quench-crack failures promoted by machining problems have been illustrated. Quench
cracking of the fixture shown in Fig. 4 was located by a nick in the fillet, while failure of the threaded part shown in Fig.
5 was due to an undercut at the base of the threaded region.
Rough machining marks areanother common cause of quench cracking. Figure 6 shows a punch made of AISI S7 tool
steel that cracked during quenching. Because of the section size, the punch was oil quenched to 540 °C (1000 °F), then air
cooled. The crack pattern has been emphasized with magnetic particles. Temper color was observed on the crack walls.

Fig. 6 Punch made of AISI S7 tool steel that cracked during quenching. Temper color
was observed on the crack walls. Cracking was promoted by and located by the very
coarse machining marks. Magnetic particles have been used to emphasize the cracks. 0.5×
Failures Due to Electrical Discharge Machining (EDM). Die cavities are often machined by EDM. The technique has
many advantages, but failures have been frequently observed due to failure to remove the as-cast surface region and
associated as-quenched martensitic layer. Cavity surfaces must be stoned or ground, then tempered to prevent such
failures.
1
8

A classic example of a failure due to improper EDM technique is shown in Fig. 7 and 8. Figure 7 shows four 3.2-mm ( in.) diam EDM holes in an AISI A4 tool steel primer cup plate. The holes were finished by jig-bore grinding, during
which spalling was observed at many of the holes (see upper-right hole). The surface was swabbed with 10% aqueous
nitric acid (HNO3) to reveal regions affected by EDM. Figure 8 shows the microstructure of these regions. An as-cast
region was present at the extreme edge (about 35.5 HRC). Beneath this layer was a region of as-quenched martensite
(about 63.5 HRC). Next was a back-tempered region (about 56 HRC) and then the base, unaffected interior (59 to 61
HRC). The brittle nature of the outer layers and the associated residual-stress pattern caused the spalling.
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Fig. 7 The surface of an AISI A4 primer cup plate showing spalling at one of the 3.2-mm
( 1 -in.) diam holes made by EDM. The surface was etched with 10% aqueous nitric acid to
8

bring out the influence of the EDM operation at the spall. 2.5×

Fig. 8 Microstructures associated with the spalled hole (Fig. 7) caused by improper EDM
technique. Etched wtih 3% natal
In many EDM-related failures, the as-cast layer is not observed, because of the technique used or because of subsequent
machining. In these failures, however, an outer layer of brittle as-quenched (white-etching) martensite is present. Such a
failure is shown in Fig. 9. This failure occurred in a plastic-mold die made from AISI S7 tool steel. The crack followed
the lower, recessed contour of the larger-diameter gear teeth and extended to a depth of about 1.6 MM (

1
in.). Etching
16

of the surface revealed a light-etching rim around the teeth. Microstructural examination revealed an as-quenched
martensite surface layer (thin, white layer), while the internal structure was grossly overaustenitized (note the retained
austenite, white, and coarse plate martensite). Both factors lead to cracking. If the EDM surface layer was not present,
poor service life would have resulted anyway due to the poor microstructural condition.
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Fig. 9 Plastic mold die made from AISI S7 tool steel that was found to be cracked before
use. A crack followed the lower recessed contour of the large gear teeth and had an
average depth of 1.6 mm ( 1 in.). Smaller cracks were also observed on the flat surfaces.
16

(a) Actual size. (b) Etching the surface with 10% aqueous nitric acid revealed a whiteetching appearance at the teeth. 2×. (c) Micrograph showing a surface layer of asquenched martensite (from the EDM operation) and an overaustenitized matrix structure
(unstable retained austenite and coarse plate martensite). Etched with 3% nital. 420×
Failures Due to Finish Grinding. Cracking due to the stresses and microstructural alterations caused by grinding is a
relatively common problem. In many cases, the grinding technique is not at fault, because the microstructure of the part
rendered it sensitive to grinding damage due to failure to temper the part or because the part was overaustenitized and
contained substantial unstable retained austenite.
Figure 10 shows an example of grinding cracks due to failure to temper the part. Two AISI D2 tool steel dies, which
measured 57 × 60 × 29 mm or 51 mm thick (2

1
3
1
× 2 × 1 in. or 2 in. thick), were observed to be cracked after finish
4
8
8

grinding. The cracks are emphasized with magnetic particles. Macroetching of the surfaces revealed the classic scorch
pattern indicative of abusive grinding. The failure, however, was not due to poor grinding practice, but was caused by
failure to temper the dies. The interior hardness was 63 to 64 HRC, typical for as-quenched D2. The scorched surface was
back tempered to 55 to 58 HRC. It is difficult to grind as-quenched high-hardness tool steels without damaging the
surface.

Fig. 10 Grinding cracks caused by failure to temper a part. (a) Two dies made from AISI
D2 tool steel that cracked after finish grinding (cracks accentuated with magnetic
particles). (b) Macroetching (10% aqueous nitric acid) of the end faces revealed grinding
scorch. These dies were not tempered after hardening.

Grinding damage can also occur in parts that have been properly heat treated, but such cases are less common. Figure 11
1
4

shows two views of a 32- × 152- × 381-mm (1 - × 6- × 15-in.) AISI S1 tool steel cutter die that cracked extensively
during regrinding after an initial service period. The as-received surface is shown in Fig. 11(a); the crack pattern is vividly
revealed by magnetic particles (Fig. 11b). The grinding scorch pattern is also visible. This die had been carburized and the
surface hardness was 62 to 64 HRC.

Fig. 11 Two views of an AISI S1 tool steel cutter die that cracked and spalled after
regrinding. (a) The as-received condition. (b) The cracks have been accentuated by use of
magnetic particles. Also note the grinding scorch pattern (the dark parallel lines
perpendicular to the cracks).
Figure 12(a) shows two AISI A6 tool steel parts that shattered during finish grinding. These parts were properly hardened
(57 HRC), and cracking was due to the grinding practice. The parts have been etched to show the scorch pattern (Fig.
12(b)). The surface hardness was erratic, varying between 48 and 56 HRC. The photomicrograph shows a typical surface
region affected by the grinding heat. Spots, such as the white-etching martensitic region shown, were about 0.08 inni
(0.003 in.) deep. The back-tempered region beneath the as-quenched martensite extended to a depth of about 0.38 mm
(0.015 in.). Cracking is often present in these rehardened zones.
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Fig. 12(a) Two AISI A6 tool steel parts that shattered during finish (abusive) grinding.
See also Fig. 12(b)

Fig. 12(b) Photomicrograph of the ground parts shown in Fig. 12(a). A reaustenitized
region (white) and a back-tempered zone (dark) at the ground surface are shown. Etched
with 3% nital. 70×
Influence of Heat Treatment
Improper heat-treatment procedures are the single largest source of failures during heat treatment, in subsequent
processing steps, or in service. Each tool steel grade has a recommended austenitizing temperature range (generally rather
narrow), a recommended quench medium, and recommended tempering temperatures and times for optimum properties.
Some grades are more forgiving than others regarding these parameters.
Handling of Samples. One of the most common sources of problems arises in the handling of samples between the quench
and the temper. As soon as the part reaches a temperature of about 65 °C (150 °F), it should be quickly transferred to the
tempering furnace. The heat treater will sometimes check the hardness of the part after quenching and avoid the
tempering treatment if the as-quenched hardness equals the desired hardness. This is a very poor practice tor two reasons.
First, tool steels must always be tempered to reduce the quenching stresses to an acceptable level and to improve the
toughness of the steel. Untempered tools and dies nearly always fail prematurely in service. Second, the as-quenched
hardness may be low due to testing on a decarburized surface. If a spot is ground on an as-quenched surface, cracking
may result. Double and triple tempering is required for the more highly alloyed grades to stabilize the microstructure.
5
8

Quench Cracking. Numerous heat-treatment problems can promote quench cracking. Figure 13(a) shows a 41-mm (1 in.) square, 1.4-kg (3-lb) AISI S5 tool steel sledge-hammer head that cracked during quenching. A disk Cut from the head
was macroetched, revealing a heavily decarburized surface (Fig. 13(b)). Such a condition promotes quench cracking,
particularly in liquid-quenching grades such as S5 (oil quenched), due to differential surface stresses. A deep stamp mark
also helped promote cracking.
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Fig. 13(a) AISI S5 tool steel hammer head that cracked during heat treatment. The
fracture was caused by quench cracking that was promoted by the decarburized surface
(Fig. 13(b)) and deep stamp mark (arrows). Actual size

Fig. 13(b) Macroetched disk cut from the head of the sledge hammer shown in Fig. 13(a).
The heavily decarburized surface is revealed by macroetching. Actual size
Stamp marks, such as that shown in Fig. 14, commonly promote quench cracks. This was present on an air-quenched die
made from AISI S7 tool steel. In this case, the die was not tempered, another prime cause of quench cracking. The
hardness of the die was 61.5 to 62 HRC. The surface was slightly decarburized; the hardness was 59 to 60 HRC at the
surface.

Fig. 14 A quench crack promoted by the presence of a deep, sharp stamp mark in a die
made of AISI S7 tool steel. This die had not been tempered, or was ineffectively tempered,
after hardening. 2×
Quench cracking of water- or brine-quenched tool steels can be promoted by soft spots on the surface of the part. These
soft regions may be due to the fixture used to hold the part during quenching, or from tongs, or may be caused by vapor
pockets during quenching due to inadequate agitation or contamination of the quench. Figure 15 shows a component
made from AISI W2 tool steel that quench cracked due to soft spots (unhardened regions). The surface of the part was
macroetched, revealing these zones. The hardness numbers reveal the difference in hardness between the case and the soft
spots.
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Fig. 15 AISI W2 carbon tool steel (1.05% C) component that cracked during quenching
due to the presence of soft spots (arrows) on the surface. These soft spots were revealed by
cold etching the surface with 10% aqueous nitric acid. 0.4×
Failures Due to Overaustenitizing. Another very common heat-treatment problem is the use of an excessively high
austenitizing temperature. This may be due to improper furnace-temperature control or the combining of several parts
made of different grades in one furnace batch using an austenitizing temperature chosen as a compromise between the
recommended temperatures for the grades. Excessively high austenitizing temperatures promote grain growth and
excessive retained austenite. Most tool steel grades have high carbon contents and rely on the undissolved portion of the
carbides to control grain growth. An excessive austenitizing temperature puts more carbon in solution, thus permitting
grain growth as well as excess retained austenite due to suppression of the martensite start, Ms, and finish, Mf,
temperatures.
Tool steel parts that have been overaustenitized, producing coarse plate martensite and unstable retained austenite, often
1
2

fail by quench cracking. Figure 16(a) shows a 44-cm (17 -in.) OD × 33-cm (13-in.) ID × 5-cm (2-in.) thick ring forging
made of AISI O1 tool steel that cracked during quenching. Temper color was present on the crack surface. The interior
microstructure (Fig. 16(b)) revealed an overaustenitized condition, coarse plate martensite, and retained austenite (white).
The hardness was 61 to 62 HRC. A section was cooled in liquid nitrogen, which transformed much of the retained
austenite to martensite and increased the hardness to 64 to 65 HRC. The surface was decarburized with a hardness of 55
to 57 HRC, which did not change after refrigeration.

Fig. 16(a) AISI O1 tool steel ring forging that cracked during quenching. The forging was
overaustenitized (unstable retained austenite was present) and was decarburized to a
depth of about 0.5 mm (0.020 in.). Temper color was present on the crack walls. See also
Fig. 16(b).

Fig. 16(b) Interior microstructure of the cracked ring forging shown in Fig. 16(a).
Unstable retained austenite (white) and coarse plate martensite (dark) can be seen. The
amount of residual carbide was negligible compared to what should have been present.
Etched with 3% nital. 700×
Figure 17(a) shows an AISI M2 roughing tool that cracked during hardening (the cracks were accentuated with magnetic
particles). Microstructural examination revealed an overaustenitized condition with a heavy grain-boundary film, coarse
plate martensite. and unstable retained austenite (Fig. l7b). The Snyder-Graff intercept grain size was 4.5 (ASTM 7),
which is quite coarse for this grade.
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Fig. 17 AISI M2 roughing tool that cracked just after heat treatment. (a) Cracks
accentuated with magnetic particles. (b) Microstructural examination revealed a badly
overaustenitized condition with a heavy grain-boundary carbide film, coarse plate
martensite, and unstable retained austenite. Etched with 3% nital. 490×
Improper control of the austenitizing temperature is a common problem. Figure 18(a) shows an AISI O6 graphitic tool
steel punch that cracked after limited service. Examination of the microstructure revealed an overaustenitized condition
(Fig. 18b). All of the carbide has been dissolved; only martensite and retained austenite are observed. The hardness of the
punch was 59 to 60 HRC at the surface and 60 to 62 HRC in the interior. Cooling in liquid nitrogen raised the hardnesses
to 63 to 64 and 63 to 65 HRC, respectively.

Fig. 18 AISI O6 graphitic tool steel punch machined from centerless-ground bar stock
that cracked after limited service. (a) Cracks (arrows) accentuated with magnetic
particles. (b) Microstructural examination revealed an overaustenitized structure
consisting of appreciable retained austenite and coarse plate martensite. Etched with 3%
nital. 700×
Excessive Carburization. While many tool steels have high carbon contents, a few low-carbon P-type mold steels are
carburized before heat treatment. Control of the carburizing cycle, as well as subsequent heat treatment, is required to
obtain good results. Figure 19 shows a mold made of AISI P20 prehardened tool steel measuring 20.3 × 20.3 × 3.5 cm (8
3
in.) that cracked sometime after a carburizing/heat-treatment procedure. Figure 20(a) shows a disk cut from the
8
1
mold that was cold etched to reveal a dark-etching surface case about 3.2 mm ( -in.) thick. Microstructural examination
8

×8×1

revealed that the cracks (arrow, Fig. 19) on the outside diameter and the inside diameter of the mold were 1.8 and 2.9 mm
(0.070 and 0.113 in.) deep. The external surfaces were carburized to a depth of at least 2.5 mm (0.10 in.). Figure 20(b)
reveals the heavy concentration of carbide at the surface and the extensive grain-boundary carbide networks. Analysis of
millings taken from the surface revealed that the carbon content of the outer 0.25 mm (0.010 in.) was 1.96 wt%. This is

far too high, thus rendering the surface layer extremely brittle. Coarse machining marks were also present on the mold
surface in the cracked region.

Fig. 19 AISI P20 mold made from prehardened stock that was carburized and
rehardened. After heat treatment, it was found to be cracked (arrow). See also Fig. 20.
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Fig. 20 Metallographic section from the AISI P20 mold shown in Fig. 19. (a) Top part of a
macroetched (10% aqueous nitric acid) disk cut from the mold revealing a heavily
carburized case. Actual size. (b) Micrograph showing gross carbide buildup at the surface
with an underlying region having a continuous grain-boundary carbide network. Etched
with 3% nital. 100×
Furnace atmospheres are sometimes not properly controlled during heat treatment, and either decarburization or
carburization results. The latter is less common, but when it occurs, failure may result. Some tool steel grades can tolerate
1
2

minor, unintentional carburization better than others. Figure 21 (a) shows a 64- × 56- × 81-mm (2 - × 2

3
3
- × 3 -in.)
16
16

jewelry striking die made from AISI S7 tool steel that cracked shortly after being placed in service. Cracking occurred in
the die cavity and extended along a recessed groove and down the side. The hardness of the die surface varied between 50
and 55 HRC, while the interior was 56 to 57 HRC. Cooling of a section in liquid nitrogen increased the surface hardness
to 62 to 65 HRC, indicating the presence of substantial retained austenite at the surface. The interior hardness did not
change. Examination of the microstructure (Fig. 21b and c) revealed extensive retained austenite (white) at the surface,
while the interior microstructure was coarse, indicating that the austenitizing temperature was excessive. The excess
retained austenite at the surface indicated that carburization had occurred during hardening. Chemical analysis of milling
from the outer 0.13 mm (0.005 in.) revealed a carbon content of 0.79 wt% as opposed to an interior carbon content of 0.53
wt%. The carburized case was about 0.51 mm (0.020 in.) deep.

Fig. 21 Failed AISI S7 jewelry striking die. (a) Crack (arrows) that formed shortly after
the die was placed in service. (b) and (c) Microstructural examination revealed that the
surface was slightly carburized and that the die had been overaustenitized. Note the
coarse plate martensite and unstable retained austenite in the carburized surface region
and the coarse martensitic matrix structure beneath this layer. (b) 75×. (c) 530×. Both
etched with 3% nital
Another example of the detrimental influence of excessive carburization is shown in Fig. 22, 23, and 24. This was a
punch made from AISI S7 tool steel that was used in the first stage of cold forming of 105-mm shells that cracked after a
second heat treatment. The desired hardness was not achieved with the initial treatment. The punch was supposed to be
lightly carburized to produce a surface hardness of 62 HRC (higher than the usual hardness of 58 HRC for noncarburized
S7).

Fig. 22 AISI S7 punch that had a low surface hardness after heat treatment and was
given a second carburizing treatment, then rehardened. Cracking was observed after this
retreatment (the cracks have been accentuated with magnetic particles). Coarse
circumferential machining marks were present on the lower portion of the punch. See also
Fig. 23 and 24.
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Fig. 23 Crack pattern on the bottom of the punch shown in Fig. 22. Many of the cracks
are located by the deep stamp marks (the cracks have been accentuated with magnetic
particles). Actual size

Fig. 24 Microstructure of the heavily carburized cracked punch shown in Fig. 22 and 23.
(a) Massive carbide enrichment at the surface. (b) Excess carbides at the base of the
crack, about 0.7 mm (0.0275 in.) deep. (c) Structure at about 1.08-mm (0.0425-in.) depth.
(d) Coarse overaustenitized structure about 19 mm (0.75 in.) below the surface. All etched
with 3% nital. All 700×
Figure 22 shows the extensive crack pattern (accentuated with magnetic particles) on the outer surface of the punch.
Coarse circumferential machining marks were also present. Figure 23 shows the bottom of the punch, which is also
extensively cracked. The deep stamp marks promoted cracking. The hardness of the punch varied from the surface
inward. At the extreme surface it was 63 to 64 HRC. The hardness decreased gradually to 55 HRC 25 mm (1 in.) below
the surface and was 53 HRC at the center. Cooling in liquid nitrogen raised the subsurface hardness substantially,
indicating the presence of unstable retained austenite. The fracture grain size was very coarse—equivalent to ASTM
4.5—which indicates overaustenitization.
Microstructural examination revealed a deeply carburized condition with a very high surface-carbon content and a coarse
martensitic structure below the region of massive carbide content. Figure 24 shows the microstructure at the surface (Fig.
24a) and at three different levels below the surface (Fig. 24 b to d). The structure shown in Fig. 24(d) is very coarse and is
undesirable. Chemical analysis of incremental turnings revealed that the carbon content between the surface and a depth
of 0.13 mm (0.005 in.) was 2.94 w%. The total depth of decarburization exceeded 2.5 mm (0.10 in.). Thus, AISI S7 was
not a good choice for this application. It is difficult to carburize this grade lightly unless a liquid-carburizing treatment is
used.
Decarburization may also occur at the surface of components during heat treatment, and it will affect service life. Figure
25(a) shows a chromium-plated blanking die made from AISI A2 tool steel that cracked after limited service. Cold
etching ofa disk cut from the blanking die revealed a light-etching layer that is particularly prominent at the working face
and along the adjacent sides (Fig. 25b). Microscopic examination (Fig. 25c) revealed that the surface at the working face
was decarburized to a depth of about 0.05 mm (0.002 in.). The soft zone beneath the hard chromium plating permitted the
plating to flex under the influence of the blanking stresses, thus cracking the plating and surface region.
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Fig. 25 Failed chromium-plated blanking die made from AISI A2 tool steel. (a) Cracking
(arrows) that occurred shortly after the die was placed in service. (b) Cold-etched (10%
aqueous nitric acid) disk cut from the blanking die (outlined area) revealing a lightetching layer. Actual size. (c) Micrograph showing the decarburized layer that was unable
to support the more brittle, hard chromium plating. Etched with 3% nital. 60×

As another example of the influence of decarburization on service life, Fig. 26 shows a fractured pin (16 mm or
diameter) and gripping cam (19 mm, or

5
in., in
8

3
in., thick), both made of AISI S5 tool steel, that were used in plate-liffing
4

clamps that broke after limited service. The rough chamfered edges of the hole of cam No. 2 are visible. The pin surface
was heavily decarburized, as shown by the cold-etched longitudinal section through the pin (Fig. 26b). The flat surfaces
of the cam were also heavily decarburized. Measurement of the parts indicated that the mill bark present on the surfaces
of the stock used to make these parts was not removed. The standard machining allowances for hot-rolled bars were not
taken. Decarb-free stock would have been a better choice for the material for these parts.

Fig. 26 Fractured pin and gripping cam made from AISI S5 too[ steel. (a) These fractures
occurred when the plate-lifting clamps containing these parts failed early in service. (b)
As shown by this macroetched (10% aqueous nitric acid) pin, both the cam and the pin
were heavily decarburized. (c) The chamfered cam holes were quite rough. 6.5×. The asrolled surface decarburization had not been removed before heat treatment, and the
surfaces were not cleaned-up after heat treatment.
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Failures of Nitrided Parts. Although not used as commonly as carburizing, nitriding is occasionally used to improve the
surface properties of tool steel parts. As with any process, the conditions must be properly controlled to produce good
results. Failure of nitrided components can arise if the nitriding operation produces a heavy, white-etching nitride surface
layer. Figure 27(a) shows an AISI 4150 alloy steel chuck jaw that broke due to the presence of such a detrimental surface
layer. A section from a broken tooth of the chuck jaw is shown in Fig. 27(b). The nitride layer is present as a grainboundary film beneath the surface layer. This is a very brittle condition.

Fig. 27(a) AISI 4150 alloy steel chuck jaw that broke because of the presence of a brittle
white-etching nitride surface layer. The part was hardened and tempered before
nitriding. A micrograph of a broken tooth (arrows) of this chuck jaw is shown in Fig.
27(b).

Fig. 27(b) Surface of a broken tooth from the chuck jaw shown in Fig. 27(a). The white
layer at the surface is brittle iron nitride, which is also present as a grain-boundary film
surrounding many of the grains near the surface. Note that the crack (arrows) follows the
brittle white-etching nitride that formed in the prior-austenite grain boundaries. Etched
with 2% nital. 290×
Failures Due to Improper Quenching. Carbon tool steels are widely used in many tool and die applications. For best
results, the hardened case must be properly developed. Figure 28 shows the striking face of a 38-mm (1.5-in.) diam × 64mm (2.5-in.) long header die made from AISI W1 (1.0% C) tool steel that failed early in service due to chipping at the
striking surface. Macroetching of a disk cut longitudinally through the die at the broken region revealed that the case
around the striking face region was quite shallow and unable to support the working stresses. The flush-quenching
procedure used to harden the striking face and bore did not produce adequate case depth at the striking face. The sharp
corners of the striking-face cavity act as a stress concentrator; even a minor fillet at the corner would be helpful.
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Fig. 28 Header die made from AISI W1 tool steel that failed prematurely in service. (a)
The striking face of the carbon tool steel die chipped. The die had been flush quenched
through its center hole to harden the working surfaces. (b) Cold etching (10% aqueous
nitric acid) of a longitudinal disk through the cracked region revealed sharp corners at
the striking face and an insufficient chill zone to support the edge under service
conditions.
Figure 29 shows another example of a failure of a carbon tool steel (AISI W1) component due to improper quenching.
This part, which measured 38 mm (1.5 in.) at the base, 21 mm (

3
7
5
in. ) at the top, 22 mm ( in.) thick, and 92 mm (3
16
8
8

in.) long, was a wire-forming die that broke prematurely in service. Macroetching of a disk cut behind the fracture (Fig.
29b) revealed that the bore of the die was not hardened. Only a region along the corner of the die (the dull gray region on
the macroetch disk) was hardened, and this only superficially (35 to 38 HRC in this region; the balance of the disk was at
29 to 30 HRC). A hardened chill zone should have been present at the bore surface (working surface of the die) if it had
been properly quenched.

Fig. 29 Failure caused by improper quenching. (a) AISI W1 tool steel wire-forming die
that broke prematurely during service. (b) Cold etching (10% aqueous nitric acid) of a

disk cut behind the fracture revealed that the bore-working surface was not hardened;
only the dull gray region was partially hardened.
Failures Due to Improper Furnace-Atmosphere Control. Other surface-related problems may occasionally be encountered
in tool and die failures. Figure 30(a) shows the mottled surface of a moil point, made from AISI W1 (0.80% C) tool steel,
that was detected after the surface was sand blasted following heat treatment. This surface condition was due to excessive
scaling (oxidation) resulting from improper furnace-atmosphere control. Figure 30(b) shows that the surface case was
poorly developed, probably due to the influence of the scaled surface.

Fig. 30(a) Moil point made of AISI W1 tool steel that exhibited a rough, scaled surface
after heat treatment. The actual size of the moil point is shown at left. An enlarged view
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(3×) at the surface condition, which resulted in erratic surface hardness, is shown at right.
See also Fig. 30(b).

Fig. 30(b) Cold-etched (10% aqueous nitric acid) disk cut from the moil point shown in
Fig. 30(a). A nonuniform chill is evident; the dark areas are hardened. 2×
Failures Due to Burning and Melting. Temperature-control problems can cause difficulties other than overaustenitization:
burning or incipient melting can also occur in extreme cases. Figure 31(a) shows an end view of a powder metallurgy die
component made from AISI D2 tool steel that melted and deformed due to highly excessive localized temperatures during
heat treatment. The microstructure in this region (Fig. 31b) shows the melted region, heat-affected zone, and base
microstructure.

Fig. 31 AISI D2 powder metallurgy die component that melted and deformed because of
flame impingement during heat treatment. (a) End view. 4.5×. (b) Microstructure in the
affected region. Etched with Marble's reagent. 150×
High-speed steel components are particularly susceptible to burning/localized-melting problems due to heat-treatment
irregularities because the austenitizing temperatures required are very high, much higher than for other tool steel grades.
Figure 32(a) shows a part trade from AISI M2 tool steel whose surface exhibited a rippled appearance after hardening.
This condition was usually observed on the top of these parts, sometimes on the sides, but not on the bottoms.
Examination of the top surface of the die on a transverse section (Fig. 32b) revealed a remelted surface layer. Beneath this
zone was a layer containing as-quenched martensite and retained austenite. The outer 0.13 mm (0.005 in.) ofthe top
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surface was found to be enriched in carbon (1.28%). Immediately below this zone, the carbon content was normal for the
grade. The higher carbon content lowered the melting point of the surface. The as-quenched martensite beneath the
remelted zone probably formed due to conversion of some of the retained austenite at the surface during the tempering
operations. The interior microstructure was tempered martensite.

Fig. 32 Localized melting at the surface of a part made from AISI M2 tool steel. (a)
Rippled surface appearance after hardening. 0.75×. The surface was slightly carburized,
which lowered the melting point. (b) Microstructure shows the melted surface region and
a zone beneath it containing retained austenite and as-quenched martensite. The matrix
was tempered martensite. Etched with Marble's reagent. 70×
Brittle Fracture of Rehardened High-Speed Steels. If high-speed steels must be rehardened, they must be annealed first. If
they are not, fracture generally occurs. Such fractures have a fish-scale appearance due to the shiny, coarse-grain facets on
their fracture surfaces. This is due to production of a coarse grain structure, which leads to a very brittle condition. Figure
33 shows the duplex, coarse-grain structure that results when a high-speed steel is rehardened without an intermediate
anneal. Resistance to grain growth is provided by the presence of many fine carbides in the structure that are produced by
the anneal but are not present after hardening. Thus, a second hardening treatment, without annealing, produces rapid
grain growth at the very high austenitizing temperatures required for hardening high-speed steels.

Fig. 33 Examples of the microstructure of AISI M2 high-speed steel. (a) Desired
quenched-and-tempered condition: 1200 °C (2200 °F) for 5 min in salt, oil quench, double
temper at 595 °C (1100 °F). Etched with 3% nital. 500×. (b) Grain growth caused by
reaustenitizing without annealing: 1220 °C (2225 °F) for 5 min in salt, oil quench, 1175 °C
(2150 °F) for 5 min in salt, oil quench (not tempered). Etched with 10% nital. 400×. (c)
Overaustenitization and onset of grain-boundary melting: 1260 °C (2300 °F) for 5 min in
salt, oil quench, double temper at 540 °C (1000 °F). Arrows indicate regions of grainboundary melting. Etched with 3% nital/Villella's reagent. 1000×
Influence of Steel Quality
Despite the care taken in the manufacture and inspection of tool steels, faulty materials occasionally cause tool and die
failures. However, the incidence of such problems is low. The most common of these defects are voids from secondary
pipe, hydrogen flakes, surface cracks (such as seams or laps), porosity or microvoids, cooling cracks, segregation, and
poor carbide distributions. Improper control of annealing may also produce nonuniform carbide distributions or carbide
networks that may influence heat-treatment uniformity, lower ductility, or impair machinability.
Failures Due to Seams or Laps. Figure 34 shows a coil spring made from AISI H12 tool steel bar stock. Although the bar
was centerless ground before coiling and heat treatment, a tight seam (arrows) that was still present opened during
quenching. Figure 35 shows part of a ring forging made of AISI A8 tool steel that measured 46 cm (18
(12

3
in.) OD × 32 cm
8

5
1
in.) ID × 3.8 cm (1 in.) thick. As shown in Fig. 35, cracks were found after forging and annealing. Scale was
8
2

present on the crack wall, showing that the crack was open during forging. Figure 36(a) shows a macroetched disk cut
transverse to the ring, illustrating the crack depth and decarburization around the cracks. Alkaline chromate etching (Fig.
36b) shows oxygen enrichment around the crack, verifying that it was open during high-temperature exposure. Figure
37(a) shows another example of a forging lap. This 3.6-kg (8-lb) sledge-hammer head, which measured 16.8 × 6 × 5.7 cm
(6

5
3
1
× 2 × 2 in.), cracked shortly after being placed in service. The crack surface was oxidized, and the alkaline
8
8
4

chromate etch (Fig. 37b) revealed oxygen enrichment. These two forging laps were caused by the forging operation and
were not present in the original forging billet.
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Fig. 34 Coil spring made from AISI H12 tool steel that cracked after heat treatment. A
tight seam that was not removed by centerless grinding before heat treatment opened
during hardening (arrows). 0.3×

Fig. 35 Portion of an AISI A8 ring forging that cracked (arrows) after forging and
annealing. Scale was present on the crack walls to a depth of 13 mm ( 1 in.) beneath the
2

surface. Note the area that was ground to probe the crack depth.
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Fig. 36 Metallographic samples from the ring forging shown in Fig. 35. (a) Macroetching
(10% aqueous nitric acid) of a disk cut through the ring forging revealed decarburization
around the cracks. 0.75×. (b) Etching of a polished section with a hot alkaline chromate
solution revealed oxygen enrichment indicative of a defect open during forging. 80×

Fig. 37 Failure caused by a forging lap in a sledge-hammer head. (a) Cracks on the
striking face soon after the hammer was first used. (b) A hot alkaline chromate etch
revealed oxygen enrichment (white region) adjacent to the crack. 65×
Hydrogen flaking is a potential problem for carbon tool steels and for some of the medium-carbon low-alloy steels, such
as those used as prehardened plastic-mold alloys. Vacuum degassing is commonly used for such grades to reduce the
hydrogen content to a safe level. Figure 38(a) shows a die made from AISI O1 tool steel that was found to be cracked
after heat treatment. When opened (Fig. 38b), these cracks exhibited a coarse, shiny, faceted appearance. The cracks in
this part were longitudinally oriented and were confined to the center of the section. Flakes are not observed in the outer
region of sections because there is apparently more time for the hydrogen in the outer region to diffuse to a safe level.
Flakes that were close to the surface of the die exhibited temper color, but some of the deeper flakes did not. The tempercolored flakes apparently opened during quenching.

Fig. 38 Die made from AISI O1 tool steel that was found to be cracked after heat
treatment. (a) Longitudinal cracks after the surface was swabbed with 5% nital. (b) One
of the cracks opened, revealing features typical of hydrogen flakes. 6.5×
Failures Due to Overheating During Hot Working. Heating for hot working must be carefully controlled to prevent
overheating, burning, or incipient melting problems. Over-heating involves higher-than-tolerable hot-working
temperatures such that most or all of the sulfides are put into solution and grain growth is excessive. Heavy hot reduction
can repair most of the damage due to overheating, but if hot reduction is limited, ductility suffers. Figure 39 shows some
of the typical characteristics of overheating. Tensile testing of an AISI H12 tool steel forged liner revealed poor tensile
ductility. The coarse nature of the tensile fracture is apparent in Fig. 39(b). A section cut front the liner was notched and
fractured, revealing similar, coarse fracture features (Fig. 39a). The microstructure was also coarse, with a grain size
coarser than ASTM 1.
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Fig. 39 Microstructural characteristics of overheating. (a) Test fracture and (b) tensilebar fracture from an overheated forged liner made from AISI H12 tool steel. Both 2×. (c)
Micrograph illustrating the very coarse martensitic grain structure due to overheating
during forging. Etched with 3% nital. 75×
Failures Due to Unconsolidated Interiors. It is possible, particularly with large section sizes that receive limited hot
reduction, to experience failures due to material with an unconsolidated interior. A study of failures conducted over a 20year period revealed three such failures, one of which is illustrated in Fig. 40(a) and 40(b). Figure 40(a) shows a fractured
section from part of an AISI W2 die insert that cracked during rehardening. This die insert was inside from a 15- × 25-cm
(6- × 10-in.) billet. The horizontal arrow in Fig. 40(a) indicates the origin of the fracture, which was near the center of the
section. A disk was cut through the part shown in Fig. 40(a) and hot acid etched. This revealed an unconsolidated region
along the centerline (Fig. 40(b)).

Fig. 40(a) Fractured section of an AISI W2 die insert that cracked during rehardening.
The horizontal arrow shows the origin of the failure, which corresponds to the center of
the billet used to make the insert. 0.3×

Fig. 40(b) Disk that was cut through the origin of the insert section shown in Fig. 40(a).
Hot-acid etching (50% aqueous hydrochloric acid at 70 °C, or 160 °F) revealed an
unsound center condition that promoted the fracture.
Failures Due to Carbide Segregation and Poor Carbide Morphology. Large sections of high-alloy tool steels may exhibit
very fine porosity or microvoids, which are often associated with carbide segregation and poor carbide distribution and
morphology. These conditions reduce ductility and may lead to failures, depending on the application. Figure 41(a) shows
a roll made from a 23-cm (9-in.) diam bar of AISI D2 tool steel. The flange edge of the roll that chipped off during initial
use was due to poor carbide morphology (Fig. 41(b)).
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Fig. 41(a) The flange edge of a roll made from AISI D2 tool steel that chipped off during
its initial use. Failure was due to poor carbide distribution and morphology, which
embrittled the material. See also Fig. 41(b).

Fig. 41(b) Micrograph showing the poor carbide distribution and morphology in the roll
shown in Fig. 41(a). The grain size, ASTM 6.75, was coarser than desired. Etched with 3%
nital. 700×
3
4

Figure 42(a) shows a 7-cm (2 -in.) diam scoring die made from AISI A2 tool steel. The scoring edge near the center of
the die spalled during either the stoning or grinding step after heat treatment. Microscopic examination at the spalled
region revealed a hand of carbides running down the center of the profile of the scoring die (Fig. 42b). Such carbide hands
are not unusual for AISI A2; a different grade of steel should be used for such an application.

Fig. 42 Failure due to a band of carbides. (a) AISI A2 scoring die spalled at the cutting
edge during either the stoning or final grinding step after heat treatment. (b) Sectioning
through the spalled region revealed a band of carbides intersecting the edge profile that
promoted cracking. Etched with 3% nital. 180×
Influence of Service Conditions
Tools and dies, although made from the correct grade, well designed, and properly machined and heat treated, can fail
after limited service due to improper operation or mechanical problems. In such cases, the failure analyst may spend
considerable effort evaluating the design, grade selection, machining, and heat treatment without uncovering any
abnormalities. In many cases, the analyst has little information concerning the use of the tool and die and can only
conclude that service problems were responsible for the failure. In some cases, there may be evidence of the mechanical
or service problem.
Mechanical factors that may cause premature failures include overloading, overstressing, or alignment/clearance
problems. Excessive temperature may be a factor in hot-working die failures, perhaps due to inadequate cooling between
operations. Failures have also occurred during assembly—for example, during shrink fitting of one part onto another.
Stamp marks, in addition to causing heat-treatment failures, can cause service failures due to stress concentration.
Alignment problems are a common cause of failure of tools used in shearing operations. While most tools and dies fail in
a brittle manner, fatigue failures are sometimes encountered. In most cases, the fatigue failure is located at a change in
section size, at a sharp corner, or at stamp marks.
Tools used in hot-working applications generally fail due to development of a craze-crack network referred to as heat
checks. These result due to thermal stresses from alternate heating and cooling. Certain hot-working grades are
particularly susceptible to heat checking if rapid cooling—for example, water cooling—is used.
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As an example of a severe-wear condition that caused premature failure of a proprietary air-hardening die steel, Fig. 43
shows a die measuring 92 mm (3

5
1
in.) max OD × 90 mm (3 in.) high whose surface exhibits a crazed and eroded
8
2

condition. The vertical scratch marks indicate inadequate clearance. The severe rubbing action reaustenitized a portion of
the surface, resulting in a layer of brittle as-quenched martensite, a commonly observed condition in such failures. This
die was properly machined and heat treated with no apparent problems other than service abuse.

Fig. 43 Die failure caused by severe wear. (a) Die made from air-hardening tool steel that
exhibited a crazed and eroded condition. Areas A and B are shown in (b) and (c),
respectively. Both 10×. (d) Microstructural examination of area B revealing a layer of asquenched martensite at the surface and a back-tempered region beneath it caused by
frictional heat. Etched with 3% nital. 295×
Shear knives operate under particularly difficult service conditions. Figure 44 shows two AISI H13 shear knives used to
grip bars atter hot rolling so that they can be separated. Bar temperatures were typically from 815 to 980 °C (1500 to 1800

°F). Heat from contact and friction was excessive enough to reaustenitize the gripping edge, and this promoted spatting.
Figure 45 shows the as-quenched martensite produced in this manner at the tip of one of the knives.

Fig. 44 Two shear knives made from AISI H13 tool steel. The knives were used to grip
hot-rolled bars after rolling so that they could be separated. The knives failed by spalling
of the gripping edge after normal service life.
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Fig. 45 A typical example of freshly formed martensite at the tip of a failed shear blade.
The hardness was 59 to 60 HRC. Etched with 3% nital. 50×
The heat pattern produced by service conditions can generally be revealed by macroetching. Figure 46 shows the face of a
12.7-cm (5-in.) wide AISI S7 cutter blade that was cold etched (10% aqueous nitric acid) after resharpening. The heat
pattern is visible along the working edge and at the clamping locations.

Fig. 46 Macroetched (10% aqueous nitric acid) face of a cutter blade made from AISI S7
steel. Macroetching reveals the influence of frictional heat from service (dark-etching
areas) that produce localized back-tempering (softening).
Surface-chemistry changes can also occur during service. For example, Fig. 47 shows a cold-etched disk (10% aqueous
nitric acid) from a 13.5-cm (5

5
-in.) diam AISI H13 mandrel that was used to pierce and extrude brass. The mandrel
16

cracked after about 30% of its anticipated service life. Cracking was due to heavy decarburization that occurred during
service.
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Fig. 47 AISI H13 mandrel used to pierce and extrude brass that failed after 298 pushes,
about 30% of its expected life. The disk shown below, cut from the mandrel, was
macroetched (10% aqueous nitric acid), revealing a heavily decarburized surface. The
decarburization occurred during service.
Aluminum die casting places severe demands on hot-work die steels. The type of damage that results during such service
is illustrated by the hot-work die steel runner block shown in Fig. 48. This part was used to produce over 100,000
aluminum transmission case covers. Areas 1 and 2, illustrating heat checking and wash-out, respectively, are shown at
higher magnifications in Fig. 49.

Fig. 48 Runner block made from a proprietary hot-work tool steel that was used to die
cast aluminum transmission case covers. Macrograph shows the worn out surface of the
die. 0.25×. Close-up views of areas 1 and 2 are shown in Fig. 49.

Fig. 49 Close-up views of areas 1 and 2 shown in Fig. 48. (a) Area 1 reveals heat checking
on the working surface. 6×. (b) Area 2 illustrates a washed-out area. 3×
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Die-casting dies usually fail by erosion of the die cavity, runners, and gates or by heat checking of the die cavity. Zinc
die-casting dies are particularly prone to erosion-related problems. Heat checking is less of a problem because service
temperatures are lower than for magnesium or aluminum die casting. Figure 50(a) shows an AISI H13 nozzle used in zinc
die casting that failed due to erosion. A furrow about 7.6 cm (3 in.) long in the longitudinal direction by about 1.6 mm
(

1
in.) wide was present from the base of the nozzle to the outside diameter surface. Intrusion of the zinc into the crack
16

was apparent. Figure 50(b) shows a longitudinal section through the nozzle, revealing rough machining marks and a
misalignment of the bore.

Fig. 50(a) Erosion damage from the bore to just below the outside-diameter surface of an
AISI H13 nozzle from a zinc die-casting die. Actual size

Fig. 50(b) Erosion damage and misaligned bore of the AISI H13 tool steel zinc die-casting
nozzle shown in Fig. 50(a) after longitudinal splitting. Actual size
Figure 51 shows an AISI H26 exhaust-valve punch that split longitudinally due to fatigue after producing 1007 parts. The
progressive nature of the crack growth is evident on the fracture faces. Heat checking on the working face initiated the
fatigue failure. The punch surfaces were nitrided after heat treatment. No material or manufacturing abnormalities were
detected. Heat checking was promoted by the service conditions.
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Fig. 51 Failed AISI H26 exhaust-valve punch. (a) and (b) Longitudinal splitting of the
punch caused by fatigue. Note the fracture progression starting from the top center at the
punch. The punch surfaces were nitrided. (c) Top surface. 100× . (d) Extreme top surface.

Note secondary crack (arrows). 700×. (e) Case/core interface. 700×. All etched with 3%
nital
Failures of Tools and Dies
George F. Vander Voort, Carpenter Technology Corporation
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Failures of Gears
Revised by Lester E. Alban, Metallurgical Consultant

Introduction
GEARS can fail in many different ways, and except for an increase in noise level and vibration, there is often
no indication of difficulty until total failure occurs. In general, each type of failure leaves characteristic clues on
gear teeth, and detailed examination often yields enough information to establish the cause of failure. Despite
the variety of ways in which gears fail, service failures of gears are relatively rare.
This article will deal primarily with the common types and causes of gear failures and the procedures employed
in analyzing them. First, however, the major types of gears and the basic principles of gear-tooth contact must
be reviewed briefly.
A gear is a machined component that transmits motion and force from one element in a working unit to another
element in the same unit or to another working unit either in the same plane and direction or in a completely
different plane or direction. The force due to this transmission may either increase or decrease in magnitude
from one element to the next. Design and function are closely associated because a gear is designed with a
specific function in mind. The question is, Will this gear perform the function that was intended by the
designer?

Types of Gears
Spur gears (Fig. 1a) are used to transmit motion between parallel shafts or between a shaft and a rack. The teeth of a spur
gear are radial, uniformly spaced around the outer periphery, and parallel to the shaft on which the gear is mounted.
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Contact between the mating teeth of a spur gear is in a straight line parallel to the rotational axes, lying in a plane tangent
to the pitch cylinders of the gears (a pitch cylinder is the imaginary cylinder in a gear that rolls without slipping on a pitch
cylinder or pitch plane of another gear).

Fig. 1 Sections of a spur gear (a) and a spur rack (b).
Helical gears (Fig. 2a) are used to transmit motion between parallel or crossed shafts or between a shaft and a rack by
meshing teeth that lie along a helix at an angle to the axis of the shaft. Because of this angle, mating of the teeth occurs
such that two or more teeth of each gear are always in contact. This condition permits smoother action than that of spur
gears. However, unlike spur gears, helical gears generate axial thrust, which causes slight loss of power and requires
thrust bearings.

Fig. 2 Sections of a helical gear (a) and a helical rack (b).
Herringbone gears (Fig. 3a), sometimes called double helical gears, are used to transmit motion between parallel shafts. In
herringbone gears, tooth engagement is progressive, and two or more teeth share the load at all times. Because they have
right-hand and left-hand helixes, herringbone gears are usually not subject to end thrust.

Fig. 3 Illustration of herringbone and helical gears. (a) One-piece herringbone gear; the
opposed helixes allow multiple-tooth engagement and also eliminate end thrust. (b)
Mating crossed-axes helical gears
Crossed-axes helical gears transmit motion between shafts that are nonparallel and nonintersecting (Fig. 3b). The action
between the mating teeth has a wedging effect, which results in sliding on tooth flanks. These gears have low loadcarrying capacity, but are useful where shafts must rotate at an angle to each other.
Worm-gear sets are usually right-angle drives consisting of a worm gear (or worm wheel) and a worm. Figure 4 shows a
double-enveloping worm-gear set. Worm-gear sets are used where the ratio of the speed of the driving member to the
speed of the driven member is large and where compact right-angle drive is required. If a worm gear such as that shown
in Fig. 4 engages a straight worm, the combination is known as single-enveloping worm gearing.

Fig. 4 Mating of worm gear (worm wheel) and worm in a double-enveloping worm-gear
set.
Internal gears are used to transmit motion between parallel shafts. The teeth of internal gears are similar in form to those
of spur gears and helical gears, but point inward toward the center of the gear (Fig. 5a). Common applications for internal
gears include rear drives for heavy vehicles, planetary gear systems, and speed-reducing devices. Internal gears are
sometimes used in compact designs because the center distance between the internal gear and its mating pinion is smaller
than that required for two external gears. Figure 5(b) shows the relationship between an internal gear and a mating pinion.
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Fig. 5 Illustration of internal gears. (a) Section of a spur-type internal gear. (b) Relation
of internal gear and mating pinion
A rack is a gear whose teeth lie in a straight line (pitch circle of infinite radius). The teeth may be at right angles to the
edge of the rack and mesh with a spur gear (Fig. 1b) or may be at some other angle and engage a helical gear (Fig. 2b).
Bevel gears transmit rotary motion between nonparallel shafts that are usually at 90° to each other.
Straight bevel gears (Fig. 6a) have straight teeth that, if extended inward, would intersect at the intersection of gear and
pinion axes. Thus, the action between mating teeth resembles that of two cones rolling on each other (see Fig. 7 for angles
and terminology). The use of straight bevel gears is generally limited to drives that operate at low speeds and where noise
is not important. If the speeds are to remain the same with only a 90° change of direction, the set is called a miter gear set.
Any change in the number of teeth will change speed as well as direction.

Fig. 6 Four types of bevel gears. See text for discussion.
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Fig. 7 Angles and terminology for straight bevel gears.
Spiral bevel gears (Fig. 6b) have teeth that are curved and oblique and that lie along a spiral at an angle to the shaft. The
inclination of the teeth results in gradual engagement and continuous line contact or overlapping action; that is, two or
more teeth are in contact at all times. Because of this continuous engagement, the load is transmitted more smoothly from
the driving gear to the driven gear than with straight bevel gears. Spiral bevel gears also have greater load-carrying
capacity than straight bevel gears. Spiral bevel gears are usually preferred over straight bevel gears for operation at speeds
greater than 5 m/s (1000 surface feet per minute, sfm) and particularly for very small gears.
Zerol bevel gears (Fig. 6c) are curved-tooth bevel gears with zero spiral angle. They differ from spiral bevel gears in that
their teeth are not oblique. They are used in the same way as spiral bevel gears and have somewhat greater tooth strength
than straight bevel gears.
Hypoid bevel gears (Fig. 6d) are similar to spiral bevel gears in general appearance, the important difference being that in
a hypoid-gear set the axis of the pinion is offset somewhat from the axis of the gear. This feature provides many design
advantages. In operation, hypoid gears run even more smoothly and quietly than spiral bevel gears and are stronger.
However, they undergo more sliding action along the tooth-profile axes than spiral bevel gears and, for many
applications, may require extreme-pressure lubricants.
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Gear-Tooth Contact
The way in which tooth surfaces of properly aligned gears make contact with each other is responsible for the heavy loads
that gears are able to carry. In theory, gear teeth make contact along lines or at points; in service, however, because of
elastic deformation of the surfaces of loaded gear teeth, contact occurs along narrow bands or in small areas. The radius
of curvature of the tooth profile has an effect on the amount of deformation and on the width of the resulting contact
bands. Depending on gear size and loading, the width of the contact bands varies from about 0.38 mm (0.015 in.) for
small, lightly loaded gears to about 5 mm (0.2 in.) for large, heavily loaded gears.
Gear-tooth surfaces are not continuously active. Each part of the tooth surface is in action for only short periods of time.
This continual shifting of the load to new areas of cool metal and cool oil makes it possible to load gear surfaces to
stresses approaching the critical limit of the gear metal without failure of the lubricating film.
The maximum load that can be carried by gear teeth also depends on the velocity of sliding between the surfaces, because
the heat generated varies with rate of sliding as well as with pressure. If both pressure and sliding speeds are excessive,
the frictional heat developed can cause destruction of tooth surfaces. This pressure-velocity factor, therefore, has a critical
influence on the probability of galling and scoring of gear teeth. The permissible value of this critical factor is influenced
by gear metal, gear design, character of lubricant, and method of lubricant application.
Lubrication is accomplished on gear teeth by the formation of two types of oil films: (1) the reaction film, also known as
the boundary lubricant, is produced by physical adsorption and/or chemical reaction to form a desired film that is soft and
easily sheared but difficult to penetrate or remove from the surface and (2) the elastohydrodynamic film that forms
dynamically on the gear-tooth surface as a function of the surface speed. This secondary film is very thin, has a very high
shear strength, and is only slightly affected by compressive loads as long as constant temperature is maintained.
Certain rules about a lubricant should be remembered in designing gearing and analyzing failures of gears. First, load is
transferred from a gear tooth to its mating tooth through a pressurized oil film. If not, metal-to-metal contact may be
detrimental. Second, increasing oil viscosity results in a thicker oil film (keeping load, speed, and temperature constant).
Third, heat generation cannot be controlled above a certain maximum viscosity (for a given oil). Fourth, breakdown of the
oil film will occur when the gear-tooth surface-equilibrium temperature has reached a specific value. Fifth, the scuffing
load limit of mating tooth surfaces is speed dependent. With increasing speed, the load required to be supported by the
reaction film decreases while the load that can be supported by the increasing elastohydrodynamic film increases. The
result is a decreasing scuffing load limit to a certain speed as the reaction film decreases; then, as the speed picks up to
where the elastohydrodynamic film increases, the scuffing load limit increases. This allows an increase in overall loadcarrying capacity (assuming no change in temperature that would change viscosity). Finally, at constant speed, surfaceequilibrium temperature increases as load increases, which lowers the scuffing load limit of the reaction film (surfaceequilibrium temperature is attained when the heat dissipated from the oil is equal to the heat extracted by the oil). Damage
to and failures of gears can and do occur as a direct or indirect result of lubrication problems.

Spur and Bevel Gears. Spur-gear teeth are cut straight across the face of the gear blank, and the mating teeth theoretically
meet at a line of contact (Fig. 8a) parallel to the shaft. Straight teeth of bevel gears also make contact along a line (Fig.
8b) that, if extended, would pass through the point of intersection of the two shaft axes. As teeth on either spur or bevel
gears pass through mesh, the line of contact sweeps across the face of each tooth. On the driving tooth, it starts at the
bottom and finishes at the tip. On the driven tooth, the line of contact starts at the tip and finishes at the bottom.

Fig. 8 Tooth contact lines on a spur gear (a), a bevel gear (b), and a low-angle helical gear
(c).
Helical, Spiral Bevel, and Hypoid Gears. Gear-tooth contact on these gears is similar to that developed on a stepped spur
gear (Fig. 9). Each section, or lamination, of the spur gear makes contact with its mating gear along a straight line; each
line, because of the offset between sections, is slightly in advance of its adjacent predecessor. When innumerable
laminations are combined into a smoothly twisted tooth, the short individual lines of contact blend into a smoothly slanted
line (Fig. 8c), that extends from one side of the tooth face to the other and sweeps either upward or downward as the tooth
passes through mesh. This slanted-line contact occurs between the teeth of helical gears on parallel shafts, spiral bevel
gears, and hypoid gears.
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Fig. 9 Lines of contact on a stepped spur gear. The heavy line on a tooth face of each gear
section represents the instantaneous line of contact for that section. This offset-contact
pattern is typical for helical, spiral bevel, and hypoid gears.
The load pattern is a line contact extending at a bias across the tooth profile, moving from one end of the contact area to
the other end. Under load, this line assumes an elliptical shape and thus distributes the stress over a larger area. Also, the
purpose of spiral bevel gearing is to relieve stress concentrations by having more than one tooth enmeshed at all times.
The greater the angle of the helix or spiral, the greater the number of teeth that mesh simultaneously and share the load.
With increased angularity, the length of the slanted contact line on each tooth is shortened, and shorter but more steeply
slanted lines of contact sweep across the faces of several teeth simultaneously. The total length of these lines of contact is
greater than the length of the single line of contact between straight spur-gear teeth of the same width. Consequently, the
load on these gears is distributed not only over more than one tooth but also over a greater total length of line of contact.
On the other hand, the increased angularity of the teeth increases the axial thrust load and thus increases the loading on
each tooth. These two factors counterbalance each other; therefore, if the power transmitted is the same, the average unit
loading remains about the same.
Helical gears on crossed shafts make tooth contact only at a point. As the teeth pass through mesh, this point of contact
advances from below the pitchline of the driving tooth diagonally across the face of the tooth to its top and from the top of
the driven tooth diagonally across its face to a point below the pitchline. Even with several teeth in mesh simultaneously,
this point contact does not provide sufficient area to carry an appreciable load. For this reason, helical gears at angles are
usually used to transmit motion where very little power is involved.
Worm Gears. In a single-enveloping worm-gear set, in which the worm is cylindrical in shape, several teeth may be in
mesh at the same time, but only one tooth at a time is fully engaged. The point (or points) of contact in this type of gear
set constitutes too small an area to carry an appreciable load without destruction of the metal surface. As a result, singleenveloping worm-gear sets are used in applications similar to those for helical gears on crossed shafts: to transmit motion
where little power is involved.
Considerable power must be transmitted by commercial worm-gear sets; therefore, the gears of these sets are throated to
provide a greatly increased area of contact surface. The gear tooth theoretically makes contact with the worm thread along
a line curved diagonally across the gear tooth. The exact curve and slant depend on tooth design and on the number of
threads on the worm relative to the number of teeth on the gear. Usually, two or more threads of the worm are in mesh at
the same time, and there is a separate line of contact on each meshing tooth. As meshing proceeds, these lines of contact
move inward on the gear teeth and outward on the worm threads. To secure smooth operation from a gear of this type, the
teeth of the gear and sometimes the threads of the worm are usually altered from theoretically correct standard tooth
forms. These alterations result in slightly wider bands of contact, thus increasing the load-carrying capacity of the unit.
Load-carrying capacity also depends on the number of teeth in simultaneous contact. Exact tooth design varies from one
manufacturer to another, and for this reason, the patterns of contact also vary.
In a double-enveloping worm-gear set, the worm is constructed so that it resembles an hourglass in profile. Such a worm
partly envelops the gear, and its threads engage the teeth of the gear throughout the entire length of the worm. The teeth
of both the worm and the gear have straight-sided profiles like those of rack teeth, and in the central plane of the gear,
they mesh fully along the entire length of the worm.

The exact pattern of contact in double-enveloping (or double-throated) worm-gear sets is somewhat controversial and
seems to vary with gear design and with method of gear manufacture. It is generally agreed, however, that contact is
entirely by sliding with no rolling and that radial contact occurs simultaneously over the full depth of all the worm teeth.
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Operating Loads
Gears and gear drives cover the range of power transmission from fractional-horsepower applications, such as hand tools
and kitchen utensils, to applications involving thousands of horsepower, such as heavy machinery and marine drives.
However, neither the horsepower rating nor the size of a gear is necessarily indicative of the severity of the loading it can
1
4

withstand. For example, the severity of tooth loading in the gear train of a 186-W ( -hp) hand drill may exceed that of
the loading in a 15-MW (20,000-hp) marine drive. Factors other than horsepower rating and severity of loading can affect
gear strength and durability, particularly duration of loading, operating speed, transient loading, and such environmental
factors as lubrication, temperature, contaminants, and mechanical stability.
Gear Stresses. Figure 10, a photoelastic study of a loaded gear in action, emphasizes the importance of root fillets in gear
loading. The areas where the stress patterns are close together and concentric indicate very high stress gradients. High
stress gradients are usually indicative of high stress levels. Figure 10 shows two matching teeth in contact at or near the
pitchline. Note the high concentration of compressive stress at the pitchline or point of contact, the concentration of
tensile stress at the root radius of the loaded side, the concentration of compressive stress at the root radius of the opposite
or nonloaded side, and the zero-stress point below the root circle at or near the tooth centerline. The progression of any
fatigue crack initiated at the root radius will head directly for this zero-stress point, which is the path of least resistance.

Fig. 10 Photoelastic study of two mating pinion teeth receiving full load. Note the high
concentration of compressive stress at the point of contact, the tensile stress at the root
radius, and the zero-stress point at the tooth centerline below the root circle.
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Associated Parameters
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The importance of the function of the matching part has been emphasized. There are also components in the design and
structure of each gear and/or gear train that must be considered in conjunction with the teeth.
A round bore, closely toleranced and ground, may rotate freely around a ground shaft diameter, rotate tightly against a
ground diameter by having a press fit, or be the outer race of a needle bearing that gives freedom of rotation. Each
application has its own unique problems. A ground bore is always subject to tempering, burning, and checking during the
grinding operation. A freely rotating bore requires a good lubrication film, or seizing and galling may result. The bore
used as a bearing outer race must be as hard as any standard bearing surface and is subject to all conditions of rolling
contact, such as fatigue, pitting, spalling, and galling. The bore that is press fit onto a shaft is subject to a definite amount
of initial tensile stress. Also, any tendency for the bore to slip under the applied rotational forces will set up a unique type
of wear between the two surfaces that leads to a recognizable condition of fretting damage.
A spur of a helical round bore gear acting as an idler, or reversal, gear between the input member and the output member
of a gear train has an extremely complicated pattern of stresses. The most common application is the planet pinion group
in wheel-reduction assemblies or in planetary-type speed reducers. The photoelastic study shown in Fig. 11 reveals
certain facts:
•
•
•
•
•

The tensile and compressive stresses in the bore are due to bending stresses of the gear being loaded as a ring
The maximum tensile and compressive stresses in the bore increase as the load on the teeth increases
The maximum tensile and compressive stresses in the bore increase as the clearance between the bore and the
shaft is increased
The maximum tensile and compressive stresses in the bore increase as the ratio of the size of the bore to the root
diameter of the teeth is increased
During one revolution of the gear under load, the teeth go through one cycle of complete reversal of stresses,
whereas each element of the bore experiences two cycles of reversals

There are three modifications of the round bore that alter stress patterns considerably:
•
•
•

Oil holes that extend into the bore are intended to lubricate the rotating surfaces. Each hole may be a stress raiser
that could be the source of a fatigue crack
Tapered bores are usually expected to be shrink fitted onto a shaft. This sets up a very high concentration of
stresses not only along the ends of the bore but also at the juncture on the shaft
A keyway in the bore also creates a stress-concentration area. A keyway is also required to withstand a very high
load that is continuous. In fact, the applied load to the side of the keyway is directly proportional to the ratio of
tooth pitchline radius to the radius of the keyway position. Fatigue failure at this point is common

Fig. 11 Photoelastic pattern of idler gear between load input pinion and load output gear.
Splined Bores. The loads applied to the splined-bore area are also directly proportional to the ratio of pitchline radius of
the teeth to the pitchline radius of the splines. However, the load is distributed equally onto each spline; therefore, the

stress per spline is usually not excessive. It is possible for an out-of-round condition to exist that would concentrate the
load on slightly more than two splines. Also, a tapered condition would place all loadings at one end of the splines, which
would be detrimental both to the gear splines and to the shaft.
Heat treating of the splined area must also be monitored closely for quench cracks. Grinding of the face against the end of
the splines can also cause grinding checks to radiate from the corners of the root fillets.
Shafts. The shafts within a gear train, as well as the shank of a pinion that constitutes a shaft in function, are very
important to load-carrying capacity and load distribution. They are continually exposed to torsional loads, both
unidirectional and reversing. The less obvious stressed condition that is equally important is bending. These bending
stresses can be identified as unidirectional, bidirectional, or rotational. When the type of stress is identified, one can
explore the causes for such a stress.
There can be a number of stresses applied to a shaft that are imposed by parts riding on it. For example, helical gears will
transmit a bending stress, as will straight and spiral bevel gears; round bores may be tight enough to cause scoring and
galling; a splined bore may cause high stress concentration at the end face; runout in gears may cause repeated deflections
in bending of the shaft; and loose bearings may cause excessive end play and more bending.
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Gear Materials
A variety of cast irons, powder-metallurgy materials, nonferrous alloys, and nonmetallic materials are used in
gears, but steels, because of their high strength-to-weight ratio and relatively low cost, are the most widely used
gear materials. Consequently, steel gears receive primary consideration in this article.
Among the through-hardening steels in wide use are 1040, 1060, 4140, and 4340. These steels can also be
effectively case hardened by induction heating. Among the carburizing steels used in gears are 1018, 1524,
4026, 4118, 4320, 4620, 4820, 8620, and 9310 (AMS 6260). Many high-performance gears are carburized.
Some special-purpose steel gears are case hardened by either carbonitriding or nitriding. Other special-purpose
gears, such as those used in chemical or food-processing equipment, are made of stainless steels or nickel-base
alloys because of their corrosion resistance, their ability to satisfy sanitary standards, or both. Gears intended
for operation at elevated temperatures may be made of tool steels or elevated-temperature alloys.
Most gears are made of carbon and low-alloy steels, including carburizing steels and the limited number of lowalloy steels that respond favorably to nitriding. In general, the steels selected for gear applications must satisfy
two basic sets of requirements that are not always compatible—those involving fabrication and processing and
those involving service. Fabrication and processing requirements include machinability, forgeability, and
response to heat treatment as it affects fabrication and processing. Service requirements are related to the ability
of the gear to perform satisfactorily under the conditions of loading for which it was designed and thus
encompass all mechanical-property requirements, including fatigue strength and response to heat treatment.
Because resistance to fatigue failure is partly dependent upon the cleanness of the steel and upon the nature of
allowable inclusions, melting practice may also be a factor in steel selection and may warrant selection of a
steel produced by vacuum melting or electroslag refining. The mill form from which a steel gear is machined is
another factor that may affect its performance. Many heavy-duty steel gears are machined from forged blanks
that have been processed to provide favorable grain flow consistent with load pattern rather than being
machined from blanks cut from mill-rolled bar.
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Classification of Gear Failures
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Systematic analysis of a gear failure begins with classification of the failure by type, or mode. The mode of failure is
determined from the appearance of the failed gear and from the process or mechanism of the failure. A mode of gear
failure is a particular type of failure that has its own descriptive identification. One mode may or may not be unique to a
specific failure, because the origin may be of one mode, progression may be of a second mode, and final fracture may be
of a third mode. After the mechanism of a failure has been established, the cause of the failure remains to be determined.
In general, an understanding of the failure mechanism is of considerable assistance in isolating the cause or causes of a
failure.
Several failure analysts in various fields of expertise have compiled their findings as to the frequency of failure modes.
Table 1 lists these findings in order of decreasing frequency (the primary cause of failure is fatigue, the secondary cause is
impact, and so on). In a composite analysis of more than 1500 studies, the three most common failure modes, which
together account for more than half the failures studied, are tooth-bending fatigue, tooth-bending impact, and abrasive
tooth wear.

Table 1 Failure modes of gears
Failure mode
Fatigue
Impact
Wear
Stress rupture

Type of failure
Tooth bending, surface contact (pitting or spalling), rolling contact, thermal fatigue
Tooth bending, tooth shear, tooth chipping, case crushing, torsional shear
Abrasive, adhesive
Internal, external

Fatigue
Fatigue failure results from cracking under repeated stresses much lower than the ultimate tensile strength. This type of
failure:
•
•
•
•

Ordinarily depends upon the number of repetitions of a given stress range rather than the total time under load
Does not occur below some stress amplitude called the fatigue limit
Is greatly encouraged by notches, grooves, surface discontinuities, and subsurface imperfections that will
decrease the stress amplitude that can be withstood for a fixed number of stress cycles
Is increased significantly by increasing the average tensile stress of the loading cycle

There are three stages within a fatigue failure that must be studied closely: the origin of the fracture, the progression under
successive cycles of loading, and final rupture of the part when the spreading crack has sufficiently weakened the section.
Most attention is devoted to the first stage to answer the question, Why did it start at this point? The second stage is
observed to determine the direction of the progression. It appears that a fatigue crack will follow the path of least
resistance through the metal. The final fracturing may be by shear or tension, but in either case, the size of the finalfracture area can be used to calculate the apparent magnitude of stress that had been applied to the part.
Tooth-bending fatigue is the most common mode of fatigue failure in gearing. There are many variations of this mode of
failure, but the variations can be better understood by first presenting the classical failure.
The classical tooth-bending fatigue failure is that which occurs and progresses in the area designed to receive the
maximum bending stress. Figure 12 shows such an example. There are five conditions that make Fig. 12 a perfect toothbending fatigue failure:
•
•
•
•
•

The origin is at the surface of the root radius of the loaded (concave) side of the tooth
The origin is at the midpoint between the ends of the tooth where the normal load is expected to be
One tooth failed first, and the fracture progressed slowly toward the zero-stress point at the root, which shifted
during the progression to a point under the opposite root radius and then proceeded outward to that radius
As the fracture progressed, the tooth deflected at each cycle until the load was picked up simultaneously by the
top corner of the next tooth, which (because it was now overloaded) soon started a tooth-bending fatigue failure
in the same area. The fracture of the second tooth appears to be of more recent origin than the first fracture
The material and metallurgical characteristics are within specifications

If any of the above five conditions is changed, there will be a variation of tooth-bending fatigue away from the classical
example.

Fig. 12 Spiral bevel pinion showing classic tooth-bending fatigue. The origin is at
midlength of the root radius on the concave (loaded) side. 0.4×
The rudiments of the classical tooth-bending fatigue can be studied using photoelastic models. Once the crack at the root
radius is initiated and is progressing toward the zero-stress point (Fig. 13), the point moves away from the leading edge of
the crack and shifts laterally until it reaches a position under the opposite root. At that time, the shortest remaining
distance is outward to the root, and the point terminates there. In the meantime, as the failing tooth is being deflected, the
top of the adjacent tooth has picked up the load. The load on the first tooth has now been relieved, allowing a slower
progression due to lower cyclic stress. It is now only a matter of time until the next tooth initiates a crack in the same
position. Variations from the classical tooth-bending fatigue appear for many reasons.

Fig. 13 Photoelastic study of mating teeth indicates the shift of the zero-stress point
during crack propagation until final fracture reaches the opposite root radius. At the
same time, deflection of the tooth allowed the adjacent tooth to pick up the load.
Tooth-bending fatigue of a spur-gear tooth with the origin along the surface of the root radius of the loaded side but at a
point one-third the distance from the open end (Fig. 14) can be considered a classical failure in that the maximum crown
of the teeth had been placed intentionally at the area where the failure occurred; therefore, the maximum applied loads
were at the same area. This, then, is the area that was designed for the point of initiation of normal tooth-bending fatigue.
The progression was directly to the bore, which was the shortest direction of least resistance.
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Fig. 14 Spur tooth pinion at 0.5× (top) and 1.5× (bottom). Tooth-bending fatigue
originating at the root radius (arrows), loaded side, one-third the distance from the open
end. Progression was to the bore.
Tooth-bending fatigue of a spur-gear tooth meeting all but one of the conditions for a classical failure is shown in Fig. 15.
The origin was at one end of the tooth and not at the midlength. There could have been several reasons for this point of
initiation; in this instance, a severe shock load had twisted the parts until a momentary overload was applied at the end of
the tooth, causing a crack to form. The crack became a high stress-concentration point from which fatigue progression
continued.

Fig. 15 Spur pinion. Tooth-bending fatigue with origin at root radius of loaded side at one
end of the tooth. 0.6×
An example of tooth-bending fatigue that did not conform to classical conditions is shown in Fig. 16. Crack initiation was
at a nonmetallic inclusion at the case/core interface; it did not originate at the surface. Subsequent progression was
through the case to the surface as well as through the core toward the zero-stress point.

Fig. 16 Spur pinion. Tooth-bending fatigue is at midlength of the tooth at the root radius,
but the origin is at an inclusion located in the case/core transition. 55×
Another example of tooth-bending fatigue that did not conform is shown in Fig. 17. The failure was at the root radius and
at the midlength, but the origin was not at the surface. The origin was at the apex of a tapped bolt hole that had been
drilled from the back face of the gear and had terminated less than 6.4 mm (0.25 in.) from the root radius. Subsequent
progression of the fatigue crack was to the surface at the root radius as well as into the core toward the zero-stress point.
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Fig. 17 Spiral bevel gear tooth. Tooth-bending fatigue with origin at the apex of the
drilled bolt hole, which terminated just below the root radius. 0.5×
Surface-Contact Fatigue (Pitting). As a surface or near-surface failure, pitting is recognized as a fatigue mode of failure.
As elements of the structure at and near the surface are subjected to alternating compressive stresses, there is plastic
deformation of some regions of the microstructure and elastic deformation in others. The differences of plasticity between
grains will encourage fatigue cracks to initiate under pulsating and alternating stresses. Also, each grain is randomly
oriented as to the direction of its shear plane. Under a specific compressive load, some grains will tend to break apart in
tension, others will tend to shear, and yet another group will be unaffected. It is these internal stress raisers that will allow
crack initiation at a specific point when the resultant strain exceeds the elastic limit of that point. The initiated cracks flow
together and accumulate to form a plane of progression; then, the path of least resistance is followed, and a particle falls
away from the surface. Pitting has begun.
All too often, there may be present at or near the surface an embedded inclusion that will act as a nucleus for a crack
progression. These inclusion sites are usually much weaker and will allow crack initiation first at that point (Fig. 18).

Fig. 18 Spur-gear tooth. An internal crack originating at an oxide-type inclusion below
the surface at the pitchline. A pit is being formed. Nital etch. 90×
The initiation of pitting is mostly confined to three areas along the profile of a gear tooth. First, the pitchline is the only
area of line contact that receives pure rolling pressure. The pits forming directly at the pitchline are usually very small and
may not progress beyond the point of original initiation. Some analysts claim that this type of pitting repairs itself and is
not detrimental. That may be true when the pitting is formed by the breakdown of a rough surface. Note, too, that
lubrication will not deter the origin of pitting along the pitchline. Oil is noncompressible and will not cushion the
pressures exerted in the area of pure rolling.
Second, the area immediately above or below the pitchline is very susceptible to pitting. Not only is the rolling pressure
great at this point but sliding is now a real factor. The mechanics of surface-subsurface pitting can be best understood
when looking at the resultant applied stresses illustrated in Fig. 19. The extra shear stress of the sliding component when
added to that of the rolling component often results in near-surface fatigue at the point of maximum shear below the
surface. In many instances, it is difficult to determine whether some pitting cracks actually initiate at or below the surface.
Figure 20 shows initiation of pitting fatigue both at the pitchline of a helical-gear tooth and directly above the pitchline.
Progression up the addendum in some areas makes it difficult to differentiate the two. A surface-pitted area near the
pitchline is illustrated in Fig. 21. Although the surface was in a rolling-sliding area, the immediate surface shows no
catastrophic movement. It is then most probable that cracking initiated by shearing fatigue below the surface. The
freedom from surface movement also speaks well for the lubrication of the gear teeth.
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Fig. 19 Stress distribution in contacting surfaces due to rolling, sliding, and combined
effect.

Fig. 20 Helical-gear tooth. Pitting initiated along and immediately above the pitchline. In
some areas, the progression has been continuous. Actual size

Fig. 21 Spiral pinion tooth. Near-pitchline pitting fatigue. Origin is subsurface at plane of
maximum shear. 180×
Third, the lowest point of single-tooth contact is that point which receives the tip of the mating tooth as it makes first
contact low on the active profile. Tip contact will produce high pressures, even if a small fraction of the actual load is
transferred by the tip. Also, the maximum sliding speed, both in approach and recess, occurs at the tip contact.
There are two types of pits that prevail at this area. One is the type shown in Fig. 22, which appears to be a swift-shear
and lift-out type. Perhaps the question whether this is fatigue or impact can be answered, but if it is shearing fatigue, it is
certainly rapid and would call for a study of tip interference and lubrication. The second type of pit is the same as that
illustrated in Fig. 21 and shows failure only by compressive loads. This is not uncommon in spur-gear teeth or helicalgear teeth, but, when found, is puzzling because one does not expect to find tip interference pits other than those
previously discussed. However, it must be remembered that dynamic effects are to be taken into account. Gear vibration
is a fact, but is seldom ever recognized as such. Studies indicate that gear vibration at high speeds, excited by static
transmission error, may cause corner contact even though the tip relief is sufficient to prevent corner contact at low speed.
Also, with sufficient lubrication, the pressures of tip interference will result in compressive-type pitting (Fig. 21) rather
than the adhesive type (Fig. 22).
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Fig. 22 Spiral bevel tooth. Pitting at the lowest point of single-tooth contact illustrating
contact path of the tip of the mating tooth. Nital etch. 90×
Other than the three specific and most common areas of surface-fatigue pitting just discussed, there are always the
random areas that crop up to demand recognition, such as pitting at only one end of the face, at opposite ends of opposite
faces, along the top edge of the addendum, or at one area of one tooth only. The random incidences are without number
and are most baffling; but each one is present because of a reason, and that reason must be found if at all possible.
Rolling-contact fatigue can only be described by using Fig. 19. Under any conditions of rolling, the maximum stress
being applied at or very near the contact area is the shear stress parallel to the rolling surface at some point below the
surface. For normally loaded gear teeth, this distance is from 0.18 to 0.30 mm (0.007 to 0.012 in.) below the surface just
ahead of the rolling point of contact. If sliding is occurring in the same direction, the shear stress increases at the same
point. If the shear plane is close to the surface, then light pitting will probably occur. If the shear plane is deep due to a
heavy rolling load contact, then the tendency is for the crack propagation to turn inward (Fig. 23). The cracks will
continue to propagate under repeated stress until heavy pitting or spalling takes place (Fig. 24).

Fig. 23 Gear-tooth section. Rolling-contact fatigue. Crack origin subsurface. Progression
was parallel to surface and inward away from surface. Not etched. 60×

Fig. 24 Gear-tooth section. Rolling-contact fatigue. Crack origin subsurface. Progression
was parallel with surface, inward, and finally to the surface to form a large pit or spall.
Not etched. 60×
There is always one characteristic (and often two) of rolling-contact fatigue that will distinguish it from other modes of
surface-contact fatigue. Both characteristics can be observed only by an examination of the microstructure. In rolling
contact, the surface will not show a catastrophic movement; it will remain as the original structure. For example, an
unetched, polished sample taken near the origin of a subsurface fatigue crack (Fig. 25) very clearly shows undisturbed
black oxides at the surface. The subsurface cracking could not have been caused by either abrasive or adhesive contact; it
had to be by rolling. This is always the first evidence to look for when determining the type of applied stress.
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Fig. 25 Gear-tooth section. Rolling-contact fatigue distinguished by subsurface shear
parallel to surface. Note the undisturbed black oxides at the surface, indicating no
surface-material movement. Not etched. 125×
The second characteristic is common only in a martensitic case that contains very little or no austenite and is found only
at, along, or in line with the shear plane. This is a microstructural feature that has been termed butterfly wings. If the
sample in Fig. 25 is etched properly with 3% nital, the result is the microstructure shown in Fig. 26(a). Increasing the
magnification to 310× shows more detail (Fig. 26b).

Fig. 26 Same sample as in Fig. 25, showing details of submicrostructure called butterfly
wings. 3% nital etch. (a) 125×. (b) 310×
The original discussion presented by rolling-element bearing manufacturers had no explanation as to the origin of this
microstructural alteration except that it was always in conjunction with and radiated from an inclusion. It is true that many
times there is an inclusion present, but not always. One could argue that the fracture is a plane and not a line, such as
could be seen on a polished sample; therefore, an inclusion could be present somewhere else along the plane being
observed.

Two other extensive and very detailed studies of rolling-contact fatigue refer to the gray substructure as white bands of
altered martensite. It is believed that these substructures are caused when, under an extreme shearing stress, movement is
called for but is restrained and contained to such an extent that the energy absorbed institutes a change in the
microstructure ahead of a progressing crack. They are never observed when significant amounts of austenite are present;
austenite will quickly absorb the energy and will be converted to untempered martensite. They are also in an area that has
not been deformed but has definitely been transformed. Each area has distinct boundaries, and the oncoming cracks
appear to follow these boundaries. It has been noted that some academic studies refer to this same structure as being a
transformed shear band product formed by adiabatic shear.
Contact Fatigue (Spalling). Spalling, in general, is not considered an initial mode of failure but rather a continuation or
propagation of pitting and rolling-contact fatigue. It is very common to reference this failure mode as pitting and spalling.
For example, Fig. 27 shows a spiral-gear tooth with pitting low on the profile that subsequently progressed until spalling
occurred over the top face and back side profile. This apparent rapid and extensive progression can be referred to as the
cyclone effect.

Fig. 27 Spiral bevel gear teeth. Original pitting low on the active profile gives initiation to
a fast and extensive progression of spalling over the top face and down the back profile.
This is often called the cyclone effect. 0.25×
Spalling, in the true sense of the word, is a mode of fatigue failure distinct in itself and unique in its origin. It originates
below the surface, usually at or near the case/core transition zone. As illustrated in Fig. 28, the origin is at that point
where the sum of all applied and misapplied stresses intersect the net strength of the part. The applied stresses are
substantially in shear, and the intercept point is most likely under a carburized case. Fatigue fractures will generally
progress under the case (Fig. 29 and 30) and will eventually spall away from the gear tooth.

The file is downloaded from www.bzfxw.com

Fig. 28 Applied stress versus case depth (net strength).

Fig. 29 Subsurface cracking that subsequently resulted in spalling at a gear-tooth edge.
Unetched section of a carburized AMS 6260 steel gear tooth. Cracking initiated in the
transition zone between the carburized case and the core. 500×

Fig. 30 Spalling on a tooth of a steel spur sun gear shaft. (a) Overall view of spalled tooth.
(b) Micrograph of an unetched section taken through the spalled area showing
progressive subsurface cracking. 100×
Thermal fatigue in gearing, although not necessarily correct, is most often synonymous with frictional heat. This is
perhaps the only type of alternating heating and cooling that is applied in the field. Then, too, it is not commonly found on
the active profile of the gear teeth, but on a rotating face that is exerting a high amount of thrust. Figure 31(a) shows an
example of high end thrust that resulted in frictional heat. The thermal expansion and contraction initiated a large number
of radial cracks that progressed as a fatigue fracture (Fig. 31b) into the bore of the part and along the roots of the teeth.
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Fig. 31 Thermal fatigue cracking of a spur gear. (a) Radial cracking due to frictional heat
against the thrust face. 0.4×. (b) Progression of thermal fatigue produced by the frictional
heat. 1.5×
Impact
Tooth-Bending Impact. When a tooth is removed from a gear within a very few cycles (usually one or two), the fracture is
uniform in structure and does not show the striations common to the fatigue mode of failure. They are usually random,
due to a sudden shock load, either in a forward or reverse direction, and do not necessarily originate at the root radius. In
fact, if the fracture did originate at the root radius, it would follow a rather flat path across to the opposite root radius
rather than travel downward toward the zero-stress point.
Tooth Shear. When the impact is very high and the time of contact is very short, and if the ductility of the material will
allow it, the resultant tooth failure mode will be shear. The fractured area appears to be highly glazed, and the direction of
the fracture will be from straight across the tooth to a convex shape. For example, a loaded gear and pinion set were
operating at a high rate of speed when the pinion stopped instantaneously (Fig. 32). The momentum of the gear was
strong enough to shear the contacting pinion teeth from the reverse direction, leaving the remaining teeth in excellent
condition. The gear teeth were partially sheared and were all scrubbed over the top face from the reverse direction.

Fig. 32 Spiral bevel gear and pinion set that sheared in the reverse direction. The pinion
came to a sudden and complete stop at the instant of primary failure of the unit, allowing
the gear to shear the contacting teeth and to continue rotating over the failed area. 0.4×
Most commonly, bending impact and shear are found in combination (Fig. 33). Tooth-bending impact fractures supersede
the shearing fractures; thus, the direction of impact can be determined.
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Fig. 33 Spur-gear tooth showing combination failure modes. (a) Tooth-bending impact.
(b) Tooth shear. Arrows indicate direction of applied force.
Tooth chipping is certainly a type of impact failure, but is not generally considered to be tooth-to-tooth impact. It is
usually accomplished by an external force, such as a foreign object within the unit, a loose bolt backing out into the tooth
area, or even a failed tooth from another gear. Figure 34 shows a chipping condition that existed during the operation of
the part. Most chipping, however, is caused by mishandling before, during, or after the finished parts are shipped from the
manufacturer and are not field failures. This is one of the modes that must be identified by a cause.

Fig. 34 Tooth chipping as a field failure generally shows a pattern. In this case, some
object of impact was within the assembled unit.
Case crushing will occur when an extreme overload is applied to a carburized case. For it to occur, there are four factors
to be considered because case crushing is a combination of events. Case crushing is dependent upon the stress applied at
the point of contact, the radius of curvature of the contacting surfaces, the thickness of the case, and the core hardness of
the material. The resultant failure is due to excessive compressive loads per unit area for the existing conditions. The
fracture will start at the case/core interface and will continue to shear into the core and outward to the surface. Figure 35
shows the subsurface propagation of the crushing effect.

Fig. 35 Case crushing at midprofile of a spiral bevel gear tooth. Progression is from the
subcase area into the core and outward to the surface.
Wear
Surface deterioration of the active profile of the gear teeth is called wear. There are two distinct modes of wear—abrasive
and adhesive.
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Abrasive wear occurs as the surface is being freely cut away by hard abrasive particles. It can happen only as two surfaces
are in sliding contact. The dissociated material must be continually washed away and not allowed to accumulate on the
sliding surfaces, or adhesion may take place. The first evidence of abrasive wear is the appearance of light scratches on
the surface, followed by scuffing. As the scuffing continues to deepen, the result is scoring. Figure 36 illustrates an
excellent example of pure abrasive wear that shows the entire tooth profile cleanly cut away with no microstructural
damage to the underlying material.

Fig. 36 Spiral bevel gear teeth showing contact wear. Insert A shows a tooth area
exhibiting no wear. Insert B shows abrasive wear clearly cutting away 3.2 mm ( 1 in.) of
8

the surface without damage to underlying material.
Abrasive wear cannot be deterred by lubrication, because the lubricant is often the vehicle that contains and continually
supplies the abrasive material as a contaminant. When this is the case, all moving parts within the assembly are affected,
such as seals, spacers, bearings, pumps, and matching gears.
When abrasive wear is isolated to only one part, that is, either gear or pinion, it is imperative to examine closely the
surface of the matching part. For example, a very large amount of massive carbides embedded in the surface may easily
cut into a softer matching surface.
Adhesive wear occurs on sliding surfaces when the pressure between the contacting asperities is sufficient to cause local
plastic deformation and adhesion. Whenever plastic deformation occurs, the energy expended to produce the deformation
is converted to heat.
The first indication of trouble is a glazed surface, followed by galling, then by seizure. A glazed surface may not have any
dimensional changes, but the microstructure shows a catastrophic movement of surface material (Fig. 37). As frictional
heat increases, the surface becomes softer, the adhesive tendency becomes greater, there is more plastic deformation, the
local temperature becomes high enough to change completely the microstructure at the surface (Fig. 38), and galling
occurs. Galling continues, the sliding surfaces begin welding together, and adhesion takes place. Large areas may be
pulled away from the surface (Fig. 39). Some of these welded particles are so hard due to change of microstructure that
they become sharp points that cut into the matching parts. As the adhesive wear continues with the parts still in service,
there is the distinct possibility that the part will ultimately fail (Fig. 40).

Fig. 37 Pinion tooth profile. Glazed surface showing the start of catastrophic movement
of surface material. Frictional heat has already started to temper the surface. 75×

Fig. 38 Pinion tooth profile. The pinion was plastically deformed by frictional heat and
sliding pressures. The surface layer has locally rehardened, and galling is evident. 80×
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Fig. 39 Carburized AMS 6260 steel gear damaged by adhesive wear. (a) Overall view of
damaged teeth. (b) Etched end face of the gear showing excessive stock removal from
drive faces of teeth

Fig. 40 Extreme wear of steel pinions. (a) Hypoid pinion with teeth worn to a knife-edge
from both sides. (b) A similar pinion with teeth worn completely away by adhesive wear
Adhesive wear on gear teeth may not always point to that set as the culprit. There have been instances when a severe case
of adhesion is of a secondary nature. In other words, particles of material from a primary failure of another component in
the assembly may have impinged upon the gear-tooth surfaces and thus started the sequence of events leading to seizure
and destruction.

Stress Rupture
When the internal residual stresses build to a magnitude beyond the strength of the material, the part will rupture. The
rupture will occur at the point where this critical value is exceeded, either internally or externally.
Internal Rupture. The most likely point within a gear that would attract a buildup of residual stresses is the case/core
interface near the top face or the corner of a tooth. Figure 41 shows an excellent example of case/core separation due to
internal residual stresses exceeding the strength of material at the case/core transition zone. In severe cases, the entire top
of the tooth might pop off (Fig. 42).
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Fig. 41 An internal rupture in a gear tooth at the case/core transition zone. The rupture
does not reach the surface. This condition can be discovered by ultrasonic testing.

Fig. 42 Spiral bevel gear tooth. Internal rupture is lifting the entire top of a tooth.
External rupture is much easier to understand because it almost always originates from a stress raiser. For example, a part
not yet in service ruptured starting at the end face (Fig. 43) from a grinding crack; this was confirmed by examination of
the fractured face (Fig. 44). The grinding cracks were not the entire cause of the failure, but they supplied the notch in the
highly stressed area.

Fig. 43 Spur gear. External rupture (assembled, but not in service) with origin at the end
face. See also Fig. 44.
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Fig. 44 Spur gear. External rupture originating from a grinding check. See also Fig. 43.
Failures of Gears
Revised by Lester E. Alban, Metallurgical Consultant

Causes of Gear Failures
Analysis of the actual part that failed will show the mode of failure, but the cause of failure is often found in the mating or
matching part. One should always inspect both pans very closely for the correct answer to the problem. In fact, if there are
several components to an assembly, each component must be suspect until eliminated.
The cause of a specific gear failure may be obvious enough to be recognized by anyone or subtle enough to defy
recognition by the most experienced analyst. At times, one almost believes that the number of causes may equal the
number of failures. This is close enough to being correct that each failure must be treated individually as a complete case
in itself.
It is very difficult in many instances to separate cause from mode. In fact, a single cause can initiate several different
modes, depending upon the forces being applied. Conversely, a specific mode of failure could have been initiated by one
of several causes. It must be emphasized that one should not match a fracture pattern of a failed gear to a picture in this
Handbook and conclude that the cause and effect are the same. They may be, but not necessarily. The pictures of a
reference book should be used only as a guide. Causes, as listed in Table 2, are under five major headings and several

subheadings. Undoubtedly, there may be more. The headings are not listed in order of importance (they are all important),
but in sequence of probable occurrence.

Table 2 Summary of a statistical report on causes of gear failures (%) over a 35-year
period
Basic

material 0.8

Steel
Forgings
Castings
Engineering

6.9

Design
Material selection
Heat treat specifications
Grinding tolerances
Manufacturing

1.6

Tool undercutting, sharp notches
Tooth characteristics
Grinding checks, burns
Heat treat changes
Heat treatment

16.0

Case properties
Core properties
Case/core combinations
Hardening
Tempering
Miscellaneous operations
Service application

74.7
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Set-matching
Assembly, alignment, deflection, vibration
Mechanical damage, mishandling
Lubrication
Foreign material
Corrosion
Continuous overloading
Impact overloading
Bearing failure
Maintenance
Operator error
Field application

Failures of Gears
Revised by Lester E. Alban, Metallurgical Consultant

The Final Analysis
No failure examination has been successfully completed until an evaluation of the results is made and it is only when the
failure mechanism is understood that effective corrective measures can be devised. The purpose now is to take the known
facts of a specific failure, to place them in a systematic context to arrive at a logical conclusion, and to indicate a
corrective measure. Obviously, one cannot detail the hundreds of examinations available, but a chosen few will be
presented to illustrate a systematic approach to the examination, regardless of its apparent simplicity or complexity.
Example 1: Catastrophic Failure of a Hoist Worm Caused by Destructive Wear Resulting From Abusive Operation. A
farm-silo hoist was used as the power source for a homemade barn elevator. The hoist mechanism consisted of a pulley
attached by a shaft to a worm that, in turn, engaged and drove a worm gear mounted directly on the hoist drum shaft. The
worm was made of leaded cold-drawn 1113 steel with a hardness of 80 to 90 HRB; the worm gear was made of class 35–
40 gray iron that had been nitrided in an aerated salt bath. Driving power was applied to the pulley, which actuated the
worm and worm gear and rotated the drum to which the elevator cable was attached. After less than 1 year of service, the
hoist failed catastrophically from destructive wear of the worm (Fig. 45). The hoist was rated at 905 kg (2000 lb) at a 200rpm input. It was determined that at the time of failure the load on the hoist was only 325 kg (720 lb).

Fig. 45 Destructive wear of an 1113 steel worm used in a silo hoist.
Investigation. When examined, the gearbox was found to contain fragments of the worm teeth and shavings that
resembled steel wool. It was determined that both fragments and shavings were steel of the same composition as the
worm, ruling out the possibility that these materials may have derived from a source other than the gearbox. The teeth of
the worm had worn to a thickness of approximately 1.6 mm (

1
1
in.) from an original thickness of 3.2 mm ( in.). More
16
8

than half of the worm teeth had been sheared off.
Further investigation revealed that the drive pulley had been replaced with a pulley of different diameter and that the
pulley was rotating at 975 rpm instead of at the rated maximum of 200 rpm. By calculation, with a load of 325 kg (720
lb), the gearbox was forced to develop 0.24 kW (0.32 hp)—almost twice the specified rating of 0.13 kW (0.18 hp) (2000
lb at 200 rpm).
Conclusions. The failure mode was adhesive wear of the steel worm, which resulted from operation of the gearbox at a
power level that far exceeded the maximum specified by the gearbox manufacturer. The cause of failure was misuse in
the field.
Example 2: Failure of Carburized Steel Impeller Drive Gears Due to Pitting and a Wear Pattern. Two intermediate
impeller drive gears were submitted for metallurgical examination when they exhibited evidence of pitting and abnormal
wear after production tests in test-stand engines. Both gears were made of AMS 6263 steel and were gas carburized,
hardened, and tempered. Figure 46 shows the pitting and the wear pattern observed on the teeth of gear 1.
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Fig. 46 Pitting and wear pattern on a carburized AMS 6263 steel impeller drive gear.
Approximately 2.3×
According to the heat-treating specification, the gears were required to satisfy the following requirements: (1) a
carburized case depth of 0.4 to 0.6 mm (0.015 to 0.025 in.), (2) a case hardness of 77 to 80 HR30N, and (3) a core
hardness of 36 to 44 HRC.
Investigation. Sections of both gears were removed with a cutoff wheel and examined for hardness, case depth, and
microstructure of case and core. Results were as follows:
Gear 2
Gear 1
Hardness
Case, HR30N
70–73
77–78
Core, HRC
40
40
Case depth, mm (in.) 0.5–0.6
0.6–0.7
(0.02–0.024) (0.024–0.028)
Microstructure
Case

Lean carbon

Normal

(<0.85% C)
Core
Normal
Normal
Both the pitting and the wear pattern were more severe on gear 1 than on gear 2.
Conclusions. Gear 1 failed by surface-contact fatigue (pitting) because the carbon content of the carburized case and
consequently the case hardness were below specification and inadequate for the loads to which the gear was subjected.
The pitting and wear pattern observed on gear 2 were relatively mild because case-carbon content and case hardness were
within specified requirements. Nevertheless, it was evident that case depth, as specified, was not adequate for this
application—even with case-carbon content and hardness being acceptable.
Recommendations. It was recommended that the depth of the carburized case on impeller drive gears be increased from
0.4 to 0.6 mm (0.015 to 0.025 in.) to 0.6 to 0.9 mm (0.025 to 0.035 in.), an increase that would still allow a minimum of
30% core material across the tooth section at the pitchline. This increase would ensure improved load-carrying potential
and wear resistance. It was also recommended that hardness readings on gears be made using a 60-kg (132-lb) load
(Rockwell A scale) and that the minimum case-hardness requirement be set at 81 HRA, an additional safeguard to ensure
adequate load-carrying capacity.
Example 3: Failure of a Carburized Steel Generator-Drive Idler Gear by Pitting Due to Decarburization and Subsurface
Oxidation. Following test-stand engine testing, an idler gear for the generator drive of an aircraft engine exhibited
evidence of destructive pitting on the gear teeth in the area of the pitchline; as a consequence, the gear was submitted for
metallurgical examination. The gear was made of AMS 6263 steel and was gas carburized to produce a case 0.4 to 0.6
mm (0.015 to 0.025 in.) deep.
Investigation. Sections of the gear were removed and examined for hardness, case depth, and microstructure of case and
core. The results of the examination and the specified requirements were:
Actual
Required
Case depth, mm (in.) 0.4–0.6
0.6–0.7
(0.015–0.025) (0.024–0.028)
Hardness
Case, HR30N

77–80

74–76

(HR15N88-89)
Core, HRC
36–44
40–41
When it was determined that the case hardness of the gear was below specification, additional hardness measurements
were made using a 15-kg (33-lb) load. These measurements confirmed the low hardness and suggested that it had resulted
from one or more surface defects.
A specimen from the pitted area of one gear tooth was prepared for metallographic examination. The results of this
examination are shown in Fig. 47. When the specimen was etched in 2% nital for 15 to 20 s, a decarburized surface layer

was observed in the vicinity of pitting (Fig. 47a). When the specimen was repolished and then etched in 2% nital for only
3 s, a heavy subsurface layer of oxide scale was observed in the vicinity of pitting (Fig. 47b).

Fig. 47 Metallurgical causes of destructive pitting that occurred in a carburized AMS
6263 steel gear. (a) Specimen etched 15 to 20 s in 2% nital showing a surface layer of
decarburized material. 500×. (b) Same specimen repolished and etched 3 s in 2% nital
showing a heavy subsurface layer of oxide scale. 500×. The white band immediately above
the decarburized and oxidized layers is electrodeposited nickel that was applied to
prevent edge-rounding during polishing.
Conclusions. Based on low case-hardness readings and the results of metallographic examination, it was concluded that
pitting had resulted due to a combination of surface decarburization and subsurface oxidation. Because of previous failure
analyses and thorough investigation of heat-treating facilities, the source of these defects was well known. The oxide
layer had been developed during the carburizing cycle because the furnace retort had not been adequately purged of air
before carburization. Decarburization had occurred during the austenitizing cycle in a hardening furnace containing an
exothermic protective atmosphere because of defects in the copper plating applied to the gear for its protection during
austenitizing. These defects had permitted leakage of exothermic atmosphere to portions of the carburized surface, and,
because of the low carbon potential of the exothermic atmosphere, the leakage had resulted in decarburization.
Recommendations. It was recommended that steps be taken during heat treatment to ensure that furnaces are thoroughly
purged before carburizing and that positive atmospheric pressure be maintained throughout the carburizing cycle. Further,
it was recommended that more effective control be exercised over all aspects of copper plating of carburized gears,
including final inspection, before releasing the gears for hardening.
Example 4: Fatigue Failure of a Carburized 4817 Steel Spiral Bevel Gear at Acute-Angle Intersections of Mounting Holes
and Tooth-Root Fillets. A spiral bevel gear set was returned to the manufacturer because the gear broke into three pieces
after about 2 years of service. Damage to the pinion was minor. The gear broke along the root of a tooth intersected by
three of the six 22-mm (0.875-in.) diam holes (Fig. 48) used to mount the gear to a hub. The intersection of the hole and
root fillet created an acute-angle condition (Section A-A, Fig. 48).
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Fig. 48 Carburized 4817 steel spiral bevel gear. The gear broke from fatigue at acuteangle intersections of mounting holes and tooth-root fillets as a result of through
hardening. Dimensions given in inches
The ring gear, machined from a forged blank made of 4817 steel, had been gas carburized at 925 °C (1700 °F), cooled to
815 °C (1500 °F), press quenched in oil at 60 °C (140 °F), then tempered at 175 °C (350 °F) for 1

1
h to produce a case
2

hardness of 61 to 62 HRC, as measured at a tooth land.
Investigation. Examination of the gear revealed fatigue progression for about 6.4 mm (

1
in.) at acute-angle intersections
4

of three mounting holes with the root fillets of three teeth. Subsequent fracture progressed rapidly until the entire section
failed. Cracking between the holes and the bore of the gear started before the tooth section failed. Magnetic-particle
inspection revealed cracks at the intersections of the remaining three mounting holes and the adjacent tooth-root fillets.
Microstructure of the carburized and hardened case was fine acicular martensite with about 5% retained austenite. The
core was composed principally of low-carbon martensite.
Metallographic examination revealed that the acute-angle intersections of the mounting holes and tooth-root fillets were
carburized to a depth that comprised the entire cross section and consequently were through hardened.
Conclusions. The gear failed in fatigue, slowly to a depth of about 6.4 mm (

1
in.), then rapidly until final fracture.
4

Design of the gear and placement of the mounting holes were contributing factors in the failure because they resulted in
through hardening at the acute-angle intersections of the mounting holes and toothroot fillets.
Example 5: A Spiral Bevel Pinion That Had Two Failure Modes Occurring Independently of Each Other. This spiral
bevel set was the primary drive unit for the differential and axle shafts of an exceptionally large front-end loader in the
experimental stages of development.
Visual Examination. The tooth contact area of the pinion appeared to have been heavy at the toe end and low on the
profile of the concave (drive) side. The entire active profile showed surface rippling for more than half the length of the

tooth from the toe end (Fig. 49). Pitting originated at the lower edge of the profile 50 mm (2 in.) from the toe end of the
concave side (Fig. 49a) and subsequently progressed in both directions along the lower edge of the active profile and
upward toward the top of the tooth, changing the mode from pitting to spalling (Fig. 49b). Both photographs show
evidence of a double contact: the original setting, and a secondary pattern with the pinion moved out and away from the
center of the gear. The convex (reverse) sides were slightly worn and scuffed high over the profile.

Fig. 49 Spiral bevel pinion of 4820H steel. (a) Rippled surface for three-fourths of the
length of the tooth starting from the toe end. Pitting originated low on the active profile 50
mm (2 in.) from the toe end. (b) The pitting area extended in both directions and
broadened. The central profile has an area of spalling that appears to be contiguous with
the pitting. The microstructure indicates that the two modes occurred independently.
0.5×. See also Fig. 50 and 51.
All of the gear teeth were intact and highly polished along the top of the profile toward the toe end of the convex
(forward) side. Some scuffing was evident low on the profile of the concave sides.
Physical Examination. Magnetic-particle inspection showed no evidence of tooth-bending fatigue on either part. The
several cracks indicated are associated with the spalling surfaces on the concave sides of the pinion teeth. The gear teeth
showed no crack indications.
Tooth Characteristics. The original setting test charts taken on this set in December 1979 are on file and document a very
good and normal tooth contact pattern. The secondary tooth pattern that prevails at this time could not be duplicated on
the gear tester. It appears that the pinion had moved away from the center of the gear, thus activating a very heavy lowprofile contact toward the toe end.
Surface-Hardness Tests. The surface hardness of both parts was 58 to 59 HRC, which is within the specification of 58 to
63 HRC.
Metallurgical Examination. The procedures to implement are determined as follows. The rippling (Fig. 49) was extensive
and covered the entire area of the initial contact pattern. Rippling is a reflection of apparent movement or of a tendency to
move. It can be a superficial adjustment of a surface being heavily rolled while sliding, or it can be an adjustment of the
surface during absorption of energy by retained austenite. Rippling is not always associated with a failure, nor is it
detrimental in itself. It does usually indicate, however, a rolling-sliding condition that is highly compressive.
The pitting originated in a localized area, and the spalling appeared to be a contiguous event, although this type of
spalling could easily have been found as an independent mode without the association of surface pitting. It was therefore
necessary to section the pinion tooth normal to the active profile near the spalled area shown in Fig. 49(b) and to prepare
this section for a microhardness traverse of the case and for a microscopic examination.
Microscopic Examination. The core structure of the pinion showed an equal admixture of low-carbon martensite and
lamellar pearlite. The case structure consisted of very fine acicular martensite retaining less than 5% austenite. The pitted
area low on the active profile showed evidence of a heavy metal-to-metal sliding action which tended to produce
adhesion. The central profile area, being subjected to spalling, had a surface that was relatively unaltered (Fig. 50). In the
same area, there was a subsurface display of butterfly wings reaching to a depth of 0.7 mm (0.027 in.) from the surface.
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Fig. 50 Section normal to surface of tooth profile taken near the spalled area shown in
Fig. 49(b). The surface shows no catastrophic movement; the butterfly wings are generally
parallel to the surface, but extend 0.7 mm (0.027 in.) below the surface. Microstructure is
very fine acicular martensite retaining less than 5% austenite. 200×
Case-Hardness Traverse. Figure 51 shows the case-hardness traverse of the section used for Fig. 50. The results are selfexplanatory.

Fig. 51 Case-hardness traverse of section used for Fig. 50 taken from tooth shown in Fig.
49(b).
Conclusions. The material and process specifications were met satisfactorily. The primary mode of failure was rollingcontact fatigue of the concave (drive) active tooth profile. The spalled area was a consequence of this action. The pitting
low on the profile appeared to have originated after the shift of the pinion tooth away from the gear center. The shift of
the pinion is most often due to a bearing displacement or malfunction. The cause of this failure appeared to be continuous
high overload, which may also have contributed to the bearing displacement.
Example 6: Fatigue Failure of a Carburized Steel Bevel Pinion Because of Misalignment. The bevel pinion shown in Fig.
52(a) was part of a drive unit in an edging mill. The pinion had been in service about 3 months when several teeth failed.
Specifications required that the pinion be made from a 2317 steel forging and that the teeth be carburized and hardened to
a case hardness of 56 HRC and a core hardness of 250 HB (24.5 HRC).

Fig. 52 2317 steel bevel pinion that failed by fatigue breakage of teeth. (a) Configuration
and dimensions (given in inches). (b) View of area where two teeth broke off at the root.
(c) Fracture surface of a broken tooth showing fatigue marks
Investigation. Chemical analysis of the metal in the pinion showed that it was 2317 steel as specified. Case hardness was
52 to 54 HRC, and core hardness was 229 HB (20.5 HRC). Both hardness values were slightly lower than specified, but
acceptable.
Visual inspection of the pinion showed that two teeth had broken at the root (Fig. 52b). The surfaces of these fractures
exhibited fatigue marks extending across almost the entire tooth (Fig. 52c). Magnetic-particle inspection of the pinion
showed that all of the teeth were cracked. Each crack had initiated along the tooth root, at the toe (small) end of the tooth,
extending to the center of the crown. Spalling was also noted on the pressure (drive) side of each tooth at the toe end. A
metallographic specimen taken transversely through a broken tooth showed it to be case carburized to a depth of 4.8 mm
(

3
in.), hardened, and tempered.
16

Conclusions. The pinion failed by tooth-bending fatigue. Some mechanical misalignment of the pinion with the mating
gear caused a cyclic shock load to be applied to the toe ends of the teeth, as exhibited by the spalling. This continuous
pounding caused the teeth to crack at the roots and to break off.
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Introduction
FAILURES IN BOILERS and other equipment in stationary and marine power plants that use steam as the
working fluid are discussed in this article. The discussion is mainly concerned with failures in Rankine-cycle
systems that use fossil fuels or a nuclear reactor as the primary heat source, although many of the principles that
apply to Rankine-cycle systems also apply to systems using other steam cycles or to systems using working
fluids other than steam.
It is important to learn as much as possible from each failure. In any metallurgical evaluation, the general aim is
to understand the root cause of the failure in terms of both the material and the boiler operation. To that end,
estimates can sometimes be made of metal temperatures and implied boiler conditions at the time of failure.
This information may then be useful in the prevention of future failures.
Failures of Boilers and Related Equipment
Revised by David N. French, David N. French, Inc., Metallurgists

Procedures for Failure Analysis
Procedures for analysis of failures in steam power plants do not differ significantly from procedures for failure
analysis in general or for analysis of specific types of failure. These procedures are presented in other articles in
this Volume, particularly those dealing with basic mechanisms of failure; failures of specific product forms,
such as castings, forgings, weldments, and pressure vessels; and elevated-temperature failures. Consequently,
this article will discuss the main types of failure that occur in steam-power-plant equipment, with major
emphasis on the distinctive features of each type that enable the failure analyst to determine cause and to
suggest corrective action.
Service Records. Most power-plant operators maintain relatively complete records. Records of operating
conditions and preventive maintenance for a component that has failed, and for the system as a whole, are
relatively good sources of background information. These records can provide valuable information, such as
operating temperature and pressure, normal power output, fluctuations in steam demand, composition of fuel,
amount of excess combustion air, type and amount of water-conditioning chemicals added, type and amount of
contaminants in condensate and make-up feedwater, frequency and methods of cleaning fire-side and waterside surfaces of steam generators, materials specified as to alloy requirements and dimensions, frequency and
location of any previous failures, length of service, and any unusual operating history.
Precautions in On-Site Examination. Power plants are vital to most industries, and power-plant downtime has
an adverse effect on the entire operation. Thus, the individual conducting the on-site examination should have
experience in making preliminary determinations of cause and recommending corrective action on the spot.
Certain deductions, such as the exact cause or mechanism of failure, frequently cannot be made without
laboratory examination. However, some determinations—for example, which of several damaged components
failed first—can be made on the basis of careful on-site examination. The relationship of the location of the
failure to the locations of other system components—for example, the location of a tube rupture in relation to
those of burners or soot blowers—is an important phase of on-site examination.
It is usually helpful for the individual making the on-site examination to have an assortment of plastic bags or
paper envelopes in which samples can be placed. Identification of each sample, with its location and orientation
marked on photographs or sketches, is recommended because the failed component usually must be repaired or
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replaced with as little delay as possible so that normal system operation can be resumed. This need for prompt
return to service may also preclude a second on-site examination; therefore, the first examination should be
thorough and complete.
Precautions in Sampling. Because of the massive size and the fixed, sometimes remote location of power
plants, detailed examination usually cannot be carried out at the scene and must be performed on selected
samples taken from the failed equipment. Therefore, the methods used to obtain samples for laboratory
examination are of utmost importance. For example, if the failure involves rupture of one or more boiler or
superheater tubes, there is a high probability that adjacent tubes may have been degraded by the same
conditions that led to the ruptures. Samples should be taken from adjacent, apparently undamaged tubes so that
the total extent of damage can be assessed.
The effect of the method of sample removal should be considered when choosing the size and location of
samples. Mechanical methods of sample removal, such as cutting with a tube cutter, sawing, or drilling, are less
likely to alter either the microstructure or the characteristics of steam-side or fire-side scale, deposits, or
corrosion products than is flame cutting. Mechanical methods, although generally preferred, are slow and
sometimes cannot be used, because samples are inaccessible to the necessary tools; flame cutting may be the
only reasonable alternative. When flame cutting is used, larger samples are necessary than when mechanical
methods are used, and cuts must be made farther from the location of interest.
Corrosion is frequently associated with failure in steam-power-plant equipment, but the active corrosive agent
is not always obvious. Consequently, collection and preservation of corrosion products, particularly loose,
flaky, or powdery deposits, may be vital because chemical analysis of corrosion products can be a key factor in
determination of cause.
Failures of Boilers and Related Equipment
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Characteristic Causes of Failure in Steam Equipment
Boilers and other types of steam-power-plant equipment are subject to a wide variety of failures involving one or more of
several mechanisms. Most prominent among these mechanisms are corrosion, including pitting and erosion; mechanicalenvironment processes, including stress-corrosion cracking (SCC) and hydrogen damage; fracture, including fatigue
fracture, thermal fatigue fracture, and stress rupture; and distortion, especially distortion involving thermal-expansion
effects or creep.
The causes of failure can generally be classified as design defects; fabrication defects, including wrong material; improper
operation, including improper maintenance and inadequate water treatment; routine normal operations, such as too
frequent soot blowing; and miscellaneous causes. Of these general types of causes, improper operation, which includes
most incidents of overheating, corrosion, and fouling, and fabrication defects, which include most incidents of poor
workmanship, improper material, and defective material, together account for more than 75% of all failures of steampower-plant equipment.
Most steam-generator failures occur in pressurized components, that is, the tubing, piping, and pressure vessels that
constitute the steam-generating portion of the system. With very few exceptions, failure of pressurized components is
confined to the relatively small-diameter tubing making up the heat-transfer surfaces within the boiler enclosure.
Overheating is the main cause of failure in steam generators. For example, a survey compiled by one laboratory over a
period of 12 years, encompassing 413 investigations, listed overheating as the cause in 201 failures, or 48.7% of those
investigated. Fatigue and corrosion fatigue were listed as the next most common causes of failure, accounting for a total
of 89 failures, or 21.5%. Corrosion, stress corrosion, and hydrogen embrittlement caused a total of 68 failures, or 16.5%.
Defective or improper material was cited as the cause of most of the remaining failures (13.3%). Although defective
material is often blamed for a failure, this survey indicates that, statistically, it is one of the least likely causes of failure in
power-plant equipment.
Defective material does not always cause a component to fail soon after being put into service. Figure 1 shows cracking at
the root of a longitudinal mill defect in a stainless steel superheater tube. This tube ruptured after 18 years of service
because the normal operating pressure caused stress-rupture cracking to initiate at the mill defect.

Fig. 1 Micrograph showing stress-rupture cracking at the root of a longitudinal mill
defect in a stainless steel superheated tube. The tube ruptured after 18 years of service.
Approximately 25×
Boiler design is inherently conservative; thus, even massive defects may be present in some areas without causing
fracture to occur until after a considerable period of operation. Some imperfections may be present without ever causing
failure. Figure 2 shows a poorly made weld with incomplete fusion amounting to more than half the tube wall thickness,
yet this weld gave more than 27 years of service without failure. Nevertheless, fabrication and repair procedures should
be aimed at producing defect-free systems.
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Fig. 2 Weld defect (lack of fusion). This defect did not cause a failure even after 27 years
in a reheater.
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Failures Involving Sudden Tube Rupture
In the basic design of a boiler, the heat input from the combustion of fuel is balanced by the formation of steam
in the furnace and the heating of steam in a superheater or reheater. The heat-flow path through a clean boiler
tube has three components. First, fire-side heat transfer from the flame or hot flue gases is by both radiation and
convection. Radiation predominates in the furnace, where the gas temperatures may be close to 1650 °C (3000
°F). By the time the flue gas has left the furnace, it has been cooled to 925 to 1095 °C (1700 to 2000 °F), and
convection is the predominant mode of heat transfer. Second, conduction through the steel boiler tubes transfers
heat to the internal fluid. Although conduction is important, boiler tubes are not chosen for thermal conductivity
but for strength, especially creep or stress-rupture strength. Therefore, the temperature gradient through the
steel is not controlled by design but accepted as a consequence of material selection. Third, at the fluid interface
with the inside-diameter surface is a second convective heat-transfer mode. The steam-side heat-transfer
coefficient is a function of fluid velocity, viscosity, density, and tube bore diameter.
Boilers in service for some time have a fourth component to the heat-flow path: internal scale or deposits.
Steam reacts with steel to form iron oxide:
4H2O + 3Fe → 3Fe3O4 + 4H2

(Eq 1)

Furnace walls may also have other deposits from impurities in the boiler feedwater. Because these deposits and
scale have a lower thermal conductivity than the steel tube, the net effect is an increase in tube metal
temperatures. In a superheater or a reheater, such temperature increases can lead to premature creep failures,
dissimilar-metal weld failures, and accelerated ash corrosion or oxidation. In furnace walls, deposits may also
lead to hydrogen damage (additional information is provided in the article “Hydrogen Damage and
Embrittlement” in this Volume).

An upset in any stage along the heat-flow path can upset the balance and cause a sudden tube rupture. Sudden
rupture of a tube in a steam generator is a serious failure, because the steam generator must be shut down
immediately to minimize or avoid erosion of adjacent tubes and furnace sidewalls by escaping steam,
overheating of other tube banks due to loss of boiler circulation, and damage to other components in the system
resulting from loss of working fluid. The downtime resulting from boiler failure and subsequent repair may
require other operations to be curtailed or shut down, with an attendant economic loss.
Tube ruptures (excluding cracks caused by stress corrosion or fatigue, which usually result in leakage rather
than sudden fracture) may be classified as ruptures caused by overheating and ruptures caused by
embrittlement. Each type has characteristic features.
Failures of Boilers and Related Equipment
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Ruptures Caused by Overheating
When water is boiled in a tube having uniform heat flux (rate of heat transfer) along its length under conditions that
produce a state of dynamic equilibrium, various points along the tube will be in contact with subcooled water, boiling
water, low-quality steam, high-quality steam, and superheated steam. A temperature gradient between the tube wall and
the fluid within the tube provides the driving force for heat transfer at any point.
The design of a steam-generating unit balances the heat input from the combustion of a fossil fuel with the formation and
superheating of steam. Within the furnace, flame temperatures may approach 1650 °C (3000 °F). Heat absorption by the
furnace walls reduces the temperature of the flue gases to 925 to 1095 °C (1700 to 2000 °F). The heat absorbed is
converted into steam at its saturation temperature, a function of the operating boiler pressure. Within the convection
passes, the flue-gas temperature is further reduced by the superheating or reheating of steam in superheaters and reheaters.
To extract more heat and to improve overall thermal efficiency, an economizer preheats the boiler feedwater to a
temperature close to its boiling point. The flue gas travels through an air preheater, which heats the combustion air, then
makes its way up the stack. The steady-state heat transfer can be given by (Ref 1, 2):
(Eq 2)
where Q/A0 (in Btu/h · ft2) is the heat flux per unit area, U0 (in Btu/h · ft2 · °F) is the overall heat-transfer coefficient, and
ΔT (in degrees Fahrenheit) is the temperature difference that drives the heat flow. The reciprocal of U0 is R0, the
combined resistance to the heat flow. Figure 3 shows a schematic representation of the temperature gradient in the heat
transfer from hot flue gas or flame to steam or water. The individual thermal resistances from flue gas to steam are:
(Eq 3)

(Eq 4)
Inside scale or deposit:
(Eq 5)
Steam side:
(Eq 6)
Because these resistances are in series, they are additive, and the overall heat-transfer coefficient can be expressed as:
(Eq 7)
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Individual temperature gradients through each step can be given by:
(Eq 8)

(Eq 9)

(Eq 10)

(Eq 11)

For convenience, the gas-side heat-transfer coefficient, h0, combines both convection and radiation effects and any
contribution by any ash or soot deposit on the external tube surface. A clean boiler tube will have little or no internal
scale, and that term will then be absent from the value of U0. Because this resistance is on the tube inside diameter, the net
effect will be an increase in tube metal temperature. Equation 10 can be used to estimate the temperature increase due to
the inside-diameter scale, because ri - rs is the inside-diameter scale thickness. Inspection of Eq 8, 9, 10, and 11 indicates
that changes in heat flux or h0 (for example, flame impingement), increases in inside-diameter scale thickness, or
decreases in steam-side heat-transfer coefficient caused by reduced flow, will lead to tube metal temperature increases.
Table 1 lists the range of values for heat-transfer coefficients and thermal-conductivity values for internal deposits.

Table 1 Heat-transfer factors and thermal conductivities of internal scale deposits
Heat-transfer
factors(a)
Economizers
Water walls
Reheaters
Superheaters
Thermal

hi
W/m2 · K

Btu/h · ft2 · °F

U0
W/m2 · K

Btu/h · ft2 · °F

Q/A0
W/m2

Btu/h · ft2 · °F

5680
22,700–45,400
1700–2270
1135–2840

1000
4000–8000
300–400
200–500

28–40
115–125
60–95
60–100

5–7
20–22
11–17
11–18

15,770–31,540
126,160–394,250
19,000–38,000
31,540–63,000

5000–10,000
40,000–125,000
6000–12,000
10,000–20,000

conductivities(b)
Calcium phosphate
Calcium sulfate
Magnetic iron oxide
Silicate scale (porous)
Steel
(a) Source: Ref 1.
(b) Source: Ref 3

k
W/m · K

Btu · in./h · ft2 · °F

3.6
2.3
2.9
0.09
24.5–44.7

25
16
20
0.6
170–310

Fig. 3 Schematic representation of the temperature profile from flue gas temperature (To)
to bulk steam temperature (Ts) for the clean tube and internally scaled conditions. Note
that the effect of inside-diameter scale is to raise tube metal temperatures.
In steam-cooled tubes, the internal magnetite scale thickness may be used to estimate the metal-temperature increase due
to the internal scale using Eq 10 and to estimate the average operating metal temperature from the scale thickness. Figure
4 plots scale thickness as a function of the Larson-Miller Parameter (LMP), T °R(20 + log t) where T °R = T(°F) + 460).
The equation of this scale-thickness curve is:
log X = 0.00022 (T + 460)
(Eq 12)
(20 + log t) - 7.25
where X is the scale thickness (in mils), T is temperature (in degrees Rankine), and t is operating time (in hours). Thus, by
measuring X from metallographic specimens and knowing t from plant operating records, T may be estimated.
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Fig. 4 Plot of scale thickness and oxide penetration versus LMP. X = 595 °C (1100
°F)/2500 h, Y = 620 °C (1150 °F)/2500 h, Z = 650 °C (1200 °F)/2500 h. Source: Ref 4
Caution should be exercised in the calculation of average operating temperatures. Equation 12 gives an average value, but
scale thickness is a function of the cumulative thermal history of the particular tube. Excessive metal temperatures during
a start-up for a short period of time on each start-up will increase scale thickness. One recent example indicated tube
metal temperatures above 815 °C (1500 °F) on initial boiler operation. No failure occurred, because pressure was
substantially lower than normal. At above 815 °C (1500 °F), the tube was renormalized. No chemical cleaning was
performed, and the boiler operated for 16 years. After this service history, the microstructure was mildly spheroidized
carbides, with pearlite colonies still well defined. Inside-diameter scale thickness indicated an average metal temperature
of nearly 570 °C (1060 °F). For the material in question, the two values were not in agreement; the microstructure, after
16 years of service at 570 °C (1060 °F), should have been fully spheroidized. It was not. Therefore, these calculations of
tube metal temperature are estimates—useful to be sure, but estimates only.
Figure 5 indicates the effects that different heat fluxes have on tube-wall temperature. In the region where subcooled
water contacts the tube (at left, Fig. 5), the resistance of the fluid film is relatively low; therefore, a small temperature
difference sustains heat transfer at all heat-flux levels. However, the resistance of a vapor film in steam of low quality is
relatively high; therefore, at the onset of film boiling, a large temperature difference between the tube wall and the bulk
fluid is required to sustain a high heat flux across the film. The effect of the onset of film boiling on tube-wall temperature
appears as sharp breaks in the curves for moderate, high, and very high heat fluxes in Fig. 5. With increasing heat flux,
the onset of unstable film boiling, also known as departure from nucleate boiling (DNB), occurs at lower steam qualities,
and tube-wall temperatures reach higher peak values before stable film boiling, which requires a lower temperature
difference to sustain a given heat flux, is established.

Fig. 5 Variation of fluid temperature and tube-wall temperature as water is heated
through the boiling point with low, moderate, high, and very high heat fluxes (rates of
heat transfer). See text for discussion. Source: Ref 5

At very high heat fluxes, DNB can occur at low steam quality, and the temperature difference between tube wall and bulk
fluid at a point slightly downstream from DNB is very high. Under these conditions, tube failure can theoretically occur
by melting of the tube wall, although in reality the tube will rupture because metal loses its strength, and therefore its
ability to contain pressure, before it melts. Departure from nucleate boiling is an important consideration in the design of
fossil-fuel boilers and nuclear reactors because heat flux can quickly exceed the failure point (burnout point) at local
regions in a tube if the tube does not receive an adequate supply of incoming feedwater.
In superheaters and reheaters, which normally operate at temperatures 30 to 85 °C (50 to 150 °F) higher than the
temperature of the steam inside the tubes, heat transfer is primarily controlled by the conductance of fluid films at the
inner and outer surfaces. Although higher heat fluxes cause higher tube-wall temperatures, deposits have a greater effect
on tube-wall temperatures and therefore on overheating.
A tube rupture caused by overheating can occur within a few minutes, or can take several years to develop. A rupture
caused by overheating generally involves fracture along a longitudinal path, typically with some detectable plastic
deformation before fracture. Longitudinal fracture may or may not be accompanied by secondary, circumferential
fracture. The main fracture usually has a fishmouth appearance (Fig. 6a) and is either a thick-lip or a thin-lip rupture.

Fig. 6 Type 321 stainless steel (ASME SA-213, grade TP321H) superheater tube that
failed by thick-lip stress rupture. (a) Overall view showing a typical fishmouth rupture.
Approximately 1 ×. (b) Unetched section from location between arrows in (a) showing
2

extensive transverse cracking adjacent to the main fracture (at right). Approximately
4 1 ×. (c) Specimen etched electrolytically in 60% HNO3 (nitric acid) showing
2

intergranular nature of cracking. 100×
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Thick-lip ruptures in steam-generator tubes occur mainly by stress rupture as a result of prolonged overheating at a
temperature slightly above the maximum safe working temperature for the tube material.
The failures are characterized by thick-edged fracture lips, little ductility or tube swelling, excessive internal scale, and
other evidence of oxidation or corrosion. The fracture is normal to the tube surface and parallel with the tube axis (Fig.
6a). The microstructure (Fig. 6b and c) exhibits evidence of creep damage, creep voids or cavitation, grain-boundary
separation, and outside-diameter and/or inside-diameter intergranular cracking or oxide penetration of the grain
boundaries. The carbide phase of ferritic steels is fully spheroidized.
Temperatures slightly above the design condition are caused by six factors. The first is increases in heat flux. In a
superheater or a reheater, partial blockage of the convection pass by fly ash will increase the flue-gas flow to certain
regions. Higher velocity will increase the steam-side heat-transfer coefficient, h0, and will increase metal temperature.
Flame impingement on a furnace wall tube will do the same thing.
The second factor is internal scale buildup. The thermal conductivity of steam or water-side scale or deposit can be about
5% that of steel. An insulating layer on the inside-diameter surface acts as a barrier to heat transfer. The net effect is an
increase in tube metal temperature. An estimate of this temperature increase can be calculated from Eq 10.
The third factor is reduced steam flow. Partial pluggage of steam-cooled tubes by exfoliated internal oxide scale will
reduce steam flow in certain tubes. Lower steam flow means a smaller steam-side heat-transfer coefficient and high metal
temperatures.
The fourth factor is uneven steam attemperation. One side of a high-temperature superheater or reheater may have steam
temperature up to 55 °C (100 °F) higher than the other due to uneven spray flow in the attemperation stage. Because the
steam-temperature increase from inlet to outlet of a high-temperature superheater should be uniform across the
superheater, differences in inlet temperature will lead to differences in tube metal temperature.
The fifth factor is uneven burner adjustments. Uneven flue-gas or oxygen distribution due to maladjusted or worn fuel
burners will have the same effect as an increase in heat flux.
Sixth is nonuniform steam flow. In the usual design of a superheater or a reheater, a tube-to-tube imbalance of steam flow
is factored into the metal-temperature calculations. On occasion, reality and prediction are quite different, and steam
temperatures of ±40 °C (±75 °F)— as opposed to the desired ±20 °C (±40 °F)— from the average occur.
Thin-lip ruptures (Fig. 7 and 8) are usually transgranular tensile fractures occurring at metal temperatures from 650 to 870
°C (1200 to 1600 °F). These elevated-temperature tensile fractures exhibit macroscopic and microscopic features that are
characteristic of the tube alloy and the temperature at which rupture occurred. A tensile fracture results from rapid
overheating to a temperature considerably above the safe working temperature for the tube material and is accompanied
by considerable swelling of the tube in the regions adjacent to the rupture that have been exposed to the highest
temperatures. As shown in Fig. 7, steam escaping at high velocity through the rupture will sometimes impose a reaction
force on the tube that is sufficient to bend it laterally. The higher and more uniform the degree of overheating, the greater
the likelihood of lateral bending.

Fig. 7 Thin-lip rupture in a boiler tube that was caused by rapid overheating. This
rupture exhibits a “cobra” appearance as a result of lateral bending under the reaction
force imposed by escaping steam. The tube was a 64-mm (2 1 -in.) outside-diameter × 6.42

mm (0.250-in.) wall thickness boiler tube made of 1.25Cr-0.5Mo steel (ASME SA-213,
grade T-11).
Ruptures caused by rapid overheating exhibit an obvious reduction in wall thickness caused by yielding adjacent
to the rupture, often to a knife-edge at the fracture surface, as shown in the inset in Fig. 8. Thinning also occurs in areas of
swelling adjacent to ruptures; near the rupture shown in Fig. 8, the tube wall was 67% as thick as it was opposite the
rupture, where the tube was shielded from exposure to hot gases.
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Fig. 8 Thin-lip rupture in a 64-mm (2 1 -in.) outside-diameter × 2.7-mm (0.105-in.) wall
2

thickness carbon steel furnace-wall tube that was caused by rapid overheating. Knife-edge
wall thinning at longitudinal main rupture is shown in cross section in the inset. Note
secondary, circumferential fracture at left end of the longitudinal main rupture.
There are three causes of these rapid failures. The first is tube blockage. In a superheater or a reheater, condensate collects
at low points in the steam circuit. A rapid start-up will lead to high metal temperature because no steam flows before the
condensate has time to evaporate. The second cause of rapid failure is tube leaks. In a water-wall tube, an undetected tube
leak low in the furnace will starve that tube. Higher in the furnace, reduced fluid flow allows DNB to occur at normal
firing conditions. Last is flame impingement. Very high heat fluxes will cause DNB and rapid high-temperature failure.
Even though tube-wall thinning characterizes all rapid-overheating failures, rapid overheating is not necessarily the cause
of all ruptures that exhibit tube-wall thinning. Erosion and corrosion are mechanisms that can also cause thinning and
subsequent rupture. Overheating may or may not occur in tubes thinned by erosion or corrosion.
Microstructural Features. Prolonged overheating, usually at temperatures below Ac1 (the temperature at which austenite
begins to form) in carbon and low-alloy steels, causes decomposition of pearlite into ferrite and spheroidal carbides,
which weakens tube materials. If continued overheating persists, it can cause formation of voids along grain boundaries
(Fig. 9a) and eventual grain separation (Fig. 9b), resulting in stress-rupture failure of the tube.

Fig. 9 Microstructures of specimens from carbon steel boiler tubes subjected to
prolonged overheating below Ac1. (a) Voids (black) in grain boundaries and
spheroidization (light, globular), both of which are characteristic of tertiary creep. 250×.
(b) Intergranular separation adjacent to fracture surface (top). 50×. Mottled areas in both
specimens are regions where pearlite has decomposed into ferrite and spheroidal
carbides. Both etched with 2% natal
Austenitic stainless steels can generally exhibit three types of metallurgical instability at elevated temperatures: carbide
formation or modification, ferrite precipitation, and σ-phase or χ-phase formation. The effects of σ phase are discussed in
detail in the article “Failure of Pressure Vessels” in this Volume. All three types of metallurgical instability may shorten
the stress-rupture life of stainless steels and can enhance the probability of tube failure with prolonged overheating.
Regardless of whether metallurgical instabilities occur, tube materials can fail by stress rupture if subjected to excessive
temperatures over sufficiently long periods of time.
Rapid overheating of boiler tubes made of carbon and low-alloy steels usually results in failure because of a decrease in
yield strength. If rupture occurs at a temperature below the recrystallization temperature, the microstructure near the
fracture will exhibit severely elongated grains (Fig. 10a). Rupture that occurs at a temperature between Ac1 and Ac3 may
exhibit a mixed microstructure of ferrite and upper transformation products (pearlite and bainite) resulting from the
quenching effect of escaping water or steam on the partly austenitic structure existing at the instant of rupture (Fig. 10b).
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Fig. 10 Typical microstructures of 0.18% C steel boiler tubes that ruptured as a result of
rapid overheating. (a) Elongated grains near tensile rupture resulting from rapid
overheating below the recrystallization temperature. (b) Mixed structure near rupture
resulting from rapid overheating between Ac1 and Ac3 and subsequent quenching by
escaping water or steam. Both etched with 2% nital. 250×
Microstructural evidence of overheating in the area of rupture is not conclusive proof that overheating occurred in service.
The microstructural features discussed above may have been present at the time the tube was installed in the boiler. Thus,
microstructural examination should be performed on the ruptured tube at a point some distance from the rupture, on an
adjacent tube, or, better still, on a sample of unused tubing from the same mill lot.
Example 1: Rupture of Low-Carbon Steel Boiler Tubes Because of Severe Overheating. After 7 months of service, two
low-carbon steel boiler tubes ruptured during a start-up period, causing extensive secondary damage to a two-drum
marine reheat boiler. The tubes were 50-mm (2 in.) in diameter and 5.6 min (0.220 in.) in nominal wall thickness and
were made to ASME SA-192 specifications.
Reports indicated that there had been sufficient water in the boiler 2 h before start-up. Six hours after start-up, the center
portions of two adjacent tubes in the boiling surface ruptured. The pressure and temperature of the steam at the time of
failure were reported to be 8.6 MPa (1.25 ksi) and 399 °C or 750 °F (boiling temperature: 300 °C, or 572 °F).
Examination of the boiler revealed no blocked tubes, and as determined with an audio gage, tube-wall thickness ranged
from 4.7 to 5.5 mm (0.185 to 0.215 in.). The ruptured section of one tube and sections of two apparently unaffected tubes
were submitted for laboratory examination.
Investigation. The outer surfaces of all of the tubing exhibited a general oxidized condition. The inner surfaces were
covered with an evenly distributed, thin, tightly adherent scale. Chemical analysis of the metal in the tube that ruptured
indicated that it was in compliance with ASME SA-192 specifications.
Polished and nital-etched specimens of the metal in both the ruptured and the unruptured tubes were examined
metallographically at a magnification of 500 × . Near the rupture edge in the failed tube, the microstructure consisted of
ferrite and acicular martensite or bainite (Fig. 11a). There were no indications of a cold-worked structure in this area;
hardness of the metal was 33 to 34 HRC. The microstructure and the lack of cold-worked metal indicated that a
temperature above the transformation temperature of 727 °C (1340 °F) had been reached. Examination of the
microstructure opposite the rupture revealed a lesser amount of lower transformation products; this indicated that the
maximum temperature was lower in this area of the tube than at the rupture, but was still higher than 727 °C (1340 °F).
The hardness of the metal opposite the rupture was 89 HRB.

Fig. 11 Microstructures of three specimens taken from severely overheated carbon steel
boiler tubes. The specimens were taken adjacent to a rupture in a tube (a), about 250 mm
(10 in.) from the rupture in the same tube (b), and from a nearby unruptured tube (c). All
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three structures contain martensite or other lower transformation products. All etched
with nital. 500×
The microstructure of the metal about 250 mm (10 in.) from the rupture (Fig. 11b) contained some small, randomly
located areas of acicular martensite or bainite in a ferrite matrix. Hardness of the metal was 80 to 82 HRB. The
microstructure of one of the unruptured tubes (Fig. 11c) revealed a considerable amount of martensite or bainite in a
ferrite matrix (hardness was 82 to 85 HRB), but the other unruptured tube had a structure of spheroidized carbide in a
ferrite matrix and a hardness of 72 to 73 HRB.
In order for lower transformation products to form in low-carbon steel, the metal must be heated above 727 °C (1340 °F)
and rapidly quenched. The microstructure of the ruptured tube indicated that this temperature was exceeded in the general
area of failure and was greatly exceeded at the rupture, where a temperature of at least 870 °C (1600 °F) had been
reached. Apparently, only one of the unruptured tubes had been heated above 727 °C (1340 °F).
Measurements of the wall thickness and outside diameter of the tubing showed that both the ruptured and the unruptured
tubes were swollen. The diameter of the failed tube near the rupture ranged from 52.4 to 52.9 mm (2.062 to 2.083 in.),
1
2

which was about 3 % greater than the diameter of the tubing as shipped from the mill (50.6 to 51.0 mm, or 1.992 to
2.010 in.). Records indicated that the original wall thickness of the tubing was 5.7 to 7.3 mm (0.226 to 0.286 in.), whereas
the wall thickness in the swollen regions was only 4.6 to 5.6 mm (0.182 to 0.221 in.).
The outside diameters of the two unruptured tubes could not be accurately measured because they had been split before
being shipped to the laboratory; however, the diameter was judged to be 51.8 mm (2.038 in.) minimum. The wall
thickness of the unruptured tubes was 5.1 to 5.7 mm (0.201 to 0.225 in.), which was further evidence that swelling due to
overheating had occurred in portions of the tube bank where no ruptures occurred.
Conclusions. The tubes failed as the result of rapid overheating. The microstructure, hardness, and scale thickness
indicated that temperatures above 727 °C (1340 °F) were reached in a large section of the boiler. The tubing at the rupture
area had reached a temperature of about 870 °C (1600 °F).
The boiler was heated too rapidly and to an excessively high temperature, at which time two tubes burst. This released a
flood of water that quenched the overheated tubes, which accounts for the martensite and other lower transformation
products in the microstructure. Because no evidence of tempered transformation products was found, it was concluded
that the tubes had been overheated only once—at the time of failure.
Evidence of severe overheating was also found in unruptured tubes. This indicated that widespread damage had occurred.
Consequently, the entire tube bank was replaced.
Effects of Deposits. During operation, a wide variety of deposits can form on both sides of heat-transfer surfaces. The
chemical properties of these deposits and the means by which they are accumulated on heat-transfer surfaces are
discussed in the section “Failures Caused by Corrosion or Scaling” in this article. Deposits can cause overheating failures
by changing the heat-transfer characteristics of a tube bank or of an individual tube.
Fuel-ash deposits on surfaces exposed to flue gases (fire-side deposits) can cause local hot spots by insulating portions of
the heat-transfer surface or, if the deposits are thick enough, by changing the flow pattern of flue gases through a tube
bank. In either instance, metal temperatures will be higher in regions devoid of fire-side deposits than in regions where
deposits are present.
When water-side deposits are present, tube-wall temperatures increase in the region of the deposits. A local region of
scale on the inside surface of a boiler tube interposes resistance to heat flow between the tube wall and the working fluid,
thus causing a temperature gradient across the scale and increasing tube-wall temperature in direct proportion to the
thickness of the scale (Fig. 12). It is important to keep water-side surfaces free of adherent scale, particularly in regions of
high heat flux, because of the effect on tube-wall temperatures. For example, as can be seen in Fig. 12(d), adherent scale
0.4 mm (0.016 in.) thick or thicker can cause the maximum metal temperature at the outside surface of the tube to exceed
the maximum allowable temperature for a 50-mm (2.0-in.) diam carbon steel boiler tube at a heat flux of 315,000 W/m2 ·
h; 1W = 1 J/s (100,000 Btu/ft2 · h). The effect of water-side scale on metal temperatures is more pronounced for smallerdiameter tubing and higher heat fluxes.

Fig. 12 Plots of scale thickness versus temperature for two sizes of boiler tubes and two
values of heat flux. (a) and (b) The effect of scale thickness on the temperature gradient
across the scale. (c) and (d) The effect of scale thickness on the temperature of the metal at
the outer surface of the tube. The graphs are based on a continuous, uniform scale, with a
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thermal conductivity of 14.4 W/m · K (10 Btu · in./h · ft2 · °F) on tubes in the film-boiling
region of a 690-kPa (100-psi) system (saturation temperature 285 °C, or 545 °F).
Many boilers are designed so that heat transfer at the boiling surface is controlled by fluid-film conductance. The
presence of scale on internal surfaces of tubes inhibits the vaporization process and can make it difficult to maintain
proper operating conditions in the boiler.
Causes of Overheating. Overheating can result from restriction of flow within a heated tube or from localized hot spots in
a tube wall. Water or steam within a tube extracts heat from the metal, thus cooling it. Mild restriction of flow favors a
small degree of overheating and failure by stress rupture; a sudden or severe restriction favors rapid overheating and
tensile failure. Mild restrictions can result from such causes as local imbalance of flow among tubes joined to a common
header, localized deposits near a tube inlet, or local variations in inside diameter because of variations in fabrication
techniques. Rapid overheating, which is most likely to occur at start-up, during periods of rapid fluctuation in steam
demand, or during periods of full-power operation, may be caused by sudden loss of circulation resulting either from
general loss of circulation, for example, feed-pump failure, or from local loss of circulation affecting only a few tubes.
Example 2: Rupture of Chromium-Molybdenum Steel Superheater Tubes Because of Overheating. Two instances of
superheater rupture occurred about 10 days apart in a stationary industrial boiler. Three tubes failed the first time, and
four tubes the second. The tubes, 64 mm (2.5 in.) in diameter and made of 1.25Cr-0.5Mo steel (ASME SA-213, grade T11), failed by two different types of rupture, and both types occurred in each instance of failure.
Investigation. Visual examination of each type of rupture revealed noticeable swelling of the tubes in the area of rupture
(Fig. 13). Relatively slight scaling, probably caused by high-temperature oxidation, was visible on fire-side surfaces, and
black deposits and white deposits were found on steam-side surfaces. Subsequent analyses by scanning electron
microscopy (SEM) and x-ray diffraction identified magnetic iron oxide (Fe3O4) as the major constituent in the black
deposit, and a complex sodium aluminum silicate as the major constituent in the white deposit. The nature and extent of
the scale did not suggest that it was a contributing factor in the failures.

Fig. 13 Superheater tubes made of chromium-molybdenum steel (ASME SA-213, grade
T-11) that ruptured because of overheating. (a) Tube that failed by stress rupture. (b)
Resultant loss of circulation and tensile failure

Metallographic examination indicated that the tubes with slight longitudinal splits (Fig. 13a) had failed by stress rupture
resulting from prolonged overheating at 540 to 650 °C (1000 to 1200 °F); the microstructure exhibited extensive
spheroidization and coalescence of carbides. In contrast, the larger ruptures (Fig. 13b) were tensile failures resulting from
rapid overheating to 815 to 870 °C (1500 to 1600 °F); a completely martensitic structure existed at the edges of the
ruptures in these tubes because of rapid quenching by escaping fluid.
Conclusions. Based on the evidence—especially that both types of rupture had occurred in each instance of failure—it
was concluded that the prolonged-overheating failures had been the primary ruptures and that local loss of circulation had
caused rapid overheating in adjacent tubes. The prolonged overheating was believed to have resulted from poor boiler
circulation and high furnace temperatures.
Rapid overheating frequently involves improper operation—specifically, delivering heat to the system more rapidly than
the boiler or superheater heat-transfer surface can transmit heat to the working fluid. At the beginning of this section,
DNB and its effect on tube-wall temperature was discussed. If a boiler is operated in a manner that causes DNB to occur
in a region of high heat flux where the system cannot accommodate this condition, a rapid-overheating failure is
inevitable. It is also possible that heat transfer at the boiling surface will be significantly lower than anticipated in design
of the boiler, with the result that the flue gases in the superheater or reheater section will be too hot and an overheating
failure in the superheater or reheater may occur. Uneven firing of a multiburner furnace can cause a similar effect,
especially when furnace conditions do not favor high turbulence of the flue gases.
Example 3: Rupture of a 1.25Cr-0.5Mo Steel Reheater Tube Because of Localized Overheating. This particular pendantstyle reheater, constructed of ASME SA-213, grade T-11, steel, had been plagued by a rash of failures. All failures were
similar in appearance and locations. The tubes measured 64 mm (2.5 in.) outside diameter × 3.4 mm (0.134 in.) specified
minimum wall thickness. A set of four tubes from several pendants was submitted for metallurgical evaluation. Figure
14(a) shows the four-tube set from the bottom of the pendant.

Fig. 14 Ruptured tubes from a pendant-style reheater. (a) As-received sections from the
toe of the reheater. (b) Creep-type failure typical of all the failed tubes. See also Fig. 15.
Investigation. Visual examination showed that all of the ruptures were similar. Figure 14(b) illustrates one of these narrow
fissure-type failures. Dimensional measurements showed no swelling except at the failure. Wall thickness away from the
rupture was 3.8 to 3.9 mm (0.148 to 0.154 in.), depending on precise location and on the tube—well above the specified
3.4 mm (0.134 in.). No corrosion or other excessive wastage was observed at any location, nor was any inside-diameter
deposit noted. Inside-diameter scale was quite uniform away from the fissure and measured 0.13 mm (0.005 in., or 5
mils). The inside-diameter scale at the fracture region measured up to 1.3 mm (0.050 in., or 50 mils). A small quantity of
loose debris was removed from the inside of one of the tubes; the particles were simply poured out as chunky bits.
Samples for microstructural analysis were taken through the failure lip, in line with the failure on the bottom of the
pendant 205 mm (8 in.) from the failure, and in the same plane as the failure but 180° around the perimeter of the tube.
The structure at the failure was completely spheroidized carbides in a ferrite matrix (Fig. 15a). The samples from
locations 2 and 3 are nearly normal ferrite and pearlite (Fig. 15b and c). The carbide phase was spheroidized, but the
pearlite colonies were still clearly defined.
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Fig. 15 Microstructures of the failed reheater tube in Fig. 14(b). (a) Section through the
failure lip showing a complete spheroidization of the carbide phase in ferrite. (b) Section
in the same plane as the failure, but 180° around the circumference of the tube. Structure
is nearly normal pearlite and ferrite. (c) Section taken 205 mm (8 in.) away from the
failure is also normal ferrite and pearlite. These three structures indicate the elevated
temperature is confined to a small area of the failure. All etched with nital. 500×
Energy-dispersive x-ray spectrometry (EDS) analysis of the debris showed the major constituent to be iron with traces of
phosphorus, manganese, sodium, calcium, copper, zinc, potassium, silicon, chromium, and molybdenum. Thus, the debris
is probably scale from the inside diameter of the tube (iron, manganese, silicon, chromium, and molybdenum), with boiler
feedwater chemicals (phosphorus, sodium, and calcium) from the attemperation spray. The other elements detected
(copper and zinc) also come from the spray, but indicate a feedwater heater or condenser-tube leak.
Using Eq 12 with X either 5 or 50 mils and a time, t, of 37,000 h (80% availability and 5

1
years of service on the
2

reheater), the average metal temperature is estimated to be about 650 °C (1200 °F) at the failure and about 540 °C (1000
°F) elsewhere.
Conclusion. The likely cause of failure is exfoliation of the scale from the inside-diameter surface of the tube. These small
particles collect at the lowest point of the pendant, effectively insulating the tube. Thus, a small localized area has a metal
temperature about 110 °C (200 °F) hotter than the rest of the circuit. At 650 °C (1200 °F), ASME SA-213, grade T-11, is
above its usual oxidation limit or maximum service temperature of 550 °C (1025 °F). Such service temperatures resulted
in the creep failures and the low reliability reported on this unit.
Recommendations. Because reheaters are more apt to experience exfoliation than superheaters and because prevention is
difficult, the most effective solution is to replace the affected tubes. Recommendations involved inspecting the tubes by
radiography to find the circuits with the greatest accumulation of debris and replacing them as necessary on an annual
basis.
Example 4: Creep Failure of a 2.25Cr-1Mo Steel Superheater Tube. This example concerns a creep failure taken from a
radiant superheater. There have been no reported creep failures in nearly 17 years of service. The boiler is coal fired.
Operating drum pressure is 18 MPa (2.6 ksi), and the outlet steam temperature is 540 °C (1005 °F). The failed tube is
specified as 50 mm (2 in.) outside diameter × 7.6 mm (0.300 in.) minimum wall thickness ASME SA-213, grade T-22,
material. Figure 16(a) shows the failure.

Fig. 16 2.25Cr-1Mo steel superheater tube that failed by creep. (a) As-received failure. (b)
Microstructure of the whole tube section is spheroidized carbides in ferrite. Etched with
nital. 500×
Investigation. Chemical analysis of the tube sample for chromium and molybdenum revealed:
Element Sample, % SA-213,
grade T-22
specification, %
Cr
2.35
1.90–2.60
Mo
0.91
0.87–1.13
This confirmed the material as T-22. Dimensional measurements in the area of the failure were 52.2/53.0 mm
(2.055/2.085 in.) outside diameter × 5.8/8.0 mm (0.230/0.315 in.) wall thickness. There was limited but measurable
swelling of the tube diameter of about 2.4 mm (0.094 in.). The measured wall thickness of 5.8 mm (0.230 in.) in line with
the failure and 8.0 mm (0.315 in.) 180° around the tube perimeter from the failure suggested that the tube wastage was
caused by corrosion or erosion.
The microstructure through the tube some 50 mm (2 in.) from the failure showed a complete spheroidization of the
carbides in a ferrite matrix (Figure 16b). Inside-diameter scale was measured as 0.34 mm (0.0134 in., or 13.4 mils).
At the time of the first creep failure, the question of the remaining life of the rest of the superheater must be addressed.
The log stress versus LMP curves given in Fig. 17 are useful in answering this query. There are three plots: minimum,
mean, and maximum failure lines. These curves were drawn from published stress-rupture data. The stress-rupture data
have a range of values, and the three curves in Fig. 17 reflect the uncertainty in these data. These curves show that for a
given stress, when a combination of time and temperature satisfies the LMP, a creep failure will occur:
LMP = (T + 460) (20 + log t)

(Eq 13)

where LMP is the Larson-Miller Parameter, T is temperature (in degrees Fahrenheit), t is time (in hours), and 20 is an
empirical constant.
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Fig. 17 Log stress versus LMP = (T + 460)(20 + log t) for SA-213, grade T-22. Source: Ref
6. The three data points are explained in Example. T °F + 460 = T °R
To use Fig. 17, the tube metal temperature and stress must be estimated. Service or operational time—113,000 h in this
case—can be obtained from plant records. If chemical cleaning had been performed on this superheater, then t would be
the operational hours since the cleaning. Equation 12 is used to estimate the tube metal temperature with X = 13.4 mils
(0.34 mm) and t = 113,000 h, and it gives T = 1060 °F (570 °C).
The stress for a cylinder with internal pressure is:
(Eq 14)
where S is stress (in pounds per square inch), P is internal pressure (in pounds per square inch), W is wall thickness (in
inches), DM is mean tube diameter (in inches) and is equal to D - W, and D is tube outside diameter (in inches). An
estimate of the original stress when tube was new is:

The present stress just before failure is:

The LMP at the time of failure is:
LMP = (1060 + 460) (20 + log 113,000)
= 38,000
The estimated design temperature, based on the tube geometry, a design pressure of 2.85 ksi (20 MPa), and the ASME
Boiler and Pressure Vessel Code rules for allowable stress given in Table PG 23.1 of the Code, is 1000 °F (540 °C) at this
location of the superheater. It is evident that the estimated operating temperature of 1060 °F (570 °C) is higher than the
estimated design temperature of 1000 °F (540 °C) and that the tube wastage has increased the actual operating stress from
6950 psi (48 MPa) to 10,500 psi (72 MPa).
There are three points plotted on Fig. 17:
1. The conditions at failure, 10,500 psi (72 MPa) and 38,000 LMP
2. The operating conditions if wastage had not occurred, 6950 psi (48 MPa) and 38,000 LMP
3. The operating conditions if the estimated design temperature of 1000 °F (540 °C) had been the operating
temperature, 6950 psi (48 MPa) and 36,600 LMP

Conclusion. Tube wastage hastened the failure. However, even in the absence of metal loss, the operating temperature
was too high, and failure was not surprising.
Recommendations. If this tube is representative, then all of the hottest tubes are suspect. To verify this, other samples
should be removed for a better understanding of the material condition of this superheater.
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Ruptures Caused by Embrittlement
Tube ruptures caused by embrittlement of the metal result from metallurgical changes within the tube metal that affect its
ability to sustain service loads. The main mechanisms are hydrogen damage and graphitization, which make normally
satisfactory alloys susceptible to brittle fracture.
Hydrogen damage in steam systems occurs primarily in steel components. At low to moderate temperatures, cracking
caused by hydrogen damage often resembles SCC, except that hydrogen-damage failures may exhibit little or no crack
branching. At the high temperatures common in steam generators and most high-pressure piping, hydrogen damage is
more likely to manifest itself as discontinuous intergranular cracking, often accompanied by decarburization (Fig. 18).
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Fig. 18 Micrograph of an etched specimen from a carbon steel boiler tube.
Decarburization and discontinuous intergranular cracking resulted from hydrogen
damage. 250×
In high-temperature hydrogen damage, discontinuous cracking occurs because of the precipitation of molecular hydrogen
(or methane resulting from hydrogen decarburization of the steel) along grain boundaries. Tubes that have undergone this
type of hydrogen damage often rupture as shown in Fig. 19, in which a portion of the tube wall is detached; this type of
rupture is sometimes termed a window fracture. High-temperature hydrogen damage can be confirmed by macroetching
with a hot 50% solution of hydrochloric acid; regions of hydrogen damage appear black and porous (Fig. 20).

Fig. 19 Window fracture. Typically results from hydrogen damage in carbon or low-alloy
steel boiler tubes

Fig. 20 Hydrogen damage (dark area) in a carbon steel boiler tube. The tube cross section
was macroetched with hot 50% hydrochloric acid.
Hydrogen is one of the normal products of the basic corrosion reaction between iron and water. Atomic hydrogen formed
at a corrosion site can combine with other hydrogen atoms to form molecular hydrogen, which becomes dispersed in the
working fluid; can become dissolved as ions in surrounding liquid; or can pass into the metal as highly mobile atoms.
Hydrogen damage results only from the last phenomenon.
Hydrogen damage is usually associated with thick internal deposits. Between the tube metal and the deposit, the steel is
actively being corroded either in acidic or basic conditions:
2H+ + Fe = Fe2+ + 2H (acidic conditions)

20H- + Fe O22 − + 2H (basic conditions)
Under these deposits, the tube metal temperature is higher than that for a clean deposit-free tube (note preceding
discussion). Hydroxide ion is concentrated by local boiling at the metal/deposit interface. The normal boiler water pH is
increased by the localized boiling. Corrosion rates increase with pH (Fig. 21). If all internal deposits are not removed
during chemical cleaning, the porous deposits will retain the cleaning acid. During start-up, the low pH will also lead to
rapid corrosion and will produce atomic hydrogen.

Fig. 21 Effect of pH on the corrosion rate of steel by water at 310 °C (590 °F). Source: Ref
7
Most of the dissolved atoms migrate through the tube wall and pass through the opposite surface, where they are carried
away by another fluid, usually flue gas. However, some of the dissolved hydrogen, the amount of which is determined
primarily by the concentration of the hydrogen and by the temperature of the metal, participates in the damaging
reactions.
Nascent or atomic hydrogen diffuses into the steel and reacts with iron carbide to form ferrite and methane:
4H + Fe3C = 3Fe + CH4
Methane is a large molecule and cannot diffuse out of the steel. It collects at ferrite grain boundaries and, when the
pressure is high enough, leaves cracks behind (Fig. 18).
Example 5: Rupture of a Carbon Steel Tube Because of Hydrogen-Induced Cracking and Decarburization. A 75-mm (3in.) outside-diameter × 7.4-mm (0.290-in.) wall thickness carbon steel boiler tube ruptured as shown in Fig. 22. The
fracture was of the brittle window type, without the fishmouth appearance characteristic of overheating failures.
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Fig. 22 Carbon steel boiler tube that ruptured due to hydrogen damage.
Investigation. Visual examination disclosed a substantial degree of corrosion on the water-side surface, leaving a rough
area in the immediate vicinity of the rupture. Microscopic examination of a cross section through the tube wall at the
fracture revealed decarburization and extensive discontinuous intergranular cracking (similar to the structure shown in
Fig. 18).
Conclusion. The combination of water-side corrosion, cracking, and decarburization observed in this instance led to the
conclusion that rupture had occurred because of hydrogen damage involving the formation of methane by the reaction of
dissolved hydrogen with carbon in the steel. Hydrogen was produced by the chemical reaction that corroded the internal
tube surface.
Recommendation. Steel embrittled by hydrogen can be restored to its original ductility and notched tensile strength only
if grain-boundary cracking or decarburization has not occurred. A low-temperature bake (3 h or more at 175 to 205 °C, or
350 to 400 °F) is usually sufficient to drive dissolved hydrogen out of a steel part, thus restoring ductility. However,
hydrogen damage involving internal cracking is irreversible; material embrittled in this manner is permanently degraded
and should be replaced.
Graphitization is a microstructural change that sometimes occurs in carbon or low-alloy steels that are subjected to
moderate temperatures for long periods of time. Graphitization results from decomposition of pearlite into ferrite and
carbon (graphite) and can embrittle steel parts, especially when the graphite particles form along a continuous zone
through a load-carrying member. Graphite particles that are randomly distributed throughout the microstructure cause
only moderate loss of strength.
Figure 23 presents graphitized microstructures in plain carbon steels, ASME SA-210, grade A-1. The addition of more
than 0.5% Cr stabilizes the iron carbide and prevents decomposition to graphite. Regardless of operating temperatures,
ASME SA-213, grades T-11 and T-22, do not show graphitized structures.

Fig. 23 Graphitized microstructure of SA-210-A-1 plain carbon steel. The structure is
ferrite and graphite with only a trace of spheroidized carbon remaining. Etched with
nital. 500×
Graphitization and the formation of spheroidal carbides are competing mechanisms of pearlite decomposition. The rate of
decomposition is temperature dependent for both mechanisms, and the mechanisms have different activation energies. As
shown in Fig. 24, graphitization is the usual mode of pearlite decomposition at temperatures below about 550 °C (1025
°F), and formation of spheroidal carbides can be expected to predominate at higher temperatures. Because graphitization
involves prolonged exposure at moderate temperatures, it seldom occurs in boiling-surface tubing. Economizer tubing,
steam piping, and other components that are exposed to temperatures from about 425 to 550 °C (800 to 1025 °F) for
several thousand hours are more likely than boiling-surface tubing to be embrittled by graphitization.

Fig. 24 Temperature-time plot of pearlite decomposition by the competing mechanisms of
spheroidization and graphitization in carbon and low-alloy steels. The curve for
spheroidization is for conversion of one-half of the carbon in 0.15% C steel to spheroidal
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carbides (Ref 8, 9). The curve for graphitization is for conversion of one-half of the carbon
in aluminum-deoxidized 0.5% Mo cast steel to nodular graphite (Ref 10).
The heat-affected zones (HAZ) adjacent to welds are among the more likely locations for graphitization to occur. Figure
25(a) shows a carbon-molybdenum steel tube that ruptured in a brittle manner along fillet welds after 13 years of service.
Investigation of this failure revealed that the rupture was caused by the presence of chainlike arrays of embrittling
graphite nodules (Fig. 25b and c) along the edges of HAZs associated with each of the four welds on the tube. Arrays of
graphite nodules were also found in the same locations on welds in several adjacent tubes, necessitating replacement of
the entire tube bank.

Fig. 25 Carbon-molybdenum steel tube that ruptured in a brittle manner after 13 years
of service, because of graphitization at weld HAZs. (a) View of tube showing dimensions,
locations of welds, and rupture. (b) Macrograph showing graphitization along edges of a
weld HAZ (A); this was typical of all four welds. 2×. (c) Micrograph of a specimen etched
in 2% nital, showing chainlike array of embrittling graphite nodules (black) at the edge of
an HAZ. 100×
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Failures Caused by Corrosion or Scaling
The mechanisms of corrosion, specific techniques for analyzing corrosion failures, and degradation of various alloys in
some of the more common corrosive mediums are discussed in detail in the article “Corrosive Wear Failures” in this
Volume. In this section, only some of the more common types of corrosion and corrosion-related failures that occur in
steam-power-plant components and equipment will be discussed.

Water-Side Corrosion
By far the most common corrodent encountered on water-side surfaces is oxygen. The three means by which oxygen may
be admitted to the water side of a steam system are:
•
•
•

During operation, air can leak into a closed system in regions where the internal pressure is less than atmospheric
pressure, that is, in regions between the outlet of the low-pressure turbine and the boiler feed pump
Usually, air is admitted to a system each time the system is opened for repair or cleaning
Free oxygen is released as a product of the dissociation of water molecules

Raw water used for initial filling and for make-up feed may contain one or more of the following: dissolved or emulsified
organic substances; suspended organic and inorganic substances; dissolved inorganic solids (silica and a wide variety of
inorganic compounds); and dissolved oxygen, nitrogen, and carbon dioxide. In addition, many industrial processes
involve organic and inorganic chemicals that can leak into a steam system and contaminate the condensate. Many of the
organic and inorganic contaminants in raw water or condensate can form scale or varnish on heated boiler tubes.
Contaminants also cause foaming in vapor-generating regions. Foaming causes gross mechanical carryover, or the
entrainment of water droplets in the steam. Carryover reduces turbine efficiency and may result in heavy deposition of
solids from the feedwater on superheater and reheater heat-transfer surfaces, in piping, and in turbines. Certain dissolved
substances, especially oxygen, carbon dioxide, chloride ions, and hydroxide ions, can cause corrosion or stress-corrosion
failures.
Because boiling-surface and economizer components are made mainly of carbon and low-alloy steel, they are corroded by
water or by oxygen dissolved in the water. Make-up water is usually purified, and chemicals are added to boiler feedwater
to control water-side corrosion; the type of purification and the type and concentration of the chemical additives vary with
operating pressure, type of boiler, and type and concentration of contaminants in the raw water and the recirculating
condensate. However, even with the most carefully controlled program of make-up purification and feedwater
conditioning, water-side corrosion cannot be eliminated entirely.
Iron reacts with oxygen and water to form one of the iron oxides or hydroxides. The corrosion product formed depends
primarily on the temperature of the metal at the corrosion site and on the concentration of oxygen in the surrounding
environment. In steam systems, general corrosion is rarely a mode of failure, because water treatment is employed to
prevent it. Despite all precautions, however, certain types of corrosion can still cause problems.
Types of Water-Side Corrosion in Boilers. In economizers and in boiling-surface components, pitting corrosion and
crevice corrosion are the main types of severe corrosion that occur.
In pitting corrosion, a small area is attacked because it becomes anodic to the rest of the surface or because of highly
localized concentration of a corrosive contaminant in the water. Pitting is often the direct result of local breakdown of
normally passive surface films. Pitting that occurs at relatively few and scattered sites can result in rapid perforation
because of the large ratio of cathode-to-anode area.
In crevice corrosion, oxygen is excluded from between two close-fitting surfaces or from beneath a deposit or particle on
a surface. The area within the crevice, or beneath the deposit, is anodic to the surrounding area because of the difference
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in oxygen concentration. The anodic areas are subject to relatively rapid attack, mainly because they are small in relation
to the surrounding cathodic area.
Corrosion of Components Exposed to Steam. Surfaces exposed to steam in superheaters, reheaters, steam piping, and
turbines usually do not corrode. However, certain conditions that exist during start-up, shutdown, and idle periods may
cause corrosion of these components.
The main cause of corrosion of components that are normally exposed to dry steam is moisture. When a high
concentration of oxygen is also present, as often occurs when a system has been opened to the atmosphere for
maintenance or repair, the potential for corrosion is enhanced. Moisture can be present in normally dry portions of the
system if strict procedures for exclusion of moisture are not followed during start-up, shutdown, and idle periods. It is
important to balance the flow of working fluid that is required to prevent overheating of superheater and reheater tubes
with the minimum flow required to maintain proper boiler circulation at low firing rates during start-up and shutdown.
This balance of flow is usually obtained by use of a steam-bypass system. It is important to avoid admitting steam of
excessively low quality to superheaters, reheaters, or turbines, especially during shutdown, because the high moisture
content can leave a film of water on normally dry surfaces. If metal surfaces are allowed to cool more rapidly than the
steam inside a component, condensation will occur, leaving small pools of water at low points in the component.
Example 6: Pitting Corrosion of a Carbon Steel Superheater Tube Caused by Oxygenated Water Trapped in a Bend. A
resistance-welded carbon steel superheater tube made to ASME SA-276 specifications failed by pitting corrosion and
subsequent perforation (Fig. 26), which caused the tube to leak. The perforation occurred at a low point in a bend near the
superheater outlet header after about 2 years of service in a new plant.

Fig. 26 Carbon steel superheater tube. Pitting corrosion and perforation were caused by
the presence of oxygenated water during idle periods.
During these 2 years, the plant had experienced a number of emergency shutdowns, which resulted in the boiler being idle
for periods of several days to several weeks. The superheater tubes could not be completely drained because of low
points.
Investigation. When the perforated bend was cut open, water-level marks were noticed on the inside surface above the
area of pitting. In addition, above the water-level marks, some slight pitting had occurred in an area where it appeared that
water had condensed and run down the surface. Microscopic examination disclosed that localized pitting had resulted
from oxidation.

Conclusions and Recommendations. Water containing dissolved oxygen had accumulated in the bends during shutdown.
Because the bends at low points could not be drained, cumulative damage due to oxygen pitting resulted in perforation of
one of the tubes.
This type of corrosion can be best avoided by completely filling the system with condensate or with treated boiler water.
Alkalinity should be maintained at a pH of 9.0, and approximately 200 ppm of sodium sulfite should be added to the
water.
Alternatively, dry nitrogen should be admitted to the system after steam pressure has dropped below 517 kPa (75 psi).
The dry nitrogen will purge the system, keeping internal surfaces dry while the temperature drops to ambient. The boiler
then should be sealed under 35-kPa (5-psi) nitrogen pressure, with the nitrogen feed line left connected to compensate for
any slight loss in pressure due to leakage.
Corrosion of Condensers and Feedwater Heaters. Corrosion of components that are exposed to condensate, primarily
condensers, feedwater heaters, and boiler-feed piping, is caused mainly by the presence of carbon dioxide in the
condensate. Carbon dioxide is produced when carbonates in the feedwater dissociate in the boiler. The carbon dioxide,
being gaseous, is carried along in the steam through the turbine and into the condenser, where it dissolves in the liquid
condensate. The mildly acidic solution (dilute carbonic acid) that results from contamination of condensate by carbon
dioxide is corrosive to the copper alloy or low-carbon steel components in the preboiler portions of the system.
The main problem caused by corrosion of copper alloys is that soluble copper in the feedwater may be plated out on steel
surfaces in the boiler or economizer, where galvanic corrosion can result in pitting of steel tubing. If soluble copper salts
are present during chemical cleaning, metallic copper can be readily deposited on steel surfaces. The resultant layer of
flash plating can be harmful if it covers a sufficiently large area and is continuous. Although extensive deposition of
copper in mud drums, attemperators, and similar components has occurred in some instances without subsequent galvanic
corrosion of adjacent steel surfaces, removal of copper and copper salts from the components before the acid-treatment
stage of chemical cleaning avoids this problem.
Condensers are subject to corrosion not only by the working fluid but also by the cooling medium. Lakes, rivers, and
other sources of fresh water are highly oxygenated and often contain significant concentrations of various industrial
wastes; these contaminants are occasionally sources of significant corrosion. When external corrosion of condenser
elements occurs, leakage of the contaminated water into the working fluid can cause severe disruption of the chemical
balance in high-temperature regions of the system, leading to corrosion or fouling of boiler tubes. Marine systems and
stationary plants at seaside locations are subject to special problems because of the salinity of the cooling water.
One instance of condenser corrosion involved a heat exchanger that was used during shutdowns for rapid cooling of a
steam generator. During long periods between shutdowns, the heat exchanger was allowed to remain idle with stagnant,
highly oxygenated lake water on the shell side. Pitting corrosion caused premature failure of the carbon steel tubes. The
entire tube bundle was replaced using copper alloy C70600 (copper nickel, 10%), which resists this type of attack.
Protection From Corrosion During Operation. Control of corrosion and scaling generally involves three processes:
removal of dissolved solids, oxygen scavenging, and control of pH. Solids are removed primarily by chemical treatment
or demineralization of make-up feedwater. Oxygen scavenging and control of pH are mainly accomplished by chemical
treatment of boiler feedwater. Feedwater treatments commonly used for control of pH include conventional phosphate,
coordinated phosphate, chelant, and volatile treatments. The first three also control scaleforming hardness constituents by
reacting with the dissolved solids to form substances that can be removed by blowdown. In volatile treatment, which is
used mainly when boiling pressure exceeds 12.5 MPa (1.8 ksi), pH is controlled by the addition of a volatile amine, such
as ammonia; total solids are maintained below 15 ppm for drum boilers, or below 50 ppb for once-through boilers, by
demineralization. Conventional phosphate treatment is the least sensitive to upsets resulting from leakage of contaminants
into the system. Volatile treatment cannot remove hardness constituents and is therefore extremely sensitive to upsets.
Oxygen and other dissolved gases are removed primarily through the use of deaerating heaters. Typical dissolved-oxygen
concentrations at the deaerator outlet seldom exceed 7 ppb. Chemical scavenging of the remaining dissolved oxygen is
accomplished by addition of sodium sulfite or hydrazine in drum boilers that operate below 12.5 MPa (1.8 ksi) or by
addition of hydrazine in once-through boilers or in drum boilers that operate at pressures above 12.5 MPa (1.8 ksi).
Corrosion Control in Nuclear Systems. Coolant for primary loops of pressurized-water reactors consists of high-purity
water to which a rather large quantity of boric acid is added. Because the primary loop is constructed largely of stainless
steel, halogen ions must be eliminated to avoid halide cracking. Oxygen is scavenged chiefly by pressurizing with
hydrogen. Other contaminants are limited by using high-purity make-up feedwater and purified additives.
Secondary-loop treatment generally follows the methods used for supercritical boilers, that is, control of solids by
demineralization, oxygen scavenging with hydrazine, and control of pH with ammonia.
Boiling-water reactors make use of a side-stream loop, in which a portion of the circulating coolant in the reactor is
continually purified; oxygen is removed by mechanical deaeration, and no chemical scavengers are used.
Protection From Corrosion During Idle Periods. The oxygen scavengers that are normally added to feedwater during
operation usually provide sufficient protection from corrosion for short idle periods, probably not exceeding 24 h. For
longer idle periods, components should be drained and filled with dry inert gas (nitrogen, helium, or argon) or should be
protected by wet lay-up. Depending on the characteristics of the system, wet lay-up may consist of filling the system with
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deoxygenated water treated with caustic to a high pH, deoxygenated water treated with about 200 ppm of an oxygen
scavenger, or treated deoxygenated water plus a cover of nitrogen gas called a nitrogen cap. Continuous recirculation of
demineralized deoxygenated water is often used for protection against corrosion during lay-up of large central-station
boilers.
To a certain extent, the volatile amines used to control corrosion of surfaces contacted by steam or condensate will also
help to protect these surfaces during idle periods, but use of dry inert gas is preferable for this purpose.

Scaling
In most systems, the pH of the feedwater is maintained between 8.0 and 11.0 The optimum pH level, which is established
by experience for each installation, is the level that keeps the amounts of iron and copper corrosion products in the boiler
to a minimum. When water treatment is inadequate or control of pH is lax, there is a potential for excessive water-side
corrosion in economizer and boiling-surface tubes. If thick corrosion scale forms, overheating failures can result.
However, the major source of water-side scale in boilers is not corrosion but dissolved solids in the feedwater.
Compounds containing iron, calcium, magnesium, and sodium cations normally exist in most raw water; the usual anions
are bicarbonate, carbonate, sulfate, and chloride radicals. Calcium and magnesium compounds (water hardness
compounds) become less soluble in water as temperature is increased. These hardness compounds separate from solution
at temperatures common in economizers and boilers and usually precipitate as tube-wall deposits, or hardness scale. As is
true for corrosion scale, hardness scale is undesirable in regions of high heat transfer because it can cause rapid
overheating of tube material. In addition, hardness scale may be somewhat porous. Dissolved solids in the boiler water, as
well as strong alkalis sometimes used to treat feedwater, can be concentrated in the pores, which may lead to severe
pitting corrosion of the tube surface beneath the hardness scale.
Scaling in Superheaters. Deposition of solids as scale in superheater tubing occurs primarily as the result of carryover of
water droplets in wet steam. When carryover occurs, water droplets vaporize in the superheater, and any nonvolatile
solids present in these droplets are deposited on heat-transfer surfaces. Deposits may not be as likely to cause rapidoverheating failures in superheater tubing as in boiling-surface tubing because of the lower heat flux in superheaters.
However, because superheaters operate at higher metal temperatures than boilers, scaling may lead to stress-rupture
failure or to loss of ductility because of such metallurgical changes as σ-phase formation or spheroidization of carbides.
Deposition in Turbines. Silica is the substance most commonly deposited in turbines, although other feedwater solids may
also be found. At the higher boiling temperatures associated with high-pressure subcritical systems and with supercritical
systems, a portion of the silica in the feedwater will volatilize and will be carried into the turbine along with the steam. As
heat is extracted from the working fluid, steam temperature drops; volatile silica becomes nonvolatile and deposits out of
the vapor stream onto turbine blades and surfaces of interstage passages. These deposits interfere with fluid flow in the
turbine, resulting in a loss of power.
Silica, which is present in most raw water, is not removed by the same treatments used for control of water hardness;
consequently, when silica deposition is excessive, special treatments must be used.
Removal of Water-Side Scale. Periodic removal of scale from internal surfaces in boilers and economizers is part of the
normal maintenance of this equipment. Removal of scale can minimize unscheduled outages caused by tube rupture due
to overheating. In addition, internal cleanness is an important factor in maintaining high thermal efficiency and low
operating cost.
Although mechanical methods of scale removal can be used, chemical cleaning with a suitable inhibited acid offers the
advantages of less downtime; lower cost; ability to clean otherwise inaccessible areas, such as sharp bends, irregular
surfaces, crevices, and small-diameter tubes; and ability to clean internal surfaces without dismantling the unit. The
particular acid and inhibitor that are appropriate for a specific situation depend on the composition and adherence of the
deposits, the type of cleaning method (circulation or soaking), and the type of materials being cleaned—especially in
applications that involve alloys with high chromium contents.
Chemical cleaning should be supervised by a competent chemist to ensure maximum effectiveness and safety and to
ensure that cleaning solutions do not excessively corrode base metal under deposits. In chemical cleaning of nuclear
steam generators, additional precautions must be taken in disposing of the solutions and in ensuring that personnel are not
exposed to radioactive wastes from the cleaning process.
Chemical cleaning should always be followed by thorough flushing to remove loosened deposits and residual acid, after
which the boiler should be filled with a neutralizing and passivating solution to prevent the clean metal surfaces from
rusting. Chemical cleaning is not a substitute for adequate water treatment. Corrosion and scale deposition can lead to
severe deterioration of tube materials, and the chemical-cleaning process itself removes a thin layer of base metal along
with the deposits.

Fire-Side Corrosion

Except for most gaseous fuels, combustion of fossil fuels produces solid, liquid, and gaseous compounds that can be
corrosive to structural components and heat-transfer surfaces. In addition, deposits of solid and liquid residues in gas
passages can alter the heat-transfer characteristics of the system, with potentially severe effects on system efficiency and
tube-wall temperatures.
Residues from the combustion process, called ash, normally constitute 6 to 20% of bituminous coals, but may run as high
as 30%. The composition of coal ash varies widely, but is composed chiefly of silicon, aluminum, iron, and calcium
compounds, with smaller amounts of magnesium, titanium, sodium, and potassium compounds.
Wood, bagasse (crushed juiceless remains of sugar cane), and other vegetable wastes used as fuel in some industrial
plants contain lower amounts of ash than coal does. In many respects, however, the compositions of these vegetable ashes
resemble that of coal ash.
Fuel oils have ash contents that seldom exceed 0.2%. Even so, corrosion and fouling of oil-fired boilers can be
particularly troublesome because of the nature of oil-ash deposits. The main contaminants in fuel oil are vanadium,
sodium, and sulfur—elements that form a wide variety of compounds, many of which are extremely corrosive.
Regardless of the fuel, there are similarities in all rapid fire-side corrosion circumstances. A liquid phase forms in the ash
deposit adjacent to the tube surface. Once a liquid phase forms, the protective oxide scale on the tube surface is dissolved,
and rapid wastage follows. In coal-fired boilers, the liquid phase is a mixture of sodium and potassium iron trisulfate—
(Na3Fe(SO4)3 and K3Fe(SO4)3, respectively. Mixtures of these melt at as low as 555 °C (1030 °F). In oil-fueled boilers the
liquid phase that forms is a mixture of vanadium pentoxide (V2O5), with either sodium oxide (Na2O) or sodium sulfate
(Na2SO4). Mixtures of these compounds have melting points below 540 °C (1000 °F).
Coal-Ash Corrosion. During combustion of coal, the minerals in the burning coal are exposed to high temperatures and to
the strongly reducing effects of generated gases, such as carbon monoxide and hydrogen. Aluminum, iron, potassium,
sodium, and sulfur compounds are partly decomposed, releasing volatile alkali compounds and sulfur oxides
(predominantly SO2, plus small amounts of SO3). The remaining portion of the mineral matter reacts to form glassy
particles known as fly ash.
Coal-ash corrosion starts with the deposition of fly ash on surfaces that operate predominantly at temperatures from 540
to 705 °C (1000 to 1300 °F), primarily surfaces of superheater and reheater tubes. These deposits may be loose and
powdery, or may be sintered or slag-type masses that are more adherent. Over an extended period of time, volatile alkali
and sulfur compounds condense on the fly ash and react with it to form complex alkali sulfates, such as KAl(SO4)2 and
Na3Fe(SO4)3, at the boundary between the metal and the deposit. The reactions that produce alkali sulfates are believed to
depend in part on the catalytic oxidation of SO2 to SO3 in the outer layers of the fly-ash deposit. The exact chemical
reactions between the tube metal and the ash deposit including the alkali iron trisulfates are not well defined. However, in
every example studied, the ash and corrosion products contain both carbon and sulfides. The sulfides cannot exist in a
strongly oxidizing environment. Thus, at least on the tube surface, the conditions are reducing. The following coal-ash
corrosion characteristics are common:
•
•
•
•

•
•

•

Rapid attack occurs at temperatures between the melting temperature of the sulfate mixture and the limit of
thermal stability for the mixture
Corrosion rate is a nonlinear function of metal temperature, being highest at temperatures from 675 to 730 °C
(1250 to 1350 °F)
Corrosion is almost always associated with sintered or glassy slag-type deposits
The deposit consists of three distinct layers (Fig. 27). The porous, outermost layer comprises the bulk of the
deposit and is composed essentially of the same compounds as those found in fly ash. The innermost layer (heavy
black lines, Fig. 27) is a thin, glassy substance composed primarily of corrosion products of iron. The middle
layer, called the white layer, is whitish or yellowish in color, is often fused, and is largely water-soluble,
producing an acid solution. The fused layers contain sulfides as part of the corrosion product and can be easily
detected by means of a sulfur print
Coal-ash corrosion can occur with any bituminous coal, but is more likely when the coal contains more than 3.5%
sulfur and 0.25% chlorine
None of the common tube materials is immune to attack, although the 18-8 austenitic stainless steels corrode at
slower rates than lower-alloy grades. Although they vary widely depending on environment and operating
conditions, corrosion rates of 2.25Cr-1Mo steel are in the range of 0.4 to 1 mm (15 to 40 mils, or 0.015 to 0.040
in.) per year, while the 18-8 stainless steels similar to 304 corrode in the range of 0.08 to 0.1 mm (3 to 5 mils, or
0.003 to 0.005 in.) per year
The overall appearance of the wasted tube surface is rough, with what is termed an alligator hide appearance
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Fig. 27 Schematic illustration of the three layers formed during coal-ash corrosion of a
superheater tube.
Because the layer next to the tube contains sulfides, the likely net corrosion reaction is:
2C + SO2 + Fe = FeS + 2CO
It also seems probable that coal-ash corrosion of superheaters and reheaters can be reduced by better, more complete
combustion of the coal. Because the corrosion occurs in the presence of carbon, removal of the carbon would seem to
reduce the wastage.
Particles of fly-ash deposit on superheater and reheater tubes in a characteristic pattern (Fig. 27) in relation to the
direction of flue-gas flow. The tube surfaces are corroded most heavily beneath the thickest portions of the deposit. When
deposits are removed, shallow macropitting can be seen. Eventually, the tube wall becomes thinned to the point at which
the material can no longer withstand the pressure within the tube, and the tube ruptures.
Example 7: Coal-Ash Corrosion of a Chromium-Molybdenum Steel Superheater Tube. The top tube of a horizontal
superheater bank in the reheat furnace of a steam generator ruptured as shown in Fig. 28 after about 7

1
years of service
2

1
2

(normal service life would have been 30 years). The tube consisted of 64-mm (2 -in.) diam × 5.6-mm (0.220-in.) wall
1
2

thickness ferrite steel tubing welded to 64-mm (2 -in.) diam × 3.4-mm (0.134-in.) wall thickness austenitic stainless
steel tubing. The rupture occurred in the ferritic steel tubing near the welded joint.

Fig. 28 2.25Cr-1Mo steel superheater tube that ruptured because of thinning by coal-ash
corrosion.
The ferritic steel tubing, used in the low operating temperature portion of the tube, was made of 2.25Cr-1Mo steel (ASME
SA-213, grade T-22); the austenitic steel tubing was made of type 321 stainless steel (ASME SA-213, grade TP321H).
The surface temperature of the tube was 620 to 695 °C (1150 to 1280 °F), which was higher than the operating
temperature in use up to about 9 months earlier. At that time, the exit-steam temperature had been raised from about 520
°C (970 °F) to about 540 °C (1000 °F).
Investigation. The ferritic steel portion of the tube had split longitudinally for about 38 mm (1

1
in.) along the top surface.
2

Heavy corrosion had occurred in the region of the rupture (portion at left of rupture, Fig. 28).
The top surface of the tube in the rupture area was free of deposits, but the sides and bottom were covered with a heavy
accumulation of red and white deposits that had a barklike appearance (Fig. 28). The nearby stainless steel portion was
free of deposits, but did show some pitting corrosion.
Spectrographic analysis showed that the ferritic tube steel contained 2.10% Cr and 1.10% Mo, both of which were within
specified limits.
The white deposit was identified as sodium-potassium sulfate [(Na,K)SO4], containing about 3% alkali acid sulfate
[(Na,K)HSO4]. The red deposit was found to be mainly Fe2O3 plus about 5% SiO2, 2% Al2O3, and 0.5% Cr2O3. Attack of
the steel by the alkali acid sulfate, which has a low melting point, thinned the tube wall and produced the red deposit. This
type of corrosion is known to be severe on chromium-molybdenum steel at temperatures of about 595 to 705 °C (1100 to
1300 °F). Where the tube surface had been exposed to intermittent blasts of air from soot blowers, the corrosion products
had been carried away. Although stainless steel is also vulnerable to this type of attack, the reaction is slower, and only a
slight amount of tube-wall thinning was detected on the stainless steel portion of this tube.
The operating records showed two probable causes of the corrosion: the increase in operating temperature and the use of
coal with an ash-fusion temperature 28 °C (50 °F) lower than normal during the week before the failure. Use of this coal
could have caused severe slagging conditions in the boiler.
Sectioning of the tube through the region of failure showed that the attack by the alkali acid sulfate had significantly
reduced tube-wall thickness. Metallographic examination revealed a structure that was largely normal except for marked
spheroidization of the carbides, which indicated appreciable service time at temperatures close to the Ac1 temperature.
Conclusions. Rupture of the tube was attributed to thinning of the wall by coal-ash corrosion to the point at which the
steam pressure in the tube constituted an overload of the remaining wall. The attack was accelerated by the increase in
operating temperature and may have been influenced by temporary use of an inferior grade of coal.
Corrective Measures. Adjacent tubes, which also showed evidence of wall thinning, were reinforced by pad welding.
Type 304 stainless steel shields were welded to the stainless steel portions of the top reheater tubes and were held in place
about the chromium-molybdenum steel portions of the tubes by steel bands. These shields were intended as a temporary
expedient against coal-ash corrosion, not as a permanent solution. Because the shields would not be cooled by steam flow,
their temperatures were expected to be about 705 °C (1300 °F), the maximum at which coal-ash corrosion would occur,
and little corrosion was anticipated. The replacement for the ruptured tube was left bare to permit assessment of the
degree of corrosion that would ensue after the improvements in coal quality and operating temperature were adopted.
The superheater operated for about 10 years with no further ruptures or additional repairs. At that time, the tubes were
inspected, and those that were thinned the most were replaced; this amounted to about 10% of the superheater bank.
Furnace-wall corrosion is also a problem on occasion in coal-fired boilers. The first principal cause of furnace-wall
corrosion is the reducing conditions. Just above the stoker or around wall burners, low-oxygen conditions may exist.
Radiation from the flame can lead to high skin temperatures. Reduction of the protective oxide film on the steel tube
exposes the metal and leads to quite rapid metal loss. Corrosion rates up to 6.4 mm (0.250 in., or 250 mils) per year are
reported. Worst-case examples are steam leaks after 2000 h of operation in a stoker-fired unit. Corrosion morphology is
smooth, fairly uniform wastage.
The second principal cause is low-melting ash constituents. Rapid wastage by components of the coal ash has also been
frequently observed. Differential-scanning calorimeter measurements have measured ash melting points between 335 and
410 °C (635 and 770 °F), well within the operating temperatures of water walls. Chordal thermocouples have measured
temperature spikes of 30 to 55 °C (50 to 100 °F) during soot-blower operation and during slag falls. Such rapid
temperature excursions coupled with liquid-ash constituents lead to a thermal fatigue component in these failures.
Circumferential grooves spaced along the length of the tube are characteristic of this corrosion attack (Fig. 29).
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Fig. 29 Thermal fatigue plus liquid-ash corrosion on water walls leads to circumferential
grooving. The cross section in an axial plane nearly parallel to the tube axis shows the
deep fingerlike penetrations into the wall. Etched with nital. 210×. Courtesy of Riley
Stoker Corp.
Oil-Ash Corrosion. During combustion of fuel oils, organic compounds (including those containing vanadium or sulfur)
decompose and react with oxygen. The resulting volatile oxides are carried along in the flue gases. Sodium, which is
usually present in the oil as a chloride, reacts with the sulfur oxides to form sulfates. Initially, vanadium pentoxide (V2O5)
condenses as a semifluid slag on furnace walls, boiler tubes, and superheater tubes—in fact, virtually anywhere in the
high-temperature region of the boiler. Sodium oxide reacts with the vanadium pentoxide to form complex compounds,
especially vanadates (nNa2O·V2O5) and vanadylvanadates (nNa2O·V2O4·mV2O5). These complex compounds, some of
which have melting temperatures as low as 249 °C (480 °F), foul and actively corrode tube surfaces.
Slag of equilibrium thickness (3.0 to 6.4 mm, or 0.12 to 0.25 in.) has developed in experimental furnaces within periods
of time as short as 100 h. Slag insulates the tubes, resulting in an increase in the temperature of the slag, which in turn
increases the rate of corrosion and promotes further deposition of ash. Thicker slag deposits generally lead to greater
corrosion, because slag temperatures are higher and more of the corrodent is present to react with tube materials.
However, higher slag temperatures also make the slag more fluid so that it will flow more readily on vertical surfaces.
Consequently, slag generally builds up in corners and on horizontal surfaces, such as at the bases of water walls and
around tube supports in the superheater.
Oil-ash corrosion affects all the common structural alloys. Even highly corrosion-resistant materials, such as 60Cr-40Ni
and 50Cr-50Ni cast alloys, which are sometimes used for superheater-tube supports, are not immune. In addition,
nonmetallic refractory materials used for furnace linings are attacked by vanadium slag; the mechanism of this attack
appears to be a dissolution or stagging type of attack rather than the direct chemical attack that characteristically occurs
with metals.
Low-Temperature Corrosion. In low-temperature zones of flue-gas passages, corrosion is caused chiefly by condensed
water vapor containing dissolved SO3 and CO2. The dew point of sulfuric acid, which is the most active corrodent,
ordinarily ranges from 120 to 150 °C (250 to 300 °F) for SO3 concentrations of 15 to 30 ppm, which are common for
coal-fired boilers. The dew point of the acidic vapors depends on the amount of moisture in the fuel and in the
combustion air, the quantity of excess air, the amount of hydrogen in the fuel, and the amount of steam used for soot
blowing—all of which influence the amount of water vapor in the flue gas.
Condensation of acidic vapors is most prevalent in air heaters, precipitators, stack coolers, flues and stacks, and near the
inlets of economizers in units without feedwater heaters. Factors that increase the likelihood of acid condensation include
low flue-gas flow, such as occurs during start-up and during periods of low-load operation, excessively low flue-gas exit
temperatures during normal operation, too great an amount of excess air of high humidity, and very low atmospheric

temperatures. Figure 30 shows a graph of suggested minimum metal temperatures for avoiding external corrosion in
economizers and air heaters; the temperatures are plotted as functions of the type of fuel and the amount of sulfur in the
fuel.

Fig. 30 Suggested minimum metal temperatures to avoid flue-gas corrosion in
economizers and air heaters plotted as a function of as-fired sulfur contents of various
fuels. Source: Ref 1
Low-alloy steels, particularly those containing copper, have been used successfully in economizers and air heaters that are
prone to low-temperature corrosion. An additional advantage of these alloys is their good resistance to pitting caused by
excess oxygen in boiler water.
The deposits that form as a result of low-temperature corrosion may contain corrosion products, fly ash, and the products
of chemical reaction of the condensed acid with fly-ash constituents. Many of the compounds in these deposits are water
soluble and can therefore be removed conveniently by washing the affected areas with water. However, the deposits
sometimes become difficult to remove, especially when they are allowed to accumulate until they completely plug
passages or when they contain insoluble compounds, such as calcium sulfate.
Low-temperature corrosion is encountered more often in oil-fired units than in coal-fired units, because the vanadium in
oil-ash deposits is a catalyst for oxidation of SO2 to SO3 and because oil firing produces less ash than coal firing. In coalfired units, a substantial portion of the sulfur oxides is absorbed by fly-ash deposits in the high-temperature regions,
where the sulfur oxides participate in coal-ash corrosion. Furthermore, coal ash, which is composed chiefly of basic
compounds, partly neutralizes the condensed acids when it deposits on moist surfaces in low-temperature regions. Oil ash,
which is mainly acidic, is incapable of neutralizing condensed acids.
Control of Corrosion. Fire-side corrosion can rarely be eliminated altogether. Obviously, if alkali and sulfur could be
removed from coal, or vanadium and sulfur from oil, prior to combustion, fire-side corrosion would largely disappear.
However, although there are some processes for removing contaminants from these fuels, they are expensive and partly
ineffective. Reduction of fire-side corrosion can be accomplished by one or more of the following methods, which are
listed in approximately the descending order of their effectiveness:
•
•
•
•
•

Fuel selection
Combustion control
Boiler design and construction
Periodic ash removal
Use of fuel additives

Frequently, several of these measures are required rather than just one.
Fuel Selection. Use of ashless or sulfur-free fuel is perhaps the most direct means of minimizing fire-side corrosion. Most
natural and manufactured gaseous fuels are ashless, whereas most oils, coals, cokes, vegetation, residues, and waste gases
have some ash content. Any type of fuel may contain sulfur; few coals, oils, tars, or burnable wastes are sulfur free,
whereas gases are more likely to be sulfur free or to have low sulfur contents. Some fuels, such as the black liquor burned
in kraft-mill recovery furnaces, have very substantial sulfur contents.
Some boilers are fitted with burners that can use more than one type of fuel; others are fitted with auxiliary burners to
permit firing of secondary fuels (generally, main and auxiliary burners are not fired together). Most boilers are built to
burn only one type of fuel; thus, selection of low-ash or low-sulfur fuel involves selection of a specific type of boiler as
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well. The boiler operator should always be aware of the composition of the fuel being burned so that operating conditions
can be adjusted to minimize ash deposition.
Use of a high-sulfur fuel sometimes cannot be avoided. In such instances, close control of operating conditions is
mandatory. For example, in a fire-tube boiler that burned sulfur-contaminated refinery gas, leaks in the carbon steel tubes
in the fifth pass caused the boiler to be taken out of service. Sulfuric acid corrosion on the internal surfaces of the tube
was determined to have caused the leaks. Apparently, the operator had failed to purge the boiler by burning fuel gas with
a low sulfur content for a sufficient length of time prior to several previous shutdowns, and acid had condensed in the
tubes as the boiler cooled through the dew point of the acid in the flue gas. Corrosion of this type normally is not a
problem, provided that clean fuel gas is burned long enough to expel all sulfur compounds from the tubes before the
boiler is allowed to cool down.
Combustion control —that is, adjustment of firing rate, amount of excess air, air temperature, and amount of recirculated
flue gas (applicable only to boilers equipped for gas tempering)—can be very effective in controlling the amount and
composition of ash deposits. For example, in an experimental boiler burning high-vanadium high-sulfur residual oil, it
was found that reducing the amount of excess air from 7% down to 1 to 2% reduced the rate of corrosion of 18-8 stainless
steel superheater tubes by as much as 75%. This reduction in corrosion rate apparently occurred because the low amount
of excess air did not permit oxidation of vanadium and sulfur to their highest states of oxidation and thus prevented
formation of the most corrosive oil-ash compounds. Low-temperature corrosion was virtually eliminated by maintaining
excess air at 1 to 2%. This effect of low excess air on low-temperature corrosion has been widely substantiated, but the
results are not as conclusive for high-temperature corrosion.
Boiler design and construction, including tube size and spacing, furnace configuration, size and direction of flue-gas
passages, and size and location of baffles or shields, can help control ash deposition. The ability to make changes in boiler
design specifically for the purpose of corrosion control is somewhat limited by the need to maintain proper gastemperature distribution in order to facilitate efficient generation of steam.
Periodic ash removal, although less effective in controlling fire-side corrosion than procedures that reduce ash deposition,
is nevertheless an important aspect of boiler operation. Ash removal prevents development of conditions that alter the
distribution of metal temperatures on heat-transfer surfaces, which can lead to such problems as failure by overheating.
Almost all water-tube boilers are provided with soot blowers or air lances. Soot blowers and lances direct jets of air or
steam against heat-transfer surfaces to remove fire-side deposits. The effectiveness of soot blowers in performing this task
depends on the design and location of the soot blowers; the blowing medium and its temperature; the properties of the
deposit, especially its friability and adherence and the frequency and duration of soot-blower operation. It is important to
coordinate combustion control with the soot-blowing schedule to ensure that deposits are initially friable, or loosely
adherent and powdery, and that they are removed before they are transformed into sintered masses.
Additives are used to control both coal-ash and oil-ash corrosion. Finely powdered magnesia, dolomite, and alumina are
injected into furnace gases or blown onto heat-transfer surfaces through soot blowers. Additives are sometimes mixed
with fuel oil before combustion. Additives promote the formation of ash deposits that are easily removed. Additives also
reduce low-temperature corrosion by reacting with SO3 to form innocuous sulfates. This reduces the SO3 content of the
flue gas, thus reducing the likelihood that acid will condense in low-temperature regions.

Dissimilar-Metal Welds
Weld failures are more completely covered in the article “Failures Related to Weldments” in this Volume. However, there
are topics unique to the long-term elevated-temperature operation of the modern steam generator. One such topic is
dissimilar-metal welds (DMW) between austenitic stainless steel and low-alloy ferritic steels, usually SA-213, grade T22, material.
In the 1950s, when steam temperatures reached 540 °C (1000 °F), the need for stainless steels in the final stages of a
superheater or reheater became apparent. Because stainless is required in only a portion of a superheater or reheater, the
principal pressure-part tubing remained low-alloy ferritic steels. Problems of premature failure of welds between
austenitic stainless steels and ferritic steels have plagued the boiler industry ever since. There are three root causes of
these creep failures: carbon migration from the HAZ of the T-22 into the weld metal, expansion differences between the
two varieties of steel, and the differences in corrosion resistance to flue gas leading to the formation of an oxide wedge on
the outside diameter of the T-22 next to the weld.
Carbon Diffusion. When these DMWs are made with iron-base alloys of stainless steel, carbon will migrate from the T-22
into the weld metal. Particles of chromium-iron carbides will form along the weld interface in the stainless steel. The
strength of T-22, especially the creep strength, is a function of carbon content. As the chromium-iron carbides form, the
metal immediately adjacent to the carbides is weakened by the loss of carbon. The loss of carbon reduces the creep
strength just where the temperature-induced strain is the largest. These two effects will lead to the formation of creep
voids next to these carbide particles and ultimately to premature creep failure. To reduce the carbon migration and the
formation of carbide particles, it is desirable to use a welding alloy that does not form a carbide as readily as stainless
steel does. Such alloys are the nickel-base materials. Nickel does not form a carbide, and while these weldments do

contain chromium, the tendency to form carbides is substantially reduced. Carbon remains in the T-22, the creep
properties of the HAZ remain high, the temperature-induced stresses are lower due to the compatibility of thermal
coefficients, and so the formation of creep voids and failure is retarded.
Expansion Differences. The coefficients of thermal expansion for ferritic and austenitic steels differ by about 30% (Table
2). Because of these expansion differences, a 50-mm (2-in.) diam tube of stainless steel will be 0.1 mm (0.004 in.) larger
in diameter at 540 °C (1000 °F) than a similar tube of T-22. This difference in expansion, the temperature-induced strain,
must be accommodated at the weld.

Table 2 Coefficients of thermal expansion for ferritic and austenitic steels
Temperature range
°C
°F
-18 to 315
0–600
-18 to 425
0–800
-18 to 540
0–1000
-18 to 650
0–1200

Ferritic steels
× 10-6 m/m · K
11.5
12.6
13.3
13.8

× 10-6 in./in. · °F
6.4
7.0
7.4
7.7

Austenitic steels
× 10-6 m/m · K
15.5
16.6
17.3
17.8

× 10-6 in./in. · °F
8.6
9.2
9.6
9.9

There are three likely combinations of expansion: (1) the weld metal may have the same coefficient of thermal expansion
as the austenitic stainless, (2) in between the expansion of the two, and (3) the same as the ferritic steels. When the
weldment has the same expansion as the stainless steel, the temperature strain must be absorbed at the interface between
the weld deposit and the T-22. As noted above, the long-term creep strength of the T-22 is adversely affected by the loss
of carbon. When the expansion coefficients are split (case 2, above), the temperature strains are reduced but not to zero.
Potential premature creep failures may still occur, but at a reduced frequency and over longer service times. However, if
the welding alloy has expansion similar to the ferritic steel, there is only limited temperature-induced strain on the T-22.
The maximum temperature strain is transferred to the stainless interface. Both the weld and stainless have much stronger
creep strengths, suffer no carbon loss, and are much better able to last. No DMW has failed on the stainless steel side of
the weld.
In the past, the most popular welding electrode was an E-309, an austenitic stainless steel. The use of ferritic alloy
welding rods, for example, E-9018, did not solve the problem. The creep voids and failures would still originate in the
ferritic alloy—in this case, the weld metal next to the stainless steel. The current choice is a nickel-base welding
electrode. These nickel-base alloys have thermal coefficients very close to ferritic steels of T-11 and T-22. Thus, the
temperature-induced strains are nearly zero at the ferritic interface.
Corrosion. At the juncture of the weld and the T-22 on the outside-diameter surface, an oxide wedge forms whose volume
is larger than the volume of metal from which it formed. Thus, the wedge acts as a stress raiser and creates its own stress
as well. With time, this wedge penetrates the T-22 and may lead to failure. The cause of the formation of this oxide wedge
is related to the difference in corrosion resistance between T-22 and the weld metal. The weld metal is more noble than
the ferritic alloy. In effect, a galvanic cell is created that leads to rapid oxidation at this juncture. The use of nickel-base
welding alloys will not prevent the formation of these external defects.
Stresses, regardless of origin, are additive. The life expectancy of DMWs may be improved by careful attention to stresses
higher than the pressure stress. To minimize the system stresses on the DMWs:
•
•
•
•
•

Place the welds close to a support; the support will often carry the load, not the weld
Make the welds in a vertical run of the tube rather than in the horizontal run to reduce the nonuniform bending
stresses
Locate the DMWs in the penthouse, out of the convection pass. The temperature gradient through the tube adds
yet another stress that may be removed entirely
Fabricate the welds with as few welding defects as possible: no undercut; a smooth radius fillet; without backing
rings, suck back, or lack of fusion at the root, and so on
Use nickel-base welding alloys

All of the above considerations will not guarantee three decades of trouble-free operation, but will, on average, yield 2

1
2

times the life of stainless steel alloy weldments.
Once trouble begins in existing DMWs, the method of repair depends on whether the superheater or reheater is expected
to last a few or many more years. If the condition is such that an overall general replacement is scheduled in the next few
years, the oxide wedge can be ground out to a depth of about three-quarters of the tube-wall thickness and rewelded in
place with a nickel-base alloy. If carefully done, this procedure will last several years and will give satisfactory results
until the replacement is made. However, if more than 10 years of service are expected, the defective DMWs should be
removed.
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Although the previous discussion has focused on the pressure parts, principally tube-to-tube butt welds, no less important
are the attachment welds. Spacers, supports, and alignment clips of stainless steel are routinely welded to T-11 and T-22.
The preferred welding metals are also the nickel-base alloys, and for exactly the same reasons. However, extra care must
be taken with the shape of the fillet; a smooth blending to the tube with no undercut is especially important. Fullpenetration welds are usually not necessary or required, but it is better to have a continuous bead all around the
attachment wherever possible. If an open gap is left, that is, welded only from the sides and not around the ends, flue gas
and elevated temperature will fill the space with an oxide and fly ash. In time, this oxide will wedge open the attachment
weld and cause failure. Because the load on a spacer is largest at the end, it is necessary to begin and finish the weld pass
toward the center of the weld rather than at an end so that any crater cracks are away from the highest stress zones.

Reference cited in this section
1. D.N. French, Metallurgical Failures in Fossil Fired Boilers, John Wiley & Sons, 1983, p 155–165
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Failure by Fatigue
Fatigue is often considered the most common mechanism of service failure of mechanical devices. Basically, fatigue
involves nucleation and propagation of brittle-appearing cracks under fluctuating (cyclic) loading at stresses that have
peak values less than the tensile strength of the material. Macroscopic and microscopic features of fatigue fractures are
discussed in the articles “Fatigue Failures” and “Failure Modes and Effects Analysis” in this Volume.
Steam equipment may fail by fatigue if mechanical service stresses are fluctuating or vibratory or if thermal cycles or
thermal gradients impose sufficiently high peak stresses. Vibratory loads in steam equipment are fairly common—for
example, as a result of a slight imbalance in rotating equipment, rapidly fluctuating fluid pressures (water hammer),
vibration transmitted through settings or mountings, or turbulent fluid flow, especially at high flow rates. All but a few of
the various components in a steam plant are subjected to pressure and thermal cycling during start-up and shutdown.
Transient thermal gradients of a lesser degree may occur during operation, especially during changes in power output.
In contrast to most mechanical stresses, thermal stresses are often difficult to avoid and, if severe, can lead to fracture in
relatively few cycles. Cyclic strain is more important than cyclic stress in thermal fatigue, because nonuniform or
differential thermal expansion is the usual source of the cyclic loading. Frequently, extended periods of high-temperature
operation ensue between thermal cycles, and thermally activated processes, such as stress relaxation, stress oxidation, and
second-phase precipitation, may alter material properties between successive cycles, thus changing resistance to thermal
fatigue and to other failure mechanisms.
Identification of Fatigue Fracture. On a fracture surface, features that indicate fatigue as the fracture mechanism include
beach marks, multiple origins, ratchet marks, fatigue striations, and smooth, rubbed regions. Of these five types of
features, striations are the most reliable indicators of fatigue.
Example 8: Fatigue Failure of Carbon-Molybdenum Steel Boiler Tubes Caused by Vibration. Tubes in a marine boiler on
a new ship failed after brief service lives. Circumferential brittle cracking occurred in the carbon-molybdenum steel tubes
near the points where the tubes were attached to the steam drum.
Investigation. Visual, macroscopic, and metallographic examination did not disclose the reason for the failures. There was
no evidence of overheating, excessive corrosion, or metallurgical damage caused by improper fabrication. However,
when the fracture surfaces were examined by electron microscopy at high magnification, fatigue striations were found.
Conclusion. It was concluded that the fatigue failures were caused by vibrations resulting from normal steam flow at high
steam demand. The tubes were supported too rigidly near the steam drum, resulting in concentration of vibratory strain in
the regions of failure.
Recommendations. The method of supporting the tubes was changed to reduce the amount of restraint and thus the strain
concentration, and no further failures occurred. In similar circumstances, it might be necessary to lengthen or shorten
tubes (or pipes) or to reduce operating load in order to eliminate fatigue caused by vibrations resulting from normal fluid
flow.
Mechanism of Fatigue Fracture. Fatigue results from reversed plastic strain in metallic crystals. If plastic straining is
confined to microscopic or submicroscopic regions in an otherwise elastically stressed component, it is likely that a single
crack will occur, originating at the point of maximum local stress and minimum local strength in the entire structure.
Microstructural discontinuities, such as inclusions, grain boundaries, and intersections of slip planes with free surfaces,

are the usual microscopic sites of crack initiation. Cracking occurs only after many cycles of loading (high-cycle fatigue),
and usually there is no macroscopic evidence of plastic flow. On the other hand, when plastic straining is more extensive,
there is a greater likelihood that cracks will initiate at many discontinuities after fewer cycles of loading (low-cycle
fatigue) and that there will be macroscopic evidence of plastic flow.
Fatigue-crack initiation most often occurs at structural features that concentrate macroscopic stress, such as notches,
fillets, holes, joints, changes in section thickness, and material discontinuities. In addition, service-induced damage, such
as dents, gouges, and corrosion pits, frequently raise local stress sufficiently to initiate fatigue cracks.
Example 9: Fatigue Failure of a Carbon Steel Water-Wall Tube Because of an Undercut at a Welded Joint. In a new
stationary boiler, furnace water-wall tubes were welded to the top of a dust bin for rigid support (Fig. 31a). The tubes
measured 64 mm (2

1
in.) outside diameter × 3.2 mm (0.125 in.) wall thickness and were made of carbon steel to ASME
2

SA-226 specifications. Shortly after start-up, one of the tubes broke at the welded joint.

Fig. 31 Stationary boiler in which a carbon steel water-wall tube failed by fatigue
fracture at the weld joining the tube to a dust bin. (a) Illustration of a portion of the boiler
showing location of failure. Dimensions given in inches. (b) Photograph of fractured tube;
fatigue crack is at arrow A, and ductile fracture is at arrow B.
Investigation. The portion of the fracture surface adjacent to the attachment weld around the bottom half of the tube had a
flat, brittle appearance. Over the remainder of the tube wall, the fracture was ductile, with a noticeable shear lip and
necking. Beach marks were evident on the brittle portion of the fracture surface, indicating that fatigue was the fracture
mechanism. The origin was identified as a small crevicelike undercut at the edge of the weld bead. In Fig. 31(b), arrow A
indicates the origin; arrow B, local necking opposite the origin.
Conclusion. Cracking began by fatigue from a severe stress raiser. As the fracture progressed out of the region of high
restraint where the tube was welded to the dust bin, the fracture changed from fatigue to ductile overload. It was
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concluded that the crevicelike undercut was the primary cause of the fracture and that the source of the necessary
fluctuating stress was tube vibration inherent in boiler operation.
Recommendations. The remaining water-wall tubes in the row were inspected by the magnetic-particle method; several
other tubes were found to have small fatigue cracks adjacent to the welds attaching the tubes to the dust bin. The broken
tube was replaced, cracks in other tubes were repaired by welding, and the attachment welds were blended smoothly into
the tube surfaces for the entire length of the dust bin. No further failures occurred after the severe undercut was
eliminated.
Low-Cycle Fatigue. Pressure and thermal cycling during start-up and shutdown are the most common causes of low-cycle
fatigue failures. Design factors that concentrate strain influence low-cycle fatigue as well as high-cycle fatigue; however,
the effect is not quite the same. When service stresses are high enough to be conducive to low-cycle fatigue, the presence
of a severe stress raiser will often cause complete fracture to occur on the first load cycle. Mild stress raisers usually do
not lead to fracture on the first cycle, but only induce localized yielding. The resultant plastic flow may redistribute the
stress, but usually not enough to avoid further yielding on successive cycles.
In piping exposed to high temperatures, for example, restraint produces bending moments (and strain) in the piping
system when it expands at start-up; strain reversal occurs at shutdown. Elbows and U-bends frequently undergo larger
bending moments than straight sections. The mild stress concentration associated with these bends can, under certain
conditions, induce plastic strain in the bends, resulting in cracking after a sufficient number of thermal cycles. The
thermal expansion of the entire system is important in determining the magnitude of strain concentration and
consequently the number of cycles to failure. Lack of flexibility is a frequent cause of low-cycle fatigue in piping
systems. Major redesign of the system is sometimes required to remove or reduce restraint, thus allowing the system to
accommodate thermal strains by deflecting elastically over a greater portion of the system than was possible in the
original design.
Example 10: Low-Cycle Thermal Fatigue Failure of a Type 304 Stainless Steel Tee Fitting. Several failures occurred in
1
2

64-mm (2 -in.) schedule 80 type 304 stainless steel (ASME SA-312, grade TP304) piping in a steam-plant heatexchanger system near tee fittings at which cool water returning from the heat exchanger was combined with hot water
from a bypass (Original design, Fig. 32). During operation, various portions of the piping were subjected to temperatures
ranging from 29 to 288 °C (85 to 550 °F).

Fig. 32 Type 304 stainless steel tee fitting that failed by low-cycle thermal fatigue. Top:
original design. Inset shows the locations of thermocouples used in analyzing thermal
gradients and the typical temperatures at each thermocouple location. Bottom: the
analysis resulted in an improved design. Dimensions given in inches
Investigation. Visual and metallographic examination showed that each of the failures consisted of cracking in and/or
close to the circumferential butt weld joining the tee fitting to the downstream pipe leg, where the hot bypass water mixed
with the cool return water. The cracking was transgranular and was located within the weld, adjacent to the weld, or in the
base metal of either the pipe or the tee. Several cracks resulted in leakage. In one instance, the welds were radiographed
before any leak was observed, and a long crack was found in the weld between the tee fitting and the downstream pipe
leg. It was established that this crack had developed in service and had not been an original welding defect. In another
instance, a crack occurred in a pipe segment about 100 mm (4 in.) from the nearest weld. This crack was outside the HAZ
of the weld; however, additional cracks were found in the tee fitting and in the welds.
Because propagation of the cracks was entirely transgranular, thermal fatigue was a more likely cause of failure than
SCC, in which some intergranular cracking would be expected.
To investigate thermal stresses, an array of thermocouples was installed in two tee fittings in the arrangement shown in
Fig. 32. The temperatures at different points along the length and around the circumference of the piping are also shown
for one of the two instrumented fittings; temperatures were similar for the other fitting. It was concluded that
circumferential temperature gradients, in combination with inadequate flexibility in the piping system as a whole, had
caused all of the failures.

The file is downloaded from www.bzfxw.com

Corrective Measures. To alleviate the thermal-stress pattern, the tee fitting was redesigned (Improved design, Fig. 32). A
larger tee fitting, made of 100-mm (4-in.) schedule 80S type 316H stainless steel pipe (ASME SA-312, grade TP316H),
was used, and a 455-mm (18-in.) long extension of 100-mm (4-in.) schedule 80 type 316H pipe was added to the
downstream leg. Two concentric tubular baffles, both made of type 316H stainless steel, were placed in the run direction
of the interior of the tee fitting. The inner baffle (455 mm, or 18 in., long × 38 mm, or 1

1
in., outside diameter × 2.1 mm,
2

or 0.085 in., wall thickness, and perforated at the downstream end) carried the full flow of the hot water from the bypass.
The outer baffle (400 mm, or 16 in., long × 50 mm, or 2 in., outside diameter × 2.1 mm, or 0.085 in., wall thickness),
which was open at each end, served to insulate the inner baffle from the cool water entering the fitting from the heat
exchanger and provided a region in which the cool water could form an annulus to receive the core of hot bypass water
entering the downstream extension beyond the baffles. Mixing in that region was possible without generation of
damaging circumferential thermal gradients.
Thermal fatigue may result in either low-cycle or high-cycle failure. Low-cycle thermal fatigue is usually associated with
large plastic strains and is most often caused by large changes in temperature or large differences in thermal expansion
between two structural members. If a change in temperature is especially severe and if it occurs rapidly, it is called
thermal shock; cracks due to thermal shock generally initiate in ten thermal cycles or less—sometimes in only one
thermal cycle when the material is sufficiently brittle.
High-cycle thermal fatigue frequently results from intermittent wetting of a hot surface by liquid having a considerably
lower temperature. In such instances, the wetted surface contracts rapidly, whereas the metal below the surface does not;
this produces large biaxial tensile stresses in the wetted surface. As the water absorbs heat and evaporates, the
temperature of the surface returns to its previous value, and surface stresses are relaxed. After a sufficient number of
thermal cycles, a crazed pattern of cracks appears on the surface (Fig. 33). Eventually, one or more of the surface thermal
fatigue cracks may propagate completely through the section by fatigue or by another mechanism, as discussed in the
section “Multiple-Mode Failure” in this article.

Fig. 33 Crazed pattern of thermal fatigue cracking on the outer surface of a stainless steel
tube. See also Fig. 37. Approximately 4×
Cracking that is caused by thermal fatigue sometimes resembles cracking caused by corrosion fatigue or stress corrosion.
However, in contrast to corrosion fatigue and stress corrosion, which can be retarded by use of inhibitors, coatings, or
galvanic protection, thermal fatigue will proceed regardless of what is done to alter the environment or to coat the metal
to prevent direct contact with the environment. Thermal fatigue can be prevented only by eliminating excessive strain
caused by thermal cycling.
Ferritic steels are generally considered to be more resistant to thermal fatigue than austenitic steels. This has been
confirmed in several instances in which parts made of ferritic steels have withstood service conditions under which
austenitic steel parts have failed. One such instance involved two flanged 18Cr-12Ni austenitic stainless steel valves that
were bolted to 5Cr-0.5Mo ferritic steel piping in a petroleum plant. The valves were alternately exposed to atmospheric
temperature and to an elevated temperature between 595 and 620 °C (1100 and 1150 °F). Each valve was subjected to 1
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thermal cycles per day, that is, three cycles every 2 days; about 8 h elapsed between the start of the heating portion of the

cycle and the start of the cooling portion, and conversely. After 10 days of operation, cracks were found radiating from
the bore into the flange of one valve; the other valve failed shortly after. The mating 5Cr-0.5Mo ferritic steel piping gave
excellent service, as did replacement valves made of 9Cr-1Mo ferritic steel.
The superiority of ferritic alloy steel over several wrought austenitic stainless steels in applications involving thermal
cycling is a result of differences in thermal conductivity and coefficient of thermal expansion between the two types of
steel. The higher thermal conductivity of terrific alloy steel results in a lower temperature gradient between the surface
and the interior when the surface of a cool part is heated or when the surface of a hot part is cooled. This lower
temperature gradient results in less thermal stress in the surface layer. In addition, because of the lower coefficient of
expansion of ferritic steel, a given temperature gradient produces less expansion, and thus less thermal stress, in ferritic
alloy steel than in wrought austenitic stainless steel. The combination of these two factors can result in appreciably less
thermal stress and longer life for terrific steel under a given set of cyclic thermal conditions.
Corrosion fatigue is discussed in detail in the article “High-Temperature Corrosion-Related Failures” in this Volume.
Strictly speaking, few service failures occur by pure fatigue. Most fatigue failures actually occur by corrosion fatigue,
because most parts are exposed simultaneously to cyclic stress and to a medium that is somewhat aggressive toward the
material; in this strict sense, even air can be considered an aggressive medium. In a more practical sense, however,
because fatigue properties are normally determined in air, corrosion fatigue can be thought of as fatigue that takes place in
an environment in which the combined action of corrosion and cyclic loading results in more rapid crack initiation and/or
propagation than would occur in air. The microscopic mechanism of corrosion fatigue appears to be related to the
galvanic or preferential dissolution processes that are believed to be responsible for SCC. In fact, all alloys that are
susceptible to stress corrosion in a given medium appear to be susceptible to rapid corrosion fatigue in the same medium.
However, corrosion fatigue has been identified as a failure mechanism in alloys that are considered immune to stress
corrosion (but not immune to ordinary corrosion in the same environment).
The length of time necessary for a crack to be initiated and propagated by corrosion fatigue can be increased—sometimes
substantially—by reducing or eliminating either the fluctuating stress or the corrosiveness of the environment. In addition
to reduction of stress or stress concentration, the following measures have been used successfully to combat corrosion
fatigue: (1) use of corrosion inhibitors, (2) cathodic protection, (3) shielding of the surface of a part from contact with the
environment by seals, by paint, plastic or other nonmetallic coatings, or by plating with corrosion-resistant metals, and (4)
use of a more corrosion-resistant material. The last method should be used with care, however, because some of the
ordinarily corrosion-resistant materials can be more susceptible to failure by corrosion fatigue in certain environments
than the materials they replace. Coatings should be used to combat corrosion fatigue only when local strains are uniform
and low. The protection afforded by coatings, either metallic or nonmetallic, is only skin deep, and local breaches of this
protective skin expose the metal underlying the coating to the same conditions as those that ordinarily lead to failure of
uncoated parts.
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Failures Caused by Erosion
Erosion involves impact of large numbers of small solid or liquid particles against a surface, or it is caused by the collapse
of gas-filled bubbles in a cavitating liquid. Erosion by solid particles is a form of abrasive wear, whereas liquidimpingement erosion—for example, as caused by the water droplets in wet steam—is more like cavitation erosion.
The microscopic mechanisms of material removal by erosion are discussed in the articles “Fundamentals of Wear
Failures” and “Liquid-Impact Erosion” in this Volume. Failures caused by these mechanisms can be readily recognized
by visual examination.
Abrasive erosion of screen tubes or superheater tubes results from impact by particles of fly ash entrained in the flue
gases. Erosion is enhanced by high flow velocities; thus, partial fouling of gas passages in tube bands by deposition of fly
ash can lead to erosion by forcing the flue gases to flow through smaller passages at higher velocity. This effect,
sometimes called laning, exposes tube surfaces to a greater probability of impact by particles having higher kinetic
energy, thus increasing the rate of damage. Erosion by fly ash causes polishing, flat spots, wall thinning, and eventual
tube rupture.
Fly-ash erosion can be controlled by coating tube surfaces with refractory cements or other hard wear-resistant materials,
although this reduces the heat-transfer capability of the surface. An alternative method is the channeling of gas flow away
from critical areas with baffles.
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Liquid-impingement erosion occurs chiefly in components that are subjected to high-velocity flow of wet steam. Among
the components most susceptible to liquid-impingement erosion are low-pressure turbine blades, low-temperature steam
piping, and condenser or other heat-exchanger tubes that are subjected to direct impingement by wet steam. Corrosion
may or may not occur simultaneously with liquid-impingement erosion.
Liquid-impingement erosion in tubing or piping is most likely when fluid velocities exceed 2.1 m/s (7 ft/s). Damage
occurs first at locations where direction of flow changes, such as elbows or U-bends. Large-radius bends are less
susceptible to such damage; however, use of erosion-resistant materials, such as austenitic stainless steel, is often more
effective. Erosion of heat-exchanger tubes caused by impingement of wet steam can sometimes be eliminated by
redirecting flow with baffles.
Cavitation erosion occurs in regions of a system where a combination of temperature and flow velocity causes growth and
subsequent collapse of large quantities of vapor-filled bubbles in a flowing stream of liquid. Damage occurs at the points
of bubble collapse. In steam plants, the components most often damaged by cavitation erosion are feed lines, pump
casings, and pump impellers. Figure 34 shows the typical appearance of a part extensively damaged by cavitation erosion;
the surface is deeply and irregularly pitted.

Fig. 34 Cast iron suction bell, 455 mm (18 in.) in diameter, from a low-pressure general
service water pump that failed by cavitation erosion after about 5 years of service. Note
the deeply pitted surface and the irregular shape of the erosion pattern, both of which are
typical characteristics of caviation damage.
Cavitation erosion is most effectively avoided by reduction of either flow velocity or temperature (reduction of flow
velocity is preferable). Other measures, including selection of material and the use of erosion-resistant welded overlays,
are discussed in the article “Liquid Impact Erosion” in this Volume.
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Failure by SCC
Stress-corrosion cracking occurs in specific alloys exposed to specific environments, as discussed in detail in the article
“Stress-Corrosion Cracking” in this Volume. Stress-corrosion cracking is a type of failure defined as fracture of a
structural member under the combined effects of static tensile stress and a corrosive environment in circumstances where,
if either the tensile stress or the corrosive environment were absent, fracture would not occur.
Stress-corrosion cracking can occur in boiler and superheater tubes, piping, valves, turbine casings, and other parts,
especially where feedwater or condensate can collect. Concentration of caustic in portions of systems that use
conventional or coordinated phosphate methods of feedwater treatment is probably the most common cause of stresscorrosion (caustic) cracking in steam equipment. Aqueous solutions containing chloride ions can cause SCC of austenitic
stainless steel (Example in this article), and solutions containing ammonia can cause SCC of copper alloys. Stress
oxidation in high-temperature regions can also occur.
Many cracks that result from stress corrosion are tight and difficult to detect visually (Fig. 35); they are particularly
difficult to detect on scaled surfaces. Liquid-penetrant examination is useful in locating tight stress-corrosion cracks, but
may not reveal all such cracks. Because the substances found in liquid penetrants are similar to some of the substances
that cause SCC, use of a liquid penetrant to detect a crack can interfere with the identification of fracture-surface deposits.
Consequently, liquid penetrants should not be used without due consideration of their undesirable side effects on the
overall analysis.

Fig. 35 Inside surface of an austenitic stainless steel superheater tube showing a tight
crack caused by stress corrosion. Arrows indicate ends of crack.
Microscopic examination is required to confirm SCC as the mechanism of failure. Stress-corrosion cracks may be
transgranular or intergranular, depending on the alloy and the environment, but are usually extensively branched,
becoming more branched as cracking progresses.
Although service conditions may produce static stress that exceeds the threshold for SCC, residual stress is more often
responsible. Residual stress may result from metallurgical transformations or from uneven heating or cooling, especially
in weldments. Hot- or cold-forming processes can introduce residual stress of high magnitude, as can assembly processes,
such as press fitting, bolting, or riveting. Incidental damage, such as bending or hammering during assembly, is less
frequently a source of residual stress.

The file is downloaded from www.bzfxw.com

Example 11: SCC of a Type 304 Stainless Steel Pipe Caused by Residual Welding Stresses. A 150-mm (6-in.) schedule
80S type 304 stainless steel pipe (170 mm, or 6

5
in., outside diameter × 11 mm, or 0.432 in., wall thickness), which had
8

served as an equalizer line in the primary loop of a pressurized-water reactor, was found to contain several circumferential
cracks 50 to 100 mm (2 to 4 in.) long. Two of these cracks, which had penetrated the pipe wall, were responsible for leaks
detected in a hydrostatic test performed during a general inspection after 7 years of service.
Investigation. The general on-site inspection had included careful scrutiny of all pipe welds by both visual and ultrasonic
examination. Following discovery of the two leaks, the entire line of 150-mm (6-in.) pipe, which contained 16 welds, was
carefully scanned. Five additional defects were discovered, all circumferential and all in HAZs adjacent to welds. In
contrast, scans of larger-diameter pipes in the system (up to 560 mm, or 22 in., in diameter) disclosed no such defects.
Samples of the 150-mm (6-in.) pipe were submitted to three laboratories for independent examination. Inspection in all
three laboratories disclosed that all the defects were circumferential intergranular cracks that had originated at the inside
surface of the pipe and that were typical of stress-corrosion attack. A majority of the cracks had occurred in HAZs
adjacent to circumferential welds. Some cracks had penetrated the entire pipe wall; others had reached a depth of twothirds of the wall thickness. In general, the cracks were 50 to 100 mm (2 to 4 in.) long. Branches of the cracks that had
approached weld deposits had halted without invading the structure (austenite plus δ-ferrite) of the type 308 stainless steel
welds. All HAZs examined contained networks of precipitated carbides at the grain boundaries, which revealed that
welding had sensitized the 304 stainless steel in those local areas.
Additional cracks, also intergranular and circumferential and originating at the inner surface of the pipe, were discovered
at locations remote from any welds. These cracks penetrated to a depth of only one-sixth to one-fourth of the wall
thickness through a solution-annealed structure showing evidence of some cold work at the inner surface.
The water in this heat exchanger was of sufficient purity that corrosion had not been anticipated. The water conditions
were as follows:
•
•
•
•
•
•

Temperature: 285 °C (545 °F)
Pressure: 7 MPa (1000 psi)
pH: 6.5 to 7.5
Chloride content: <0.1 ppm
Oxygen content: 0.2 to 0.3 ppm
Electrical conductivity: <0.4 μmho/cm

Analysis of the pipe showed the chemical composition to be entirely normal for type 304 stainless steel. The material was
certified by the producer as conforming to ASME SA-376, grade TP304. All available data indicated that the as-supplied
pipe had been of acceptable quality.
Several types of stress-corrosion tests were conducted. In one group of tests, samples of 150-mm (6-in.) type 304 stainless
steel pipe were welded together using type 308 stainless steel filler metal. Two different welding procedures were used—
one consisting of three passes with a high heat input and the other consisting of ten passes with a low heat input. The
welded samples were stressed and exposed to water containing 100 ppm dissolved oxygen at 285 °C (545 °F) and 7 MPa
(1000 psi). Samples that were welded with the high heat input procedure, which promotes carbide precipitation and
residual stress, cracked after 168 h of exposure, whereas samples that were welded with the low heat input procedure
remained crack free. These results were considered significant, because service reports indicated that the cracked pipe had
been welded using a high heat input and a small number of passes and that the larger-diameter piping in the primary loop,
which did not crack in service, had been welded with the use of a low heat input, multiple-pass procedure.
Conclusions. The intergranular SCC of the 150-mm (6-in.) schedule 805 type 304 stainless steel pipe exposed to hightemperature high-pressure high-purity water in 7 years of heat-exchanger service was believed to have been caused by the
following factors:
•
•
•

Stress: The welding procedure, which employed few passes and high heat input, undoubtedly generated
unacceptably high levels of residual stress in the HAZs. The cold working of the internal surface in a sizing
operation also set up residual stresses in areas apart from the welds. Both conditions were conducive to SCC
Sensitization: The high heat input welding caused precipitation of chromium carbides at the grain boundaries in
the HAZs. This rendered the steel sensitive to intergranular attack, which, combined with the residual stress,
afforded a completely normal setting for stress-corrosion cracking
Environment: Although the level of dissolved oxygen in the water was quite low, it was considered possible that,
on the basis of prolonged exposure, oxygen in the range of 0.2 to 1.0 ppm could have provided the necessary ion
concentration

Corrective Measures. All replacement pipe sections were installed using low heat input multiple-pass welding procedures.
When stress corrosion is identified as the mechanism of a failure, the proper corrective action can be either a reduction in

stress (or stress concentration) or an alteration of the environment. When the cause of failure is inadvertent concentration
of a corrodent or inadvertent exposure of the part to a corrosive foreign substance, such as use of a steam line to feed
concentrated caustic during chemical cleaning, the preventive measure may be no more complicated than exclusion of the
corrodent from that region of the system. In many instances, however, reduction of the level of residual stress is the most
effective means of minimizing or preventing SCC.
Example 12: SCC of Type 316 Stainless Steel Tubing. A steam-condensate line made of type 316 stainless steel tubing
that measured 19 mm (0.75 in.) outside diameter × 1.7 mm (0.065 in.) wall thickness had been in service for 5 to 6 years
when leakage occurred. The line was buried, with no wrapping, in a sandy, caustic soil. The line carried steam condensate
at 120 °C (250 °F) with a 2-h heat-up/cool-down cycle. No chemical treatment had been given to either the condensate or
the boiler water. Two sections of the tubing, with a combined length of approximately 330 mm (13 in.), were submitted
for laboratory analysis of the cause of the leakage.
Investigation. The outside surface of the tubing exhibited no signs of corrosion; however, on one of the sections there was
1
4

a transverse crack along the edge of a 6.4-mm ( -in.) diam pitted area. Two adjacent areas were raised, resembling
blisters, and also had transverse cracks along their edges. The cracks were irregular and had penetrated completely
through the tube wall. The pitted area was believed to be a spall, and the blisters incipient spalls, resulting from SCC that
originated at the inner surface of the tube. The cracks, the spall, and the blisters did not appear to have been related to any
effect of the external environment.
The inside surface of the tubing was covered with a brown, powdery scale, was slightly rough, and contained small pits.
Some cracks were found that had originated at pits on the inner surface but had not completely penetrated the tubing wall
(Fig. 36). The cracks were transgranular and branching, which is typical of chloride-induced SCC of austenitic stainless
steel.

Fig. 36 Section through type 316 stainless steel tubing that failed by SCC because of
exposure to chloride-contaminated steam condensate. Micrograph shows a small
transgranular crack that originated at a corrosion pit on the inside surface of the tubing
and only partly penetrated the tubing wall. Etched with aqua regia. 250×
To check for chlorides, the inside of the tubing was rinsed with distilled water, and the rinse water was collected in a
clean beaker. A few drops of silver nitrate solution were added to the rinse water, which clouded slightly because of the
formation of insoluble silver chloride. This test indicated that there was a substantial concentration of chlorides inside the
tubing.
Conclusion. The tubing failed by chloride-induced SCC. Chlorides in the steam condensate also caused corrosion and
pitting of the inner surface of the tubing. Stress was produced when the tubing was bent during installation.
Recommendations. Water treatment should be provided to remove chlorides from the system. Continuous flow should be
maintained throughout the entire tubing system to prevent concentration of chlorides. No chloride-containing water
should be permitted to remain in the system during shutdown periods. Bending of tubing during installation should be
avoided to reduce residual stress.
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Multiple-Mode Failure
Many failures in steam systems involve more than one failure process—one that initiates the failure and another (or
others) that eventually destroys the part. For example, fatigue failures that cause tubes or pipes to leak may start at
corrosion pits. A failure that involved a combination of thermal fatigue and stress-rupture cracking is described below.
The tube rupture shown in Fig. 37(a) has the macroscopic characteristics of a thick-lip rupture caused by overheating.
However, as shown in Fig. 37(b), stress-rupture cracking was confined to the inner half of the tube wall. There was no
microstructural evidence of overheating.

Fig. 37 Stainless steel superheater tube that failed by thermal fatigue and stress rupture.
(a) Photograph of the tube showing thick-lip rupture. (b) Macrograph of a section taken
transverse to a fracture surface of the tube showing that thermal fatigue cracking started
at the outside surface (top) and was followed by stress-rupture cracking in the inner half
of the tube wall. 10×. Thermal fatigue also produced cracking on the outside surface of
the tube in the crazed pattern shown in Fig. 33
1
8

The outside surface of this 54-mm (2 -in.) diam stainless steel superheater tube exhibited extensive crazing by thermal
fatigue, as shown in Fig. 33. Apparently, cyclic thermal stress initiated cracking at the fire-side surface. Pressure stresses

assisted in defining the preferential direction of fatigue-crack propagation (parallel to the tube axis and transverse through
the tube wall), and stress-rupture cracking became the ultimate fracture process in the weakened tube.
The effects of internal and external scaling on tube ruptures caused by overheating are discussed in the section “Scaling”
in this article. In tube and other high-temperature structural components, thinning caused by corrosion or erosion can also
lead to overheating-type failures. Corrosion or erosion, particularly on the fire-side surfaces of screen tubes and
superheater tubes, may reduce the tube-wall thickness to the extent that the tube can no longer sustain the pressure stress
without creep. Continued thinning will accelerate the onset of tertiary creep, ultimately leading to stress-rupture fracture.
Because localized loss of material is responsible for increasing the local tube-wall stress, overheating-type ruptures often
occur with little or no swelling. Internal grain separation will be evident in the microstructure only in the thinned region,
and macroscopic examination of the fire-side surface is usually sufficient to reveal the extent of external attack. Localized
overheating is not necessary for tube rupture to occur. Consequently, a lack of microstructural evidence of overheating
would be a positive indicator that corrosion or erosion was a factor. Conversely, the presence of such evidence does not
rule out corrosion or erosion as a cause of failure.
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Introduction
HEAT EXCHANGERS are generally used to transfer heat from combustion gases, steam, or water to gases,
vapors, or liquids of various types. Heat exchangers are of tube, plate, or sheet construction. Tubular heat
exchangers are generally used for large fluid systems, whereas heat exchangers of plate or sheet construction
are often preferred for smaller fluid streams. Heat exchangers are usually separate units, but can sometimes be
incorporated as components in larger vessels.
In selecting materials for heat exchangers, corrosion resistance, strength, heat conduction, and cost must be
considered. The demand for corrosion resistance is particularly difficult to meet because the material may be
exposed to corrosive attack by various mediums. Therefore, damage to heat exchangers is often difficult to
avoid.
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Characteristics of Tubing
The primary function of tubes in a heat exchanger is to transfer heat from the shell side of the unit to the fluid
on the inside of the tube, or conversely. Therefore, thermal conductivity, wall thickness, and resistance to
scaling are extremely important. In most cases, tensile strength and yield strength of the tubes are not
significant factors; loading, because it is opposed by the internal pressure, is so low that tubes with a high
allowable stress are not required.
Stiffness and resistance to denting are properties of tubing that are important in the manufacture of heat
exchangers. Stiffness of a tube is proportional to its wall thickness, diameter, and modulus of elasticity.
Resistance to denting is related to the same factors plus the yield strength of the material.

Extended-surface (finned) tubing is sometimes used to provide the proper thermal conductance for effective
transfer of heat from gas to liquid or from liquid to liquid. Fins on much of the tubing used in air coolers and
hydrogen coolers are applied by soldering, brazing, or resistance welding; thus, the ability of the tube material
to accept these processes is important. Oil coolers often use integral-finned (extruded) tubing. This type of
tubing requires a material with a significant amount of ductility to ensure that the extended surface can be
satisfactorily extruded.
Corrosion Resistance. To meet corrosion requirements, tubing must be resistant to general corrosion, stresscorrosion cracking (SCC), selective leaching (for example, dezincification of brass), and oxygen-cell attack in
whatever environments are encountered before service, in service, and during periods in which the equipment is
not operating.
The environment to which tubes will be exposed is often difficult to predict. Many heat exchangers operate
with river water, seawater, brackish water, or recirculated cooling-tower water in the tubes. The compositions
of these waters used for cooling can change over a period of time, through seasonal variations, or from an
unpredictable accident. Long lead time in power-plant erection can have a considerable effect on the tubes.
Heat exchangers may be completed and sent to the field years before the remainder of the plant is completed
and put into operation. Under such circumstances, the heat exchangers should be adequately protected from the
corrosion that might occur before start-up. Wet lay-up using a suitably buffered or inhibited solution can be
used to retard corrosion. Another method is to keep the heat exchanger dry and, if necessary, fill it with an inert
gas. Desiccants or vapor-phase corrosion inhibitors can also be added, and the heat exchanger can then be
sealed until start-up.
After start-up, consideration must be given to the many unscheduled shutdowns that generally affect the early
life of any new plant. Suitable precautions must be taken to protect equipment temporarily out of service if
damage is to be avoided during downtime.
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Examination of Failed Parts
Full background information on a part is important for proper failure analysis. The information should describe the
circumstances of failure, operation, or other pertinent details. Inadequate information on the circumstances surrounding
the failure often results when the investigation is not conducted at the failure site and samples are sent to the laboratory
for examination. A list of the type of background information useful for a proper analysis of failures in heat exchangers is
given in Table 1.

Table 1 Data needed for analysis of failures in heat exchangers
•
•
•
•

Process name and function
Unit name and function
Material size, grade, specification
Sketches of unit, failures or other particulars
o Environment (inside and out):
§ Temperatures, max and min
§ Substances contacting tube:
§ Common name
§ Chemical composition
§ Concentration
§ Impurities
§ pH
§ Velocity
§ Aeration
§ Contact with other metals
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o

o

Particulars of failure:
§ Type
§ Location
§ Circumstances at time of failure
§ Service life
History:
§ Service behavior of other materials
§ Unusual conditions before failure
§ Fabricating operations, sequence
§ Maintenance operations, sequence
§ Heat-treating operations, sequence

Sample Selection. The selection of samples that are representative of the failure is important. Samples should be taken not
only from the failure area but also from areas remote from the site of the failure so that comparisons can be made. Care
should be taken in selecting and removing samples from heat exchangers. Samples that have been burned or battered in
removal or have been modified during the preliminary examination do not adequately illustrate the failure and cannot be
considered representative. Removal of rolled tubes from tube sheets requires particular care.
Visual Examination. Much information concerning a failure can be obtained from a careful visual examination.
Dimensional changes reflect swelling or thinning. The pattern, extent, or nature of corrosion or cracking is often an
important clue to the cause of failure (consequently, the examination may be hindered by a sample that is too small).
Discoloration or rusting on stainless steel may be a sign of iron contamination. Heavy deposits on a tube, such as scale or
corrosion product, could be caused by overheating.
Visual examination will indicate the direction of further work; the detailed investigation should be planned at this stage.
Care must be taken so that evidence is not inadvertently altered or destroyed. Provision should be made for preserving
some of the original samples to provide material for a fresh start if an answer to the failure is not found. Sketches and
photographs prepared at this time are helpful for later reference in interpreting results.
Microscopic Examination. For metallurgical investigation, microstructural details provide much information about
thermal history, operating temperatures, chemical environment, manner of attack, and cracking.
Microstructural examination of a section through the fracture surface is an aid in determining if the fracture is
transgranular or intergranular. Also, variations in material between the failure area and a remote region can reveal specific
local microstructural effects, such as decarburization, alloy depletion, graphitization, or precipitation of embrittling
constituents at the failure area. Quality of soldered or brazed joints, depth of penetration of welds, or occurrence of gas
porosity can be revealed by proper sectioning. A critical combination of strain and subsequent heating can occasionally
cause excessive grain growth. This has occurred in copper tubing, aluminum alloy tubing, or copper-clad steel tubing
used for medium-pressure duty.
Materials may be identified by microstructural examination. For example, various grades of carbon steel pipe or tubing
may be distinguished according to the deoxidation practice and resulting microstructure. Similarly, seamless and welded
pipe or tubing may be differentiated. A gross error in material usage, such as using low-carbon instead of medium-carbon
steel, can be determined quickly by microstructural inspection. In low-carbon steels, rimmed steels can be distinguished
from killed steels by their larger-grain rimmed zone at the surface and concentration of carbon and impurities at the center
of the section. The presence or absence of inclusions can also be checked.
In failures involving a weld, careful evaluation of the heat-affected zone (HAZ) is necessary. In carbon and alloy steels,
HAZs can be abnormally hard. In austenitic stainless steels, HAZs can be sites for precipitated intergranular carbides; the
resulting alloy-depleted zones surrounding the precipitates are potential origins for intergranular corrosion or cracking of
the weldment.
Chemical Analysis. Information on corrosive agents is usually obtained by analysis of corrosion products or metal
surfaces. For example, silver nitrate tests may be performed on residues clinging to a pitted stainless steel surface to
confirm the presence of chloride ions—a common cause of pitting. Wet chemical methods are often supplemented by the
use of x-ray diffraction or electron probe x-ray microanalysis, using wavelength- or energy-dispersive x-ray spectrometers
for identification of compounds, which in turn may identify corrosives. These techniques are often used to analyze for the
presence of contaminants on crack surfaces or at the roots of pits. More information on these analytical techniques is
available in Volume 10 of ASM Handbook, formerly 9th Edition Metals Handbook.
Mechanical Tests. Tensile or stress-rupture tests can be used to determine if the metal had mechanical properties suitable
for the intended service. Hardness tests can be used to check whether heat treatment was correct or uniform or if
hardening occurred from cold working, overheating, carburization, or phase changes in service. Impact tests indicate
brittle tendencies.
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Causes of Failures in Heat Exchangers
Failures in heat exchangers are commonly associated with methods of manufacturing pipe and tubing, handling methods
during fabrication, testing methods in the shop and in the field, and the total environment to which the unit is exposed
after fabrication—including conditions during shipment, storage, start-up, normal operation, and shutdown.
Fabricators and suppliers of pipe or tubing strive to minimize or eliminate latent surface or subsurface imperfections
produced during manufacture. Nondestructive inspection, such as by eddy-current, ultrasonic, air-under-water, and
hydrostatic tests, is used to detect these imperfections. Each test has its limitations. Hydrostatic tests and air tests are
useful for detecting discontinuities extending completely through the tube wall, but they are of little use in detecting
discontinuities that extend only partly through the wall. In these cases, ultrasonic and eddy-current methods are more
useful. These test methods allow the sensitivity of the test instrument to be set at a level consistent with the type and size
of imperfection being sought.
Where an imperfection extends through the wall but is very small and tight, the tube may not leak in a hydrostatic test, but
it may leak in subsequent service. Air tests under water can be used to reveal imperfections of this type.
Fortunately, relatively few imperfections produced during manufacture escape detection and lead to failures in service.
The combination of eddy-current and hydrostatic testing, whether conducted by the fabricator or tube supplier, effectively
minimizes service failures resulting from imperfections produced during manufacture.
Secondary manufacturing techniques result in more service failures than do surface and subsurface imperfections
produced during tubing manufacture. The methods used to draw, clean, heat treat, and straighten the tubes may be quite
significant to service performance, but are often overlooked in specifications and inspection procedures. Drawing, heat
treating, and straightening operations determine the level of residual hoop and bending stresses induced in the tube. By
varying the severity of these operations, it is possible to produce tubes with very low residual stresses or with very high
residual stresses that are near the yield strength of the metal. Low residual stresses are particularly important when tube
materials must have maximum resistance to SCC in service. The residual stresses on the inner and outer surfaces of the
tube and through the tube wall must be low; residual stresses at the surfaces should be compressive.
Cleaning methods, control of heat-treating atmospheres, and pickling operations affect the condition of the oxides on the
inner surface of the tube. The oxide should be very thin and flexible and should completely cover the inner surface of the
tubing because fractures in the oxide layer create anodic and cathodic sites that can lead to pitting corrosion. If the surface
oxide scale is to be removed, it should be completely removed in order not to establish anodic and cathodic sites, which
are starting points for corrosion during service. The inner surfaces of some tubes are abrasive blasted to remove the
oxides produced during heat treatment and thus eliminate anodic and cathodic sites. The strip stock from which welded
tubing is made can be inspected immediately before forming and welding and can be rejected if it does not meet quality
requirements.
Alignment and drilling of tube sheets and tube-support plates to reasonable tolerances will ease tube insertion and will
minimize stresses induced during the fabrication of heat exchangers. Overrolling the tube past the tube sheet may
introduce residual stresses. Tubes rarely fail within the tube sheet, but failure behind the tube sheet because of overrolling
is relatively common. The tube-expander cage must be properly located and the rolling process must be controlled to
minimize overrolling.
Effects of Inspection Procedures. All heat-exchanger tubes purchased to ASTM specifications are hydrostatically tested at
the mill; the purchaser sometimes specifies that a nondestructive test also be used. Hydrostatic testing is also performed
after the heat exchanger has been fabricated. One advantage of not hydrostatic testing at the tube mill is that tubes can be
kept dry during shipment and storage. The presence of corrosives in the water used in hydrostatic testing, inadequate
drying after hydrostatic testing, and improper boxing of the tubes at the tube mill can lead to corrosion. Most tube mills
are aware of the problems associated with hydrostatic testing and drying and take steps to ensure that the test water is free
of corrosives and that tubes are dry before boxing.
Some copper alloys are very sensitive to stagnant-water conditions, especially if the water contains biological material or
chemicals that can generate or decompose into ammonia. Hydrostatic-testing procedures that permit water to become
stagnant in the tubes can result in serious pitting and SCC.
Failure to remove shop-hydrostatic-test water that contained contaminants has caused tubing failures to occur before startup. The water used for hydrostatic testing of units in the field is also important, as is the method used to drain and dry the
units after field hydrostatic testing. The following example describes pitting in ferritic stainless steel heat-exchanger tubes
caused by the presence of chlorides in the hydrostatic test water.
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Example 1: Pitting of Stainless Steel Heat-Exchanger Tubes Due to Chloride Ions in Flush Water. Many tube bundles in a
heat exchanger fabricated from AISI type 410 stainless steel experienced leakage during hydrostatic testing. The tubes
had not yet been in service, and no metallurgical deficiencies that could have caused the failure were found.
Investigation. Figure 1 shows a typical example of the pitting observed on the inside surfaces of the tubes. A cross section
of a pit (Fig. 2) revealed undercutting characteristic of chloride-ion pitting. X-ray spectrometry of two of the pits revealed
evidence of chlorides.

Fig. 1 Pitted inside-diameter surface of AISI type 410 stainless steel tube. (a) Typical
example of pitting. Approximately 2 1 ×. (b) Enlargement of pit shown in (a).
2

Approximately 50×

Fig. 2 Cross section of a pit as shown in Fig. 1. 6×
Chemical analysis revealed that the tube material was within specifications for type 410 stainless steel. The
microstructure consisted of annealed ferrite free from any inclusions or carbides. Pitting was random and could not be
correlated with any sensitization or metallurgical deficiencies in the tubes.
Conclusions. Pitting failures of both 300-and 400-series stainless steels can occur after brief exposures to chloride
environments. In this case, failure was caused by chlorides in the water used to flush the tubes before service.
Recommendations. Pitting could be reduced or eliminated by avoiding the use of brackish water to flush or test stainless
steel equipment.
Boxing of tubing for shipping should be done with care. All tubes should be wrapped in waterproof paper or plastic for
resistance to corrodents that may be present in the air during shipping or that may be present in outdoor storage and may
be washed through the tubes by rainwater. It is also possible for preservatives in wooden boxes to leak out and wash over
the tubes.
A problem with an airborne corrodent occurred in one case in which packing boxes became contaminated with calcium
chloride from road-deicing and dust-control operations. The corrodent washed over stainless steel condenser tubes,
causing ferric chloride pitting, which perforated the tubes before they were removed from the boxes. Wrapping with
waterproof paper probably would have prevented corrosion of these tubes. In another case, a zinc chloride wood
preservative leached out of wooden boxes containing tubes and caused pitting of the tubes before their installation in a
heat exchanger. Exposure to ammonia or other atmospheric contaminants in industrial areas could result in damage to
stored components.
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Corrosion
General corrosion resulting in uniform wall thinning causes considerable damage to heat-exchanger tubes. However, the
principal corrosion damage in heat exchangers is usually from localized attack. Stray electrical currents may also
contribute to significant corrosion of heat exchangers. Localized corrosive attack can occur as pitting, impingement,
thinning, or selective leaching. More information on corrosion is provided in the article “Analysis and Prevention of
Corrosion Failures” in this Volume.
General corrosion can be the result of deliberately designing a heat exchanger with a limited life. Otherwise, it can be the
result of a mistaken choice of materials or of miscalculation of the corrosive effect of the medium circulating through the
heat exchanger. For example, an acid-containing vapor stream may not be corrosive above its dew point, but if the stream
is cooled below its dew point, severe general attack can result from acid condensation on internal surfaces of tube walls.
On the outside surfaces of tubes, corrosion may be concentrated in the bottom row of tubes or in other areas where
condensates can accumulate. Water vapors containing acids, hydrogen sulfide, carbon dioxide, and ammonia can be very
corrosive environments.
Another cause of inadvertent general corrosion is improper chemical cleaning using uninhibited acids, excessive
temperatures, or prolonged contact time. Water used to wash fire-side deposits where high-sulfur fuel oil or gas was fired
will also create very acidic conditions and lead to general corrosion in areas that are not easily drained or flushed, such as
under refractory linings.
Example 2: Corrosion Failure of a Tee Fitting. Wet natural gas was dried by being passed through a carbon steel vessel
that contained a molecular-sieve drying agent. The gas, which contained 15% H2S, was passed through the vessel at a
pressure of 4.5 MPa (650 psi) and at a temperature of 40 to 45 °C (100 to 110 °F). After several hours, the drying agent
became saturated and was taken off the line and regenerated by gas that was heated to 290 to 345 °C (550 to 650 °F) in a
salt-bath heat exchanger. Figure 3(a) shows the arrangement of the 75-mm (3-in.) diam schedule 40 piping for the
dehydrator system. After 12 months of service, the tee joint failed and a fire resulted.
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Fig. 3 Low-carbon steel tee fitting in a line leading to a natural-gas dryer that failed from
hydrogen sulfide corrosion. (a) Arrangement of piping showing point of leakage in the tee
fitting. (b) Inner surface of the tee fitting showing corrosion deposit and area of complete
penetration through the tube wall. (c) Positions of layers of corrosion product on inner
surface of piping (see Table 2 for compositions of layers)

Investigation. Inspection of the piping between the heat exchanger in the salt bath and the molecular-sieve bed revealed a
hole in the tee fitting (Fig. 3a and b) and a corrosion product (scale) on the inner surface of the pitting. This scale occurred
in four layers (Fig. 3c).
Chemical analysis of the scale revealed it to be iron sulfide of various compositions in four distinct layers. Table 2 lists
the probable composition and thickness of each layer. The layered structure of the scale indicated hydrogen sulfide attack
on the carbon steel. The sulfur content was lowest in the layer in contact with the inner surface of the carbon steel pipe.

Table 2 Compositions and thicknesses of layers of corrosion product found on inner
surface of low-carbon steel gas-dryer piping
Layer (see Fig. 4c)

Carbon,

Sulfur,

Stoichiometric

Probable composition

Approximate thickness
mm
in.

1
1 and 2 (composite)
2
2 and 3 (composite)
3
4

% (a)
10
…
…
6
…
…

% (b)
36.9
41.7
…
45.0
…
…

ratio
FeS1.08
FeS1.15
…
FeS1.46
…
…

FeS1.1
FeS1.1 + FeS1.2
FeS1.2(c)
FeS1.2 + FeS2
FeS1.2 + FeS2(c)
FeS2(c)

0.5
…
2.0
…
2.0

0.02
…
0.08
…
0.08

(d)

(d)

(a) Determined by combustion methods.
(b) Determined by gravimetric methods.
(c) Determined by x-ray diffraction.
(d) Layer too thin and fragile to measure its thickness
For several months before the failure, the temperature of the gas heated by the salt-bath heat exchanger was below 290 °C
(550 °F) and was about 230 °C (450 °F) at the molecular sieves.
Corrosion of carbon steel by hydrogen sulfide occurs only at temperatures above 260 °C (500 °F). At 315 °C (600 °F),
15% H2S would cause rapid attack on carbon steel. However, the carbon and sulfur found in the scale on the piping and in
the molecular sieves indicated that oxygen was present in the system. At pressures of 2070 kPa (300 psi) or more, the
presence of small amounts of oxygen promotes hydrogen sulfide corrosion of carbon steel, even at room temperature.
Thus, oxygen combined with moisture produces conditions for attack of hydrogen sulfide on carbon steel at temperatures
below 260 °C (500 °F).
Failure in the wall of the tee fitting was probably the result of turbulence, with some effect from the coarse grain size
usually found in pipe fittings. Grain size usually affects corrosion rate.
Conclusions. The piping failed by corrosion in the tee fitting because of the presence of hydrogen sulfide, moisture, and
oxygen in the natural gas that was dried in the system. Turbulence in the tee fitting and coarse grain size both contributed
to the corrosion.
Corrective Measures. The piping material was changed from carbon steel to AISI type 316 stainless steel, which is readily
weldable and resistant to corrosion by hydrogen sulfide at temperatures to 400 °C (750 °F). Chloride concentration in the
plant was very low; however, postweld stress relief was used to minimize residual stresses and to avoid the possibility of
SCC.
A less expensive alternative would have been to use a 5% Cr steel or a 9% Cr steel, neither of which is susceptible to SCC
in the presence of chlorides. These steels are susceptible to corrosion by hydrogen sulfide, although much less so than
carbon steel.
Example 3: Pitting of a Condenser Tube in a Saltwater Heat Exchanger Due to Hydrogen Sulfide Contamination. A tube
sample from an aluminum brass seawater surface condenser was received for analysis. This condenser had failed due to
pitting after less than 1 year of service.
Investigation. Metallographic analysis, energy-dispersive x-ray spectrometry, and x-ray diffraction were used to analyze
the tube and deposit samples. A thick, nonuniform black scale was present over the entire inside surface of the tube.
When this scale was removed, large pits filled with a green deposit were evident. Figure 4 shows the pitting, the thickness
of the scale, and the intergranular nature of the attack. Energy-dispersive x-ray analysis of the base metal indicated that
the material was aluminum brass, which is commonly used for seawater condensers. X-ray analysis of the scale, which
constituted the bulk of the corrosion deposit, yielded the following results:
Element
Composition, %
Copper
69
Zinc
17
Sulfur
9
Aluminum
2.5
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Chlorine
1.5
Calcium
1
Iron, silicon, magnesium trace
The black deposit was identified as primarily copper sulfide, with zinc and aluminum sulfides also present. The green
deposit was also analyzed and identified as copper chloride. Copper, chlorine, zinc, and aluminum were the major
constituents.

Fig. 4 Failed aluminum brass condenser tube from a saltwater heat exchanger. The tube
failed from pitting caused by hydrogen sulfide and chlorides in the feedwater. (a) Cross
section of tube showing deep pits and excessive metal wastage. 2 3 ×. (b) Higher
4

magnification view of a pit showing the depth of attack and thickness of the corrosion
deposit. 28×. (c) Micrograph showing the intergranular nature of the attack and
undercutting of metal particles. Etched with ammonium persulfate. 110×
Discussion. Most copper alloys depend on the formation of a protective oxide scale for corrosion protection. When
hydrogen sulfide is present, it interferes with the formation of such a layer, forming a sulfide layer instead. Unlike the
oxide layer, the sulfide scale is not protective, and it allows corrosion, as well as diffusion and concentration of such
corrosive species as chlorides, to continue beneath the deposit.
Conclusions. The combination of sulfide and chloride attack on the tubes resulted in accelerated failure. The major cause
of the shortened tube life was hydrogen sulfide, which was present in seawater at this particular site at about 5 to 10 ppm.
Recommendations. Injection of ferrous sulfate just upstream of the condenser can aid the formation of protective oxide
films. From the preceding discussion, the most obvious corrective measure would be to eliminate sulfide contamination.
The prime source of such contamination appears to be the accumulation of sulfide-containing sludge in coral formations
near the condenser inlets. Consideration might also be given to relocation of the pump suction to an area where there is
continuous entry of fresh seawater, which would reduce sulfide concentrations.
Crevice Corrosion in Water. A common cause of deterioration in tubing containing water is corrosion pitting caused by
differential aeration or concentration-cell corrosion (crevice corrosion). This type of corrosion occurs frequently, but is
often not identified as crevice corrosion.
Corrosion by differential aeration arises from regional differences in the concentration of dissolved gases (principally
oxygen) or of soluble contaminants, such as chlorine, fluorine, or sulfur, in water that contacts a part or component. The
result is the establishment of an electrochemical cell, with the surface in the region of lowest concentration becoming
anodic relative to the surrounding surface. This situation can develop under conditions of stagnant flow between two
overlapping surfaces or beneath corrosion products or sludge on the surface. Anything that restricts free access of oxygen
is likely to cause crevice corrosion.
Other factors, such as gas bubbles on the surfaces, inhomogeneity of the material, cracks in mill scale, and local
breakdown of protective films, may also initiate crevice-corrosion attack. Corrosion of this type is often associated with
water that contains dissolved solids in comparatively small concentrations, the amounts present being insufficient or
unsuitable to cause formation of protective films or deposits but sufficient to raise the electrical conductivity of the water
so that it becomes an electrolyte. Invariably, the cathodic zone is larger than the anodic zone; consequently, the rate of
attack at the small anodic zone is high. Corrosion extends preferentially in depth, forming pits and cavities. The affected
part sometimes becomes completely penetrated even though the total area affected by corrosion is relatively small. The
corrosion products commonly form a nodule over the cavity, increasing the crevice effect. When the corrosion is
associated with elevated temperature—for example, at the hot-test parts of heat-exchanger surfaces—the nodule that is
formed is hard and is difficult to remove until it has attained considerable size. The temperature may be sufficient to

evaporate some of the liquid within the nodule; the corrosive action then becomes intermittent, and partial drying of the
corrosion products occurs.
In the corrosion of iron-base alloys, dissolved oxygen in the water diffuses into the precipitated ferrous hydroxide and, in
combination with the ferrous hydroxide and water, forms hydrated ferric hydroxide (rust). If the supply of oxygen is
limited, the corrosion product may be green hydrated magnetite or black anhydrous magnetite. The nodule that forms
from the corrosion product is porous; therefore, electrochemical attack proceeds as iron enters into solution in the aqueous
medium beneath the nodule. The oxygen dissolved in the water is mainly consumed over the large cathodic surface in
oxidizing the hydrogen evolved there; that is, it acts as a depolarizer, with the rate of oxygen consumption determining
the rate at which ions leave the metal beneath the nodule.
Because of the intense corrosive attack, the corrosion nodule frequently has a stratified structure, with the composition
changing from rust-colored ferric hydroxide on the outside surface of the nodule to layers of ferrous hydroxide, ferric
oxide, and magnetite on the inside. The ferric oxides permit the passage of hydroxide ions and the diffusion of oxygen,
with the result that electrochemical action is able to proceed, and the rate of attack is increased with an increase in
temperature because of the resultant alteration in the nature of the corrosion products, the improved electrical conductivity
of the water, and the enhanced rate of chemical reaction that follows an increase in temperature.
The following features are characteristic of crevice-corrosion attack:
•
•
•
•
•

Nodules will generally form on the corroded surfaces. The nodules will be hard if formed on a hot surface, but
may be softer if formed on a cold surface
The composition of the nodules varies from the outside surface to the inside. Externally, they often present a rusty
appearance. Internally, they are mostly black. In some cases, the appearance may be modified by the presence of
salts deposited from the water, giving various colors
The nodules are generally isolated from one another, although they may sometimes be found in confluent groups
When a nodule is removed, the cavity in the plate beneath it is often sharply defined, and the walls may be almost
perpendicular to the metal surface
The metal surface between the cavities generally shows little or no corrosion, and in some cases the original mill
scale may be present

New installations are particularly vulnerable to crevice corrosion because of insufficient time for a protective film or scale
to form on the surface before the onset of corrosion.
Copper alloys are also susceptible to crevice corrosion, forming similar corrosion products and taking part in similar
chemical reactions. For example, in the corrosion of a copper alloy in an aerated-water medium, copper carbonate
hydroxide [CuCO3·Cu(OH)2] would be the expected corrosion product. Bicarbonate (HCO3) and carbonate (CO3)
radicals, which are needed for the formation of copper carbonate hydroxide, are present as contaminants in most naturally
occurring waters.
Example 4: Crevice Corrosion of Tubing in a Hydraulic-Oil Cooler. Leakage from the horizontal heat-exchanger tubes in
one of two hydraulic-oil coolers in an electric-power plant occurred after 18 months of service. Under normal operating
conditions, service life in similar units is generally about 10 years. In this plant, river water was used as the coolant in the
heat-exchanger tubes. The tubes were 9.5 mm (

3
in.) in diameter with a 0.6-mm (0.025-in.) wall thickness and were
8

made of copper alloy C70600 (copper nickel, 10%). Five of the tubes that were leaking were removed and sectioned
lengthwise. One section of each tube was sent to the manufacturer of the cooler, and the other was sent to the power
company laboratory for determination of the cause of failure.
Investigation. Visual examination of the sectioned tubes revealed several nodules on the inner surface and holes through
the tube wall, which appeared to have formed by pitting under the nodules. In Fig. 5(a), arrow A shows a pit that
penetrated the wall of the tube, and arrow B shows a typical nodule.
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Fig. 5 Copper alloy C70600 tube from a hydraulic-oil cooler. The cooler failed from
crevice corrosion caused by dirt particles in river water that was used as a coolant. (a)
Inner surface of hydraulic-oil cooler tube containing a hole (arrow A) and nodules (one of
which is indicated by arrow B) formed from a corrosion product. (b) Etched section
through the pit at arrow A, which penetrated the tube wall. 100×. (c) Etched section
through a pit beneath the nodule at arrow B, with about 35% of the wall thickness
remaining. 100×
Metallographic examination was performed on three distinct areas of the tube: areas that exhibited no effects of corrosion,
areas that were pitted, and areas containing nodules. The tubing contained several nodules and pits, but all were isolated
from each other. A cross section through an unaffected area of the tube showed no corrosion on the inner surface and an
undamaged microstructure. Most of the inner surface of the tube was in good condition.
Figure 5(b) shows a micrograph of a section through a pit that had penetrated the tube wall. The pit had steep sidewalls,
which indicated a high rate of attack. A micrograph of a section through the tube beneath one of the nodules is shown in
Fig. 5(c). Corrosion beneath the nodule had penetrated approximately 65% of the tube wall. The pit had a low slope
angle, which indicated a low or intermittent rate of corrosion.
Spectrographic analysis of the tube metal indicated that it was copper alloy C70600. A reddish deposit was removed from
the inner surfaces of the tubes and analyzed. The major constituent was iron oxide, and less than 1% was manganese
dioxide. The presence of these and other constituents indicated that effluent from steel mills upstream was the source of
most of the solids found in the tubes.
A greenish nodule was analyzed by x-ray diffraction. The major compound was copper carbonate hydroxide
[CuCO3·Cu(OH)2]. This compound would be expected in corrosion of a copper alloy exposed to aerated natural water.
Flow of cooling water from the river through the tubes was not uniform, but ebbed and flowed in accordance with cooling
demand. Under these circumstances, deposits would form on, or particles would drop on, the inner surfaces of the
horizontal tubes.
Conclusions. The tubing failed by crevice corrosion. Particles of dirt in the river water were deposited inside the tubes
during periods of low flow. The difference in oxygen content under the deposit and on the exposed surface of the tube
established an electrolytic cell under the deposit. The end results were nodules of a corrosion product and pits that in
some cases eventually became holes in the tube wall.
Corrective Measures. The tubing in the cooler was replaced, and the cooling-water supply was changed from river to city
water, which contained no dirt to deposit on the tube surfaces. After the first cooler was back in service, the second cooler
was shut down, and the tubes removed for investigation. Nodules, pits, and deposits similar to those found on tubes from
the first cooler were found on the inner surfaces of the tubes. Although the tubes were not leaking, they would have been
within a short time. For this cooler also, the tubes were replaced, and city water was substituted for river water as the
coolant. At the time of this report, both coolers had been in service for about 3 years with no evidence of leakage.
An alternate solution to the problem would have been to install replacement tubes in the vertical position and to continue
to use river water. With the tubes in the vertical position, solids would be less likely to be deposited on the tube walls
during low flow of the river water.
Selective leaching, or dealloying, is localized corrosion of copper alloys that leaves a spongy, structurally weak mass of
the more noble alloying element in place at the site of corrosion attack. Selective leaching can occur in brasses

(dezincification) and in copper-nickel alloys (denickelification). The net result of selective leaching is that sound metal is
gradually changed to a brittle, porous mass of copper that has little mechanical strength. Selective leaching can sometimes
be detected visually by the reddish appearance of the deposited copper; it is favored by waters having a high content of
oxygen, carbon dioxide, or chloride and is accelerated by elevated temperatures and low water velocities. Excessive
chlorination of cooling water may also lead to dezincification of brass.
Dezincification occurs in two forms, plug type and layer type. Plug-type dezincification is less spread out on the surface
than layer type and can cause pitlike wall perforation more rapidly than layer type. An acidic environment favors layertype attack. High-zinc brasses of the α variety, such as copper alloy C26000 (cartridge brass, 70%), are more susceptible
to dezincification than copper alloys having a lower zinc content, for example, copper alloy C24000 (low brass, 80%). In
copper alloys that show an α-plus-β structure, such as copper alloy C28000 (Muntz metal, 60%), the β constituent, which
has the higher zinc content, may suffer dezincification.
Figure 6 shows a section through a copper alloy C26000 steam-turbine condenser tube. Uniform dezincification of the
bore extended from one-half to two-thirds through the wall of the tube. The porous nature of the affected portion of the
tube is shown in Fig. 6(b).
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Fig. 6 Copper alloy C26000 steam-turbine condenser tube that failed by dezincification.
(a) Section through condenser tube showing dezincification of inner surface. 3 1 ×. (b)
2

Etched specimen from the tube showing corroded porous region at the top and unaffected
region below. 100×
Figure 7(a) and (b) show a section through a heat-exchanger tube made of copper alloy C71000 (copper nickel, 20%).
Water passing through the tube and steam in contact with the outer surface caused denickelification of the alloy at both
inner and outer surfaces. The dealloying occurred along the grain boundaries, which have higher energy than the grains
and are more susceptible to attack. Another form of denickelification is shown in Fig. 7(c) for a copper alloy C71500
(copper nickel, 30%) heat-exchanger tube.

Fig. 7 Copper-nickel alloy heat-exchanger tubes that failed from denickelification due to
attack by water and steam. (a) Etched section through a copper alloy C71000 tube
showing dealloying (light areas) around the tube surfaces. Etched with NH4OH plus H2O.
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3.7×. (b) Unetched section through the outer surface of the tube shown in (a); dark
pattern shows dealloyed region. 85×. (c) Etched section through a copper alloy C71500
tube showing the surface that was denickelified (top) and unaffected base metal (bottom).
Etched with equal parts nitric and acetic acid. 375×
Impingement attack, or erosion-corrosion, occurs where gases, vapors, or liquids impinge on metal surfaces at high
velocities. The erosive action removes protective films from localized areas at the metal surface, thereby contributing to
the formation of differential cells and localized pitting of anodic areas.
Impingement attack often produces a horseshoe-shaped pit. This form of attack frequently occurs in condenser systems
handling seawater or brackish water that contains entrained air or solid particles and circulates through the system at
relatively high velocities and with turbulent flow. The pits are elongated in the direction of flow and are undercut on the
downstream side. When the condition becomes serious, a series of horseshoe-shaped grooves with the open ends on the
downstream side may be formed. As the attack progresses, the pits may join one another, forming fairly large patches of
undercut pits.
When impingement attack occurs in heat-exchanger or condenser tubing, it is usually confined to a short distance on the
inlet end of the tube where the fluid flow is turbulent. Impingement attack can be controlled by use of corrosion-resistant
alloys, such as copper alloy C71500 (copper nickel, 30%).
Impingement attack has been somewhat relieved by inserting relatively short tapered plastic or alloy sleeves inside the
tube on the inlet end of the tube bundle. Other corrective measures include decreasing the velocity, streamlining the fluid
flow, and decreasing the amount of entrained air or solid particles. These may be attained by a streamlined design of
water boxes, injector nozzles, and piping. Abrupt angular changes in direction of fluid flow, low-pressure pockets,
obstruction to smooth flow, and any other feature that can cause localized high velocities or turbulence of the circulating
water should be minimized as much as possible. Sacrificial impingement baffles can minimize damage to the shell-side
surfaces of tubes. More information on liquid impingement is provided in the article “Liquid Impact Erosion” in this
Volume.
Example 5: Failure of Copper Alloy 443 Heat-Exchanger Tubes. Tubes in heat exchangers used for cooling air failed in
an increasing number after 5 to 6 years of service. Air passed over the shell-side surface of the tubes and was cooled by
water flowing through the tubes. Although sanitary well water was generally used, treated recirculating water was also
available and was sometimes used in the heat exchanger. Water vapor in the air was condensed on the tube surfaces
during the cooling process. The pH of this condensate was approximately 4.5. Air flow over the tubes reversed direction
every 585 mm (23 in.) as a result of baffling placed in the heat exchangers.
The tubes were 19 mm (

3
in.) in diameter with a wall thickness of 1.3 mm (0.050 in.) and were made of copper alloy
4

C44300 (arsenical admiralty metal). Samples of the tubes were sent to the laboratory to determine the mechanism of
failure.
Investigation. Visual examination of the damaged area revealed an uneven ridgelike thinning and perforation of the tube
wall (Fig. 8a) on the leeward side of the tube. An enlarged view of the ridges on the surface of the tube is shown in Fig.
8(b). Metallographic examination of a cross section of the failed area (Fig. 8c) disclosed undercut pits on the outer surface
of the tube. Both the ridgelike appearance of the damaged area and the undercut pitting indicate of impingement attack.
Spectrochemical analysis of the tube confirmed that the material was copper alloy C44300 (arsenical admiralty metal).

Fig. 8 Copper alloy C44300 heat-exchanger tube that failed by impingement corrosion
from turbulent flow of air and condensate along the shell-side surface. (a) Shell-side
surface of tube showing damaged area. (b) Damaged surface showing ridges in affected
area. 4×. (c) Unetched section through damaged area showing undercut pitting typical of
impingement attack. 100×
Conclusion. The tubes failed by impingement corrosion that resulted in perforation. A combination of air and water (the
condensate) was rapidly agitated by changes in direction at the metal surface and accelerated the impingement corrosion.
This action and the low pH (4.5) of the condensate resulted in removal of the protective film that normally formed on the
tube surface during initial corrosion and ultimately produced a hole in the tube.
Corrective Measures. The heat exchanger was retubed with tubes made of aluminum bronze, for example, copper alloy
C61400. At the time of this report, these tubes had been in service for more than 12 years without failure.
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Failures of Heat Exchangers
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Stress-Corrosion Cracking
Stress-corrosion cracking (SCC) occurs as a result of corrosion and stress at the tip of a growing crack. The stress level
necessary for SCC is below that needed for fracture without corrosion. Additional information is provided in the article
“Stress-Corrosion Cracking” in this Volume.
Evidence of corrosion, although not always easy to find, should be present on the surface of an SCC fracture up to the
start of final rupture. Generally, one of several specific corrosive substances must be present for SCC to occur in a given
alloy. For example, ammonia compounds have been identified as agents that produce SCC in copper-zinc alloys.
The arsenic, antimony, or phosphorus additions for inhibiting dezincification do not prevent SCC of inhibited admiralty
metals (copper alloys C44300, C44400, and C44500). Cracking can be transgranular, intergranular, or mixed on the same
metal part, and it may be accompanied by deposition of copper within the cracks. Arsenic does not prevent SCC in copper
alloy C68700 (arsenical aluminum brass) subjected to ammonia- and copper-dosed seawater, although arsenic can have
beneficial effects at stresses below the elastic limit. Low-temperature SCC has been found in brasses. The copper nickels
(copper alloys C70100 to C72900), despite their proven susceptibility to ammonia, are much superior in service with
respect to SCC in condenser-tube service than brasses are.
Carbon steels can experience SCC in several environments (see the article “Stress-Corrosion Cracking” in this Volume).
In heat exchangers, these environments may be present at such low concentrations that they appear to be harmless.
However, concentration of cracking species by evaporation can lead to equipment failure. For example, sodium hydroxide
may be present in boiler water in part per million concentrations. Waste-heat boilers can allow concentration of hydroxide
ions by steam blanketing, by incomplete water wetting of a vertical boiler, or by flange leaks that allow water to become
steam. Failure usually occurs in welds or in highly stressed areas. Carbon steel heat-exchanger equipment can also fail by
SCC in wet hydrogen sulfide environments if the hardness of the component exceeds approximately 22 HRC. Flange
bolts or studs that are improperly heat treated for service in such an environment are particularly susceptible. Additional
information is available in the articles “Hydrogen Damage and Embrittlement” in this Volume.
The austenitic stainless steels are subject to SCC that is induced by acidic chlorides and fluorides or by polythionic
(H2SxO6; x = 2 to 6) acids if the microstructure is sensitized. In hot systems in which there is a possibility of chloride
contamination, austenitic stainless steels should not be considered. If these steels must be used, they should be in the
annealed condition or should be clad over a base metal that resists cracking. In very corrosive environments, higher-nickel
austenitic alloys may be required to resist both general attack and SCC. In less corrosive environments, ferritic or duplex
stainless steels can be considered.
Example 6: SCC of a Stainless Steel Integral-Finned Tube. A tubular heat exchanger in a refinery reformer unit was
found to be leaking after 1 month of service. The exchanger contained 167 type 304 stainless steel U-bent integral-finned
3
4

tubes, 19 mm ( in.) in outside diameter.
Investigation. Examination revealed cracks in the tube wall about 75 mm (3 in.) from the tube sheet and at the first fulldepth fin on the tube (Fig. 9a). Hardness of the tube was 30 HRC at the inside surface and up to 40 HRC at the base of the
fin midway between the roots. These hardness values indicated that the fins were cold formed and not subsequently
annealed. Cold working without subsequent annealing made the tubes susceptible to SCC because of a high residualstress level.

Fig. 9 Type 304 stainless steel integral-finned tube that cracked from chlorides and high
residual stresses. (a) Section of integral-finned tube showing major crack (circumferential
crack between fins). Dimension given in inches. (b) Branched transgranular cracking
propagating from major crack. 45×
Metallographic examination of a section through the tube wall established that fracture was predominantly by
transgranular branched cracking (Fig. 9b) and had originated from the inside surface. Transgranular branched cracking of
austenitic stainless steels is frequently caused by chlorides in the presence of high residual stresses.
The presence of chlorides is not unusual in a reformer unit. Although steam and steam condensate injected into reformer
systems are normally free of chlorides, there can be accidental carry-over of dissolved solids with the steam under periods
of high demand.
Conclusion. The tubes failed in SCC caused by chlorides in the presence of high residual stresses. The fins were cold
formed on the tubes and not subsequently annealed.
Corrective Measure. The finned tubes were ordered in the annealed condition. This minimized the possibility of residual
stresses in the tubes.

The file is downloaded from www.bzfxw.com

Improper Materials Specification and Design. Heat exchangers sometimes fail by SCC because of improper specification
of materials and design. In one case, a heat exchanger was part of a separator, which was designed as a single
combination vessel for construction economy. The exchanger was of a vertical-tube design and was located directly
1
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beneath the separator. The separator had a 6.4-mm ( -in.) thick AISI type 316 stainless steel shell that extended below
the partition head of the vessel, forming the shell of the heat exchanger. The designer had not provided for complete
filling of the water space between the upper tube sheet and the partition head. As a result, the type 316 stainless steel shell
of the exchanger was constantly wetted with water in the vapor space below the partition head. Heat from the separator
caused continuous flashing of water into steam inside the exchanger, building salt deposits on the hot surfaces of the shell.
The deposits contained chlorides from the city water used in the exchanger. Acting in combination with the normal
fabricating stresses inherent in the vessel, chloride salts caused the type 316 stainless steel shell at the vapor space to fail
because of the presence of numerous small stress-corrosion cracks. Some of the cracks penetrated completely through the
wall of the shell.
This problem could have been avoided by providing for complete filling of the water space above the tube sheet or by
providing sufficient distance between the separator and exchanger so that heat from the separator would not cause steam
flashing inside the exchanger. Finally, it is not considered good practice to use austenitic stainless steels in hot-water
service under conditions of alternate wetting and drying; the drying favors the accumulation of corrosive salt deposits.
As a corrective measure, carbon steel doubler plates were welded over the cracked region of the exchanger shell. The
exchanger was eventually replaced with a vessel designed to eliminate the vapor space between the tube sheet and the
partition head.
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Corrosion Fatigue
Corrosion fatigue is the combined action of an aggressive environment and a cyclic stress, which results in premature
failure of metals by cracking. Neither cyclic stress in air nor environmental attack applied separately produces the same
damaging results as combined action. Thus, a precorroded specimen does not necessarily show appreciable reduction in
fatigue life, nor does prefatiguing in air increase the corrosion rate of metals.
In general, corrosion fatigue should not be confused with stress corrosion. All metals that are susceptible to corrosion are
susceptible to corrosion fatigue in any corrosive environment, whereas SCC occurs only in alloys subjected to very
specific environments and normally occurs under conditions of static tensile stress rather than dynamic stress. However,
the application of cyclic stresses under SCC conditions may also influence corrosion-fatigue behavior.
In general, more materials are susceptible to corrosion fatigue than to stress corrosion. Stress-corrosion cracking mainly
affects the brasses and the austenitic stainless steels, but corrosion fatigue can occur in most metallic materials used in the
chemical industry.
Two general sources of stress and environment are necessary for corrosion fatigue: (1) where the cyclic stress and
corrosive environment result from the same sequence of events and (2) where the cyclic stress and corrosive environment
arise independently. The first source is more common in high-temperature applications and relies on changes in
temperature that produce thermal stresses and corrodent concentration. In the second source, cyclic stresses are usually
mechanical in origin, such as rotating bending, cyclic pressurization, and start-stop centrifugal loading. Because corrosion
fatigue is by definition restricted to the simultaneous action of a cyclically varying stress and a corrosion process, the
damage mechanisms not covered by this term are purely mechanical stress, followed by a corrosive action in the
unstressed state, and corrosion in the nonloaded state, followed by purely mechanical cyclic stressing without interaction
of corrosion.
Fracture Appearance. For carbon and low-alloy steels, the corrosion-fatigue fracture surface is typically jagged, whereas
the fracture surface of rust- and acid-resisting steels—for example, austenitic stainless steels—is usually flat. The number
of secondary cracks influences whether the fracture surface is flat or jagged; with a great number of cracks, the fracture is
jagged. The jagged surface results when several cracks penetrate, very close to one another, into the interior of the
material. Because the cracks are not in the same plane, the fracture jumps from one crack plane to another, causing the
jagged appearance. When the distance between each crack is large, which is usually the case with a small number of
cracks, the fracture cannot jump from one plane to another. Consequently, the crack that penetrates to the greatest depth
into the material continues to grow until the component fails. The flat form of fracture is, therefore, determined by the
number of cracks per unit length and is not a specific property of austenitic steels.

On the other hand, the form of a fracture in an austenitic corrosion-resistant steel will be similar to that of a carbon steel if
the rate of corrosion is increased. Tests carried out with an austenitic stainless steel that was exposed to cyclic loading and
a spray of saturated sulfurous acid showed severe corrosion conditions, producing numerous surface cracks and a jagged
fracture surface.
The number of cracks, which considerably influences the form of fracture, depends not only on the rate of corrosion but
also on the state of the surface from which the crack begins to propagate. On rough surfaces, many cracks are formed,
resulting in a jagged fracture surface. With alloys that are not corrosion resistant, the jagged form of fracture becomes
more characteristic when the mechanical stress decreases. With a small stress, the life of a part is long; consequently,
there is enough time for the corrosion to roughen the surface. Thus, the conditions for the formation of many cracks and a
jagged fracture are created.
Thermal Stresses. Thermally generated cyclic stresses are as important in corrosion fatigue as mechanical stresses.
Transient thermal conditions can arise when a fluid is brought into contact with a surface having a markedly different
temperature or, more commonly, due to imposed system operations. Such thermal stresses result from constrained thermal
expansion or contraction.
Mechanical Stresses. Mechanical cyclic stresses arise from rotating machinery and cyclic pressurization. Vessels subject
to cyclic pressurization are usually penetrated by pipes welded to the vessel shell. In addition to being regions of stress
concentration, these welded connections can act as sources of residual stresses, and any lack of penetration or fusion at
the weld may be a site for environmentally assisted cracking. Mechanical cyclic stresses superimposed on any residual
stresses and any additional thermal stresses resulting from operational transients are similarly additive. Other significant
sources of cyclic stresses are fans or pumps, which generate high-frequency vibrations in coolant circuits; turbulent fluid
flow through or over tubes, such as steam flow over condenser tubes; and such upsets as water hammer in steamgenerating equipment (see the article “Failures of Boilers and Related Equipment” in this Volume).
Example 7: Corrosion-Fatigue Failure of U-Bend Heat-Exchanger Tubes. Two admiralty brass heat-exchanger tubes from
a cooler in a refinery catalytic reforming unit were sent to the laboratory for analysis. The tubes had been in service
approximately 10 years and had cracked circumferentially in the area of U-bends in the tubes.
Investigation. Both tubes showed cracks extending circumferentially about 180° on the tension (outer) side of the Ubends. Tube 1 exhibited a relatively smooth, uniform black deposit on its surfaces; tube 2 had an additional buildup of
corrosion deposits on both the inside- and outside-diameter surfaces. Inspection data indicated that the samples received
were typical of many cracked U-bends through the tube bundle.
Metallography of the fracture area of tube 1 showed blunt transgranular cracking with minimal branching propagating
from the inside surface of the tube (Fig. 10). In addition to the large crack, several smaller cracks were found near the
fracture. The appearance of these cracks was typical of a corrosion-fatigue mechanism.
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Fig. 10 Failed admiralty brass heat-exchanger tubes from a refinery reformer unit. The
tubes failed by corrosion fatigue. (a) Circumferential cracks on the tension (outer) surface
of the U-bends. Approximately 1 1 ×. (b) Blunt transgranular cracking from the water side
4

of tube 1. 40×
Energy-dispersive x-ray analysis of the corrosion deposits from tube 2 indicated the presence of copper, zinc, iron, as well
as small amounts of chloride, sulfur, silicon, tin, and manganese. The dark brown and black deposits covering the surfaces
of the tubes were identified as copper (II) oxide. Also present were reddish deposits identified as copper (I) oxide, as well
as iron oxides. The green color of some deposits indicated that the chlorine and sulfur present were most likely in the
form of copper chloride and copper sulfate.
Hardness measurements on the tube specimens ranged from 80 HRF near the crack to 99 HRF on the tension side of the
tube. Typical hardness for annealed copper alloy tubing is 75 HRF. This indicated that the tubes may not have been
annealed after the U-bends were formed. The appearance of cracks on the tension side of the U-bends showed that
residual stresses played a role in crack formation.
Conclusions. The tubes failed by corrosion fatigue initiated by pitting at the inside-diameter surface. The presence of
chlorides and sulfates in the cooling water contributed to corrosion by the formation of basic copper chlorides and
sulfates. The corrosion pits acted as stress raisers that, in combination with residual stresses from tube bending and mild
cyclic stresses in service, promoted crack growth.
Recommendations. Admiralty brass was recommended for continued use in the tubes due to its generally good corrosion
resistance in the catalytic reforming environment. The tubes should be annealed after bending to reduce residual stresses
from the bending operation to an acceptable level.
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Effects of Design
The shape of the components in heat exchangers is important in producing regions of stress concentrations. The ASME
Boiler and Pressure Vessel Codes are generally used for the design of pressure vessels. These codes contain relatively
simple formulas that can be used for design. If the formulas are properly used, the vessel will withstand the operating
pressures and temperatures anticipated. If used improperly or if used for the wrong application, these formulas can result
in designs that can cause failures.
One member of the brine heater described in the following example had a high discontinuity stress that was not taken into
account in the design. This discontinuity stress exceeded the tensile strength of the carbon steel shell material. Although
initial cracking probably occurred during hydrostatic testing, the vessel operated at such low pressure that it was in
service for about 2 years, during which time a crack propagated nearly 2.1 m (7 ft) before failure. Investigation revealed
that a single welded joint, although properly made, provided a notch that acted as a site of crack initiation.
Example 8: Fracture of a Brine-Heater Shell at Welds. The brine-heater shell (Fig. 11) in a seawater-conversion plant
failed by bursting along a welded joint connecting the hot well to the heater shell. Failure occurred approximately 2 years
after the plant had been brought on stream.

The file is downloaded from www.bzfxw.com

Fig. 11 Failed brine-heater shell of ASTM A285, grade C, carbon steel. The shell
fractured at welded joints because of overstress during normal operation. Dimensions
given in inches
Specifications required the heater shell to be made of ASTM A285, grade C, steel, which has a tensile strength of 379 to
448 MPa (55 to 65 ksi), a yield strength of 207 MPa (30 ksi), and elongation in 50 mm (2 in.) of 27% minimum. The tube
side of the heater was designed for a pressure of 1205 kPa (175 psi) and a temperature of 150 °C (300 °F); the shell side,
1035 kPa (150 psi) and 185 °C (365 °F). Both sides were hydrostatically tested at 150% of design pressure. The heater
tubes were made of copper alloy C70600 (copper nickel, 10%) per ASTM B 466.
On-site and laboratory investigations were conducted to determine the cause of failure and to develop corrective measures
to minimize future failures.
Service History. The steam supplied to the plant was normally controlled at 517-kPa (75-psi) line pressure. For the first
18 months of service, the brine heater operated at a maximum temperature of 120 °C (250 °F) and a steam temperature of
130 °C (265 °F) with a pressure of 170 kPa (25 psi). One exception was during the scaling of the brine-heater tubes about
1 month after start-up, when the brine temperature exceeded 145 °C (290 °F) and the steam pressure was greater than 386
kPa (56 psi).
During the 6 months before failure, the maximum brine temperature was 140 °C (280 °F) and the steam pressure was 331
MPa (48 psi). About 5 months before failure, a second scaling of the brine-heater tubes occurred, and the steam pressure
approached that of the steam line (517 kPa, or 75 psi).
There were 44 recorded pressure surges in the steam line. Most of these were minor (plus 69 kPa, or 10 psi, maximum).
However, pressures of 621 kPa (90 psi) were recorded three times; more than 690 kPa (100 psi), four times. The last 690kPa (100-psi) pressure surge occurred about 6 weeks before the failure.
When the brine heater failed, the operators immediately went to the control room and found that the steam-temperature
valve that admits steam to the brine heater was secured. However, the chart indicated that the brine temperature was 60
°C (140 °F) and that the pressure in the steam supply had increased. The steam valve was immediately closed, and within
3 min, the valve in the steam line at the power plant was closed.
The relief valve on the steam-supply line at the power plant, which was set at 862 to 896 kPa (125 to 130 psi), was
inspected; there were no indications that the valve had relieved. Also, in the power-plant control room was an alarm that
sounded if the pressure upstream of the final reducing station increased to approximately 2070 kPa (300 psi). According
to the power-plant operators, this alarm did not sound. During the day the failure occurred, the steam supply pressure at
the conversion plant did not exceed 655 kPa (95 psi).

Visual inspection of the heater shell disclosed three cracks or failure areas in the welded joints between the heater shell
and the hot well. The locations of these cracks, numbered in the probable order of occurrence, are shown in Section A-A
in Fig. 11.
Crack 1 may have initiated at the built-in notch (Detail C, Fig. 11), which is characteristic of welds made with a backing
strip. The fracture surfaces were covered with high-temperature oxidation, indicating that the surfaces may have been
separated for some time. The crack, which extended the length of the hot well, was completely internal and could not be
detected from outside the vessel. The intermediate tube supports were tack welded to the heater shell. The welds nearest
the crack were broken and were covered with high-temperature oxidation, indicating that they had been broken for some
time.
The heater shell burst along crack 3 (Detail C, Fig. 11), which was in the HAZ of the longitudinal weld. All the fracture
surfaces of this crack exhibited bright metal, and there did not appear to be any one point or defect at which this failure
started.
Crack 2 (Detail B, Fig. 11) was on the side of the hot well that did not rip open. This crack was approximately 760 mm
(30 in.) long and was propagating toward the ends of the hot well. These fracture surfaces were also covered with hightemperature oxidation. The temperature-control valve was removed and inspected, but no damage was noted.
Metallurgical Tests. A section was taken through the longitudinal weld on the same side of the hot well as crack 2. A
crack was observed that extended from the notch formed at the root of the weld and the backing strip to about the center
of the heater-shell plate. This crack terminated at what appeared to be an inclusion in the metal. The hardness of the metal
in the heater-shell plate at this section ranged from 81.5 HRB in the base-metal zone to 85 HRB in the HAZ adjacent to
the weld. Hardness near the inclusion, which was in the HAZ, was 72 HRB. The hardness value of 81.5 HRB indicated
that the steel should have a tensile strength of about 517 MPa (75 ksi).
Tensile Tests. The tensile strength of three specimens from the brine-heater shell was 531 to 545 MPa (77 to 79 ksi), yield
strength was 372 to 414 MPa (54 to 60 ksi), and elongation in 50 mm (2 in.) was 22 to 27%. Compared to the specified
requirements for ASTM A285, grade C, steel, these strengths exceeded the maximum, and ductility was less than or equal
to the minimum. Chemical analysis showed a silicon content of 0.48%, which indicated a killed steel. Carbon content was
0.20%.
Stress analysis was conducted on the original design of the brine heater. A very high discontinuity stress existed at the
longitudinal welds between the hot well and the heater shell. A lesser discontinuity stress existed at the longitudinal weld
between the brine-heater shell and the steam manifold. The stress values were calculated for the heater-shell wall between
the welds and the hot well outside the welds. These values exceeded the actual yield strength of the shell material at
operating pressures of 331 kPa (48 psi) and greater. The material was no longer in the elastic region, and it deformed
plastically to relieve or transfer the stress.
It was assumed that the section of the heater shell between the welds attempted to straighten. When this occurred, the root
of the weld would have been under tension, which would create an ideal site for a crack to initiate.
Discussion. Cracks 1 and 2 probably originated during hydrostatic tests of the heater or shortly after the heater was put
into operation. These cracks were internal and undetectable from the outside. During the first 18 months, when the brine
heater was operated at 172 kPa (25 psi), these cracks would propagate at a very slow rate, if at all. During the last 6
months, the brine heater was operated at 331 kPa (48 psi), where the discontinuity stresses were greater than the yield
strength of the material, and the cracks propagated at a more rapid rate. The brine heater was subjected to 44 recorded
steam-pressure surges, which increased the operating pressure above the nominal 172 and 331 kPa (25 and 48 psi) needed
to maintain the required brine temperature. During plant shutdown, there were probably other pressure surges similar to
the one that caused the final failure that were not recorded. In addition to the high discontinuity stresses, the fact that the
cracks did exist increased the stress concentrations in the heater. The loss of the support by the intermediate tube sheets at
the failed portion of the shell increased the stress in the remaining shell.
Conclusions. The brine heater cracked and fractured because it was overstressed in normal operation. The two internal
cracks propagated by continuing along the root of the longitudinal weld. The crack on the side that fractured had extended
nearly 2 m (7 ft) before failure.
Corrective Measures. The heater design was modified to make the heater shell and the hot well two separate units. Also,
the heater-shell expansion section was redesigned to minimize stress on the tubes and to minimize the resulting distortion.
A tight shutoff valve was added to the brine-heater steam line to prevent steam from leaking into the heater. Holes in the
support plates were enlarged to allow the heater to move in any horizontal direction.
Recommendations. A relief valve should be installed in the heater or in the steam line near the heater. At the time of
failure, the relief valve was some distance upstream of the brine heater. Additional hydrostatic tests of the new brine
heater should be conducted at ambient temperature and 1035 kPa (150 psi) (design pressure) at approximately 6-month
intervals.
Mechanical Joints. The coefficient of expansion and yield strength at high temperature of metal components used in an
assembly are important design considerations. Bolted assemblies require fasteners with a yield strength that will allow the
fasteners to be tightened to such a prestress value that the assembly would remain leakproof even at high temperatures. In
one case, leaks developed in an assembly that consisted of a flanged bonnet bolted to the shell of a heat exchanger and
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that was operated at a temperature of 510 °C (950 °F). The bonnet was made of a ferritic steel; the tube sheet, heatexchanger shell, and studs were made of an austenitic stainless steel. When leakage was not stopped by repeated
tightening of the nuts on the studs, the joint was disassembled.
Initial inspection was done to check the surface finish on the flanges and the condition of the gasket. Both were
satisfactory. The joint dimensions and metals used were then checked for compliance to specifications; these were also
satisfactory. During the examinations and review of the design calculations, it was noted that the materials in the
assembly had greatly differing coefficients of expansion and that the studs had a coefficient of expansion that matched
only the components made of austenitic stainless steel. Studs made of conventional stainless steel have a low yield
strength and high ductility, which leads to stud elongation because of the operating temperature and load. These differing
coefficients of expansion caused the tension on the studs on the assembly to relax, permitting leakage. The joint was made
tight by replacing the conventional austenitic stainless steel studs with those conforming to ASME specification SA-453,
which calls for a high-temperature bolting material with a coefficient of expansion comparable to austenitic stainless steel
but with a much higher yield strength. Use of material conforming to SA-453 permitted tightening the nuts on the studs to
a torque load that would maintain tightness at the operating temperature.
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Effects of Welding Practices
Welding, which is commonly used to join components of heat exchangers, produces metal in the joints that is not
homogeneous. The weld consists of a dendritic structure (cast metal) and intermediate zones between fused metal and
unaffected base metal. In some cases, the entire heat exchanger can be normalized or annealed, and the metallurgical
structure of the weld metal and base metal may become nearly identical. However, because heat treating of the heat
exchanger is not always feasible, there generally is a gradation in metallurgical condition from unaffected base metal
through an HAZ to weld metal.
In addition to this intrinsic change in homogeneity of material, other factors may provide metallurgical or mechanical
stress raisers. Weld defects may include voids, porosity, slag or oxide inclusions, poor penetration, and shrinkage cracks.
Many welds have rough surfaces and may join the base metal with an undercut or reinforcement. If metallurgical
discontinuities are minimal, if defects are eliminated, and if the external contour does not contain mechanical notches, the
properties of a welded joint can be expected to approach those of the base metal.
Preparation of joint surfaces before welding can be a source of weld defects in heat exchangers. For example, a pinhole
3
4

leak developed in a heat-exchanger shell adjacent to a weld deposit that joined a nozzle, made of 19-mm ( -in.) diam
schedule 80 pipe, to the shell. When the nozzle was removed, it was found to have been installed by torch cutting a 381
2

mm (1 -in.) diam hole in the shell, inserting the nozzle and welding it in place. There was no evidence of cleanup after
torch cutting the hole or of beveling of the wall edges around the hole to permit good weld penetration. Examination of
the weld deposit revealed that the weld metal was generally oxidized and contained several flux inclusions. There was
little or no bonding of the weld bead to the surfaces that had been cut with the torch. Examination revealed evidence that
the weld was made under conditions of poor fit-up, lack of cleanness, and poor workmanship. A good joint was made by
removing old weld metal and properly beveling the edges of the hole before rewelding.
Joint design can be responsible for mechanical notches at welds in heat-exchanger components. Designs that incorporate
sharp corners and heavy longitudinal welds are sources of stress raisers.
Example 9: Fracture of a Carbon Steel Pipe in a Cooling Tower. A 455-mm (18-in.) diam, 7.9-mm (

5
-in.) wall carbon
16

steel discharge line for a circulating-water system at a cooling tower fractured in service; a manifold section cracked
where a Y-shaped connection had been welded. The steel pipe was made to ASTM A 53 specifications.
Investigation. Examination of the pipe revealed that cracking occurred in the HAZ parallel to the weld and across the
weld as shown in Fig. 12(a). The end of the branch pipe was prepared for welding by making a transverse cut; a second
cut was then made at about 15° to the longitudinal axis of the pipe, resulting in a sharp comer (Fig. 12a). The main pipe
was then notched to fit the end of the branch pipe. Fitting of the saddle connection was poor, and no backing strips were
used even though the pipe wall was thin; as a result, the condition of the root-weld bead was below standard, and

numerous deep crevices and pits were in the weld area exposed to the inner surfaces of the manifold (Sectional view, Fig.
12a).

Fig. 12 Carbon steel discharge line at a cooling tower that failed because of poor fit-up at
Y-joint and poor-quality welds. (a) Original joint design of pipe connection and location
of cracks. Photograph is an oblique view of a section through the weldment showing the
abrupt intersection of pipe walls and the voids and crevices in the weld metal. (b)
Improved joint design. Dimensions given in inches
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Conclusions. The pipe failed by fatigue. Cracks originated at crevices and pits in the weld area that acted as stress raisers,
producing high localized stresses because of the sharp-radius corner design. Abnormally high structural stresses and
alternating stresses resulting from the pump vibrations contributed to the failure.
Corrective Measures. The joint design was changed to incorporate a large-radius corner (Fig. 12b), and fitting of the
components was improved to permit full weld penetration. Backing strips were used to increase weld quality. Also, the
pipe wall thickness was increased from 7.9 to 9.5 mm (

5
3
to in.).
16
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Example 10: Intergranular Cracking in Heat-Exchanger Welds Due to Hot Shortness. Samples from an AISI type 316
stainless steel heat-exchanger shell were submitted for examination after radiographic testing revealed the presence of
subsurface cracks in a longitudinal weld seam of the shell. The heat exchanger had been in service for 12 years.
Investigation. The as-received sample was dye penetrant tested before sectioning, and no cracks were indicated.
Longitudinal sections were then taken along the centerline of the weld (Fig. 13).

Fig. 13 Weld in AISI type 316 heat-exchanger shell that failed due to hot shortness. (a)
Longitudinal section of weld; the dotted line indicated how the sample was sectioned for
microexamination. Approximately 2 1 ×. (b) Micrograph of section from weld. Hot
2

shortness resulted in intergranular cracking along the large columnar grain boundaries of
the root-pass fusion zone. Etched with 10% oxalic acid. 55×
Metallographic examination revealed numerous intergranular cracks associated with the root pass of the weld. The cracks
had propagated both parallel to and normal to the weld seam (Fig. 13). This type of cracking is characteristic of a
phenomenon termed hot shortness (see the article “Failures Related to Welding” in this Volume).
Energy-dispersive x-ray spectrometry of the areas surrounding the cracks showed that a type 316 electrode was not used
for the root pass. Analysis indicated that the root pass was instead made using a nickel-copper alloy electrode. Dilution
effects and subsequent welding with type 316 electrodes accounted for the observed variations in elemental concentration.
Conclusions. Cracking was due to the use of an incorrect electrode for the root pass of the weld. Fully austenitic electrode
materials, such as the nickel-copper alloy used for the root pass, are quite crack sensitive, especially if overheated. The
subsurface defects in the fusion zone of the weld were probably too small to be detected by nondestructive inspection at
the time of fabrication, but long-term service and thermal stresses propagated the fissures to the extent that they were
detected by radiographic inspection 12 years later.
Recommendations. This weld seam and others were completely ground out and were replaced with the correct electrode
material.
Stiffening, which results when the weld metal is thicker than the adjacent base metal, can also lead to failure, as discussed
in the following case. The design of expansion bellows in a heat exchanger incorporated a longitudinal weld across each
corrugation and a circumferential weld joining each corrugation (Fig. 14a). The bellows had an outside diameter of 660
mm (26 in.) and were made of 3.9-mm (

5
-in.) thick type 321 stainless steel. The heat exchanger was shut down when
32

leakage occurred in the bellows. Circumferential cracks were found along the HAZ of the weld and through the
corrugation wall. These are areas of highest stress.

Fig. 14 Type 321 stainless steel heat-exchanger bellows that failed by fatigue originating
at heavy weld reinforcement of a longitudinal seam weld. (a) A section of the bellows
showing locations of the longitudinal seam weld, the circumferential welds, and the
fatigue crack. Dimensions given in inches. (b) Mating fracture surfaces of the bellows.
Crack initiated at the longitudinal seam weld (region A) and propagated circumferentially
along the HAZ of the circumferential weld (region B). Fatigue beach marks are present
along edges (at center). The fracture surfaces are oriented to show the inner surface of the
bellows (top) and the outer surface (bottom). 2×
Examination of the fracture surface revealed fatigue beach marks (Fig. 14b) that initiated at the heavy weld reinforcement
of the longitudinal seam weld. The unusually heavy reinforcement had a stiffening effect, which caused overstressing and
transverse cracking of the longitudinal seam. Grinding the reinforcement of the longitudinal weld flush reduced the
stiffening. As a corrective measure, the bellows were formed from a single sheet large enough to provide the proper
number of convolutions without a circumferential weld in the working section. The only weld required was one
longitudinal seam the full length of the bellows. This change in design eliminated the points of high stress that had led to
failure.
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Effects of Elevated Temperature
Failures associated with elevated temperature generally involve a material that is too weak for the service temperature or
a material that develops unexpected embrittlement at or above the service temperature. Thermal cycling can cause failures
where adjacent materials differ significantly in composition and coefficient of thermal expansion. Embrittlement may also
be the result of metallurgical changes that leave the material relatively ductile and tough at elevated temperature but
brittle at or slightly above room temperature.
Another temperature-related problem is scaling and oxidation due to excessive temperatures. Creep and stress rupture also
occur because of excessive temperatures, as discussed in the article “Creep and Stress-Rupture Failures” in this Volume.
These temperature-related failure mechanisms must be accounted for in selection of material, in fabrication, and in
operating procedures.
Example 11: Embrittlement of a Titanium Heater Tube. A flow stoppage in a leach heater caused brief overheating of the
1
2

89-mm (3 -in.) outside-diameter, 6.4-mm (0.25-in.) wall thickness titanium heater tubes (ASTM B337, grade 2). Many
of the tubes showed colorful surface oxides, and some sagged slightly.
A short section of an oxidized and sagged tube was sent to the metallurgical laboratory for evaluation. The purpose of the
examination was to determine whether the mechanical properties of the tube had been altered by overheating, particularly
whether the tube had been embrittled, making it susceptible to fracture. A section from a similar tube removed previously
from a leach heater that had not been heated above normal operating temperatures was sent to the laboratory for
comparison.
Visual examination of the section of the overheated tube disclosed blue-tinted areas and patches of flaky white, yellow,
and brown oxide scale. There was a dark-gray scale on the inside surface with no evidence of corrosion. The presence of
the colored scale on the outer and inner surfaces was an indication of heating to approximately 815 °C (1500 °F).
Mechanical Tests. A 75-mm (3-in.) long section of the overheated tube was subjected to a flattening test. Specification
ASTM B 337 requires that a welded or seamless grade 2 titanium tube be capable of withstanding, without cracking,
flattening under a load applied gradually at room temperature until the distance between the platens is seven times the
nominal wall thickness—in this case, 45 mm (1.75 in.). In the test, when the platens were 66 mm (2.6 in.) apart, cracking
initiated at both inner and outer surfaces of the tube; when the platens were 61 mm (2.4 in.) apart, the tube fractured, with
fracture initiating at the inner-surface cracks. Thus, the tube no longer met ASTM B 337 specifications. Figure 15(a)
shows an end view of the flattened tube. The cracks on the outer surface are shown in Fig. 15(b).

Fig. 15 Titanium heat-exchanger tube (ASTM B337, grade 2) that became embrittled and
failed because of absorption of hydrogen and oxygen at elevated temperatures. (a) Section
of the titanium tube that flattened as a result of test per ASTM B 337; the first crack was
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×.
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longitudinal along the top inside surface.

(b) Side of flattened tube section showing

cracks. 1 1 ×. (c) High-temperature (370 °C, or 700 °F) tension-test specimens: top,
4

specimen from normally heated tube; bottom, specimen from overheated tube. (d)
Normally heated tube specimen etched in Kroll's reagent showing fine grain size and
hydride particles (faint black needles). 200×. (e) Overheated tube specimen etched in
Kroll's reagent showing large grain size and hydride particles (small needles). 200×. (f)
Transverse section of overheated tube specimen at outside surface showing 0.05-mm
(0.002-in.) thick oxygen-embrittled layer (light band near top)
Longitudinal tensile tests were conducted at 370 °C (700 °F) on specimens taken from the overheated and normally
heated tubes. The results are listed in Table 3. As shown in Fig. 15(c), the specimen from the normally heated tube necked
down more than the overheated tube specimen, although elongation was approximately the same.

Table 3 Results of longitudinal tensile test
Specimen

Yield strength, 0.2% offset
MPa
ksi

Tensile strength
MPa
ksi

Overheated tube
Normally heated tube

97
100

146
197

14
14.5

21.2
28.5

Elongation in

Reduction of area, %

50 mm (2 in.), %
36
38

69
82

Metallographic examinations were made of specimens from both the normally heated and the overheated tubes. The
normally heated tube had a fine grain size and only a few faint hydride particles in the microstructure (Fig. 15d). By
comparison, the microstructure of the overheated tube (Fig. 15e) exhibited a much larger grain size and more numerous
needlelike hydride particles. Also, the overheated tube had a very hard brittle surface layer approximately 0.05 mm (0.002
in.) thick (Fig. 15f), which was present on both the inner and outer surfaces. The layer was extremely hard (51 HRC) at
the surface and decreased to almost normal hardness (33 HRC) at 0.076 mm (0.003 in.) from the surface. At the
approximate center of the tube wall, the hardness was 83 HRB.
The flaky white, yellow, and brown oxide scale and the increased grain size indicated that the tube had been heated to
approximately 815 °C (1500 °F). At this temperature, the metal readily absorbs hydrogen and oxygen. The hydride
formation and the shallow surface embrittlement were indications of hydrogen and oxygen absorption. The oxygen
absorbed at the surfaces created very hard and therefore brittle layers that made the tubes susceptible to cracking at
ambient temperatures.
Although the high-temperature (370 °C, or 700 °F) tensile strength of the overheated tube was significantly lower than
that of the normally heated tube, the yield strengths were about the same, and the ductility of the overheated tube was
slightly lower. At 370 °C (700 °F), there was no evidence of the severe embrittlement shown in the flattening test at room
temperature. However, at temperatures below 205 °C (400 °F), embrittlement from hydrogen and oxygen absorption
occurred, as evidenced by the poor performance of the flattening test.
Conclusions. The titanium tubes had been embrittled by being heated to a temperature of about 815 °C (1500 °F), which
is excessive for ASTM B337, grade 2, titanium. The most serious effect of overheating the tubes was the generally
embrittled condition at low temperature, and particularly the severe surface embrittlement resulting from oxygen
absorption. The brittle surface layers made the overheated tubes susceptible to cracking under start-up and shutdown. At
operating temperatures of 370 °C (700 °F), the overheated tubes would not have been brittle, but the overall mechanical
properties of the tubes would have been somewhat degraded.
Recommendations. If the overheated tubes remain in service, thermal stresses should be avoided during start-up and
shutdown, particularly at temperatures below 205 °C (400 °F). Although at the operating temperature of 370 °C (700 °F)
the overheated tubes are not in an embrittled condition, the tubes should be replaced because there is a possibility that
cracks formed during start-up and shutdown would propagate through the tube wall under operating conditions.
Replacement tubes should be made of a heat-resistant alloy (e.g., Hastelloy C-276), rather than of titanium.
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Introduction
PRESSURE VESSELS, piping, and associated pressure boundary items of the types used in nuclear and conventional
power plants, refineries, and chemical-processing plants are discussed in this article. These types of equipment operate
over a wide range of pressures and temperatures and are exposed to a wide variety of operating environments.
The National Board of Pressure Vessel Inspectors compiles domestic statistics on reported accidents involving pressure
vessel material. These data indicate the prevalent causes and types of failures and are summarized in Table 1 for a 4-year
period beginning in 1981. Faulty design, fabrication, and inspection contribute to significant numbers of failures,
particularly for shell components. Damage during shipment and storage must be considered because air and its
contaminants may be corrosive. Field fabrication and erection practices should also be considered. Simple matters such as
specifying and verifying the proper material and material condition are critical. One company has used portable
spectroscopy equipment to examine a number of bulk items supposedly made of alloy steels and found 1 to 3% of the
total items to be carbon steel. A survey of equipment that required 320,000 individual instrument readings found that
1.8% of the material was supplied incorrectly, and the most frequent error was substitution of carbon steel for alloy or
stainless steel, or vice versa (Ref 1).
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Table 1 Summary of statistics on pressure vessel failures compiled from 1981 through 1984 by the National Board of Boiler and Pressure Vessel Inspectors
Initial

Causes

Type of failures

Numbers
Leakage

Other

Accidents

Injuries

Deaths

26

23

3

94

19

3

12

7

1

…

23

…

…

2

7

5

1

…

31

1

1

…

2

10

7

15

4

41

1

…

…

…

…

…

3

…

…

3

1

1

166

1

2

5

4

9

12

…

232

5

4

3

34

4

10

3

62

45

35

0

129

7

4

0

4

5

0

2

2

13

8

7

1

19

3

2

4

0

2

2

1

0

0

10

9

11

10

21

1

0

8

18

0

5

5

0

0

1

14

30

24

0

33

17

0

18

25

12

0

3

4

0

0

1

1

2

26

0

5

5

1

6

14

24

0

86

43

0

1

0

11

2

23

3

89

3

2

296

36

9

Other

Burned or

Collapsed

Combination

overheated

inward

explosion

Cracked

Low

Faulty design

Corrosion

Operator error

Burner

Pressure

water

fabrication

or erosion

or poor

failure

control

cut-off

or installation

Shell

5

18

25

36

…

12

21

…

6

21

57

Head

1

7

5

9

…

3

1

…

6

2

Attachments

7

5

…

4

…

7

2

…

…

Piping

10

2

1

3

1

5

18

1

Safety valves

…

…

…

1

…

…

2

Miscellaneous

…

2

4

7

…

4

Shell

4

17

29

13

1

Head

1

4

3

11

Attachments

2

4

3

Piping

0

3

Safety valves

0

Miscellaneous

1

Torn

part
assunders

failure
(rupture)

failure

maintenance

1981

1982

Total
1983
Shell

1

26

64

44

1

12

1143

15

13

1

61

31

41

22

167

75

13

Head

1

3

9

9

0

3

12

2

2

3

14

6

9

3

22

18

4

Attachments

0

2

3

2

0

2

2

0

0

0

15

3

16

4

19

2

0

Piping

1

7

14

54

2

6

24

1

0

1

16

18

72

4

62

16

0

Safety valves

0

0

28

1

0

2

23

0

0

0

1

0

39

14

3

11

0

Miscellaneous

2

25

12

47

0

6

56

1

1

0

17

20

33

15

149

18

0

Shell

3

77

75

53

16

10

151

4

9

17

265

98

92

96

625

209

43

Head

…

17

15

22

7

2

17

…

3

…

57

10

5

11

95

124

13

Attachments

1

4

5

6

1

2

12

1

…

1

27

2

9

12

57

20

12

Piping

…

15

22

21

…

4

47

9

…

1

10

17

34

25

110

46

4

Safety valves

9

6

…

11

7

12

4

…

1

2

…

9

1

7

51

11

1

Miscellaneous

1

25

15

36

2

11

189

14

2

1

44

22

22

147

372

27

…

1310

437

73

1984

Total

Normal operating conditions contribute to changes in materials and structures that should be accounted for in design.
Operating temperatures are important because they determine whether the material is stressed above or below any ductileto-brittle transition temperature below which relatively low energy fractures can occur. Other degradation mechanisms,
such as corrosion and scaling; stress corrosion; erosion from flowing gases, liquids, and solids; hydrogen damage; creep
and stress rupture; fatigue and creep fatigue; and aging, are generally accelerated with increasing temperature. Operating
pressure is another important design consideration because pressure combined with structural constraints determines the
stresses in pressure boundaries both at steady-state operating conditions and during transients. Verifying whether failures
occurred as a result of, or during, off-normal conditions is an important part of the analysis.
Cyclic operation greatly affects the life of pressure boundaries. Intermittent operation can result from normal demand
schedules or from operation during peak demand periods only. The cyclic thermally induced stresses associated with
frequent start-ups and shutdowns are frequently more severe than stresses of steady-state operations, and designers cannot
always predict the use cycles of equipment that owner-operators impose. Economics frequently dictate that use of capital
equipment be extended beyond the original design life in many industries, with the result that repairs and renovations are
attempted. Accounting for all the relevant practices of several decades that can affect life-extension programs is difficult,
and failures can arise from obscure combinations of circumstances.
Intermittent operation can also affect the life of pressure vessels. Long periods of inactivity greatly enhance the
probability of internal or external corrosion. During long shutdown periods, the recommended practice is to fill the system
with inert or nonreactive gases, such as helium or nitrogen, in order to avoid unacceptable corrosion. Wet lay-up using
deoxygenated water or the continuous circulation of demineralized deoxygenated water can also be used to minimize
corrosion. Recordkeeping during such periods is as important as record-keeping during operating periods.
Unanticipated effects resulting from the design of other components of the system, such as piping and valves, can be
important. When all components are incorporated into a system, the service conditions may be unacceptable for one of the
components. Water pulses and vibration can damage piping systems, including hangers and supports. Heavy valves,
instruments, and associated components should be properly supported so that the connecting piping system is not
overstressed under fatigue loading.
Failures in other parts of a system can cause pressure boundaries to fail. Burner failures, pressure control valve failures,
low water cut-offs that lead to improper coolant levels, and simple operator errors or improper maintenance of equipment
account for a sizable fraction of recorded pressure boundary failures.
A large number of failures result from causes designated as “other” in the failure statistics. Unique experiences and
failures due to multiple causes are not uncommon, and the analyst must be aware of multiple, interconnected mechanisms
leading to failures.

Reference cited in this section
1. G. Sorell and M.J. Humphries, High Temperature Hydrogen Damage in Petroleum Refinery Equipment, in
Corrosion/78, National Association of Corrosion Engineers, Houston, 1978
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Procedures for Failure Analysis
The basic procedures for analyzing failures of pressure vessels and pressure piping are not much different from
those for investigating failures of other types of equipment (see the article “Conducting a Failure Examination”
in this Volume). At the outset, a preliminary examination should be made to provide a clear overall picture of
what happened. If the failure involved an explosion, a careful search should be made for all material
components and fragments. The location and mass of each component or fragment should be recorded, and all
burn discolorations or impact marks on surrounding objects or surfaces should be located. This ballistic
information can be used to estimate launch angles and trajectories and to calculate the approximate pressure in
the vessel at the instant of failure.
Because an explosive failure of a pressure vessel may result in extensive damage, system downtime, and
expense, it is natural that the preliminary examination will generate considerable expression of opinions as to
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the possible cause of failure. Casual opinions should be avoided, and certainly not solicited. Subsequent
recollections of witnesses could be colored by the offhand comments or speculation of investigators.
As in any failure analysis, it is important that the investigator gain a clear understanding of the entire system
involved, including specifications, intended functions, normal methods of operation, thermomechanical history,
maintenance history, manufacturing history, and operator experience. This information, plus information from
subsequent examinations and from laboratory analyses of specimens, should permit accurate determination of
how and why the failure occurred.
Techniques used during a preliminary examination should not affect any subsequent examinations. For
instance, liquid-penetrant inspection can make it difficult to analyze for chlorides in deposits on the part
surfaces or on fracture surfaces.
Failures of Pressure Vessels
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Effects of Using Unsuitable Alloys
Specification of an alloy that is not suited to the application is frequently the cause of failure of a pressure vessel. The
composition of the alloy may be incorrect, or the metallurgical properties may not meet requirements. This often results
from a misunderstanding of the operating conditions by the designer.
A common cause of failure of pressure vessels is use of an alloy other than the one specified. Sometimes, bars or plates
are not properly marked or are accidentally stored with another alloy. Mistakes can be made when care is not taken to
ascertain that the alloy used complies with the alloy specified.
In one case, several low-carbon steel nipples were inadvertently used in place of 5Cr-0.5Mo steel nipples in a pipeline
containing hydrogen at 400 °C (750 °F). Failure occurred after approximately 4 years of service. The micrograph shown
in Fig. 1, which illustrates a specimen from one of the low-carbon steel nipples, reveals fissuring at the grain boundaries.
This phenomenon is characteristic of hydrogen attack when low-carbon steel is exposed to hydrogen at high pressures and
temperatures. The piping system was completely surveyed to ensure that only the specified metal was used. Replacements
were made when the wrong metal was found.

Fig. 1 A specimen from a low-carbon steel nipple showing fissuring at grain boundaries
(top) caused by hydrogen attack. 80×

A common experience for major oil refiners is failures or near-failures that can be attributed to insufficient alloy content
in steels for hydrogen service. In one example, a carbon steel pipe section failed that was inadvertently substituted for the
specified 1.25Cr-0.5Mo steel. This 305-mm (12-in.) diam line ruptured after 16 years of service at conditions slightly
above the Nelson curve limit for carbon steel, resulting in an expensive fire. The failed end of the pipe was jagged but
undistorted, indicating a brittle failure (Fig. 2(a)). Metallographic examination of a fragment of the pipe revealed
extensive cavities through about three-quarters of the wall thickness, with the outer surface of the pipe wall relatively
unaffected (Fig. 2(b)). At higher magnification, decarburization and fissuring are visible in the damaged microstructure
(Fig. 2(c)). Such incidents of hydrogen damage occur in other branches of the petrochemical- and chemical-processing
industries. A severe explosion resulted from the erroneous installation of a 305-mm (12-in.) carbon steel pipe at a German
ammonia plant in 1974. The pipe section, which had been installed in a 17-MPa (2500-psig) alloy steel loop, fragmented
and released a jet that toppled a 254-Mg (280-ton) ammonia converter.

Fig. 2(a) Ruptured 305-mm (12-in.) carbon steel pipe, inadvertently installed in a 1.25Cr0.5Mo circuit, that was severely damaged by hydrogen embrittlement. On-stream failure
caused extensive fire damage.

Fig. 2(b) Micrograph of outside-diameter surface of failed pipe in Fig. 2(a). Hydrogen
attack had progressed about three-fourths through the wall thickness. 18×
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Fig. 2(c) Micrograph of inside-diameter surface of failed pipe in Fig. 2(b) showing severe
decarburization and fissuring. 180×
Welding Problems. In the fabrication of pressure vessels, welding problems, such as brittle cracking in the heat-affected
zone (HAZ), often result from the use of steels containing excessive amounts of residual elements that increase
hardenability and susceptibility to cracking. Such steels are sometimes produced inadvertently when low-carbon steel is
made in a furnace normally used to make high-alloy steels. The refractory lining of the furnace may impart sufficient
residual chromium and other alloying elements to a heat of low-carbon steel that problems occur when components made
from that heat are joined using standard welding procedures. Therefore, complete control of composition is of the utmost
importance when welding is involved.
As an example of improper material specification or use, galvanized steel clips were welded to stainless steel piping. The
galvanized (zinc) coating became molten during the welding process, and the liquid zinc attacked the grain boundaries in
the stainless steel, causing intergranular cracks. The piping was dimpled and leaked at some of the welds. The locations
and depths of the cracks were related to the welding procedure and the amount of welding heat used. Excessive welding
heat had caused dimpling (distortion) of the stainless steel piping and further crack penetration into the piping wall. The
cracks continued to propagate during service from stresses induced in the piping.
In another case, a transfer line carrying 73% sodium hydroxide developed a leak at a weld joining a cast Monel coupling
to wrought Monel pipe. Metallographic examination disclosed many small microfissures in the weld metal, but no
microfissures were found in the HAZs of the wrought Monel. This section of line contained high thermal stresses that
resulted from injection of steam a short distance upstream from the coupling. Chemical analysis revealed that the cast
Monel coupling had a silicon content of 1.97%, whereas the wrought Monel piping had a silicon content of 0.10%.
Castings of high-silicon Monel generally have poor weldability and are often hot short, or sensitive to cracking in the
weld HAZ. Fissures in the cast coupling were formed during welding and subsequently penetrated the section when the
coupling was subjected to the thermal shock of steam injection. Where welding is required, a weldable-grade casting
should be specified to ensure freedom from hot fissuring.
A welded-on blank cap began leaking during a hydrostatic test because it had cracked in the weld. Analysis showed that
the cap had a carbon content of 0.56%, whereas a maximum carbon content of 0.30% was specified. The excessive carbon
content had resulted in a brittle HAZ. It was found that construction personnel had substituted ASTM A53 type F buttwelded piping, which does not have a specification for maximum carbon content. Because the higher-carbon steel had
been used on a random basis throughout the piping system, all piping was spark tested in the field to expedite repair.
When a spark-tested section generated a questionable spark pattern, a specimen was removed for chemical analysis. All
sections having a high carbon content were replaced by piping with a maximum carbon content of 0.30%.
Failure of several high-pressure nipples was attributed to the occasional inadvertent use of 4140 steel instead of the
specified 1035 steel. The presence of approximately 1% Cr and 0.15 to 0.25% Mo in 4140 steel enhanced the
hardenability and contributed to hardness and brittleness in HAZs adjacent to welds. All failures in the nipples occurred in
these hardened zones. A spot test for chromium was made, and those nipples showing chromium contents exceeding 0.3%
(estimated) were removed and replaced with nipples fabricated from 1035 steel. Although 4140 steel is a weldable alloy
steel, welding procedures suitable for 1035 steel were not appropriate for the higher-alloy material.
Specification of the filler metal used for welding components of pressure-piping systems is important, as demonstrated in
the following example.
Example 1: Brittle Fracture of a Clapper Weldment for a Disk Valve Due to Improper Filler Metal. After a service life of
only a few months, the clapper in a 250-mm (10-in.) diam valve fractured. During operation, the valve contained a stream
of gas consisting of 55% H2S, 39% CO2, 5% H2, and 1% hydrocarbons at 40 °C (100 °F) and 55 kPa (8 psi).

1
2

Specifications required the clapper to be made of 13-mm ( -in.) thick ASTM A36 steel, stress relieved and cadmium
plated.
3
4

Investigation. Fracture occurred at the welded joint between the clapper and a 20-mm ( -in.) diam support rod, which
was also made of ASTM A36 structural steel. Examination revealed voids on the fracture surface and evidence of
incomplete weld penetration. The overall appearance of the fracture surface indicated brittle fracture, but there was some
evidence of fatigue beach marks. Fracture originated at a slag inclusion in the weld metal. In some areas, particularly on
the weld metal, the plating material had flaked off the clapper.
Vickers microhardness surveys across the weld area revealed very narrow bands of high hardness (400 to 650 HV) at the
edges of the weld metal. The normal hardness of the base metal was 150 to 160 HV, hardness in the HAZ was 150 to 180
HV, and hardness of the weld metal was 230 to 250 HV.
Chemical analysis of the material in the high-hardness bands revealed a composition of 70Fe-17Cr-9Ni-1.2Mn. This
composition indicated that a stainless steel filler metal had been used, which produced a mixed composition at the weld
boundaries. Although the weldment may have been stress relieved as specified, stress-relief annealing was apparently
incapable of reducing the high hardness of the localized bands caused by alloy mixing. Chemical analysis of the plating
material showed it to be nickel, probably electroless nickel because it had a high hardness.
Conclusions. The clapper failed by fatigue and brittle fracture because it was welded with an incorrect filler metal.
Fatigue cracking was initiated at voids and high-hardness bands in the weld deposit. Also, the clapper was plated with
nickel instead of cadmium.
Corrective Measure. A clapper assembly was welded with a low-carbon steel filler metal, then cadmium plated. The new
clapper was installed in the valve and subsequently provided satisfactory service.
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Effect of Metallurgical Discontinuities
Nonmetallic inclusions, seams, laps, bursts, and pipes are common discontinuities found in wrought products that may
cause premature failure. Shrinkage, gas porosity, and cold shuts are likely to occur in castings and can lead to failure,
usually leakage in cast components.
Discontinuities can and sometimes do cause failures and should never be overlooked during failure analyses. However,
except in fatigue, the number of failures caused by microstructural defects is relatively small compared with the number
resulting from macroscopic defects.
Example 2: Rupture of a Ferritic Steel Return Bend Because of Inclusions. After 2 years of service, a return bend from a
1
2

triolefin-unit heater ruptured (Fig. 3a). The bend was made from 115-mm (4 -in.) schedule 40 (6.0 mm, or 0.237-in.,
wall thickness) pipe of ASTM A213, grade T11, ferritic steel. The unit operated at 2410 kPa (350 psi), with a
hydrocarbon feed stream (85% propylene) entering at 260 to 290 °C (500 to 550 °F) and leaving at 425 to 480 °C (800 to
900 °F). The temperature of the combustion gas was 900 °C (1650 °F).
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Fig. 3 Return bend made of ASTM A213, grade T11, ferritic steel that ruptured because
it contained a large number of inclusions. (a) Overall view of the return bend showing

rupture. (b) Micrograph of an unetched specimen showing high concentration of
inclusions. 400×. (c) Micrograph of an unetched specimen showing inclusions and cracks
containing scale. 435×
This rupture occurred on the inner surface of the bend, rather than on the outer surface where erosion-induced failures
usually occur. The fracture was limited to the return bend and terminated at the welds that joined the bend to the pipeline.
Investigation. Examination of the fracture surfaces with a low-power stereomicroscope revealed that very little thinning
of the metal had taken place, indicating low ductility and little corrosive attack.
Metallographic specimens were prepared from regions adjacent to the fracture and at the outer surface of the bend. The
steel near the fracture exhibited a high concentration of both small and large inclusions (Fig. 3b). The steel in the outer
surface contained relatively few inclusions, most of which were very small.
A micrograph of a section through the fireside edge of the fracture surface is shown in Fig. 3(c). Branched cracks similar
to those produced by stress corrosion of steel were observed. These cracks had apparently propagated between the
inclusions in the steel.
Scale was observed over most of the crack path, even down to the fine tip of the crack. The scale provided stress raisers in
two ways. First, the volume of the oxide exceeded that of the steel it replaced, placing the metal at the crack tip in tension
and promoting a stress-corrosion reaction. Second, the effect of the oxide was magnified during thermal cycles because of
differential thermal expansion, with the steel having a greater expansion coefficient than the scale. The high density of
inclusions was assumed to be the result of improper cropping of the ingot from which the tube for the return bend was
made.
Conclusions. The return bend failed as a result of stress-corrosion cracking (SCC), which propagated because of the
presence of numerous inclusions in the metal. Scale formed in the cracks, abetted by thermal cycling, contributed to
stresses that caused cracking.
Corrective Measures. There is no general remedy for this relatively rare type of failure, which is difficult to control
because of its localized nature. It is not cost-effective to nondestructively examine all fittings for such defects, but
material that is intended for critical applications where failure cannot be tolerated should be examined.
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Effects of Fabrication Practices
Mechanical or metallurgical imperfections in a workpiece can be introduced, and detected, at any stage of construction,
including mill processing, fabrication, shipping, and erection. Imperfections do not always result in failure and are in fact
a relatively infrequent cause of failures of pressure vessels during operation. The ASME Boiler and Pressure Vessel
Codes recognize that perfection is seldom obtained in commerical materials and define acceptability standards for the
producer.
Many imperfections are detected before actual operation. For example, a crack indication was found in a forged nozzle by
magnetic-particle inspection before welding of the nozzle into a pressure vessel. The nozzle manufacturer had found the
crack and, instead of rejecting the part, had attempted to repair it by welding, which was not permitted in the
specification.
In another case, a piece of 50-mm (2-in.) diam schedule 80 (5.5 mm, or 0.218-in., wall thickness) ASTM A106 seamless
carbon steel pipe that had been hydrostatically tested was about to be welded into a pipeline when the operator found a lap
in the outer surface. The lap was about 75 mm (3 in.) long and extended through almost the entire wall. A slight ridge on
the inner surface had prevented leakage through the lap during hydrostatic testing. A section across the lap showed light
mill scale adhering to the sides with some decarburization. There was no evidence of branched cracking nor any
indication of SCC. The condition of the lap surfaces indicated that the lap had been formed at a temperature above 870 °C
(1600 °F), which would have occurred early in the tube-forming process. It was concluded that a foreign object had fallen
on the tube as it was being formed and that the object had passed through the rollers, producing a dent in the tube wall.
Subsequent forming operations produced a lap.
Example 3: Failure of a Utility Boiler Drum During Hydrotesting. A 150-cm (60-in.) inside-diameter boiler drum
fabricated of 18-cm (7-in.) thick ASTM A515, grade 70, steel failed during final hydrotesting at a pressure of
approximately 26 MPa (3.8 ksi). The shock wave from the vessel rupture also damaged several connected headers and
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piping runs. A schematic of the crack path, including the location of three SA-106C nozzles, is shown in Fig. 4. The
nozzles are numbered 1 to 3, moving away from the head.

Fig. 4 Crack path in a failed utility boiler drum.
Investigation. Field examination occurred 2 days after the fracture. The fracture surfaces between nozzles 1 and 2 and
through the manway (access port) in the head were classic brittle fractures. The remainder of the fracture involved
tearing, and the crack led off from parallel to the axis of the vessel.
Samples were taken to allow examination of the brittle-fracture area and the fracture-initiation sites; they were flame cut
and then sawed into manageable sizes for laboratory work. Chemical analyses of the materials of construction
demonstrated that the original materials met the specified chemistries. Drop-weight tests, dynamic tear tests, and Charpy
V-notch impact tests of the shell plate material, the head material, and the nozzle material indicated that these materials
had ductile-to-brittle transition temperatures above room temperature.
Macroscopic observations of the fracture surfaces at nozzles 1 and 2 showed chevron patterns that allowed tracing the
fracture to its initiation points. The fracture apparently initiated at the nozzle 1 to shell junction on the head side and on
the shell side, propagated around the head to the back side of the vessel, and continued down the back side of the shell.
On the nozzle side, the fracture reinitiated on the far side of each of nozzles 1 and 2 and continued down the shell.
Drain grooves had been arc gouged at the nozzle sites, and examination of the fracture surface at the grooves revealed
short, flat segments of fracture area indicative of pre-existing cracks. These features were consistent with crack
indications found during magnetic-particle and scanning electron microscopy (SEM) examination of the groove lips. The
remainder of the edge along the groove surface exhibited small segmented shear lips.
Metallographic sections were taken through the drain groove and fracture surface at the forward sides of nozzles 1 and 2.
In these sections, a thin layer of material with a dendritic structure was observed at the groove surface, and the HAZ
resulting from the arc gouging was obvious (Fig. 5). Cracks were visible in the groove surface; most were confined to the
outer dendritic layer, but at least one crack was observed to extend about 6 mm (0.25 in.) into the base metal. The
microhardness of the dendritic layer was 489 to 591 HK and 47 to 52 HRC, while the HAZ was 179 to 258 HK and 85
HRB to 21 HRC. A qualitative microprobe analysis of the dendritic layer revealed that it contained over 1% C, higher
than the carbon content of the base metal. This high hardness is consistent with the carbon content and indicates a high
susceptibility to cracking upon cooling or deformation.

Fig. 5 Section through arc-gouged drain groove showing thin layer of dendritic structure
containing cracks. Etched with nital. 55×
The microstructure of the main fracture surface in unaffected base metal tended to be straight and transgranular,
characteristic of cleavage fracture. In regions in which the fracture intersected a weld HAZ, the fracture path became
irregular and exhibited features suggesting ductile fracture within the zone. Ductile dimples were also observed in the
HAZ at the arc-gouged drain grooves.
Conclusions. The cracks in the drain groove surface could have occurred (1) immediately after arc gouging as a result of
differential thermal contraction between the resolidified layer and the base metal, (2) during the subsequent stressrelieving operation, or (3) during the hydrostatic test due to localized stresses exceeding the yield strength of the base
metal. The ragged surface of the drain groove probably contributed to even higher local stresses than would a smooth
groove.
Recommendations. Flame cutting of surfaces in these steels should be avoided because it can lead to local embrittlement
and stress raisers that initiate major failures. In addition, the ductile-to-brittle transition temperature of materials of
construction should be below the hydrostatic-test temperature.
Effect of Stress Raisers. Designers generally avoid configurations that can provide local stress raisers, but macroscopic
stress raisers can occur as a result of fabrication errors. The most common are those that result from lack of complete
weld penetration. Inspection practices are aimed at preventing pressure vessels containing inadvertently incorporated
stress raisers from reaching service, but they occasionally do.
Example 4: Failure of a Steam Accumulator Due to Lack of Complete Weld Penetration. A 1.2-m (4-ft) OD × 4.3-m (14ft) long steam accumulator, constructed with 10.3-mm (

13
5
-in.) thick SA515-70 steel heads and an 8-mm ( -in.) thick
32
16

SA455A steel shell, ruptured after about 3 years of service, launching the body of the vessel into a neighboring house.
The accumulator was used in a plastic molding operation and operated at a pressure of 827 kPa (120 psi), dropping to 780
kPa (113 psi) during the injection cycle. It was designed for 1035-kPa (150-psi) operation and had presumably been
pressure tested at 1550 kPa (225 psi). Because the seals on both safety relief valves were intact, the valves were tested and
found to operate properly at the required 1035-kPa (150-psi) set point.
Investigation. A field examination showed that the manhole end of the vessel had ruptured around approximately 270° of
the circumference of the head-to-shell girth weld before continuing to complete separation in the head material. Visual
examination indicated an extensive lack of weld penetration in this girth weld. Both sides of the weld were removed for
laboratory examination (Fig. 6).
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Fig. 6 Both sides of the fracture surface from a failed steam accumulator. Section of the
vessel is the upper piece, and the mating head is the lower piece.
The initial laboratory examination after cleaning of the samples disclosed that the weld penetration ranged from less than
50 to 75% of the head thickness at the joint, rather than the 100% penetration required by the ASME Boiler and Pressure
Vessel Code. At no location was there 100% weld penetration. Typical longitudinal cross sections through the weld are
shown in Fig. 7. The joint had apparently been made in two passes, but the root pass was not always centered over the
joint. There was also some misalignment of the head to the shell because of radial displacement of the shell and head
centerlines. This resulted in excessive clearances between the two parts and a slight difference in the thicknesses of the
parts.

Fig. 7 Several sections through a girth weld in a field steam accumulator showing lack of
weld penetration.
A hardness traverse on the shell yielded values from 84.1 to 86.5 HRB, corresponding to an approximate tensile strength
of 550 MPa (80 ksi), which is within the 515- to 620-MPa (75- to 90-ksi) range required for SA455 material. The
hardness of the head material ranged from 94.2 to 95.7 HRB, which indicated a tensile strength of approximately 695
MPa (101 ksi), which exceeds the 480- to 585-MPa (70- to 85-ksi) range for SA515-70 material. This higher hardness

was probably due to cold forming of the head flange. The weld-metal hardness ranged from 84.8 HRB at the root pass to
99.3 HRB at the finish-pass crown—acceptable values for this material.
There were no anomalies in the microstructure of either the weld metal or the base metal. The fracture path was clearly
transgranular, with occasional secondary branches. Some small, secondary cracks were also observed. There were
relatively few beach marks on the fracture surface, indicating the occurrence of only a few loading cycles. In all cases, the
fracture path extended from the root of the weld through the weld metal or HAZ (up to the point at which the finalfracture path was in the head).
A stress analysis of the joint was performed, taking into account the various degrees of weld penetration and
misalignment, as well as the differences in wall thickness of the shell and head. For proper alignment and complete weld
penetration, the stresses in the failure region are quite low—about 25 MPa (3.57 ksi). Lack of penetration can cause the
longitudinal stress to approach the yield strength of the material, and a small amount of misalignment added to lack of
penetration increases the stresses to near the tensile strength of the material.
Conclusions. It was concluded that the failure could be attributed to two fabrication errors: lack of weld penetration and
misalignment of mated parts. The failure was judged to be a short-cycle high-stress notch-fatigue failure.
Heat treatment may be required subsequent to a fabricating operation. Deviations from specifications are potential causes
of failure. Figure 8 shows a section of tubing made of rimmed steel that had been cold swaged from 65 to 50 mm in
diameter. Stress relief at 620 °C (1150 °F) after swaging was specified but was inadvertently omitted, and when the tube
was expanded in a hole in a tube sheet, it broke in a brittle manner. The fracture was the result of strain aging of the steel,
which can occur at room temperature and markedly decreases formability.

Fig. 8 Rimmed steel tube that failed by brittle fracture after being strain aged by cold
swaging.
Repeated heat treatments, although performed at the proper temperature, may produce undesirable microstructures that
can result in premature failure. For example, a stainless steel tube was solution heat treated, straightened, then reheat
treated. The light surface deformation between heat treatments caused severe localized grain growth, which resulted in a
coarse and less ductile grain structure. In service, grain-boundary cracking developed with relatively little swelling.
Generally, this condition is harmful only when the tubing material has marginal strength or is stressed to an extent that
results in measurable deformation.
An instance of improper heat treatment involved a pressure vessel made from forged HY-100 high-strength alloy steel
plates that were subsequently heat treated. Heat-treating specifications called for water quenching, with the vessel being
lowered into the bath in the vertical position to develop uniform properties. After heat treating, six slots were machined
through the vessel shell to serve as seats for wedges designed to retain a removable closure. The plugs cut from the slots
in the vessel wall were subjected to mechanical tests, which showed large variations in tensile strength and impact
properties depending on circumferential location in the shell. In some locations, the values met specification; in other
locations, they were considerably below specification. Investigation revealed that the vessel had been quenched in the
horizontal position instead of the vertical position because there was not enough headroom over the available quench tank
to permit lowering the vessel into the tank in the vertical position. The vessel was reheated and quenched in the vertical
position to develop the specified properties.
An instance in which heat treatment was required after forming involved a gas-plant debutanizer tower made of 30-mm
thick high-strength steel plate with properties as specified by ASTM A516, which permits, as an option, a refined
normalized microstructure. Radiographic inspection of the entire vessel disclosed no imperfections. The vessel was
designed to operate at 1550 kPa (225 psi) and 345 °C (650 °F). The vessel was hydrostatically tested using water at a
temperature of not less than 15 °C (60 °F). When the test pressure reached 2760 kPa (400 psi), the vessel ruptured, and
about one-third of the head was torn out. Chemical analysis and tensile testing showed that the composition and tensile
properties of the steel complied with ASTM A516. Charpy impact tests made from 22 to 80 °C (72 to 175 °F) indicated
that the ductile-to-brittle transition temperature was above 40 °C (100 °F). Metallographic examination showed a
microstructure with a grain size coarser than ASTM 1, which indicated that the head had not been normalized after
forming. The coarse grain size contributed to a reduction in fracture toughness of the steel. The vessel was completely

The file is downloaded from www.bzfxw.com

checked ultrasonically for other plates with large grains, and the head was replaced. The vessel was hydrostatically tested
again, then returned to service. No further difficulties were encountered.
Overheating during fabrication can result in cracking of susceptible materials. Leakage was detected in the U-bend of a
50-mm (2-in.) diam stainless steel tube during preoperational hydrostatic testing. The tube had been heated for bending,
with a specified maximum temperature of 980 °C (1800 °F). Metallographic examination of a section through the leakage
area showed evidence of partial melting, which indicated that the specified forming temperature had been considerably
exceeded.
Example 5: Cracking of a Fire-Extinguisher Case Because of Overheating. The top of a fire-extinguisher case (Fig. 9a)
was closed by spinning. The case was made from 1541 steel tubing 170 mm (6.75 in.) in diameter and 4.2 mm (0.165 in.)
in wall thickness. Leakage from the top of the case was observed during testing, and a 75-mm (3-in.) long specimen was
sent to the laboratory for analysis to determine the cause.

Fig. 9 Fire-extinguisher case that failed because of ferrite streaks resulting from
overheating during spinning. (a) Top of the case. Dimensions given in inches. (b)
Micrograph showing ferrite streaks. 150×
Investigation. Visual examination of the specimen did not reveal any surface cracks. However, three small folds were
observed on the surface, and one was sectioned for microscopic examination. A very fine transverse fissure through the
section was visible. Examination of a micrograph (Fig. 9b) showed streaks of ferrite, which can be formed when steel is
heated approximately to the melting point. Examination of specimens from other areas of the case exhibited a similar
structure. The normal microstructure of 1541 steel for the specified heat treatment was annealed ferrite and pearlite.
The chemical composition was normal for 1541 steel. No steelmaking or tubemaking defects were found in the specimen.
Conclusions. Cracking of the top of the fire-extinguisher case was the result of ferrite streaks that were formed when the
metal was overheated. The initial forming temperature of the case plus frictional heat generated during spinning resulted
in extreme overheating and some localized melting.
Recommendations. The temperature of the metal must be more closely controlled so that the spinning operation is done at
a lower temperature, thus avoiding incipient melting and formation of ferrite streaks.
Example 6: Failure of Piping System Cross by Intergranular Cracking Traceable to Improper Heat Treatment (Ref 2).
During a routine maintenance procedure at a power station, dye-penetrant examination revealed linear indications on the
outer surface of a cross in a piping system. The cross was specified as SA403 type WP 304 stainless steel that had
originally been extruded as a 65-cm (26-in.) diam, 75-mm (3-in.) thick pipe section. The material had been bright dipped,
sand blasted, dye penetrant inspected, and passivated by the manufacturer. A spare cross from a sister power station was
examined and found to have similar indications. Both crosses had been subjected to an induction-heating stress
improvement-induction heating the outer wall of the pipe to 550 to 600 °C (1020 to 1110 °F) maximum for a maximum
of 12 min while the inside is cooled with water. This treatment leaves a residual tensile stress on the outer surface and a
residual compressive stress on the inner surface of the pipe.
Investigation. The linear indications on the cross in service were located in 150- to 180-mm (6- to 7-in.) wide bands
running circumferentially below the cross-to-cap weld and above the cap-to-discharge-pipe weld. The indications were
random in orientation, measured up to 20 mm (0.75 in.) in length (excluding one very large indication that measured 90
mm, or 3.5 in., in length), and averaged about 6 mm (0.25 in.) in depth. The indications were predominantly located in the
thicker wall sections of the cross.
The available specimen of the unused cross was visually inspected. It consisted of about a 180-mm (7-in.) square that had
a maximum thickness of 60 mm (2.37 in.). It included a weld-preparation area that was about 16 mm (0.625 in.) thick.

One side of the specimen had been flame cut, while the other had been sawed. The outside surface appeared to be coarse
ground and had cracks visible on the surface. Record photographs were taken.
A dye-penetrant examination was performed using a two-step penetrant method. There were numerous indications on the
flame-cut side; none were on the saw-cut side of the specimen. The longest single indication was approximately 19 mm
(0.75 in.), while the average length was about one-half that. The cracks appeared to be intergranular.
The pipe was chemically analyzed and found to conform to SA182 type F 304 stainless steel specifications. It contained
0.2% C, 1.56% Mn, <0.005% O, 0.016% S, 0.66% Si, 18.0% Cr, 9.6% Ni, and 0.12% Mo.
Knoop hardness measurements were made with a 300-g load on a cross section of the material. The minimum hardness
for 28 readings was 215, the maximum hardness was 298, and the average was 267, corresponding to 23.1 HRC. This
hardness corresponds to a tensile strength of 807 MPa (117 ksi), and the material should therefore meet the 517-MPa (75ksi) tensile-strength requirement.
A cross section was ground, polished, lightly etched in 10% oxalic acid, and examined optically. Intergranular cracks
filled with oxide were observed to have depths up to about 8 mm (0.3 in.); one crack appeared to be transgranular when
viewed with an optical (light) microscope. The grain size of the material exceeded the 00 ASTM grain size defined by
ASTM Standard E 112 (Ref 3).
To determine whether the material had been sensitized by the induction-heating stress-improvement treatment, the oxalic
acid etch test, Practice A of ASTM A 262 (Ref 4), was implemented. The polished specimen was etched at a current
density of 1 A/cm2 (6.5 A/in.2) for 1.5 min in 10% oxalic acid-demineralized water, using a piece of type 304 stainless
steel as the anode. There was no evidence of continuous grain-boundary precipitates typical of sensitized material. The
cross section was repolished and etched electrolytically with NaOH to search for other second phases, such as σ and χ; no
evidence of these phases was found.
Three mechanical test specimens with cracks were cut from the specimen and notched. The specimens were soaked in
liquid nitrogen and broken. The large grain size of the material was apparent on the intergranular fracture surface (Fig.
10). A rust-colored oxide film was visible on the part of the fracture surface that corresponded to the cracked volume of
material. At higher magnification, evidence of some plastic deformation before fracture was found. Energy-dispersive
spectrometry (EDS) scans of an oxidized area of the fracture revealed traces of sulfur and chlorine, probably from the dye
penetrant, and the iron, chromium, and nickel normally present. At another location, traces of potassium and titanium
were found. Analyses of other areas did not disclose definitive evidence of contaminants to support SCC as the failure
mechanism.

Fig. 10 Fracture surface of mechanical test specimen from piping cross. Fracture is
intergranular. The coarse grain size of the material is evident. Note 0.75-in. scale.
The possibility of intergranular and hot cracking during welding is high for materials containing high δ-ferrite.
Ferritescope measurements on this material yielded results in the range from 0.3 to 1.6% δ-ferrite, too low for this
mechanism to have been operative.
Conclusions. The results of the analysis eliminated intergranular SCC; the material was not in a sensitized condition, and
no definitive evidence of contaminants (other than the dye-check fluid) was found. No detrimental second phases were
found, nor was there significant ferrite to cause hot cracking during welding. The remaining possibility was over-heating
or burning of the forging, which classically results in large grain size, intergranular fractures, and fine oxide particles
dispersed throughout the grains. The induction-heating stress-improvement process was suspected to have induced tensile
stresses into the outside of the cross that opened pre-existing cracks so that they were found by dye penetrant.
Multiple Causes. Extensive examination of a failed vessel sometimes reveals that failure was caused not by one but by
several interrelated inadequacies in fabrication, as in the following example.
Example 7: Failure of a Thick-Wall Alloy Steel Pressure Vessel Caused by Cracks in Weld HAZ (Ref 5). A large
pressure vessel (Fig. 11a) designed for use in an ammonia plant at a pressure of 35 MPa (5.1 ksi) at 120 °C (250 °F) failed
at 34 MPa (5.0 ksi) during hydrostatic testing. The intended maximum test pressure was 48 MPa (6.95 ksi). The vessel
weighed 166 Mg, measured 18.2 m in overall length, and had an outside diameter of 2.0 m. It was fabricated from ten
manganese-chromium-nickel-molybdenum-vanadium steel plates 150 mm thick, which were rolled and welded to form
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ten cylindrical shell sections and three forgings of similar composition. The forgings formed two end closures and a
flange for attaching one of the forged end closures to the vessel.

Fig. 11 Large thick-wall pressure vessel that failed because of cracking in weld HAZ. (a)
Configuration and dimensions (given in inches). (b) Shattered vessel. (c) General
appearance of one fracture surface; arrow points to facet at fracture origin. (d) Enlarged
view of region at arrow in (c). 5.5×. (e) Charpy V-notch impact-strength values of
specimens from weld area, both as-fractured and after retempering at 650 °C (1200 °F)
for 6 h. Source: Ref 5
The failure did extensive damage to one end forging and three adjacent shell sections. Four large pieces were blown from
the vessel; the largest, weighing about 2 Mg , penetrated the shop wall and traveled a total distance of 46 m (152 ft).
Pieces of the failed vessel are shown in Fig. 11(b).
Fabrication History. The cylindrical shell sections were hot formed so that the rolling direction of the plates was
perpendicular to the axis of the vessel. All plates were supplied in the normalized-and-tempered condition. The forgings
were annealed, normalized, and tempered at 645 °C (1195 °F) to obtain the desired mechanical properties.
The longitudinal seams in the cylindrical shells were electroslag welded, and the welds were ground to match the
curvature of the shell. The cylindrical shell sections were heated at 900 to 950 °C (1650 to 1740 °F) for 4 h, rounded in
the rolls within that temperature range, and then cooled in still air for examination of the seams.
Circumferential welding was done by the submerged arc process, using preheating at 200 °C (390 °F). Each subassembly
was stress relieved by being heated to 620 to 660 °C (1150 to 1220 °F) for 6 h.
Final joining of the three subassemblies followed the same welding procedures except that localized heating for stress
relief was employed. During various stages of manufacture, all seams were examined by gamma radiography, automatic
and manual ultrasonic testing, and magnetic-particle inspection.
Hydraulic Testing. The vessel was closed at the top, and water was admitted to the vessel through a fitting in the cover
plate until the vent that was within 3 mm of the inside surface at the top showed a full-bore discharge of water, at which
time it was blanked off. The specified hydrostatic proof test called for a pressure of 48 MPa (6.95 ksi) at an ambient
temperature of not less than 7 °C (45 °F).
At 34 MPa (5.0 ksi), the customary halt was made, and about 30 s later, the flange end of the vessel exploded without
warning. The flange forging was found to be cracked completely through in two locations, and the first two cylindrical
sections were totally shattered.
Metallurgical Examination. The fracture surfaces were typical for brittle steel fracture. There were two points of origin,
both associated with the circumferential weld that joined the flange forging to the first shell section.
The general appearance of one fracture surface of the flange forging is shown in Fig. 11(c). The arrow near the center
indicates a flat facet (with major dimensions of roughly 9 mm, approximately 14 mm below the outer surface of the
vessel, which was partly in the HAZ on the forging side of the circumferential seam weld. Figure 11(d) shows an enlarged
view of the region containing this facet. A slightly larger facet was found on another fracture surface of the flange, near a
fracture origin 11 mm below the outer surface. This facet was also situated partly on the forging side of the HAZ. These
flat, featureless facets in the HAZ were the fracture-initiation sites.
Metallographic examination revealed that the structure immediately below each facet in the HAZ was a mixture of bainite
and austenite having a hardness (1-kg load) of 426 to 460 HV. Elsewhere, the structure of the HAZ was coarse and jagged
bainite with a hardness of 313 to 363 HV.

Examination of a section transverse to the weld disclosed that the structure of the flange forging contained pronounced
banding, whereas the plate did not. The structure between the bands (and away from the weld) consisted of ferrite and
pearlite with a hardness of 180 to 200 HV (10-kg load). In the bands, the structure was upper bainite with a hardness of
251 to 265 HV. Specimens cut from this area were austenitized at 950 °C (1740 °F) and quenched in a 10% solution of
NaOH in water to produce pure martensite. A Vickers hardness traverse (1-kg load) across a band showed average values
of 507 on one side of the band, 549 within the band, and 488 on the other side. A microprobe scan across the banded area
showed the following differences in chemical composition: 1.56% Mn outside the band, 1.94% within it; 0.70% Cr
outside, 0.81% within; and 0.23% Mo outside, 0.35% within. These differences indicated higher hardenability within the
bands, which suggested a greater susceptibility to cracking, especially where the bands met the HAZ of the
circumferential weld.
The hard spots within the forging suggested that during stress relief the vessel had not actually attained the specified
temperature. To check this, specimens from the HAZ were accordingly heated to a variety of tempering temperatures to
observe at what point softening would occur. Vickers hardness tests (1-kg load) on hard-spot specimens showed no
deviation from the as-failed hardness scatter band for temperatures up to 550 °C (1020 °F), but gave definitely lower
values after retempering at or above 600 °C (1110 °F). A similar behavior occurred in specimens taken outside the hard
spots. It was therefore concluded that stress relief had not been performed at the specified temperature level.
Other studies of microstructure established that the mode of crack propagation was transgranular cleavage, which
occurred not only in prior-austenite grains but also in ferrite grains and pearlite colonies. Branching and subsidiary cracks
were also found, all very close to the main fracture surface. The distance from the fracture to the crack farthest away from
it was 0.5 mm (0.020 in.).
To further investigate the effect of the stress relief on the properties of the vessel, standard Charpy V-notch specimens
were prepared from the flange forging, the plate, and the weld. All specimens were oriented with their length parallel to
the circumference of the vessel so that the induced fractures would be parallel to the main fracture. Tests were performed
on as-received vessel material over the temperature range of -10 to 100 °C (15 to 212 °F), yielding impact values that met
the specifications for the forging and plate, but the weld metal exhibited inferior impact strength (lower curve, Fig. 11e).
None of the materials displayed a sufficient capacity for energy absorption (41 J, or 30 ft · lb, for the forging; 69 J, or 51
ft · lb, for the plate; and 16 J, or 12 ft · lb, for the weld) to have arrested the crack propagation that led to failure of the
pressure vessel. Other specimens of the weld metal, which were retempered at 650 °C (1200 °F) for 6 h and tested over
the same temperature range as those discussed above, showed a marked improvement in impact strength at or above 20
°C (70 °F) (upper curve, Fig. 11e). This confirmed the previous deduction that the stress relief of the vessel was at a lower
temperature than the specified temperature.
Conclusions. Failure of the pressure vessel stemmed from the formation of transverse fabrication cracks in the HAZ of the
circumferential weld joining the flange forging to the first shell section. The occurrence of the cracks was fostered by the
presence of bands of alloying-element segregation in the forging, which had created hard spots, particularly where they
met the HAZ. Stress relief of the vessel had been inadequate, leaving residual stresses and hard spots and providing low
notch ductility, especially in the weld.
Recommendations. The final normalizing temperature should be Ac3 + 50 °C (Ac3 + 90 °F), and the tempering
temperature should be 650 °C (1200 °F), where Ac3 represents the temperature at which transformation of ferrite to
austenite is complete during heating. After completion of each seam weld, the weld preheat should be continued for a
short distance along the seam. The critical flaw size for this alloy and section thickness should be determined by fracture
mechanics, and the capacity of available nondestructive testing methods for detecting flaws of this size should be
assessed. The possible benefits of a more effective solution treatment or a revised forging practice should be explored to
eliminate the banding in the flange forging.
Example 8: Failure of a Reheat Steam Piping Line at a Power-Generating Station. A 75-cm (30-in.) OD by 33-mm (1.31in.) thick pipe in a horizontal section of a hot steam reheat line ruptured explosively with serious damage and loss of life
after approximately 15 years of service. The line nominally operated at 4135 kPa (600 psi) and 540 °C (1000 °F). The
section that failed was manufactured from rolled plate of material specification SA387, grade C. The longitudinal seam
weld was a double butt weld that was V welded from both sides. The failure propagated along the longitudinal seam and
its HAZ for a distance of 2.7 m (9 ft.) in both directions from the point of origin, creating a clam-shell opening 2.1 m (7
ft) wide. On one end, the failure traveled through a circumferential seam that deflected its path and stopped about 150 mm
(6 in.) past the weld. On the other end, the fracture stopped several feet short of a circumferential seam while traveling in
the longitudinal seam HAZ. The fracture in the pipe was pointed directly toward occupied regions of the plant.
Investigation. A systematic review of the circumstances of the failure revealed a number of factors that may have played a
role in the failure. In the design of the system, the original material specified was ASTM A155 fusion-welded pipe that
had been substituted with SA387, grade C, plate, rolled and welded with filler metal added. At the time of the design of
the system, the allowable design stress for SA387, grade C, material was 48 MPa (6.9 ksi) at 540 °C (1000 °F).
Approximately 3 years after the plant was put into service, this was reduced to 46 MPa (6.6 ksi) at 540 °C (1000 °F).
The hydrostatic test pressure specified for the system was sufficiently high that, if it was actually applied, it is possible
that the pipe cylinder and its weldment were overstressed, perhaps to the point of being damaged. The actual test pressure
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could not be determined in the original investigation. Two other unconfirmed possibilities are operation of the pipe at
higher-than-anticipated service temperatures for short times during its service life and earthquake loadings acting on the
pipeline.
Several metallurgical factors were found during a laboratory analysis of samples from the failed pipe. However, two key
pieces, the fracture area containing the fracture-initiation point and the end of the crack in the longitudinal seam weld,
were not available for this analysis. Three samples containing parts of the fracture surface were received: a 165- × 285mm (6.5- × 11.25-in.) section near the end of the fracture in the longitudinal seam weld as well as 205- × 405-mm (8- ×
16-in.) and 180- × 330-mm (7- × 13-in.) sections from either side of the point of origin of the fracture. One 150- × 305mm (6- × 12-in.) section, including the undamaged longitudinal weld and a circumferential weld to a fitting, was also
received. These samples were removed by flame cutting, and care was taken to avoid the heat-affected cut zone in all
testing.
The fracture surface near the inner wall of the pipe had a bluish gray appearance, while the fracture surface near the outer
wall was rust colored. Two of the samples had a distinct gray color halfway through the thickness of the reheat pipe.
Before sectioning, all fracture surfaces were coated with clear acrylic, which was later removed with acetone for optical
microscope examination. The rust colored oxide could not be cleaned off, while the bluish gray coating appeared thick at
magnifications of 10 to 70×. It was very brittle with a mud-crack appearance, and appeared to consist of a mixture of
oxides.
The base metal, which was analyzed in three locations, contained:
Element
Composition, %
Carbon
0.14
Manganese
0.51-0.54
Phosphorus
0.016-0.018
Sulfur
0.011-0.015
Silicon
0.54-0.57
Copper
0.023-0.028
Tin
0.003-0.006
Nickel
0.022-0.024
Chromium
1.39-1.43
Molybdenum 0.50-0.54
Aluminum
0.000
Vanadium
0.005-0.006
Niobium
0.006-0.011
Zirconium
0.001-0.002
Titanium
0.000
Boron
0.0001-0.0003
Cobalt
0.004-0.006
The weld filler metal, including both inside-diameter and outside-diameter samples, contained:
Element
Composition, %
Carbon
0.096-0.10
Manganese
0.81-0.91
Phosphorus
0.015-0.018
Sulfur
0.013-0.015
Silicon
0.47-0.54
Copper
0.13-0.40
Tin
0.005-0.013
Nickel
0.10-0.12
Chromium
1.28-1.43
Molybdenum 0.50-0.54
Aluminum
0.003-0.007
Vanadium
0.007-0.008
Niobium
0.009-0.013
Zirconium
0.001-0.002
Titanium
0.000
Boron
0.0003-0.0005
Cobalt
0.007-0.009

These contents conform to the requirements of SA387-67, grade B and C, as well as SA387-82, grade 11. The weld-metal
analyses were from the centers of the welds and may differ from other areas of the weld; the weld metal and base metals
were thought to be compatible.
Each of the samples was polished and etched for metallographic examination in the planes normal to the longitudinal
and/or circumferential welds. Cracks were found in and around the root-pass areas of the three samples containing the
longitudinal seam weld. There were several secondary cracks on the fracture side and a short internal crack in one
specimen (Fig. 12(a)).

Fig. 12(a) Fracture surface of reheat steam pipe showing corrosion products covering
early-fracture region and freshly exposed fracture surface of weld metal.
The sample containing the circumferential weld was examined using radiography and was found to be acceptable.
Radiography of the samples containing the longitudinal seam weld detected only one sample with a crack, which ran
parallel to the weld seam.
Longitudinal and transverse tensile specimens were cut from the pipe, and transverse-to-the-weld specimens were cut
from the longitudinal and circumferential welds from the undamaged specimen. All room-temperature tensile properties
were within specification: tensile strengths ranged from 476 to 517 MPa (69 to 75 ksi), yield strengths ranged from 265 to
305 MPa (38.5 to 44.3 ksi), and elongations ranged from 24 to 27%, except for the transverse-to-the-weld specimen from
the longitudinal seam weld, which had a value of 19% (compared with 22% from the specification). That sample has 34%
reduction of area and a shear-type failure rather than the cup-cone failures in the 63 to 70% reduction-of-area range of the
other samples. It was concluded that the welded longitudinal seam exhibited embrittlement.
A Rockwell hardness traverse across the longitudinal weld from the undamaged region did not disclose a systematic
variation in hardness across the weldment; hardnesses from 72 to 75 HRB were reported. A similar traverse across the
circumferential weld revealed higher hardness in the weld metal and HAZ, reaching a value of 87 HRB. Hardnesses along
the fracture edge of a longitudinal weld sample ranged from 70 to 80 HRB.
Several sections were cut from the fracture-surface samples and prepared for both optical microscopy and SEM. The rust
spots were removed with phosphoric acid, which also removed or attacked some of the other corrosion products, changing
their color from bluish gray to black. The microstructure of the material is predominantly an equiaxed ferritic matrix, with
corrosion pits and grain-boundary precipitates. The fracture surface in the vicinity of the origin of fracture, near the
outside diameter, is mainly ductile dimples, but corrosion pits and cracks are also present; by contrast, the tensile sample
from the undamaged region had only ductile dimples. The pictures taken of the fracture using a scanning electron
microscope (Fig. 12(a), 12(b), 12(c), and 12(d)) were consistent with a low-ductility intergranular fracture that progressed
through the weld metal and had been in existence long enough to allow the formation of corrosion products on the
fracture surface. Energy-dispersive x-ray analyses (EDAX) of the corrosion products showed them to be high in iron, with
silicon, phosphorus, calcium, and manganese in small amounts, together with light elements, such as oxygen or carbon.
Examination of the structure of the longitudinal weld near the fracture-initiation point revealed the presence of a grainboundary phase (Fig. 12(d)), whose EDAX spectrum was high in silicon, sulfur, chromium, manganese, and iron.
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Fig. 12(b) Close-up of weld metal showing intergranular cracks and appearance of brittle
failure.

Fig. 12(c) Fracture surface near root pass showing corrosion products on part of fracture
surface.

Fig. 12(d) Microstructure of longitudinal weld metal near fracture-initiation point. Note
the white phase along grain boundaries.

Conclusions. The metallurgical analyst concluded that low ductility was responsible for the original initiation of cracks in
the pipe. The low ductility may have been due to the presence of carbides and sulfides in grain boundaries, and corrosion
may have played a major role in the deterioration of the steel in the weld-joint area. The extent and amount of corrosion
products indicated that the cracks were in existence for some time before the final failure. Further work was deemed
desirable to confirm these findings. It was not clear which of the design and construction, operating, and metallurgical
factors played the dominant role in this failure, and further investigation of these factors may be required.
Example 9: Shell and Head Cracking in Gray Cast Iron Paper Machine Dryer Rolls. Unlike the individual examples of
failures discussed throughout this article, several failures of dryer rolls will be addressed in this example. Most of these
gray iron structures were cast in the 1890–1920 time frame when they were not covered by pressure vessel codes. The
rolls are typically 0.3 to 0.9 m (1 to 3 ft) in diameter and range to about 3.7 m (12 ft) in length, with ground outer
cylindrical surfaces on which the paper web is dried. They are unique pressure vessels in that they rotate about their
longitudinal axes at speeds from 50 to 250 rpm while containing saturated steam from 35 to 380 kPa (5 to 55 psi). During
its service life, a roll may be subjected to a variety of unrecorded operating conditions. Repair, regrinding, and wear in
service all change the dimensions and stresses applied under given loads. Several constructions are found. The heads may
be cast integrally with the cylindrical bodies or cast separately and bolted to the shells. The wall thicknesses of the shells,
and especially those of the heads, may vary; artistically cast company names, logos, and raised reinforcements are
frequently found.
Service failures typically occur in the shell body, in a head near a hand hole or a manhole opening, or in a head near the
journal-to-head interface. Examples of these failures are shown in Fig. 13 and 14. Detailed fractographic analyses using
SEM techniques invariably show a cleavage fracture, regardless of the driving stress for failure. Fracture surfaces may
exhibit the chevron marks typical of fatigue or may have raised points or tears pointing in the direction of the probable
origin of failure. Heavy rust, patches of oil, or other contaminants can indicate the existence of cracks older than the final
failure.
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Fig. 13 Failures of gray cast iron paper-roll driers. (a) Axial-shell failure. (b)
Circumferential-shell failure

Fig. 14 Both sides of a journal-to-head failure in a cast iron paper-roll dryer. (a) Bottom
of failed dryer. (b) The failed bolted-on head
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When analyzing one of these failures, the analyst should be aware of the following characteristics of thin-wall cast iron
structures:
•
•

•

Castings are frequently poured from multiple ladles; therefore, the chemical composition and compositiondependent properties can vary widely within a given roll
The cooling rates and solidification directions can vary dramatically with locations, producing anisotropic
structures with variations in tensile strength up to 20% in different principle directions. The shapes and
orientations of inclusions and other defects also vary widely. A single orientation of samples for metallographic
analysis is not generally sufficient to characterize a microstructure
The combinations of these factors can lead to tensile-strength variations up to 20% within a shell (excluding
anisotropy effects)

For any specific failure, an immediate cause may be determinable, either in the material or in the recent service history.
However, the analyst should be wary of the long histories of these vessels. Owners and operators of these vessels are
concerned with developing end-of-life criteria and inspection methods for these and similar older pressure vessels.
Inspection Practices. The lower limits of detectability of various nondestructive inspection tools are of major importance
in failure prevention. The effectiveness of radiographic, ultrasonic, and eddy current techniques depends largely on size
and orientation of the discontinuity in the metal.
Touching the surface of a pressure vessel with an energized coil or probe used to magnetize a component for magneticparticle inspection may produce an arc burn, which is a potential stress raiser.
The water used in hydrostatic proof testing and the liquid vehicles used in liquid-penetrant inspection can leave chloride
residues that can later cause cracking unless the parts are carefully cleaned and dried after testing. For example, a type
304L stainless steel pipeline used for transferring caustic materials was hydrostatically tested after fabrication and was
found acceptable. However, after about 2 months of service, leaks were detected at several circumferential weld joints.
The pipe had been installed in a horizontal position, and the leaks occurred predominantly at the bottoms of the joints (6
o'clock position), with a higher incidence of leakage at low points in the pipeline. Leakage occurred in both shop and field
circumferential welds; none was observed in the longitudinal seam in the welded pipe.
Investigation revealed that the leaks had resulted from chloride pitting. The source of the chlorides was determined to be
the water used in hydrostatic testing of the pipeline. After the hydrostatic test had been completed, the water, which
originally contained less than 100 ppm chlorides, was drained from the system. It was determined that some water had
collected at low points in the pipeline and at discontinuities resulting from the weld reinforcement on the pipe inner
surface. The piping was allowed to sit in this condition for about 4 to 5 months before being used to transfer caustic.
Evaporation and chloride concentration, followed by corrosion and leakage, could have been eliminated if the pipeline
had been completely drained after hydrostatic testing.

Failures of Pressure Vessels
Roy T. King, Cabot Corporation

Pressure Vessels Made of Composite Materials
Composite materials are used in pressure vessels to reduce cost and to conserve strategic material. Also, they provide
vessels strong enough to resist deformation under pressure with surfaces that resist attack by the contained substance.
Rigidity is usually provided by a carbon steel shell. A stainless steel or corrosion-resistant alloy lining is common.
Linings used for pressure vessels made of composite materials are applied by surface welding, roll cladding, plug
welding, or explosive bonding. Surface-welded linings are produced by facing the interior carbon steel surface with an
overlay of a corrosion-resistant alloy, using one of several processes for surface welding. These processes include manual
shielded metal arc welding, automatic and semiautomatic submerged arc welding, and plasma arc welding.
Roll cladding is usually accomplished by one of two methods. In one method, stainless steel is placed on a carbon steel
ingot and bonded to it by hot rolling. The other method is essentially the same except that a flux is placed between the
two materials before hot rolling. Plugwelded linings are produced by securing roll-formed sections of a corrosionresistant alloy to the interior surface of a carbon steel shell by plug welding.
Explosive bonding produces an excellent bond and an excellent product. The layer of cladding material is bonded to the
base metal by a shock wave generated in a suitable medium by a controlled explosion.

Welding. When composite materials are joined by welding, special techniques are required, and metallurgical problems
can arise. With roll-clad material, the overlay is machined away from the weld site, and the carbon steel shell is welded
by the usual methods from the outside. The inside welds are made with stainless steel filler metals, such as ER308,
ER309, ER310, or ER312. In plug weldings, similar techniques are implemented. Either 300 or 400 series stainless steel
sheets may be used, and these sheets are welded together and to the carbon steel pressure vessel with stainless steel filler
metal.
Metallurgical problems arise from the effects of dilution of the alloying constituents in the corrosion-resistant alloy
coating by the carbon steel base metal. Fully austenitic stainless steel filler metals are susceptible to microfissuring during
welding. A duplex structure of austenite and a small amount of ferrite in the weld deposit prevents microfissuring.
Therefore, the ferrite content is usually kept between 5 and 9%. This duplex structure may be obtained by suitably
balancing the chromium and nickel contents in the weld metal. Alloy dilution can be controlled by varying the welding
technique and the electrode composition. Small dilutions can produce fully austenitic structures, but too much produces
structures containing martensite.
Sigma phase is sometimes found in austenitic stainless steel weld metal. Although σ phase can occur in the as-welded
condition, it is more commonly encountered after long exposures at temperatures of 595 to 870 °C (1100 to 1600 °F).
Sigma phase may embrittle austenitic stainless steel at room temperature; at elevated temperatures, it can cause low
ductility failures during creep deformation. Sigma phase is usually associated with ferrite; alloying elements, such as
chromium, niobium, and molybdenum, which stabilize ferrite, also promote σ-phase formation.
Care must be used when welding Monel to carbon steel to avoid excessive dilution of the Monel with iron, such as in
weld overlays. Excessive iron dilution embrittles the Monel and causes cracking. Iron dilution can be minimized by using
a barrier layer of pure nickel weld deposit or by carefully controlling the welding procedure with the use of smalldiameter electrodes and a stringer-bead technique.
Example 10: Cracking in Plug Welds That Joined a Stainless Steel Liner to a Carbon Steel Shell (Ref 6). Repeated
cracking occurred in the welds joining the liner and shell of a fluid catalytic cracking unit that operated at a pressure of
140 kPa (20 psi) and a temperature of 480 °C (895 °F). The shell was made of ASTM A515 carbon steel welded with
E7018 filler metal. The liner was made of type 405 stainless steel and was plug welded to the shell using ER309 and
ER310 stainless steel filler metal.
Investigation. Examination of the microstructure in the plug-weld zone revealed a good duplex structure with what
appeared to be fine cracks starting inside the weld zone and spreading outward through the weld and toward the surface
(Fig. 15a). At higher magnifications, some of the fine cracks appeared to be precipitates (Fig. 15b). When cracking had
completely penetrated the plug weld, corrosion of the carbon steel occurred, spreading radially. Also, there was
decarburization and graphitization of the carbon steel at the interface.

The file is downloaded from www.bzfxw.com

Fig. 15 Cracks in pressure vessel made of ASTM A515 carbon steel lined with type 405
stainless steel. Failure occurred at plug welds because of dilution of weld metal. (a)
Micrograph of specimen through weld area etched in acid cupric chloride showing ASTM
A515 carbon steel (top), interface region (center), and duplex weld structure containing
fine cracks (bottom). 100×. (b) Micrograph of an area of the specimen in (a) showing
cracks and precipitates. 250×. Source: Ref 6
The body of the weld had a hardness of 45 HRC. This, combined with the decarburization of the carbon steel, was
assumed to be indicative of carbon migration out of the HAZ and into the weld metal, thus preventing the formation of
martensite. Further into the weld metal, the high carbon level allowed martensite to form. In the area where the grain-

boundary precipitates appeared heaviest, between the martensite band and the duplex structure, the structure was probably
austenitic. These phase changes are predicted from the Schaeffler diagram (in the article “Hardfacing, Weld Cladding,
and Dissimilar Metal Joining” in Welding, Brazing, and Soldering, Volume 6 of the ASM Handbook).
The precipitates followed the austenitic regions into the duplex structure and eventually disappeared. They undoubtedly
contributed to the cracking that occurred.
The composition of the precipitates was analyzed using an electron microprobe. Silicon was not present in significant
amounts, nor was oxygen, except near a filled branch crack that also showed small amounts of carbon. Phosphorus was
absent, and iron, chromium, and nickel were present in amounts commensurate with the weld material. Approximately
4% S was present in the filled branch crack, and the precipitates contained about 12% S.
Thus, several mechanisms were operative in cracking and damaging of the vessel, many of which were the result of
microstructural changes in the weld alloy at the interface caused by dilution of the alloy. Austenite was formed at a low
dilution level, and the presence of sulfur produced grain-boundary precipitation of sulfides, thus causing hot shortness.
Further dilution produced a brittle martensitic phase, which is more susceptible to failure and is a likely source of
cracking initiation. This phase was not present at the interface, probably because of carbon migration into the weld, as
evidenced by the decarburization and graphitization of the base material. Finally, the differential thermal expansion of the
carbon and stainless steels produced the necessary internal stress to produce extensive cracking. Once the carbon steel
was exposed to the contents of the pressure vessel, corrosion occurred.
Conclusions. Cracking in the plug welds was the result of excessive dilution of the weld metal. Dilution of the weld metal
permitted formation of a martensitic phase in which cracks initiated.
Corrective Measures. Periodic careful gouging of the affected areas followed by repair welding proved sufficient to keep
the vessel in service. However, in vessels operated at higher pressures or containing more aggressive corrosive materials,
such measures would not suffice, and careful selection of the filler metal and welding procedure would be necessary to
prevent formation of the martensitic phase. A lower sulfur content would prevent the grain-boundary precipitate. Carbon
migration would still occur, but in itself might not cause a major problem.

Reference cited in this section
6. R.D. Wylie, J. McDonald, Jr., and A.L. Lowenberg, “Weld Deposited Cladding of Pressure Vessels,” paper
presented at the 19th Petroleum Mechanical Engineering Conference, Los Angeles, Sept 1963
Failures of Pressure Vessels
Roy T. King, Cabot Corporation

Stress-Corrosion Cracking (SCC)
Stress-corrosion cracking occurs when stress and a specific corrodent for the material are present in amounts large enough
to cause failure by the combined action of both but too small to cause failure by either one acting alone. Highly branched
transgranular cracks are characteristic of stress corrosion; under certain conditions, intergranular cracking occurs.
Equipment that fails by SCC usually must be replaced because the extent of cracking is difficult to determine and because
the cracks are difficult to repair by welding.
The source of the stress may be internal or external. Internal stress can occur on a microscopic scale—for example, the
stresses induced by a martensitic transformation. Also, residual stresses produced during thermal cycling, welding, and
straightening or bending may be very important. Externally applied stresses arise from applied mechanical loads,
vibrations, or pressure.
Effect of Dissolved Solids. Corrosion may arise from many sources, some of which appear to be innocuous or
nonaggressive. Even relatively pure water can be corrosive or can accelerate corrosion. If any concentration mechanism is
at work, very small amounts of dissolved solids can be disastrous.
Example 11: SCC of a Nuclear Steam-Generator Vessel at Low Concentrations of Chloride Ion (Ref 7, 8). A small leak
was found in a nuclear steam-generator vessel constructed of 100-mm (4-in.) thick SA302, grade B, steel [0.25% C
(max), 1.15–1.5% Mn, 0.035% O (max), 0.04% S (max), 0.15–0.4% Si, 0.45–0.6% Mo] during a scheduled shutdown.
The leak originated in the circumferential closure weld joining the transition cone to the upper shell. The unit had
provided approximately 3 years of effective full-power operation in the 6 years following its installation.
Investigation. Examination of the leak area disclosed a hole approximately 16 mm (0.6 in.) long and 5 mm (0.2 in.) wide.
Further visual inspection, ultrasonic examination, and magnetic-particle examination of that closure weld, as well as
others on similar steam generators at the plant, disclosed about 100 cracks associated with each closure weld, although the
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only through-crack was the leak. Figure 16 shows a macrophotograph of a polished-and-etched plug sample of the failure.
The details are obscured by erosion damage from the escaping coolant, but the failure clearly passes through both weld
and base metal.

Fig. 16 Cross section through leak in steam-generator wall. Crack extends across weld
metal, base metal, and HAZ. Erosion obliterated much of the original crack detail.
The welds had been fabricated from the outside by the submerged arc process with a backing strip. The backing was back
gouged off, and the weld was completed from the inside with E8018-C3 electrodes by the shielded metal arc process. The
weld was continuously stress relieved for 12 h at 540 °C (1000 °F). Hardness traverses on the weldments suggested that
the actual heat-treatment temperature may have been less than 540 °C (1000 °F), leaving relatively high residual stresses
in the weldments. Metallographic analyses demonstrated that the base metal had a tempered martensitic structure
consistent with A302, grade B, steel and that the weld metal had dendritic structures normal for both the shielded metal
arc and submerged arc portions of the weld. The HAZ had a more acicular structure normally associated with untempered
martensite.
Scanning electron microscopy of the failure surface of the plug sample revealed striations of the type normally associated
with progressive or fatigue-type failures (Fig. 17), including beach marks that allowed tracing the origin of the fracture to
the pits on the inner surface of the vessel. Examination of discolorations with EDS disclosed that copper deposits with
zinc were also present.

Fig. 17 Fracture morphology of steam-generator wall in a region where regularly spaced
striations typical of fatigue are evident.
Three samples were also taken from cracked regions of another steam generator. They exhibited similar features,
including varying degrees of pitting at the origin of the cracks (Fig. 18). Examination of the leading edges of the cracks
by EDS revealed traces of copper and silicon, as well as a few scans with zinc or nickel present. The area of initiation of
one crack had iron, chromium, nickel, silicon, sulfur, copper, and zinc.

Fig. 18 Fracture surface of a failed steam-generator sample. The fracture morphology is
characteristic of fatigue cracking, but 1 ppm of Ce- under constant extension rate testing
produced this same fracture morphology in laboratory tests. The initiation site is on the
inside surface of the steam generator and apparently emanates from surface pits.
Several historical factors were found to influence the purity level of the coolant water in the steam generators. Brackish
river water had corroded copper alloys in the condenser tubes, and some leakage into the system was indicated. Both
cuprous oxide (Cu2O) and α-hematite were found in the sludge, indicating that oxygen control in the steam generators had
been poor for some time and that hydrazine levels had been kept low due to environmental concerns. These factors were
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thought to contribute to pitting. In addition, a turbine-blade failure occurred and damaged about 50 condenser tubes,
releasing sufficient chloride into the steam generators that values up to 350 ppm were measured. This may have also
played a role in pitting.
At this point, the analyst was uncertain whether crack propagation was due to corrosion fatigue or stress corrosion:
therefore, a series of tests was performed on welded plate of the same specification grade that failed. A series of
controlled crack-propagation-rate stress-corrosion tests was performed at temperatures ranging from 30 to 268 °C (85 to
514 °F) for flat tensile specimens in various heat-treatment conditions. These tests led to the conclusion that A302, grade
B, steel is susceptible to transgranular stress-corrosion attack in constant extension rate testing with as low as 1 ppm
chloride present (as cupric chloride) at 268 °C (514 °F). Welded SA302, grade B, in the stress-relieved condition is
susceptible to stress-corrosion failure at stress levels of about 70% of the yield stress in 268-°C (514-°F) water containing
325 ppm of chloride (as cupric chloride). At lower concentrations of cupric chloride (1 and 5 ppm of chloride), there is a
beneficial effect of stress relief on weldments in minimizing this kind of attack; however, the base metal is susceptible to
SCC in this environment. A base-metal specimen that failed in water containing 1 ppm of chloride had a fracture
morphology nearly identical to that of the failed steam generator.
Recommendations. To alleviate the possibility of additional cracking in the field, the coolant environment should be
maintained low in oxygen and chloride, and the copper ions in solution should be eliminated or minimized.
Deaerating Feedwater Heater Failures. Recently, there have been several catastrophic failures and some through-wall
leaks in deaerating feedwater heaters used to degas water for tube boiler installations operating at pressures exceeding
1035 kPa (150 psi). It has been estimated that up to 60% of the vessels that have been properly inspected in service have
shell cracks. The deaerators operate at pressures ranging from subatmospheric to about 1380 kPa (200 psi). No general
correlation has yet been established with such factors as vessel age, size, capacity, manufacturing techniques, service
pressure, materials, and mode of operation.
The typical deaerating feedwater heater has both the deaerating zone vessel and the storage vessel made of low-carbon
steel. For older vessels, SA212, grade A, B, and C, was commonly used, and for recent vessels, SA285, grade C, as well
as all grades of SA515 and SA516 are frequently specified. The vessels, which are usually designed and fabricated in
accordance with Section VIII, Division 1, of the ASME Boiler and Pressure Vessel Code, are usually of welded
construction and are frequently thin enough that postweld heat treatment or stress relieving is not required.
Cracks in deaerating feedwater heaters have been found on internal surfaces at welds and in the HAZs of the welds; the
cracks run both parallel and transverse to the welds. Head-to-shell circumferential welds, circumferential welds joining
plate courses, longitudinal seam welds, and nozzle welds have all been found cracked. Failures have been examined in
situ and in laboratories using both metallographically prepared samples (boat samples) and whole sections of plates.
Figure 19 shows the types of cracks that are typically disclosed by field inspection of the insides of vessels. Wet
fluorescent magnetic-particle examination is effective on a surface that has been brushed, ground, or blasted free of oxide
and dirt without closing the surface indications or cracks. The typical cross section of a crack is shown in Fig. 20. The
crack morphologies include both transgranular and intergranular modes of separation; both types of cracks are usually
filled with corrosion products.

Fig. 19 Typical cracking found by fluorescent magnetic-particle inspection of the internal
surface of a feedwater heater.

Fig. 20 Typical micrographs of cracks in feedwater heater steels. (a) Cracks identified as
corrosion fatigue mixed with SCC. 50×. (b) Corrosion-fatigue crack morphology
alternating with corrosion pits and transgranular cracking. 100×
The mechanism of crack initiation and propagation has been classified by various authors as stress corrosion and
corrosion fatigue. The exact mechanism of cracking has not been defined, nor have reliable methods been developed for
preventing these failures. Current practice is to inspect the tanks periodically and repair or replace them as needed.
Caustic Embrittlement. The embrittling effects of mercury on brass and aluminum alloys are well known. Ammonia
produces season cracking in cold-worked brass. Alkaline compounds attack high-strength aluminum alloys. Stainless
steels are readily attacked by hot chlorides in aqueous solution, which even in very small amounts can cause severe
damage to stressed austenitic stainless steels (see the section “Stress-Corrosion Cracking From Hot Chlorides” in this
article). Such steels can also be attacked by concentrated sodium hydroxide (NaOH), as can low-carbon steels. Stresscorrosion cracking of Hastelloy C-276 has occurred in environments containing organic compounds and aluminum
chloride (AlCl3) at 100 °C (212 °F). No cracking occurred after the AlCl3, present as an impurity, was removed.
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Example 12: Failure of a Low-Carbon Steel Pressure Vessel From Caustic Embrittlement by Potassium Hydroxide. A
large pressure vessel (Fig. 21a) that had been in service for about 10 years as a hydrogen sulfide (H2S) absorber
developed cracks and began leaking at a nozzle. The vessel contained a 20% aqueous solution of potassium hydroxide
(KOH), potassium carbonate (K2CO3), and arsenic at 6550 kPa (950 psi) maximum and 33 °C (91 °F). The cylindrical
portion of the vessel was 168 cm (66 in.) in inside diameter, 1020 cm (402 in.) in length, and 64 mm (2

1
in.) in wall
2

thickness. A few months before failure occurred, portions of the exterior surface of the vessel had been exposed to a fire.

Fig. 21 Large enclosed cylindrical pressure vessel that failed by SCC because of caustic
embrittlement by potassium hydroxide. (a) View of vessel before failure and details of
nozzle and tray support. Dimensions given in inches. (b) Micrograph showing corrosion
pits at edge of fracture surface and inclusions. 600×. (c) Micrograph showing auxiliary
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cracks in tensile-overload region of main crack. (d) Micrograph showing auxiliary cracks
in stress-corrosion zone of main crack. 100×
The vessel was examined at the job site and was found to be empty, but the inside surface was covered with a layer of
sulfur. A sample was removed from near the end of the crack at the nozzle and was sent to the laboratory. The nozzle
itself was not cracked. The vessel was returned to the fabricator and was stress relieved before repair work was begun.
1
2

The vessel wall, in which the fracture occurred, consisted of 64-mm (2 -in.) thick ASTM A516, grade 70, low-carbon
steel plate. To provide a tray support, a steel angle, 75 × 75 × 10 mm (3 × 3 ×

3
in.), had been formed into a ring and
8

continuously welded to the inside wall of the vessel at the heel and the toe of one leg (Section A-A, Fig. 21a).
Investigation. In the groove formed by the junction of the lower tray-support weld and the top part of the weld around the
nozzle was a crack about 55 mm (2

1
in.) long. Each end of the crack branched into a Y (Detail B, Fig. 21a). The crack
4

portions in the weld metal around the nozzle were arrested, and the nozzle was not damaged.
The field sample submitted for laboratory analysis contained the remote end of one of several cracks that propagated into
the upper tray-support weld. The surfaces of this crack were covered by a tightly adhering dark-brown and black scale.
The surfaces contained two triangular regions that were smooth and that showed no evidence of ductility, one at the top of
the weld and the other at the outer surface of the wall. The remainder of the fracture surface showed cleavage planes with
some evidence of ductility, indicating that failure had resulted from tensile overload.
A dirty yellow scale was found under a piece of steel angle that was part of the field sample, but no scale was noticeable
elsewhere after the angle had been removed by air carbon-arc gouging. No additional cracks were found in the welds for
the tray support.
Tensile and impact tests performed on specimens from the sample indicated that the physical properties, after stress relief,
were adequate for the service conditions.
Because of the proximity of the crack to the nozzle, which was saved for muse, only fragments from the tray-support side
of the crack were available. How representative these were of the original microstructure was a moot question because
they had been annealed during removal. Microscopic examination revealed pits and scale near the crack origin; the pits
contained corrosion products. Although difficult to characterize because of the small grain size, cracking was principally
transgranular.
The surface of a section through a crack that started in a groove formed by the junction of the lower tray-support weld and
the weld around the nozzle was examined under a microscope. The first 6 mm (0.25 in.) of the crack surface sloped at an
angle of about 45° to the cut surface, was relatively smooth, had a thin orange-brown scale, and, at higher magnification,
exhibited plastic flow at some points and corrosion pits at others. Figure 21(b) shows corrosion pits in the edge of the
fracture surface as well as inclusions consisting of large dark orange-brown conglomerates and smaller gray globules that
appear to have nucleated in the grain boundaries. These features suggested that periods of corrosion alternated with
sudden instances of cleavage, under a tensile load, along preferred slip planes. Cracking in such a manner is typical of the
stress-corrosion process, according to one theory.
After the first 6 mm (0.25 in.), the crack progressed abruptly straight downward into the weld and was filled with a thick
gray scale. The crack surface was wavy and contained branching cracks filled with corrosion products. In this crack,
corrosion had obviously predominated, with cleavage playing a lesser role or none at all. This condition is in accordance
with an alternative, strictly electrochemical, theory on the mechanism of stress corrosion.
Micrographs of sections across the remote end of the crack in the field sample that propagated into the material showed
both a zone that failed by tension overload (Fig. 21c) and a stress-corrosion zone (Fig. 21d). These two distinguishable
fracture zones were confirmed by a gray corrosion product similar to that found near the crack origin, which was present
in auxiliary cracks in the stress-corrosion zone but not in the tension-overload zone. Cracking in both zones was clearly
transgranular.
Discussion. Because the surface of the steel angle adjacent to the vessel wall had been sealed and because only one point
of seepage under it had been found, the crack at the grooved area between the lower weld joining the angle to the wall and
the weld around the nozzle must have formed first. Although the vessel had been postweld heat treated before being put
into service, residual stress was apparently sufficient in this grooved area for it to act as a notch or a stress raiser. With
this configuration and enough time, the combination of the residual plus operating stresses and the amount of KOH
present would have caused stress corrosion—in this case, as a result of caustic embrittlement.
The fire to which the vessel had been exposed before failure, the only evidence of which was observable bulging of the
vessel skirt, could have been instrumental in initiating cracks by any or all of the following conditions affecting the
critical grooved area: (1) an increase in temperature to above 120 °C (250 °F), (2) an increase in concentration of the
caustic solution to greater than 50%, and (3) addition of thermal stresses to existing residual stresses. On the other hand,

cracking may have been initiated simply by the combination of existing residual stresses and normal operating conditions
over a long period of time.
Caustic embrittlement appeared most plausible as the cause of failure because of the presence of KOH and the known role
of KOH in stress-corrosion failures in plain carbon steel vessels. However, the presence of arsenic can induce hydrogen
embrittlement under alkaline conditions. The probability of sulfur, a lesser by-product of the removal of H2S, inducing
hydrogen embrittlement under alkaline conditions is slight. Hydrogen embrittlement from arsenic may therefore have
been the added influence that helped produce transgranular corrosion rather than the simpler mechanism of intergranular
corrosion.
Conclusion. Failure was caused by stress corrosion, which probably resulted from caustic embrittlement by KOH.
Recommendations. The tray support should be installed higher on the vessel wall to prevent coincidence of the lower
tray-support weld with the nozzle weld, thus avoiding the formation of a notch.
Stress-Corrosion Cracking From Hot Chlorides. Equipment made of austenitic stainless steel may sustain SCC when
contacted by hot chlorides in aqueous solution—even in concentrations of only a few parts per million. Therefore,
chloride attack is generally insidious, and operating personnel may not be aware of such a problem until failure occurs.
Chlorides are commonly introduced into pressure vessels as dissolved salts in water or wet (saturated) steam. At
temperatures below about 50 °C (120 °F), small quantities of chloride salts create few problems. At higher temperatures
in systems containing austenitic stainless steels, chlorides can be disastrous. Water is most safely introduced to pressure
vessels made of austenitic stainless steel in the form of either clean steam condensate or dry superheated steam.
Generally, there is no problem as long as ample quantities of condensate or dry steam are available. Unfortunately, during
refinery turnarounds, superheated steam can be in short supply because the heaters are shut down. As the various units are
put back on stream, the boiler plant may lack sufficient capacity to meet all immediate needs. A related problem can
occur in steam methane reformers during start-up. Unless special start-up procedures are carefully followed, steam
introduced to the reformer may contain water droplets with entrained chloride salts (carryover). When the wet steam
subsequently flashes against a hot surface farther down the system, a residue of chloride salts remains. If the surface is
hot, SCC will occur quickly in some grades of austenitic stainless steel.
In one case, SCC caused failure of a type 347 stainless steel shaft in a hydrogen-bypass valve in a steam methane
reformer plant. Chloride-salt residues were found on the fracture surfaces, together with highly branched cracks typical of
stress-corrosion failure (Fig. 22). Wet steam introduced to the system during start-up operations was the source of the
chlorides. The shaft had a hardness of 245 HB, indicating that it had been made from cold-finished bar stock.
Undoubtedly, the higher surface residual stresses inherent in cold finishing made the shaft more sensitive to SCC. The
fractured shaft was replaced with an annealed type 316 stainless steel shaft having a hardness of 169 HB. Also, changes
were made in the reformer start-up procedure, minimizing the probability of introducing wet steam.

Fig. 22 Chloride SCC in a type 347 stainless steel shaft in a hydrogen-bypass valve.
Example 13: SCC of an Inconel 600 Safe-End on a Reactor Nozzle. Cracking occurred in an ASME SB166 Inconel 600
safe-end forging on a nuclear-reactor coolant-water recirculation nozzle while it was in service. The safe-end was welded
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to a stainless steel-clad carbon steel nozzle and a type 316 stainless steel transition metal pipe segment (Fig. 23). An
Inconel 600 thermal sleeve was welded to the safe-end, and a repair weld had obviously been made on the outside surface
of the safe-end to correct a machining error. Initial visual examination of the safe-end disclosed that the cracking
extended over about 85° of the circular circumference of the piece.

Fig. 23 Cross section through recirculation inlet nozzle of reactor vessel. Shown are the
nozzle, the safe-end that failed, and the thermal sleeve that created susceptibility to
crevice corrosion. Dimensions given in inches
Investigation. After the safe-end had been cut from the reactor, it was radiographically inspected on-site to confirm the
extent of cracking. This inspection indicated major cracking over about 280° of the circumference. Limited ultrasonic
inspection performed in the laboratory with a 1.5-MHz transducer, directing the incident sound beam from the large end
of the safe-end toward the small end, demonstrated that the cracking could be detected nondestructively over about the
same region that was indicated radiographically.
Eleven longitudinal cross sections were prepared for macroscopic examination, including locations near each end of the
through-wall portion of the crack and sections selected on the basis of radiographic crack indications. Major cracking was
found in all sections examined. At all locations, the crack originated near the tip of the crevice between the thermal sleeve
and the safe-end, adjacent to the attachment weld for the safe-end, and extended outward through the safe-end wall. Over
about 35° of the circumference, cracking propagated through the repair weld, while over a different 50° of the
circumference, the propagation path was entirely within the safe-end base metal, penetrating the outside surface adjacent
to the fusion line of the repair weld.
Metallographic examination of selected cross sections showed the effects of repeated thermomechanical cycling during
welding on the precipitate structure in the HAZ of the Inconel 600. There were very few matrix precipitates immediately
adjacent to the fusion line of the heat shield attachment weld; this condition was true of the entire HAZ near the root pass.
The cracking generally initiated in the HAZ some distance away from the tip of the tight crevice and, in its early stages,
generally followed a path parallel to the fusion line (Fig. 24). Depending on the location, the crack could be found in
regions of heavy or light carbide precipitation. Metallographic cross sections and SEM studies of the fracture surface
were in agreement: the cracking was all intergranular in the base metal and intercolumnar where it penetrated the repair
weld metal. No secondary cracking was found, nor was any discontinuity found that might have initiated the cracking.

Fig. 24 Polished-and-etched cross section through the failed safe-end of the recirculation
inlet nozzle. Note the intergranular nature of the failure. Etched in 8:1 phosphoric acid.
53×
Microanalyses disclosed the presence of sulfur at locations corresponding to the later stages of cracking, but not on the
crevice surface between the safe-end and the heat shield. Chlorine was present at one point on the crevice surface. Other
deposits on the crevice surface and the crack surface near the crevice were rich in iron.
Conclusions. These observations led to the conclusion that the cracking mechanism was intergranular SCC. The literature
indicates that Inconel 600 is susceptible to intergranular stress corrosion in high-purity water, but it is only likely at
stresses above the yield stress of the material. The analysis by the reactor vendor showed the primary bending plus
membrane stresses due to service loading to be 78% of the yield strength. Further, butt welds in austenitic piping
materials can leave residual stresses of the order of the yield strength; therefore, the mechanism is reasonable. Whether or
not the material is in a sensitized condition does not greatly influence susceptibility to cracking, and cracks propagated in
the lightly sensitized region adjacent to the fusion line and in the heavily sensitized regions some distance from the fusion
line. Therefore, the furnace-sensitized condition of the material was not considered to be a significant contributing factor
in the cracking problem.
The role, if any, of the observed contaminants could not be clearly identified from this study, although there is a suspicion
that they contributed to the failure. Further surface analysis would be required to clarify this point.
The role of the tight crevice between the safe-end and the thermal sleeve thus comes into question. It was considered
unlikely that a classical differential aeration cell could develop in the crevice in the uniform high-purity water
environment, but such regions could entrap air during outages, causing locally high oxygen levels upon start-up. The
presence of anionic contaminants could cause acidification of the crevice region, which might also enhance stresscorrosion mechanisms. The crevice is considered to be the principal contributing factor in this case.
Protection During Off-Stream Periods. When subjected to stress in aqueous chloride solutions, austenitic stainless steels
fail by highly branched transgranular cracking. When the same steels are exposed in refinery processing units to weak
sulfur acids, more commonly known as polythionic acids, intergranular cracking can occur. The austenitic stainless steel
must be in a sensitized condition—that is, with heavy intergranular carbides—for polythionic acids to cause cracking.
Polythionic acids form directly from sulfide corrosion products inside desulfurizing, hydrotreating, and hydrocracking
units at ambient temperatures during refinery shutdowns, but are not a problem at operating temperatures. These types of
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units are frequently clad with austenitic stainless steel for on-stream corrosion protection, but the steel must be protected
during offstream periods. Procedures used for this protection are discussed below.
First, when a stainless-clad desulfurizer, hydrotreater, or similar reactor is shut down but not opened, it should be kept
under positive nitroger pressure. If the reactor is opened but not dumped, it should be turned over with ammonia three or
four times before opening. Also, the work should be completed before the walls of the reactor reach the ambient dew
point. If this is not practical, the reactor should be kept under positive nitrogen pressure during the entire downtime.
Second, during dumping of the reactor catalyst, 5000 ppm of ammonia should be added to the nitrogen purge. Once the
catalyst is removed, a 2% solution of soda ash with 0.5% sodium nitrate should be used to fill the reactor and soak all
stainless steel. Third, any austenitic stainless steel in such components as recycle-furnace tubes, feed-heater furnace tubes,
feed or effluent piping, and tubes or cladding in feed-effluent exchangers is also susceptible to intergranular cracking.
Provisions should be made to keep this equipment under positive nitrogen pressure if unopened or to fill and soak with
soda ash solution before opening.
Because polythionic acids are most likely to cause cracking in austenitic stainless steels that are in a sensitized condition,
cracking can be minimized in pressure vessels of welded construction by using stabilized stainless steels, such as type 321
or type 347, or by using low-carbon grades, such as type 304L or type 316L.
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7. C.J. Czajkowski, “Investigation of Shell Cracking on the Steam Generators at Indian Point Unit No. 3,”
NUREG/CR-3281, also BNL-NUREG-51670, U.S. Nuclear Regulatory Commission, Washington, June 1983
8. C.J. Czajkowski, “Constant Extension Rate Testing of SA302 Grade B Material in Neutral and Chloride
Solutions,” NUREG/CR-3614, also BNL-NUREG-51736, U.S. Nuclear Regulatory Commission, Washington,
Feb 1984
Failures of Pressure Vessels
Roy T. King, Cabot Corporation

Hydrogen Embrittlement
When corrosive reactions occur at a metal surface, hydrogen may be produced, particularly if acids or strong alkali
solutions are involved. The hydrogen evolved is preferentially absorbed by steel and possibly by other metals. This
absorption can cause hydrogen embrittlement. Consequently, SCC and hydrogen embrittlement are not only associated
but also sometimes indistinguishable, particularly in sour gas service in which H2S is the active corrodent.
Example 14: Hydrogen-Embrittlement Cracking in a Large Alloy Steel Vessel. Figure 25(a) shows a vessel that had been
in service about 3 years as a hydrogen reformer when cracking occurred in the weld between the shell and the lower head.
As shown in Detail A in Fig. 25, one crack, which was 150 mm (6 in.) long, developed at the bottom of the weld at the
inner surface of the head (crack A), and another, which was 0.9 m (3 ft) long, developed at the top of the weld at the outer
surface of the shell (crack B). Crack B later extended to a length of 2.7 m (9 ft). Also, some small blisters were observed
on the inner surface near the weld after attempts had been made to repair the crack.

Fig. 25 Vessel made of ASTM A204, grade C, steel that failed as the result of hydrogen
embrittlement. (a) Portion of tank; Detail A shows locations of cracks, at welds joining
shell to lower head. Dimensions given in inches. (b) Schematic illustration of the weld area
showing locations of cracks and of samples removed for examination. (c) Macrograph of a
nital-etched specimen from the inner surface of the head showing a crack in the HAZ.
6.5×. (d) Micrograph of a nital-etched specimen showing normal microstructure and
hydrogen embrittlement. 100×
The vessel contained ceramic balls in the lower head and a catalyst in the shell section. Temperature of the incoming gas
was 690 °C (1275 °F); the outgoing gas, 620 °C (1150 °F). Design temperature of the vessel, which was insulated inside,
was 120 °C (250 °F), and design pressure was 4480 kPa (650 psi). No liquid phase was present. A temperature of 340 °C
(640 °F) had occurred at two hot spots 100 mm (4 in.) in diameter on the outside surface just above the area of the failure.
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The vessel was made of ASTM A204, grade C, molybdenum alloy steel. The head was 33 mm (1
shell was 59 mm (2

5
in.) thick, and the
16

5
in.) thick.
16

Metallurgical Investigation. Six samples were removed from the outside surface of the vessel at right angles to the weld,
using an abrasive cutoff wheel; as shown in Fig. 25(b), three were cut across the weld line on the shell side and three on
the head side. The samples were triangular in cross section, about 13 mm (

1
in.) wide on each surface, and 75 mm (3 in.)
2

long. A sample at the end of the crack on the inner surface of head was removed parallel to the weld. This sample was
also triangular in shape, 22 mm (
three 21-mm (

7
5
1
in.) wide at the head surface, 16 mm ( in.) deep, and 240 mm (9 in.) long. Also,
8
8
2

13
in.) diam plugs were trepanned through the complete wall thickness, one each from the head, weld, and
16

shell.
Of the six samples taken from the outer surface, only sample 3 was visibly cracked. This crack, about 5 mm (

3
in.)
16

deep, initiated at the edge of the weld in the coarsegrain portion of the HAZ. Microscopic examination revealed a small
crack in sample 1, which was taken from the shell side. This crack was also located in the coarse-grain portion of the
HAZ. No cracks were discovered in the other samples taken from the outer surface. No microfissures, decarburization, or
characteristics of hydrogen embrittlement were observed in any of the six samples from that surface.
Examination of a section through the sample from the inner surface of the head showed that the crack was at the edge of
the weld, completely in the HAZ of the head (Fig. 25c). Fusion of the weld metal on both the head and shell sides was
good on both the inner and outer surfaces. A micrograph of the start of the crack, which was at the inner surface, revealed
elongated grains, indicating that the metal had undergone plastic flow before failure. Figure 25(d) shows a micrograph of
a portion of the same section farther along the crack. The microstructure was normal in appearance, but was severely
embrittled, as shown by the region near the fracture surfaces. Additional micrographs near the crack showed that the
metal had become severely gassed in an area extending up to 3 mm (

1
in.) on each side of the crack.
8

Microscopic examination of the plug trepanned from the head showed decarburization, which was present in nearly equal
amounts on both inner and outer surfaces and therefore was not the result of service conditions. The inner surface was
coated with a dark-brown scale. The microstructure of the metal in the head was banded, except near the surfaces, and
contained spheroidal carbides, indicating that the metal had been held at temperatures above 540 °C (1000 °F) for a long
period of time.
The plug from the shell also had a dark-brown scale on the inner surface and showed a microstructure that was uniform
throughout and typical for the metal. The carbides in the pearlite areas had lost some of their lamellar form, which
indicated that the material had been held at a high temperature for some time, but the breakdown was not as severe as that
observed in the head.
Hardness tests were performed on one of the samples taken from the outer surface, the sample from the inner surface, and
the three trepanned plugs. Rockwell B hardness values and equivalent tensile-strength values are given in Table 2.

Table 2 Hardness and tensile properties of samples taken from a failed pressure vessel
Location of

Hardness, Equivalent

hardness test
HRB
Outer-Surface Sample
Shell plate
86
Head plate
86
(a)
HAZ
92–98
Weld metal
92–96
Inner-Surface Sample
Head plate
76
HAZ(b)
89
Weld metal
90
Trepanned Plugs
Shell:

tensile strength
MPa ksi
586
586
724
690

85
85
105
100

465
565
638

67.5
85
92.5

Inner wall
84
569
82.5
Center
81
517
75
Outer wall
85
579
84
Head:
Inner wall
76
465
67.5
Center
78
490
71
Outer wall
79
500
72.5
Weld metal:
Inner wall
96
769
111.5
Center
94
748
108.5
Outer wall 95
758
110
(a) Both shell and head sides.
(b) Head side
Discussion. Hardness data and microscopic examination indicated that the lower head had been overheated for a
sufficiently long time to reduce the tensile strength below the 517-MPa (75-ksi) minimum required for ASTM A204,
grade C, steel. The wide difference in tensile strength between head and weld metal (including HAZ) formed a
metallurgical notch that enhanced the diffusion of hydrogen into the metal in the cracked region. The resultant
embrittlement and associated fissuring led to further weakening and eventually to failure.
Because the fracture was brittle, internal cracking must have taken place before plastic deformation on the inner surface.
Also, the major crack must have propagated internally because it did not intersect the inside surface near its end. Cracking
on the outside surface was simply the result of overloading the embrittled material alter internal failure had already
occurred.
The total absence of decarburization on the trepanned plugs at the inside surface of the shell and the minor
decarburization of the head suggested that hydrogen diffusion was limited to the head regions adjacent to the HAZ or that
hydrogen diffused into the metal at temperatures below 205 °C (400 °F). The tensile tests of the head material would have
detected any embrittlement. Had hydrogen diffusion occurred at higher temperatures, more fissuring (gassing) or
considerably more decarburization would have been in evidence. Because no serious damage was detectable in the
trepanned plugs, heat treatment would relieve any embrittlement that may have occurred in the shell and head. Grains
need not be separated for embrittlement to occur, and provided no fissures have formed, the pressure can be relieved by
allowing the gases to diffuse out of the metal during careful heat treatment; otherwise, blisters will result. The damaged
region adjacent to the weld on the head side should be removed, because these fissures cannot be repaired by heat
treatment.
Conclusion. Failure of the vessel was chiefly the result of hydrogen embrittlement with over-heating as a contributory
factor.
Corrective Measures. The vessel was wrapped in asbestos and heated to 455 °C (850 °F) at a rate of 55 °C (100 °F) per
hour, held at 455 to 480 °C (850 to 900 °F) for 2
held for 2

1
h, heated to 595 °C (1100 °F) at a rate of 55 °C (100 °F) per hour, and
4

1
h. The vessel was then cooled at a rate prescribed by the ASME code. This treatment caused hydrogen to be
4

diffused out of the metal, thus removing the source of embrittlement.
The weld metal on both sides of the crack and 5 mm (

3
in.) of base metal in the shell and the head were removed. The
16

area thus prepared was repair welded using E7018 filler metal, then stress relieved.
Example 15: Cracking in Carbon-Molybdenum Desulfurizer Welds. Welds in two carbon-molybdenum (0.5% Mo) steel
catalytic gas-oil desulfurizer reactors cracked under hydrogen pressure-temperature conditions for which hydrogen
damage would not have been predicted by the June 1977 revision of the Nelson Curve for that material. As a result of this
experience, a major refiner instituted regular ultrasonic inspections of all welds in its Fe-C-0.5Mo steel desulfurizers.
Investigation. During a routine examination of a naphtha desulfurizer by ultrasonic shear wave techniques, evidence of
severe cracking was found in five weld-joint areas (Ref 9). The inspection involved stripping all the insulation from the
vessel and testing all seams with a beam propagated perpendicular to the welds. Defect indications were found in
longitudinal and circumferential seam welds of the 113-mm (4

7
-in.) thick ASTM A204, grade A, Fe-C-0.5Mo steel
16

1
4

sheel. Indications were also found in the 57-mm (2 -in.) thick top and bottom heads that were formed by welding pie
sections of plate. No records were available on the welding method used in the mid 1950s. The vessel had a 2.8-mm
(0.109-in.) thick type 405 stainless steel liner for corrosion protection that was spot welded to the base metal at about 381
2

mm (1 -in.) centers, and all vessel welds had been hand overlaid with type 309 stainless steel.
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The vessel was emptied and visually inspected, but no surface damage was evident. To inspect the weld metal, the type
309 stainless steel weld overlay was ground off along a 965-mm (38-in.) strip of a longitudinal seam weld in an area that
had ultrasonic indications. This exposed a 330-mm (13-in.) long longitudinal crack in the weld metal, as well as
transverse cracks. When about 3 mm (

1
in.) of the base-metal weld was ground off and the surface was dye checked,
8

hundreds of transverse cracks were observed. An external shear wave test was then performed on the outside of the
vessel, but perpendicular to the normal scan direction, including weld areas that had not shown indications in the original
testing; indications of transverse cracks were found. The testing was extended to include all welds, and all were found to
have indications of transverse cracks.
Conclusions. Samples were taken from a girth weld for examination. It was found that weld metal from the cracked
region contained 0.09% C, whereas the base plate contained 0.18% C as compared with a maximum 0.25% C for ASTM
A204 material. This was taken as an indication of severe decarburization in the crack area. Subsequent metallurgical
examination of a cross section of a longitudinal crack after polishing and etching with 2% nital disclosed a decarburized
region on either side of the crack. The cracking was clearly intergranular in nature (Fig. 26). It was concluded that the
damage was caused by a form of hydrogen attack.

Fig. 26 Cracks in naphtha desulfurization reactor attributed to hydrogen damage. (a)
Note decarburized region adjacent to crack. 25×. (b) Higher-magnification view. 200×
Corrective Measures. The nominal service conditions for the desulfurizer were approximately 345 °C (650 °F) and 2690
kPa (390 psig) of hydrogen partial pressure, conditions that would not be expected to produce hydrogen damage based on
the limits of the 1977 revision of the Nelson Curve for Fe-C-0.5Mo steel. The solution to this material problem was
installation of a used 2.25 Cr-1Mo steel vessel with a type 347 stainless steel weld overlay. The use of an available vessel
satisfied certain time constraints on the allowable down time for the plant.
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Brittle Fractures

Materials that are ordinarily ductile can undergo brittle fracture suddenly and without warning, depending on certain
conditions and factors, which are discussed in the article “Mechanisms and Appearances of Ductile and Brittle Fracture in
Metals” in this Volume. Brittle fractures are most likely to occur in body-centered cubic (bcc) structures, such as ferritic
steels, and in relatively thick parts that contain adequately large flaws. Strains rates required for brittle fracture depend
somewhat on the temperature of the part; at low temperatures, strain rates are generally low, whereas at high temperatures
strain rates are higher.
The origin of a brittle fracture will almost always be a pre-existing crack or similar type of notch or stress raiser because
the concentrated triaxial stresses developed at such points are the single most important factor in determining whether a
crack can propagate under the applied load. Brittle fracture generally occurs under an applied stress that is less than the
yield strength, and the energy expended in propagating the crack is low.
Most sudden brittle fractures occur by cleavage, which produces a fracture surface with a bright granular or crystalline
appearance. A characteristic chevron pattern, which points to the origin of fracture, is often present. Brittle fractures can
be differentiated from ductile fractures by the short time required for the crack to achieve critical size and by the high rate
of crack propagation. Although most brittle fractures are transgranular, intergranular brittle fracture can occur if the grain
boundaries are embrittled by chemical segregation or the presence of a brittle second phase.
Brittle fractures in pressure vessels can be correlated with the notch toughness of carbon or low-alloy steels, and they
occur at temperatures below the transition temperature measured by such testing. The transition temperature can increase
in service due to microstructural or metallurgical changes. In carbon and low-alloy steels, the ductile-to-brittle transition
temperature can be near or above the ambient temperature during fabrication and during hydrostatic testing. Factors
controlling the transition temperature include chemical composition and the effects of deoxidation, forming, and heat
treatment. Poor-quality steel or improper welding practice are frequently the material factors that cause brittle fracture,
but externally applied stresses are required to cause failure.
Corrective action that can be used to guard against the possibility of brittle fracture in pressure vessels includes attention
to all the factors noted above plus stress relief after fabrication. Metallurgical changes in the material during service
should be avoided. Such changes might result if, for example, carbon steel were used instead of alloy steel in an
application in which temperatures occasionally exceed the limit of operating temperature for carbon steel.
Embrittlement can result from graphitization in carbon steels and 0.5% Mo steels, welding or fabrication steps, exposure
to atmospheres favoring hydrogen embrittlement, or formation of σ phase in stainless steels. Thermal fatigue caused by
different amounts of expansion in adjacent dissimilar metals can result in crack propagation and eventual brittle fracture.
Severe and repeated temperature changes in such components as chemical-system quench tanks can result in thermal
shock, the severity of which might be sufficient to cause a brittle failure.
Brittle fractures are not restricted to steels, but have also occurred in components made of other materials, such as welded
aluminum rocket-fuel tanks, because of residual shrinkage stresses. These stresses were caused by weld design that was
improper for the relative stiffness of the elements being joined. Microcracks that formed during cooling of the welds
provided the brittle fracture initiation sites that occurred during hydrostatic proof testing.
Example 16: Brittle Failure of a Pressure Vessel After Welded Modifications Without Stress-Relief Heat Treatment (Ref
10). A spherical carbon steel fixed-catalyst bed reactor failed after 20 years of service while in a standby condition (Fig.
27). At the time of failure, the unit contained primarily hydrogen at about 13 °C (55 °F) and 2400 kPa (350 psig) and was
operating at an ambient temperature of 5 °C (41 °F) with no gas flow. The reactor fractured into six pieces in a single
event. There was no evidence of an upset in operating conditions or introduction of oxygen to form an explosive mixture.
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Fig. 27 Configuration and dimension of spherical fixed-catalyst bed reactor that failed
after 20 years of service.
The reactor had been fabricated in 1958 from French steel A42C-3S, approximately equivalent to ASTM A201, grade B,
with a 434-MPa (63-ksi) tensile strength and a 241-MPa (35-ksi) yield strength. The steel mill tests showed a Charpy Vnotch energy absorption of 30 J (22 ft · lb) at 20 °C (68 °F). The plates had been hot formed into segments during
construction of the reactor. The inside of the vessel was refractory lined to keep its temperature below 275 °C (527 °F)
during operation. The vessel had a type 304 stainless steel shroud around the catalyst bed as protection against the
overheating that was possible if the gas bypassed the bed through the refractory material.
Investigation and Conclusions. A visual examination of the fracture showed that the failure propagated through all of the
plates of the shell (Fig. 28). The fracture followed the line of the shroud-support ring in four plates (plates A to D, Fig.
28), then branched into the rest of the vessel. All fracture surfaces were classical flat fractures, with no shear lip and
chevron markings on all fractures except the fracture immediately at the shroud-support ring. At the ring, the chevron
patterns suggested that the crack had propagated from the inside of the reactor to the outside wall. Weld seams did not
provide a path for fracture. The failure clearly began at the toe of the shroud-support ring weld, but no evidence of a large
pre-existing crack that could have triggered the failure could be found.

Fig. 28 Fracture path of failed pressure vessel. The arrows indicate the direction of crack
propagation as determined from the chevron markings on the fracture faces. The letters
identify the individual plates.
The shroud-support ring weld was ultrasonically inspected where it had not failed and was found to contain a number of
3-mm (0.12-in.) or smaller cracks at the root of the weld. Subsequent metallographic investigation revealed these
indications to be lamellar tears that originated at nonmetallic inclusions on planes parallel to the plate surface, caused by
weld shrinkage stresses. Figure 29 shows a typical lamellar tear.
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Fig. 29 Lamellar tearing at root of weld for shroud-support ring.
Scanning electron microscopy confirmed the cleavage mode of fracture and the origin of the failure. Cleavage failure
clearly initiated at the root of the weld, and it continued through the wall thickness. Along the root of the weld were
indications of multiple sites of crack initiation at the pre-existing shallow lamellar tears and minor weld discontinuities
resulting from arc breaks and excessive or incomplete penetration.
Metallographic cross sections of the fracture surfaces revealed the presence of extensive secondary cracking and twinning
where the fracture followed the line of the shroud-support ring. The twinning was identified as Neumann bands, which in
ferritic steels are caused by the highly localized deformation associated with fast fracture or dynamic stresses. This led to
the conclusion that the fracture initiated at multiple sites within one plate, starting at the root of the weld, then initiated in
neighboring plates in rapid succession.
The possibility of hydrogen attack was eliminated by the fact that the subsurface cracks were transgranular and were only
present immediately below the fracture surface. This conclusion was substantiated by bend tests and toughness tests
performed on specimens of the vessel material.
Chemical analyses were performed on the plates, which were found to be within specifications for this variety of carbonmanganese steel. Analyses for arsenic, molybdenum, nickel, copper, and chromium indicated no abnormality. The steel
was not required to be fine grained; in addition, the soluble aluminum content responsible for controlling grain size and
reducing susceptibility to strain aging varied among the plates, but was very low for three of the plates (<0.005%). The
hydrogen contents of the steels were normal.
Toughness tests were performed on numerous plate samples from locations near the bottom of the reactor, at the middle,
and at the top adjacent to where the fracture followed the shroud-support weld. The lowest values measured at 5 °C (41
°F) were 6.8 and 9.5 J (5 and 7 ft · lb), respectively. The plate in which the fracture initiated had a 27-J (20-ft · lb)
transition temperature of 30 °C (86 °F), while the plates in which the fracture developed shear lips and ran off into the
vessel had 27-J (20-ft · lb) transition temperatures below -5 °C (23 °F). The coarsest grained steels exhibited the lowest
toughness values. In addition, the Pellini drop-weight test procedure (Ref 11) was used to study the nil-ductility
temperature (the highest temperature at which small flaws can propagate as brittle fractures) of three plates. Two plates
were at or below their nil-ductility temperature.
Refinery maintenance and inspection records showed that the carbon steel shroud-support ring had been removed for a
hydrotest, the existing weld metal ground off, and the shell surface inspected using dye penetrant. The new ring was
welded from one side. The weld was made with six passes by using low-hydrogen electrodes equivalent to E60-18
without preheat. The root pass was made with 2.4-mm (

3
9
-in.) electrodes, subsequent passes with 3.6-mm ( -in.)
32
64

electrodes. The completed weld was visually inspected and not postweld heat treated, because postweld heat treatment
would not have been required by applicable pressure vessel codes for new construction.

A numerical stress analysis of the weld was made for the design geometry and geometries that included sharp notches at
the shroud-support ring-to-shell junction. These analyses included a condition meant to simulate a hot spot from the
missing refractory lining and a combination of hot spot plus notch. The operating conditions investigated included
thermal loadings from start-up and shutdown, internal pressure, axial friction from the catalyst bed, and a distributed load
on the shroud due to the catalyst weight. The finite element analyses indicated a peak stress of 110 MPa (16 ksi) under an
applied pressure of 2400 kPa (348 psig). The maximum stress occurred at the weld-to-ring junction, rather than at the
weld-to-vessel junction, where failure occurred; the lower stresses on the reactor shell eliminated fatigue as a failure
mechanism, in agreement with the metallographic observations.
The residual-stress pattern in the shroud-support ring attachment weld was measured at about 180° around the vessel from
the crack-initiation site, where no cracking of the weld had occurred. Surface stresses were measured using a center-hole
rosette strain gage technique, and through-thickness stresses were measured by a block-removal and layering technique.
The maximum transverse tensile stress that would be applied across a radial defect in the shell near the root of the
attachment weld was on the inner surface of the vessel wall near the toe of the weld. It was at least 276 MPa (40 ksi),
which is equivalent to the yield strength of the base metal, and decreased linearly over the first 40% of the wall thickness.
Fracture mechanics tests were used to predict the mode of failure of the various plates. Measurements of crack-tip
opening displacement indicated that ductile failure would occur in at least one plate that sustained brittle failure. No preexisting defect could be found in the size range of ≥11 mm (0.43 in.), which would have been required to cause a brittle
failure.
All of the evidence pointed to a change in the susceptibility of the plates to brittle failure near the point of failure
initiation. Charpy V-notch specimens that were aged under either tensile or compressive stress at 180 °C (360 °F) for 168
h were found to lose about half their impact energy absorption from about 11 J (8 ft · lb) to about 5.5 J (4 ft · lb),
compared with unaged controls. A series of subsize and full-size crack-tip opening displacement specimens employing a
0.5-mm (0.020-in.) deep by 0.15-mm (0.006-in.) wide welded-over notch was prepared. Large decreases in ductility could
be ascribed to the welded-over notch. Complete cleavage failure could be induced in these samples by testing at high
strain rates. A small crack that initiated in the embrittled zone could thus propagate to critical size and precipitate an
unstable fracture.
The strain-aging tendencies of these steels were demonstrated by making microhardness traverses adjacent to the tips of
welded-over notches. The microhardness near a welded-over notch was much higher than that in the adjacent base metal.
Thin-foil transmission electron microscopy (TEM) was also used to demonstrate that high dislocation densities occurred
in the vicinity of welded-over notches. The dislocations were bowed and pinned, an observation that is not exclusively
associated with strain-aging embrittlement but that supports the proposed failure mechanism.
The final cause of failure was felt to be cracking that developed during the installation of the new shroud ring. The cracks
caused by the root weld pass were not by themselves large enough to initiate fracture, but subsequent thermomechanical
cycling during the remainder of the welding process caused dynamic strain aging and localized embrittlement at the crack
tips. Three plates had relatively low toughness. Under the combination of high residual stresses, pressurization stresses,
and a low metal-shell temperature, the cracks extended and caused total destruction of the vessel.
The recommendation from this analysis was to perform stress-relief heat treatments to reduce residual-stress levels after
welding non-pressure retaining components to certain pressure shells. This treatment should reduce residual stresses and
lessen the embrittlement effects of strain aging.
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Ductile Fractures
Ductile fracture occurs with a significant amount of macroscopic plastic deformation. It is considered to take
place by a shear mechanism in which the metal is torn with considerable expenditure of energy. Even though
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final rupture may occur suddenly, most ductile failures of pressure vessels or piping develop gradually and give
warning during propagation by means of a bulge or a leak.
The surface of a ductile fracture generally exhibits a dull, fibrous appearance, and there is evidence of plastic
deformation, such as local bulging or distortion. A good indicator of deformation is a significant reduction of
area at the fracture. When such an indicator is present, the failure may have resulted from some long-term
change or deterioration of the material or from a gradual increase in the load. However, the mere classification
of a fracture as ductile does not explain why it occurred, but simply suggests the factors that may have caused
it. For example, gradual reduction in wall or section thickness by corrosion, erosion, or creep can render the
material unable to sustain the operating load. To this extent, the classification of a failure as ductile depends on
the time span over which the failure takes place.
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Creep and Stress Rupture
Creep, or time-dependent deformation, is normally anticipated by designers of equipment that operates at elevated
temperatures. The useful life of a pressure vessel or pressure boundary material can occur as a result of reaching or
exceeding some design limit on strain. This is known as a creep failure, and it may involve only excessive deformation,
not a fracture. Stress ruptures, complete failures under creep loadings, can breach a pressure boundary. The main
variables determining the rate of deformation under creep conditions are temperature, time, and stress. It is not unusual to
find other contributing factors, such as corrosion, fatigue, or material defects involved in creep and stress-rupture failures.
Creep usually occurs in time-temperature regimes for which diffusion-controlled processes are important. Within grains,
the interactions of dislocations with solute atoms, second phases, and other defects can determine deformation rates;
microstructures can change dramatically during the creep process. Deformation at grain boundaries, together with
diffusion processes, can lead to the nucleation and coalescence of voids, causing grain boundaries to separate, sometimes
at very low strains. The interpretation of the remaining useful life of a material that has undergone creep is a difficult, but
important, concept.
Equipment that operates in the creep regime is frequently too expensive to discard without consideration of repair or
partial replacement of material that has suffered creep damage. Life-extension programs are common in many industries
and have recently become important in the electric power industry. While many other failure mechanisms must be
considered in such programs, examination for creep damage is critical.
Example 17: Preventive Analyses of Croloy 1

1
Pressure Parts. It is generally not possible to predict the maximum life
4

of base-loaded headers and piping until they have already developed microcracking. When cracking does occur, it can be
monitored over a period of several years by a periodic inspection program (Ref 12). Typical elements of such a program
include the following:
•
•
•
•

•

An engineering stress analysis of the header, tube legs, and the associated piping system is conducted. Numerical
analysis, a modern tool, can be used to determine which areas of the component should be tested and inspected
during downtimes and to determine static and cyclic stresses accurately
Dimensional examinations can be performed to determine the extent of time-dependent swelling, bowing, or
other deformation that may have occurred
Visual examination is performed to disclose the extent of other defects. Borescopes and fiberscopes can be used
to examine otherwise inaccessible areas of a component. These examinations may be supplemented with dyepenetrant inspections in areas suspected of cracking
Field replication is recommended to examine metallurgical microstructure in situ. Surfaces to be examined must
be polished and etched by metallographic methods, usually under difficult field conditions and without regard to
specimen flatness. The surface is then recorded by coating the surface with a resin that hardens and is stripped
off, bearing the image of the specimen topography. The image is then coated to enhance detail and studied by
optical or electron microscopy. Field replication is useful for detecting the early stages of creep, fatigue, grainboundary separations, and other problems. It can also be used to detect spheroidization or graphitization of steels
Boat samples of headers and piping are generally removed only after cracking has been detected by other means.
Tube stubs may be removed to examine the more highly stressed regions of headers

In one example, this type of routine disclosed cracks caused by creep swelling in the stub-to-header welds in the
secondary superheater outlet headers of a major boiler. The header was constructed of SA335-P11 material (1.25Cr0.25Mo silicon steel). A review of the design of this unit showed that it had been designed according to allowable stresses
that had been established in 1951 from a relatively small data base. As more information became available, the ASME
Boiler Code allowable stresses for the material were reduced in mid 1965 for temperatures above 525 °C (975 °F);
therefore, the unit was underdesigned. After about 30 years of service, repairs had been necessary on 61 of the 222 header
welds, and a permanent solution to the problem was sought.
To document the amount of creep swelling that had occurred, the outside diameter of the header was measured and found
to have increased 1.6% since its installation. It was re-measured after another 6 months and found to have swelled another
0.14%. Surface inspection revealed ligament cracks extending from tube seat to tube seat (Fig. 30). Cracks originated
from inside the header, extending axially in the tube penetrations and radially from those holes into the ligaments. The
ligament cracking of the header was a separate event from the stub-to-header weld cracking, although both were caused
by high stresses in the header. Dye-penetrant inspection of the latter welds revealed cracks in 94 locations, ranging from
small radial cracks to full 360° cracks. An example of this cracking is shown in Fig. 31. The unit was operated under
reduced-temperature conditions and with less load cycling than previously until a redesigned SA335-P22 (2.25Cr-1Mo0.25-Si) header was installed.
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Fig. 30 Interligament cracking in a failed secondary superheater outlet header from a
boiler.

Fig. 31 Microstructure, linked voids, and split grain boundaries in the failed outlet
header shown in Fig. 30. 400×
Example 18: Failure of a Main Steam Line of a Power-Generating Station. A main steam pipe was found to be leaking
during a start-up after a 1-day shutdown. The leak was a large circumferential crack in a pipe-to-fitting weld in one of two
steam leads between the superheater outlet nozzles and the turbine stop valves, a line made of SA335-P22 material
(2.25Cr-1Mo steel) with an outside diameter of 475 mm (18.75 in.) and a wall thickness of 95 mm (3.75 in.). The design
operating conditions were 25 MPa (3.6 ksi) at 540 °C (1000 °F).
Investigation. A boat sample was cut from one side of the main crack and subjected to an initial examination. Visual and
magnetic-particle examinations revealed secondary cracks roughly parallel to the main failure in the weld metal and
adjacent base metal. The main crack surface was rough, oriented about normal to the outside surface, and had a dark
oxidized appearance. The topography of the crack surface reflected the weld-bead patterns. A metallographic section of
this sample shows the main crack surface and the secondary cracks (Fig. 32). The cracking is predominantly
intergranular, with some grain boundaries exhibiting unlinked intergranular voids that should eventually link to form
complete grain-boundary separations. This microstructure was thought to be typical of elevated-temperature stress rupture
in the material.

Fig. 32 Metallographic cross section through failure in 2.25Cr-1Mo weld main steam line
of power plant. Secondary cracking in base metal indicates that failure is not uniquely the
result of weld-metal properties.
Microscopic examination of the cross section revealed distinct shiny bands that etched slower than the remainder of the
sample at the top of each individual weld bead. These bands were located within the interbead HAZ and consisted of
localized areas with a large-grain ferrite matrix and relatively large carbide particles. The bands frequently contained
small cracks and microvoids that did not extend into the surrounding fine-grain material. These features suggest that the
ferrite bands served as initiation sites for the failure and that they lowered the rupture strength of the weld metal. The
Knoop hardnesses of the bands tended to be in the range 138 to 144 HK, while the adjacent areas of the interbead HAZ
were 161 to 168 HK. Qualitative analyses of the ferrite bands by EDS revealed no significant differences in composition
between the bands and surrounding material.
While these observations identified the mechanism of cracking at the main failure, they did not provide insight into the
cause of the premature service failure. The work was therefore expanded to include other weld metal and base metal of
the steam line. The samples included a full ring section containing the failed weld and a quadrant of a weld that had not
cracked. Smaller boat samples and pyramid samples were removed from other welds. Each was characterized, at a
minimum, by chemical analyses and microstructural examinations. Stress-rupture tests and tensile tests were performed
on some samples to determine the strength properties of the materials of construction. The results of these examinations
are summarized as follows:
•
•

•

The chemical analyses and mechanical properties were within specifications or reasonable for the materials of
construction after service
The failed weld and three others had an unusually high manganese content that identified them as having been
fabricated by the submerged arc process. Three other welds were low in manganese, identifying them as having
been fabricated by the manual shielded metal arc process. The submerged arc welds were cracked in the weld
metal, but the submerged arc welds were cracked in the adjacent base metal or HAZ. The difference in the failure
loci was apparently a result of the relative strengths and ductilities of the specific base metal/weld metal
combinations that were present
All observations are consistent with a mechanism of intergranular creep rupture at elevated temperature
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•

The crack shape indicated that cracking initiated on the pipe exterior, then propagated inward and in the
circumferential direction in response to a bending moment load. There was no indication of a pre-existing flaw or
defect at the initiation sites other than the microscopic hardness heterogeneity noted above

Conclusions. The primary cause of failure was the occurrence of bending stresses that exceeded the stress levels predicted
by design calculations and that were higher than the maximum allowable primary membrane stress specified in the ASME
Boiler and Pressure Vessel Code, Section I, and the ANSI Power Piping Guide.
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Fatigue
Fatigue fractures result from cyclic stressing, which progressively propagates a crack or cracks until the remaining section
can no longer support the applied load. Pressure vessels and pressure piping are subject to high static stresses arising from
the pressure of contained liquids or gases, to stresses resulting from misalignment of components, and to residual stresses
induced during welding. The cyclical component may be added mechanically—by vibration of associated equipment,
pulsation from a compressor, or thermal cycling. Fatigue fractures generally originate at stress raisers, such as a
discontinuity or a notch, which produces triaxial stressing in the material. Thermal fatigue occurs when cyclic stresses are
produced by uneven heating or cooling, or when part of a vessel is restrained and cannot expand or contract uniformly.
Over a period of years, several low-carbon steel thick-wall vessels equipped with cooling jackets cracked when operated
as batch reaction vessels at 400 °C (750 °F). These vessels operated with sharp thermal gradients across the walls. A
small amount of sodium hydroxide could have been present in the vessels, and it was thought that cracking might have
been the result of caustic embrittlement.
To increase the life of the vessels, the material was changed from low-carbon steel to a carbon-molybdenum steel.
Occasional cracking still occurred. The material was then changed to 1Cr-0.5Mo steel. However, cracking occurred in a
shorter time than with vessels made of carbon-molybdenum steel.
A stress analysis of these jacketed vessels indicated that cyclical stresses produced during operation might have been high
enough to have caused cracking in the vessel walls. Furthermore, such stresses would be high enough to produce failure
in any available grade of weldable structural steel. Thus, life of the vessels could be increased by reducing the stress but
not by upgrading the material. Reducing the wall thickness would lower thermal stresses by decreasing the temperature
differential in the wall.
Example 19: Failure of a Main Steam Line by Thermal Fatigue (Ref 13). Visual inspection of a type 316 stainless steel
main steam line of a major utility boiler system revealed cracks on its outer surface near a hanger lug. At that time, the
system had accumulated 130,520 h of high-temperature operation and had been subjected to 326 start-up cycles, many of
which were from forced shutdowns. The steam line was a 230-mm (9.05-in.) outside-diameter pipe with a 64-mm (2.525in.) minimum wall thickness.
Investigation. One third of the pipe was immediately subjected to demineralized water penetrant visual inspection,
including all sections of pipe from the heat that had cracked. No further cracking was found.
A 3.4-m (11-ft) section including the cracked area was removed from the line. From this, boat samples and several ring
sections were removed for examination, including the cracked region. Conventional metallographic techniques were used
to assess the extent of cracking and the nature of the cracks. The damage in all specimens was essentially the same:
cracking initiated at the outside of the pipe wall or immediately beneath the surface. The cracks were all intergranular,
oriented normally or nearly so to the main hoop stress direction. The cracks were usually filled with oxide (Fig. 33).

Fig. 33 Oxide-filled intergranular cracks oriented normally to the hoop stress direction in
the main steam line.
Examination of the metallographic samples at higher magnification revealed that the microstructure of the failed pipe
consisted of a matrix precipitate array, probably M23C6, and large σ-phase particles in the grain boundaries. Although void
formation and propagation along the σ/austenite interface is cited as a potential failure mode for this σ-phase morphology,
the cavitation here occurs primarily in the ligament region between σ-phase particles. Scanning electron microscopy of
the polished-and-etched cross sections of areas away from the cracks clearly showed this. The cavities were found to be
decorated with small particles having a high sulfur content and were found to be faceted.
Charpy impact specimens and compact-tension specimens were cut from a section of the steam line that contained several
cracks. The Charpy impact tests showed the inside pipe wall to be tougher than the outside, where the cracking and grainboundary separations had occurred. There was no indication of a fracture-mode transition. Only slow, stable crack growth
occurred in the compact-tension tests. One compact-tension specimen contained a natural crack from the steam line, but it
behaved the same as specimens that had fatigue-sharpened notches on their crack fronts.
The insulation was examined to determine whether the impurities contained might have contributed to the failure. Its pH,
leachable sodium, potassium, and lithium were analyzed. Colorimetric and the x-ray fluorescence spectroscopy were used
to determine sulfur and chloride contents. The material was basic and had sufficiently low leachable impurities that
intergranular stress-assisted corrosion was eliminated as a cause of failure.
Field metallographic techniques were developed, using a repeated polish-and-etch technique, to examine the remainder of
the piping. A portable grinding tool was used to prepare the surface, followed by swab etching. A total of 72 locations in
the piping system were examined, with the result that all material upstream of the boiler stop valve had oriented cracking
of the type previously mentioned, while all locations downstream of the valve were free of damage. The surface
metallography was validated by removal of boat samples that demonstrated the replication technique to provide
microstructures representative of bulk material. A chemical analysis of the piping showed compliance with the material
specification.
Significantly, the pipe showed no evidence of swelling due to creep. This fact, coupled with the lack of damage
downstream from the stop valve and the high ductility of the inner-wall material, cast doubt on classical creep due to
overstressing or overtemperature as the cause of failure.
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Residual-stress measurements were made using a hole-drilling technique and strain gage rosettes. The holes were drilled
with 50-μm alumina abrasive to minimize stresses introduced during drilling. Relatively large tensile axial residual
stresses were measured at nearly every location investigated, but a large residual hoop stress was found for locations
before the stop valve.
Conclusions. It was theorized that one or more severe thermal downshocks might cause the damage pattern that was
found. A transient heat transfer and thermal-stress analysis was performed with numerical methods and software
identified as CREPLACYL and with material data taken from the Liquid Metal Fast Breeder Reactor Materials
Handbook (U.S. Department of Energy). The resultant elastic/plastic/creep deformation analysis indicated that a severe
thermal downshock could explain the pattern and that one or more downshocks of less than 260 °C (500 °F) but more
than 65 °C (150 °F) could have been involved. Thus, the root cause of the failure was thermal fatigue, with associated
creep relaxation.
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Introduction
ORTHOPEDIC IMPLANTS are unique in that they are exposed to the biochemical and dynamic environment of the body
and their design is dictated by anatomy and restricted by physiological conditions. Orthopedic implants are artificial
devices (allentheses) that are mounted to the skeletal system of the human body or an animal for various purposes, such as
supporting bone, replacing bone or joints, and reattaching tendons or ligaments.
Depending on the duration of their function, the two major categories of such devices are prostheses and internal fixation
implants. Prosthetic devices (Fig. 1) are implants designed to remain in the body for a lifetime. They serve as joint
replacements (replacing the total joint or only one component) or as bone replacements (replacing larger sections of bone,
for example, after tumor resection). Internal fixation devices (Fig. 2) are implants designed to provide temporary
stabilization. They are used for maintaining the shape of the reconstructed bone for treatment of fractures or for corrective
orthopedic operative procedures. After healing, internal fixation devices, having served their purpose, are commonly
removed.
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Fig. 1 Typical examples for joint prostheses (schematic). (a) Classic Moore hip

endoprosthesis. (b) Müller total hip prosthesis (metal against polyethylene acetabular
cap). (c) Weber total hip prosthesis with movable head and metal, ceramic, and
polyethylene components. (d) Müller total hip prosthesis with straight stem. (e) Hinge-like
knee joint prosthesis; metal against metal (G.E.U.P.A.R.). (f) Sliding knee joint prosthesis;
metal against plastic (Geomedic). (g) Total shoulder joint prosthesis; metal against plastic
(St. Georg). (h) Total finger joint prosthesis with metal and plastic components (St.
Georg). (i) Total elbow joint prosthesis; metal-to-metal (McKee)

Fig. 2 Typical examples for orthopedic internal fixation devices (schematic). (a) and (b)
Round hole bone plates (can be used with compression devices). (c) Classical Sherman
bone plate. (d) to (g) Dynamic compression plates of various sizes. (h) Compression bone
plate with glide holes. (i) Classical Bagby compression bone plate. (j) Cortical bone screw.
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(k) Cancellous bone screw (with shaft to produce compression). (l) Condylar angle blade
plate. (m) Hip plate for osteotomies. (n) Jewett nail plate with three-flanged nail. (o) Twocomponent dynamic hip screw plate. (p) Miniature L-plate—for example, for hand
surgery. (q) T-plate for the humeral and tibial head. (r) Straight Küntscher
intramedullary femoral nail. (s) Intramedullary tibia nail. Note cloverleaf profile on both
(r) and (s).
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Prosthetic Devices
Artificial joints are mainly used to replace painful joints that are degenerate and inflicted with diseases. Severe
joint injuries are occasionally treated with prosthetic components.
When prostheses replace the entire joint, two artificial joint surfaces are anchored at the bone ends that remain
after resection, and the prosthesis simulates the joint motion. Occasionally, only one joint surface, such as the
femoral head, is replaced by an artificial component, which works against a natural articulation surface. Most
joint replacements are performed on the hip. Because the normal femoral head is almost spherical, its motion is
relatively easy to simulate. More complicated is the articulation of the knee and the various types of knee
prostheses that compromise the original motion range. Prostheses are also available for the humeral head
(shoulder), elbow and finger joints, the ankle, and the jaw (Fig. 1).
Most total joint systems have articulation components made from dissimilar materials so that, for example,
metal or ceramics work against a plastic material, such as polyethylene (Ref 1). Finger joints, as well as some
other prostheses, are made completely from plastics or metal-reinforced plastics (Ref 2).
Many prostheses are anchored by using a bone cement in a bed that has been mechanically prepared in the
remaining bone. Recently, various designs have been developed for the cementless anchoring of prostheses by a
tight fit. Certain prosthesis systems have porous surface coatings on their shafts to increase the surface area and
to allow microanchorage of the bone. Developments in the field of joint prostheses are progressing rapidly. In
this article, only metallic components will be considered.
In tumor resections, large defects are created by extensive bone and joint removals, which are often bridged
with custom-made prostheses, modified standard joint prostheses, or fracture-treatment implants. Bone cement
and/or other filling materials are sometimes added to the reconstruction for more stability. In the treatment of
tumor resections, the surgeon is often forced to be inventive and to choose unorthodox techniques of
reconstruction. Frequently, the remaining bone has been irradiated and lacks its normal regenerative vitality.
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Implants for Internal Fixation

Implants for internal fixation are characterized by their versatility (Fig. 2). They are used to maintain the shape
of the reconstructed bone in fracture treatment of the injured patient or, in corrective orthopedic surgery, to
stabilize osteotomies (sectioning and realignment of bone) or to perform arthrodeses (stiffening of joints by
fusion of bones). Various types and sizes of bone plates, bone screws, intramedullary rods (nails), pins, and
orthopedic wire are available (intramedullary refers to use of the marrow space of the bone for support). Some
implants have very specific uses; others have a wide range of applications with different functions.
Under the impact of a trauma, bones can fracture in any configuration and combination. In each patient, the
fractures are unique and require individual treatment. This explains the necessity of versatile implants.
Nevertheless, certain fracture classifications and methods for the treatment of typical fracture configurations
have been established (Ref 3). In the selection of the appropriate implants and operation technique, not only the
type of fracture and its location but also the condition of the soft tissue, the structure and consistency of the
bone, the age and condition of the patient, and any present complication must be considered. Even when the
best possible reconstruction has been achieved, the weight-bearing stability of an internal fixation device can
vary widely, and the weight-bearing schedule of the patient must be correspondingly adjusted.
Depending on the situation, the patient may be allowed one of the following postoperative modes of motion:
exercise only, partial weight bearing, or full weight bearing. The rate of bone healing depends on different
factors and determines the further course of postoperative weight bearing. Because of the above-mentioned
complexity, the possibility of an implant-related complication is comparably higher in fracture treatment than in
corrective surgery or joint replacement, which are both usually carried out under standard conditions. Unless a
pathological situation is present, the surgeon can achieve primarily stable biomechanical conditions when
performing a corrective osteotomy or a joint replacement. When these conditions remain, the probability of an
implant failure is minimal. The stabilization difficulties can be listed in ascending order, as follows:
•
•
•
•

Joint replacements (endoprostheses)
Corrective orthopedic surgery
Fracture treatment
Tumor resection (most difficult)
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Complications Related to Implants
Internal fixation or joint replacement procedures can fail for such reasons as:
•
•
•
•
•
•

Failure of the bone to heal
Bone resorption
Breakage of bone
Loosening of implants
Bending of implants
Breakage or disintegration of implants

These events can be interrelated and usually require an intervention with reoperation to effect clinically
successful results.
The term implant failure can be misleading. Therefore, in this article, the term implant failure is used to indicate
that an implant has broken or disintegrated in a manner such that it cannot fulfill its intended function. Implant
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failure is not identical with a faulty implant, because there can be purely biological and biomechanical reasons
for implant breakage or malfunction. In most cases, only a thorough analysis of the clinical conditions under
which an implant failed can explain the reason for failure.
Implants can undergo surface attack by fretting, fretting corrosion, or wear. These types of attack can be
relatively mild; they often occur only on the microscopic level, do not interfere with the functioning of the
implant or the healing of the bone, and do not require reoperation. On prosthetic devices, however, wear of the
articulation surfaces has occasionally been found to be so intense that the components have had to be replaced.
Corrosion of implants involving dissolution that requires intervention is found only with materials that are
excluded by the official standards for materials for orthopedic implants. In this article, the term degradation will
be associated with the surface attack of implants.
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Metallic Implant Materials
A number of metals and alloys have proven to be satisfactory as implant materials during years of surgical
application. They are specified as implant materials by standards of the American Society for Testing and
Materials (ASTM) and the International Organization for Standardization (ISO), as listed below, and by other
national standards. These materials are corrosion resistant and well accepted by body tissues (biocompatible)
and therefore satisfy two of the basic requirements for implants. These two properties are generally related
because the less substance the metal surface releases, the better the material is accepted by the tissue.
Experimentation has proven that the different pure metals of the periodic table exhibit cell toxicity at different
concentrations in tissue and organ-culture tests (Ref 4, 5, 6). Some of the metals play important roles in the
body metabolism, although they can become toxic beyond certain concentrations (Ref 7). For other metals that
behave indifferently in the body, such as titanium, no metabolic function is yet known. Information on the
toxicity of various metals is available in the article “Toxicity of Metals” in Properties and Selection:
Nonferrous Alloys and Special-Purpose Materials, Volume 2 of the of ASM Handbook.
Fatigue resistance is another general requirement for implants, but the critical loading is different for the
various types of implants and applications. The required mechanical strength of orthopedic implants also varies
and depends on the shape of the implant and the application. Good ductility (discussed below) is often desired.
The following is a list of major standards for orthopedic implant materials:
•
•
•
•
•

Stainless steel: ASTM F 55-82, ASTM F 56-82, ASTM F 138-82, ASTM F 139-82 (contains remelted
Special Quality), ISO/DIS 5832/1 (1986)
Unalloyed titanium: ASTM F 67-83, ISO 5832/II (1984)
Titanium alloy Ti-6Al-4V ELI: ASTM F 136-79, ISO 5832/III (1978)
Cast cobalt-chromium-molybdenum alloy: ASTM F 75-82, ISO 5832/IV (1978)
Wrought cobalt-base alloys: ASTM F 90-82, ASTM F 562-84, ISO/DIS 5832/6, ASTM F 563-83,
ISO/DIS 5832/8

Certain applications—for example, in the skull—involve use of tantalum and niobium, both of which have high
corrosion resistance and are biologically well accepted. Currently, clinical trials are being performed with
modified austenitic stainless steels and titanium alloys, which may become accepted implant materials in the
future. Additional ASTM standards specify cast and forged conditions for stainless steels and other materials;
they are found among other implant-related standards in Ref 8.
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The Body Environment and Its Interactions With Implants
The Biochemical Environment. Orthopedic implants are exposed to the biomechanical and biochemical forces of the
body, and certain interactions take place between the implants and the biological environment. Figure 3 indicates the ionic
composition of blood plasma and interstitial and intracellular fluids. Of the components shown, the chlorine ions are the
most critical for metal implants. The normal pH of the body liquids is about neutral—in the range of 7.2 to 7.4 pH (Ref
10). At injured sites, the pH shifts to acidic values of about 5.2; in hematoma, it can drop to 4.0. In cases of infection, the
pH shifts to alkaline values (Ref 11). At sites of local fretting corrosion, the environment can also become acidic through
corrosion products and thus enhance further corrosion.
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Fig. 3 Ionic compositions of blood plasma, interstitial fluid, and intracellular fluid.
Source: Ref 9
Chromium steels, low-grade austenitic stainless steels, and sensitized stainless steels are not sufficiently corrosion
resistant in the body environment. This has been observed on retrieved implants that were manufactured 20 to 40 years
ago. High-grade austenitic stainless steels as specified in the standards (ASTM F 138/139, ISO 5832/1; 1986) exhibit
overall corrosion resistance and are presently the materials most frequently used for internal fixation devices.
The Dynamic Environment. Various types of forces act on the implants and the bone. In the intact musculoskeletal
system, the acting forces are balanced. The macroscopic shape and the microscopic structure of the bone are adjusted to
the forces of normal motion and loading. Muscles and tendons counteract bending forces that would overload the bone.
When loaded physiologically under weight bearing, the bone undergoes small elastic deformations, which act as a fine
stimulus that keeps the bone in a healthy condition. For example, a trained athlete develops heavier and stronger bones
than an untrained person, or if a patient is bedridden for a long period of time, his bone structure becomes porous because
it is not exposed to the normal loading forces.
When a bone is fractured, the balance of forces is destroyed. This can be well studied on the dislocations of injured bones;
in these cases, the muscle forces pull the bone fragments in various directions. After operative reconstruction of a
fractured bone, the fragments are stabilized with implants. If the bone is perfectly reduced, the entire implant is supported
by bone, and the acting forces are again in equilibrium. Relatively small and uncritical loads are then exerted on the
implant, and the risk of implant-related complications is minimal.
However, if the bone is not completely reconstructed—that is, fracture gaps are present or fragments of bone are
missing—the weight-bearing forces are not completely balanced and evenly distributed. As a result, bending and torsional
stresses can concentrate in areas of the implant where bone support is missing. Under weight bearing, the implant
undergoes cyclic loading in these zones, and a potential risk of fatigue damage may arise. For fatigue cracks to develop, it
is not necessary for the implants to be loaded in the plastic deformation range. Local stresses that occur under loading in
the elastic deformation range of the material are sufficient to initiate fatigue cracks in the surface of the implant.
The development of fatigue damage depends on the number of load cycles and the intensity of loading. In clinical terms,
this means that implant fatigue depends on the width of the bone gaps, on the length of the lever arms, and on the
intensity and duration of the weight bearing, if a critical fatigue condition develops.
Table 1 gives an estimation of the number of cycles an implant may undergo during a given time period, during which a
certain amount of motion per day is anticipated. To estimate the loading, static and dynamic forces must be considered. In
one study, a maximum force of 2600 N (585 lbf) was determined on the femoral head in the loading phase during a test of
a 60-kg (135-lb) patient (Ref 12). This is more than four times the body weight.

Table 1 Estimation of load cycles for one leg during walking
For these calculations, it is assumed that one load cycle per leg takes 2 s, which means that every second one step is made
with alternating legs (other authors estimate 1 to 2.5 × 106 load cycles per year per leg).
Cycles
Cycles
Cycles
Cycles
Motion
per day, h
per year
per day
per 1 month
per 4 months
1
1,800
54,000
216,000
657,000
3
5,400
162,000
648,000
1,971,000
6
10,800
324,000
1,296,000
3,942,000
As long as bone healing progresses normally, an implant will not undergo fatigue fracture, because the loading decreases
successively as the bone becomes more supportive. Normal bone has a remarkable inherent regeneration potential.
However, certain conditions must be fulfilled so that the bone heals and regenerates. The course of bone healing is not
fully predictable and depends on various factors.
Bone Healing. Normal bone regenerates continuously at a relatively slow rate. About 3% of the Haversian systems of the
bone structure are usually in a stage of remodeling (Ref 13, 14). In the injured bone, the remodeling and regenerative
processes are highly activated. Figure 4 shows a microradiograph of the cortical bone structure in the remodeling stage.
One important precondition for bone healing is immobilization. Bone tissue tolerates only minimal amounts of elastic
motion, particularly during repair. This explains the high success of operative fracture treatment by internal fixation. Even
in severe joint injuries, functional healing is achieved.

Fig. 4 Microradiograph from thin section of cortical bone. The varying x-ray density of
the Haversian systems and the enlargement of some blood vessel cavities indicate that the
bone is in a stage of remodeling. 77×
Depending on the local conditions, different bone repair mechanisms can occur (Ref 13, 14). Generally, one can
distinguish secondary and primary bone healing. Secondary bone healing takes place if relatively wide fracture gaps exist
and a certain amount of mobility is present. The bone heals through callus formation; that is, fibrous tissue and cartilage
form first, followed by bone. Under too much motion, complications can arise because bone does not form, and nonunion,
or pseudarthrosis, develops (pseudarthrosis is the formation of a false joint between bone fragments). If this happens and
an implant is present, enough load cycles can accumulate at the fracture zone to cause the implant to fail through fatigue.
In most such cases, a reoperation is inevitable to treat the nonunion—for example, by application of compression—
regardless of whether a broken implant is present or not.
Example in this article discusses a case in which the implant was removed to treat a nonunion. Microscopic analysis
revealed that a fatigue crack had already developed at the hole of the plate, which was situated near the unstable fracture
site. Another plate was inserted under compression, and the bone healed without further complications.
Primary bone healing develops without callus formation, if the bone fragments are in contact with each other and are
rigidly stabilized with implants. The bone fragments unite by means of transmigrating blood vessels and subsequent
remodeling of the bone structure. These healing processes can be disturbed if the patient has a pathological bone
condition, if an infection is present, or if necrotic (dead) bone fragments are resorbed.
Necrosis (the pathological death of living tissue) occurs when the blood supply of the bone fragments is damaged by the
injury. Such fragments loose their nourishment and vitality. Complications can arise when necrotic fragments are
resorbed: the fracture gap widens, relative motion increases, and bone healing is prevented or significantly delayed.
Again, an implant can be subjected to a long period of increasing cyclic loading with a chance of fatigue failure. To treat
such a situation and to enhance bone healing, implantation of cancellous (spongy) bone grafts and compression of the
fracture site may be indicated. Although a second operation involves discomfort for the patient, it is sometimes necessary
in order to ensure bone healing and satisfactory functional results.
Bone Resorption Through Motion. Clinical and experimental observations indicate that persistent motion beyond a certain
degree causes bone resorption when mechanical instability is present (Ref 15, 16). Thus, fracture gaps can widen and
implants, or portions of implants, can become loose. The widening of fracture gaps means increased cyclic loading of the
implant unless weight bearing is reduced. Implant loosening can cause either local stress concentration with increased risk
of fatigue or relaxation of the stresses in the implant. Under the latter conditions, the chance of implant failure is reduced.
Local bone resorption followed by mechanical degradation of bone cement and partial loosening of prosthesis stems is a
typical sequence of events that is responsible for fatigue failures of prostheses.
Mechanical Properties of Bone. As a construction material, bone has properties that differ from those of metals. Bone is
viscoelastic, can resorb or regenerate, and thus may change its mechanical properties and volume with time. Comparative
mechanical measurements show that the ultimate tensile strength, the fatigue strength, and the elastic modulus of cortical
bone are about ten times less than that of cold-worked stainless steel. Cancellous bone is spongy and much softer than
cortical bone and exhibits mechanical behavior that is different from that of cortical bone, but has a higher healing rate
(Ref 17). Bones derive their overall strength from their geometric configuration. The typical compressive strength of bone
is the result of the composite structure of organic collagen and apatite crystals.
Combined Dynamic and Biochemical Attack. Dynamic loading in the presence of body liquids can cause wear and
fretting corrosion at implant junctions, such as screw heads and plate holes, or at artificial articulation surfaces. Extensive
research has been devoted to the study of wear on artificial joints and its degradation products. Corrosion fatigue is
always a subject of argument and will be discussed in the section “Fatigue Properties of Implant Materials” in this article.
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It is generally agreed that stress-corrosion cracking is not a concern in high-quality implant materials. It can be observed
only in combination with other failure modes, such as fatigue.
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Design of Internal Fixation Devices
Leading internal fixation systems contain different types of devices that are available in various configurations and sizes.
Some major implant types are specified by standard-bearing organizations, such as ASTM and ISO, but many established
implants are not standardized. Figure 2 shows a selection of characteristic internal fixation devices.
Straight bone plates (a to i, Fig. 2) often must be contoured to fit the curvature of the bone. This requires ductility and
moderate rigidity of the plates. In many fracture situations, it is necessary to compress the fracture site with the aid of the
bone plate to achieve stability and to promote bone healing. Therefore, certain plates have specially formed screw holes
(compare d to g, Fig. 2) that allow compression of the fracture gap while the screws are inserted. Certain types of plates
can be applied with compression devices to achieve the same effect. One-piece angled plates, two-component angled
plate systems, and plates with specially formed heads (l to q, Fig. 2) are designed for the fixation of short fragments at the
bone ends, specifically the femur.
Bone screws have two characteristic types of threads (j and k, Fig. 2), depending on intended use in cortical or cancellous
bone. Intramedullary nails (r and s, Fig. 2) are inserted in the bone cavity. They are increasingly used in an interlocking
fashion for comminuted fractures, in which the bone is splintered or crushed into numerous pieces. Pins and wires of
various dimensions belong to the standard equipment of the orthopedic surgeon. A variety of implants exist, and some are
for specific fracture types and corrective operations.
When implants are designed, the following factors must be considered:
•
•
•
•
•
•

General anatomy and its individual deviation
Operative approach
Operative technique
Available space at the fracture site
Variability of the fracture situation
Local bone consistency

•
•
•
•
•
•

Healing tendency of the particular bone regions
Probable complications
Physiology and biomechanics
Dynamic loading and weight-bearing conditions
Response of the bone to the implant
Properties of the implant material

Due to all the physiological restrictions, the ideal implant design, from an engineering point of view, is sometimes not
feasible. In such cases, only the best possible compromise can be reached.
In addition to biological compatibility, the endurance of the implant is one of the basic requirements. Because of the
above listed factors, implants cannot be designed with high mechanical safety factors for all possible loading conditions,
because the volume and rigidity would exceed the biological limits. For example, a bone plate displaces soft tissue; in
areas where the soft tissue coverage is thin, a plate with too large a cross section could cause soft tissue damage and
complications. An implant designed only for high mechanical and fatigue resistance could become very rigid and would
shield the bone from the physiological loading stresses. Consequently, rarefaction of the bone structure could occur. If the
elasticity of the plate and the screws are not in the right proportion to each other or to the bone, screws could be pulled out
of the bone or could break. On the other hand, if a plate is too flexible, nonunion could occur. If too large an area of the
bone surface is covered with a plate, the blood supply may be impaired.
Usually, implants are so designed that they maintain their shape unless a dramatic event takes place, such as a second
trauma. As discussed above, the fatigue strength of implants is not unlimited. Stresses in the elastic loading range are
sufficient to initiate fatigue. As long as the well-reduced bone fragments are in contact, the implants are supported.
Critical cyclic loading occurs only when the internal fixation is unstable in the presence of fracture gaps and bone defects.
Specific surgical techniques were developed to achieve stable fixation (Ref 3). Figure 5 shows the different degrees of
stability in internal fixations.

Fig. 5 Schematic of different degrees of stability in internal fixations. (a) Best possible
stabilization with tension band fixation. The plate is on the tension side of the bone. The
fracture site is compressed by means of the plate, which was applied under tension. If the
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bone surface is straight, the plate is prebent at the center to exert compression and on the
opposite cortex when the plate is put under tension. (b) Good stability. The two screws
that stabilize the small third fragment are inserted in lag screw fashion and compress the
fracture gaps. If no bone defects are present, the reduced bone and the plate support each
other. See Ref 3 for techniques. (c) Unstable situation where plate has only adapting and
bridging functions because the fragments are too small to be stabilized individually.
Primary bone grafting may be indicated. This situation does not differ significantly from
that shown in (d). (d) Plate has bridging function in leg-lengthening procedure. The gap
between bone ends has been created intentionally for lengthening. Except for very young
patients in whom a bone regenerate appears spontaneously, the gap is filled with bone
grafts. Implant breakage has been rarely reported for this technique.
There are clinical situations in which comminution (reduction to particles) or loss of fragments does not allow stable
fixation. Implantation of bone grafts is then indicated to promote bone healing and to develop stability.
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Analysis of Failed Internal Fixation Devices
The metallurgical investigation of failed implants can reveal the failure mechanism. Because of the complexity
of the biological conditions discussed earlier in this article, the cause of implant failure can in most cases be
assessed only when the clinical history and the corresponding radiographs are analyzed by a clinical expert.
This is particularly true in cases of fatigue failure. One should be cautious not to mistake small deviations from
material standard specifications or small flaws as the reason for an implant failure when the real cause is heavy
cyclic overloading. As experiments demonstrate, fatigue cracks can initiate on the implant surface without the
presence of flaws. Judging the implant design as a possible cause of failure necessitates biological,
biomechanical, and surgical knowledge.
Implants should be disinfected before examination. Although implants are usually rinsed in the hospital,
biological residues can adhere to the surface and obscure the details of the fracture surface. Ultrasonic cleaning
with 10% oxalic acid, a clinical disinfectant, or an enzymatic digestion is suitable for the highly corrosionresistant implants. Probable corrosion products must be detected before such a procedure. However iron-rich
blood residues should not be mistaken for rust if local microanalysis of the chemical composition is performed.
Under the microscope, electropolished implant surfaces usually exhibit small craters where inclusions were
dissolved. Occasionally, these structures are erroneously interpreted as corrosion pits.
During the internal fixation and later at the retrieval, implants are handled with metallic tools, and this handling
results in scratches and mechanical marks on the implant. It is often not possible to determine whether the
marks were produced during retrieval or fixation.
The ASTM standard F 561 on implant retrieval and analysis may be taken as a guideline for the analysis of
failed implants. Not all portions of the suggested investigation protocol are equally applicable for the different
implants. An ISO standard on the same subject is in preparation.
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Failures Related to Implant Deficiencies
Most of the failed implants submitted for analysis are manufactured from high-quality implant materials and are free of
metallurgical defects. Implant breakage of current materials is usually due to mechanical or biomechanical reasons.
However, there are occasionally implants received that are manufactured from inadequately processed materials or that
were produced many years ago when metallurgical techniques were less advanced. Examples, , , and in this article
document such cases.
Example 1: Severe General Corrosion on Historic Lane Plate Made From Chromium Steel. The four-hole Lane plate
shown in Fig. 6(a) was inserted 46 years ago and remained in the body for 26 years. A large portion of the plate
disintegrated and consisted mainly of corrosion products. Figure 6(b) shows the extensive corrosion holes on a
metallographic section of the plate. The plate, manufactured from a chromium steel, exhibited transformation structures
and carbides. The screws, which are formed like wood screws, were made from a soft austenitic 304 stainless steel and
exhibited minimal surface corrosion. The corrosion products of the plate impregnate the surrounding tissues, as seen on
the microprobe analysis shown in Fig. 6(c).
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Fig. 6 Failed historic Lane plate. (a) Heavily corroded Lane plate from chromium steel.
Implant was retrieved after 26 years. (b) Longitudinal section parallel to plate with large
corrosion holes. 190×. (c) Microprobe analysis of tissue surrounding the plate. Chromium
and iron corrosion products have impregnated the tissue. At the location shown, the
question is whether the corrosion products penetrated bone structures or the impregnated
tissue mineralized.
This is a case of general corrosion due to improper material selection. The corrosion may have been enhanced because of
the austenitic stainless steel screws. In contrast, a recently retrieved intramedullary tibia nail of the type shown in Fig.
2(s), which had been in the body for 24 years, showed no signs of corrosion. This nail was produced from a low-carbon
remelted type 316L stainless steel.
Example 2: Retrieved Bone Screw Made From Cobalt-Chromium-Molybdenum Alloy with Casting Defects. Portions of
the threads of the screw shown in Fig. 7(a) had broken off and other threads had cracked. The screw was made from a cast
cobalt-chromium-molybdenum alloy. A longitudinal section through the screw revealed gas porosity, segregation of
primary inclusions, and oxides (Fig. 7b and c). The screw threads broke because of mechanical weakness from gas holes,
brittleness, and dissolution of oxides. With today's advanced casting techniques and testing methods, such implant defects
can be avoided and eliminated.
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Fig. 7 Retrieved screw of cast cobalt-chromium.molybdenum alloy (type ASTM F75). (a)
Defective screw threads from casting deficiencies. (b) Longitudinal section through
threads showing porosity. 15×. (c) Enlarged thread of section shown in (b) with gas holes,
segregation of primary phases, and dissolved oxides. 155×
Example 3: Broken Adjustable Moore Pins Made From Cobalt-Chromium Alloy. Two of four adjustable Moore pins,
which had been used to stabilize a proximal femur fracture, were broken and deformed at their threads. The pins were
made from a cobalt-chromium alloy and were not in the same condition. One pin contained brittle precipitates in the
grains and grain boundaries. Correspondingly, the fracture occurred partially along the grain boundaries (Fig. 8a).
Scanning electron microscopy (SEM) showed grain-boundary separation (Fig. 8b).

Fig. 8 Two broken Moore pins from cobalt-chromium alloy. (a) Longitudinal section
through fracture surface showing grain-boundary precipitates and a partially
intercrystalline fracture. 63×. (b) SEM fractograph indicating grain-boundary separation.
Compare with (e). (c) Longitudinal section through screw and nut. The nut shows as-cast
structures of cobalt-chromium-molybdenum alloy (type ASTM F75). 160×. (d)
Longitudinal section of the other broken pin in the cold-worked condition with fewer
grain-boundary precipitates, lines of primary inclusions, and a small surface crack (there
were more cracks along the surface). 100×. (e) Corresponding fracture surface with
dimples and fatigue striations. Compare with (b).
The nut used with the pin was made from a cast cobalt-chromium-molybdenum alloy and had segregations in the
microstructure and gas holes and precipitates in the grain boundaries (Fig. 8c). The nut was not specifically loaded and
did not fail.
The other broken pin was made from a cold-worked cobalt-chromium alloy. The grain boundaries contained few
precipitates, but lines of primary inclusions were randomly distributed (Fig. 8d). The fracture surface exhibited a mixed
fracture mode with intermingled dimples and fatigue striations (Fig. 8e). The pins did not exhibit any corrosion.
This example demonstrates how the different conditions of cobalt-chromium alloys affected failure behavior. In one of
the Moore pins, brittle fracture was aided by grain-boundary separation.
Example 4: Intercrystalline Corrosion on Cerclage Wire of Sensitized 304 Type Stainless Steel. The wire was used with
two screws and washers for a tension band fixation (Ref 3) in a corrective internal fixation (Fig. 9). The cerclage wire was
found broken at several points and corroded when it was removed after 9 months (Fig. 10a). Metallographic analysis
revealed that the wire that was made of type 304 stainless steel without molybdenum, as seen in the energy-dispersive xray analysis (Fig. 10b); this material does not comply with the standards. The screws and washers were intact and were
made of remelted implant-quality type 316L stainless steel corresponding to the standards. The microstructure of the wire,
which was in the soft condition as required, showed signs of sensitization, with chromium carbide precipitates at the grain
boundaries (Fig. 10c). Typical intercrystalline corrosion with pitted grains was evident through SEM fractography (Fig.
10d).
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Fig. 9 Radiograph showing a tension band fixation containing a cerclage wire, two
screws, and washers beneath the screw heads. See also Fig. 10.

Fig. 10 Intercrystalline corrosion of a type 304 stainless steel cerclage wire. (a) Broken
cerclage wire. (b) Energy-dispersive x-ray analysis under the scanning electron
microscope. Lower spectrum: reference material type 316L screw material. Upper
spectrum: type 304 steel with less nickel content and no molybdenum from investigated
implant wire. (c) Cross section of sensitized wire, with grain boundaries and deformation
lines heavily attacked by etching because of chromium carbide precipitates. 180×. (d)
Fracture surface under scanning electron microscope indicating intercrystalline corrosion
with pits on grain surfaces
For this internal fixation, orthopedic wire of an insufficient stainless steel type was used. Improper heat treatment of the
steel lead to intercrystalline corrosion and implant separation. The wire came from a source different from that of the
screws and washers and did not meet current standards for orthopedic wire.
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Implant Failures Related to Mechanical or Biomechanical Conditions
Bone screws fracture in two modes—by mechanical forces during insertion or removal or by fatigue failure. Examples for
both are given below.
Mechanically forced shearing fractures are a typical failure in screws. Although stainless steel bone screws are normally
manufactured from cold-worked material, their shearing ductility is usually considerable. Ductile shearing fractures are
characterized by a spiral texture of the fracture surface, flow lines at the fracture edges, overload dimple structure on the
fracture surface, and heavily deformed microstructure at the fracture edge in longitudinal sections. Occasionally, screw
heads can be sheared off by repeated tightening, particularly when the cortex (dense outer bone wall) is thick, because the
thicker the cortex, the higher the retention of the screw. Excessive oblique positioning of the screw in a plate hole can also
cause fracture if the screw head is bent by the plate hole during insertion.
Example 5: Shearing Fracture of a Type 316LR Stainless Steel Screw. The cortical bone screw shown in Fig. 11 broke
during the internal fixation procedure. It may have been inserted very obliquely in the screw hole and therefore sheared
off. The fracture surface (Fig. 11a) exhibited extensive spiral deformation. Figure 11(b) shows the dimple structure
characteristic of a ductile failure mode. The dimples are oriented uniformly in the deformation direction. Figure 11(c)
shows a magnification of the flow lines at the fracture edge. The longitudinal metallographic section perpendicular
through the fracture surface (Fig. 11d) exhibited a zone of heavily deformed grains at the fracture edge. The
microstructure and the hardness of the screw corresponded to the standards.

Fig. 11 Mechanically forced shearing fracture of type 316LR stainless steel screw. (a)
Fracture surface with typical spiral deformation texture. SEM. (b) Close-up of fracture
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surface with shear dimples oriented in twisting direction. (c) Fracture edge with flow
lines. (d) Longitudinal metallographic section through fracture surface. Deformation zone
from shearing is adjacent to the fracture edge. Original deformation structure of the
screw is visible at the bottom of the micrograph. 62×
For comparison, the shearing fractures of a commercially pure titanium screw and a cast cobalt-chromium-molybdenum
alloy (ASTM F75) screw are shown in Figures 12 and 13. The spiral-textured fracture surface of the titanium screw was
smooth (Fig. 12a) and had uniform, shallow shearing tongues and dimples indicative of a ductile fracture mode. (Fig.
12b).

Fig. 12 Shear fracture of a commercially pure titanium screw. (a) SEM fractograph
showing spiral textured fracture surface of sheared-off screw. Typical deformation lines
are fanning out on the thread. (b) Uniformly distributed shearing tongues and dimples

Fig. 13 Sheared-off cast cobalt-chromium-molybdenum screw. SEM fractography. (a)
Overview of portion of rough fracture surface. (b) Area with fracture planes of three
differently oriented grains (single arrow, a). (c) Shearing structures and dimples in grain
identified by the numeral 1 in (b). (d) Slip traces in grain identified by the numeral 2 in
(b). (e) Gas holes with dendritic freezing surfaces (double arrows, a). (f) Longitudinal
section through identical screw with starting shearing damage. 10×. (g) Shearing crack
(arrow, f). 130×
In contrast, the fracture surface of the cast cobalt-chromium-molybdenum alloy screw had an erratic structure (Fig. 13a),
which can be explained by the large grain size and the tendency of the grains to fracture along crystallographic planes.
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Figure 13(b) shows such fracture planes of differently oriented grains. These planes exhibited crystallographically
oriented mixed shearing structures and dimples (Fig. 13c), as well as traces of slip (Fig. 13d). Gas holes with dendritic
freezing surfaces are shown in Fig. 13(e). In the longitudinal section of a similar screw (Fig. 13f), large grains can be
observed, along with deformation between the threads, which leads to shear rupture. Figure 13(g) shows a starting shear
crack propagating along slip planes.
Fatigue Failures of Screws. As discussed in the following example, fatigue failure at varying thread levels is also a
problem sometimes encountered. One of the causes of such failures is unstable fixation.
Example 6: Characteristic Observations on Type 316LR Stainless Steel Screws That Failed by Fatigue. Fatigue fracture
can occur on different thread levels, depending on the loading situation (Fig. 14a). No deformation zone was created at
the fracture site shown in the longitudinal metallographic section in Fig. 14(b). Occasionally, the initiation of secondary
fatigue cracks is found parallel to the fracture plane or in a nearby thread groove. Figure 14(c) shows one of the fracture
surfaces with fatigue striations.

Fig. 14 Type 316LR stainless steel screws that failed by fatigue. (a) Fatigue fractures at
different thread levels. (b) Longitudinal section perpendicular to fracture surface without
deformation zone at fracture site. A small secondary crack is shown at thread site
(arrow). 55×. (c) Fatigue striations on fracture surface
Corresponding to the energy-dispersive x-ray analyses, the screws (Fig. 14a) were manufactured from cold-worked
remelted (R) type 316L stainless steel and showed no structural or manufacturing defects. The material meets ISO and
ASTM F 318 Special Quality specifications. The screws were used with a relatively rigid plate to treat a fracture
complication in the upper end of the femur. Radiographs indicated various signs of unstable fixation, which explains the
fatigue failures. The two screws were situated at the distal end of a compression screw plate, where the proximal lever
arm was the longest compared to the other screws.
Fatigue Damage of Bone Plates. Most broken plates have been loaded under unilateral bending, because bone defects in
the opposite cortex are a typical cause of instability and breakage. Thus, tensile and shearing stresses are created in the
top surface of the plate. Correspondingly, this is the surface where crack initiation is usually found. Depending on the
fracture situation and the location, torsional stresses can also be created. This is especially true in forearm fractures
because of the rotational motion that takes place. Examples, , and show three stages of fatigue damage on bone plates.
Example 7: Fatigue Initiation on Type 316LR Straight Bone Plate. The plate shown in Fig. 15(a) and (b) was used to treat
a pseudarthrosis in the proximal femur. Because healing did not progress, the plate was removed and submitted for
investigation. The bone was replated with an angled blade plate, and compression was exerted on the pseudarthrosis to
promote bone healing.

Fig. 15 Crack initiation on type 316LR stainless steel dynamic compression plate. (a)
Anterior-posterior radiograph. The plate was used to treat the nonunion of a fracture
between the fourth and seventh screws. The plate was bent intraoperatively to fit the
contour of the bone. (b) Radiograph with lateral view showing wide bone gap, indicating
instability. The boxed area indicates the location of initiating fatigue cracks.
Investigation. The plate seemed to be macroscopically intact. At higher magnification, fatigue cracks were apparent on
the top surface of the small section of the plate (Fig. 16a and b) at the fifth screw hole indicated on Fig. 15(a). In the
background of the surface, slip systems are visible, partially in conjunction with initial cracks.

The file is downloaded from www.bzfxw.com

Fig. 16 Two views of the plate surface with fatigue cracks at the fifth hole. White arrow in
the left-hand figure indicates tool mark from bending that does not interfere with fatigue
damage structure. See text for further description. Both 110×
From crack-initiation studies, it is known that persistant slip systems appear first on the surface that is loaded under
critical cyclic stresses. Precracks and initial cracks develop from these slip systems. Some of the initiation cracks
propagate further and become major cracks that penetrate the cross section. The extent of this fatigue surface damage is
representative for the stress intensity.
Figure 16 shows structures as were described above for the fatigue initiation process. The intensity of these structures,
compared to results of systematic crack-initiation experiments, suggested that the plate was rather heavily loaded.
Morphological comparison and fatigue initiation curves indicated that a local stress concentration of 500 to 600 MPa (72
to 87 ksi) was present. This load would still be below the elastic limit of the cold-worked stainless steel. No fatigue cracks
were visible on the broad section of the asymmetrically placed hole. Thus, fatigue damage occurred earlier in the portion
with the smaller cross section. In addition, rotational forces are to be expected in this area.
Fatigue-bending tests on such broad plates showed that the fatigue life of plates with asymmetrically arranged holes is at
least as long as for plates with holes situated in the center. At a centered screw hole, fatigue initiates at about the same
time on both sides of the hole. At the asymmetrically placed holes, fatigue begins at the large section only after a fatigue
crack begins to propagate into the small plate section.
Discussion. Although fatigue cracks are observed more frequently at the edges of the plate holes, crack initiation often
takes place on the total surface area adjacent to the middle section of the plate hole. This is demonstrated on another
broken plate (Fig. 17), in which a large secondary crack had developed parallel to the main crack in the center of the
surface. Another small crack was visible on the edge of the plate hole. A large portion of the plate surface at the fracture
edge showed deformation from fatigue damage. Crack initiation does not take place in the plate holes and is not related to
the fretting that may occur between the screw head and plate. An exception may be some special plate hole designs for
which corrosion fatigue was reported (Ref 18).

Fig. 17 Top surface of broken plate of type 316LR stainless steel. Fatigue cracks parallel
to the fracture edge and a wide area exhibiting primary fatigue deformation are visible.
65×
In Fig. 16, no crack initiation is visible at the pits caused by electropolishing. In addition, mechanical marks from the
plate bending did not act as stress raisers. The stainless steel has no particular notch sensitivity, and the fatigue behavior is
forgiving with respect to mechanical damage.
In the radiographs shown in Fig. 15(a) and (b), extensive bone deficiency is present in the area where two plate holes
were not filled with screws. In Fig. 15(b), a wide gap is visible. The empty screw hole (No. 6 from the top) situated
directly over the defect does not show fatigue damage, but hole No. 5, which sits at the edge of the proximal bone
fragment, has the described fatigue cracks. Because screw hole No. 5 was situated at the transition between the supporting
bone and the defect, stress concentration was higher here than at the empty hole No. 6, where the elastic deformation
could occur more uniformly. In the defect zone of the original fracture, between screws No. 4 and 7, the plate is not
supported by the bone, and the load is transmitted only through the plate, which caused cyclic loading of the implant and
fatigue-crack initiation.

It is also characteristic that fretting corrosion occurred at the screw/plate interface at screw hole No. 7. This screw was
closest to the bone defect and was secured only in one cortex. Compared to all the other screws, this one was the most
likely to undergo relative motion. As outlined in the legend in Fig. 15(a), at all other contact areas between screw head
and plate hole either minimal or no fretting, or fretting corrosion and mechanical damage, was found. For this analysis,
only the two radiographs shown in Fig. 15 were available. They are not adequate to estimate the clinical postoperative
history, but they are sufficient to explain the fatigue-crack initiation due to instability.
Example 8: Fatigue Crack on a Type 316 Stainless Steel Bone Plate and Corresponding Broken Screw. A narrow bone
plate was used to stabilize an open midshaft femur fracture in an 18 year old patient.
Investigation. As seen in Fig. 18(a), a radiograph taken 13 weeks after the operation, the plate had a crack at a plate hole
next to the fracture site. The plate was slightly bent in the horizontal plane, and the fracture gap was considerably open. In
the lateral view, a broken screw is visible at the second plate hole above the fracture gap (Fig. 18b).

Fig. 18 Stainless steel bone plate with fatigue crack and broken screw. (a) Radiograph
taken 13 weeks after operation. Anterior-posterior view. Arrows indicate crack in plate
and open fracture gap. (b) Corresponding lateral view. Arrow indicates broken screw. (c)
Bend in plate in the horizontal plane at the unfractured side of a screw hole (arrow).
Deformation was due to dorso-lateral acting forces. Screws are not placed at original
position. See also Fig. 19.
The screws and plate shown in Fig. 18(c) were supplied by three different manufacturers. The compression holes of the
plate are a modification of those of other implant systems. Energy-dispersive x-ray analyses indicated that all implants
were made of type 316 stainless steel. However, the microcleanliness of the materials was different. The minimal primary
inclusion content found in the plate and in one of the screws was typical of high-quality remelted steel that meets the
requirements in ASTM standard F 138. The remaining screws from a different source, including the broken screw, had a
high primary inclusion content and did not comply with this standard.
Figure 19(a) shows a longitudinal section perpendicular to the fracture surface of the broken screw. The local crack
formation appeared to have been influenced by the presence of larger inclusions. From the striations found on the fracture
surface under the scanning electron microscope, it was concluded that the screw failed through a fatigue mechanism. In
addition to the fatigue striations, many dimples were present (Fig. 19b), which were created primarily through inclusions.
In areas with final overload structures, the dimple formation was also influenced by inclusions (Fig. 19c).
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Fig. 19 Fracture surfaces of the failed screw and bone plate shown in Fig. 18. (a)
Longitudinal section through fractured screw showing edge of fracture surface and high
inclusion content. A large slag inclusion was present at the void under the fracture edge.
55×. (b) Fracture surface of screw showing fatigue striations (containing secondary
cracks) and dimples. (c) Fracture surface of screw and zone showing overload fracture
containing large dimples partly caused by inclusions. (d) Plate fracture surface. Arrow
points to crack origin, which is indicated by beach marks. (e) Fatigue striations from
center of plate fracture surface (running originally transverse to loading direction)
The crack in the plate originated at the upper, outer corner of the plate, as seen from the beach marks in Fig. 19(d). This
indicates the action of asymmetric bending and rotational forces. The beach marks were oxidized, and the fracture surface
was covered with fatigue striations (Fig. 19e).
Discussion. Not all clinical details of this case are known, but from a biomechanical viewpoint based on the radiographs
(Fig. 18a and b) the fatigue failures of the plate and screw can be attributed to the unusual placement of the narrow bone
plate. Because of the open fracture situation with severe soft tissue damage, the narrow plate was placed on the frontal
aspect of the femur, which is not a typical configuration. A broad plate is usually applied at the lateral side of the femur if
plate fixation is indicated. Physiologically, the lateral side of the femur is under tension, and if the plate is mounted
laterally, exerting compression on the fracture site creates a tension band effect, which provides excellent stability (see
Fig. 5a and Ref 3).
In this case, the plate was not on the tension side, and obviously, no compression (or not enough compression) had been
applied. Because of the anatomic conditions and the fracture configuration, the plate was loaded under asymmetric
bending and torsional forces, which created maximum stresses at the lateral edge of the plate hole near the fracture site.
This is confirmed by the location of the fatigue-crack origin shown on the fracture surface in Fig. 19(d).
The instability of the internal fixation was indicated by the callus formation, by the rounded edges of the fracture ends,
and by some screw loosening. The first screw over the fracture gap was definitely loose, as deduced from the resorption
hole in the cortex beneath the plate. This caused additional loading on the next screw, which failed by fatigue. Because of
the different sources of the implants, the head design of some of the screws was not compatible with the screw hole
geometry of the plate. This did not cause the instability, but may have hastened its progress. Similarly, the inclusion
content of the screw did not cause the fatigue failure, but may have reduced the fatigue strength to some extent.
This example shows that a smaller plate and an unusual positioning had to be chosen because of the critical soft tissue
condition, which leads to decreasing stability and eventual fatigue failure. It is important to realize that at the time of

injury the soft tissues have priority because of the risk of serious complications. After plate removal, the fracture was
stabilized with an intramedullary nail, and bone healing proceeded.
Example 9: Fatigue Fracture of a Type 316L Stainless Steel Angled Plate. Figure 20(a) shows a broken angled plate that
was applied to the proximal femur. The fatigue fracture occurred at a plate hole. The fatigue damage at the fracture edge
at the top surface of the plate indicated that symmetric cyclic bending forces had acted. Figure 20(b) shows slip bands
produced on the surface during cyclic loading. Figure 20(c) reveals fatigue striations.

Fig. 20 Angled blade plate that failed by fatigue. (a) Fatigue fracture at plate hole. (b)
Top plate surface at fracture edge showing intense fatigue-surface damage (slip bands),
indicating that the plate was heavily loaded. (c) SEM of fracture surface. Fatigue
striations can be seen in the grain at the lower right-hand corner. Other fracture features
are crystallographically oriented. (d) Microstructure of cross section reveals that plate
was made from cold-worked stainless steel of high microcleanliness. 80×
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The microstructure of the plate had a high degree of cleanliness (Fig. 20d). The deformation structure showed that the
material was in the cold-worked condition, which was confirmed by Vickers hardness tests. Energy-dispersive x-ray
analysis indicated a chemical composition corresponding to a type 316 stainless steel (the carbon content was not
determined).
The plate material corresponded to the current standards for surgical implants and was not the cause of the implant
failure. Because no radiographs or other clinical details were available, it could not be evaluated if the plate size was
adequate for the clinical conditions.
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Fatigue Properties of Implant Materials
Remelted Type 316LR Stainless Steels. Because metal fatigue accounts for most implant fractures, some fatigue
properties of type 316LR stainless steel, based on experimental studies (Ref 19, 20), will be addressed.
The S-N fatigue curves for the steel in recrystallized and cold-worked conditions are shown in Fig. 21. As shown in Fig.
21(a), the fully reversed bending tests were performed on flat specimens in air and in Ringer's solution (a lactated 0.9%
sodium chloride solution that contains about the same concentration of Cl- ions as body fluids). The improved fatigue
strength in the cold-worked condition is of particular interest for implants. Plates, screws, pins, and certain nails are
produced mainly from cold-worked material. The fatigue limits determined in rotating bending beam tests on the same
materials are comparably higher than those found in the bending tests (Ref 19).

Fig. 21 Fatigue curves of type 316LR stainless steel implant material tested in bending
mode. (a) S-N curves for stainless steel in cold-worked and soft condition that was tested
in air and aerated lactated Ringer's solution. (b) Fatigue curve for number of cycles to
failure as shown in Fig. 21(a) for cold-worked stainless steel that was fatigued in air. The
two additional curves show the number of cycles to initiation of visible slip systems and
the number of cycles to crack initiation. Source: Ref 20
In the recrystallized condition, the fatigue strength of the steel is not significantly affected by Ringer's solution. In the
cold-worked condition, fatigue life in the high-cycle range is reduced in Ringer's solution. Corrosion fatigue in the usual
sense, however, does not occur, because, morphologically, no signs of corrosion are detectable by optical microscopy and
SEM. Ringer's solution appears to accelerate the individual fatigue stages. This complies with observations of fracture
surfaces of broken plates that do not show a corrosive component combined with their fatigue structures and which do not
differ from structures produced experimentally in air.
Additions of 0.25% clottable fibrinogene to the Ringer's solution have been shown to neutralize its fatigue-life reducing
effect. The corresponding S-N fatigue curves were similar to those generated in air (Ref 21).
On retrieved implants, however, it has been found that fatigue-fracture surfaces can secondarily corrode when crevice or
fretting conditions develop in the fracture gap. Such corrosion structures can be locally observed. In the transition areas,
fatigue striations with superimposed corrosion pits can be seen (Fig. 22a and b).
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Fig. 22 Secondary corrosion attack on fatigue-fracture surface. (a) Fracture surface of 5mm (0.2-in.) long crack in an intramedullary tibia nail made of cold-worked type 316LR
stainless steel. The crack developed during the early postoperative stage when the fixation
was unstable and bending and rotational forces acted on the nail. The crack did not
impair fracture healing or nail removal. The fracture surface was covered with fatigue
structures except for a small zone where shallow corrosion pits superimposed the fatigue
structures. Locally, critical crevice conditions must have developed in the crack. Under
weight-bearing, small relative motion can take place in the gap, damaging the passive
film. In addition, stagnation and acidification of the body liquid is possible. Arrows
indicate the transition between fatigue and corrosion structures. The microstructure of
the nail showed no irregularities and was not connected with the corrosion. (b) Shallow
secondary corrosion pits superimposed on fatigue striations.
Implants rarely fail under conditions where fatigue loading exceeds the yield stress and plastic deformation takes place.
Table 2 lists the relationships between the ultimate tensile stress, yield stress, and fatigue limits for the recrystallized and
cold-worked stainless steel used to generate the fatigue curves shown in Fig. 21(a).

Table 2 Relationship between the ultimate tensile stress, yield stress, and fatigue limit for
cold-worked and recrystallized type 316LR stainless steel
Material condition

UTS(a)
MPa ksi

Yield stress(b)
MPa
ksi

Fatigue limit(b)
MPa
ksi

Ratio of fatigue

Ratio of fatigue

limit to yield stress
limit to UTS
Cold worked
1050 152
994
144
300
43.5
0.28
0.30
Recrystallized
590
85.5 266
38.5
180
26
0.30
0.67
(a) UTS, ultimate tensile stress.
(b) Yield stress = σ0.2% yield stress
The fatigue endurance limit of the cold-worked stainless steel corresponds to about 30% of the yield stress, whereas that
of the recrystallized steel condition corresponds to about 67% of the yield stress. If at stresses below the yield stress
deformation structures develop on the specimen surface before fatigue-cracks form, one must conclude that these
deformation structures are created by local repeated elastic deformations. Examination of test specimen surfaces during
the fatigue tests described above shows how fatigue cracks develop from cumulative surface damage (Ref 20). This is
illustrated on replicas of a recrystallized stainless steel specimen that was fatigued in Ringer's solution (Fig. 23a to d). The
following stages of fatigue surface damage were observed: formation of persistent slip steps, slip bands, increasing
quantities of multiple slip systems, precracks, short secondary cracks, and one or several major cracks. A main crack will
then propagate through the cross section of the specimen. The same processes are morphologically observed on
specimens fatigued in air; however, they proceed more slowly in air. This mechanism explains how fatigue cracks initiate
without flaws or particular stress raisers.

Fig. 23 Free surface replica showing the development of fatigue-surface damage on
recrystallized type 316LR stainless steel in aerated Ringer's solution at 38 °C (100 °F), at
applied stress of 250 MPa (35.5 ksi). (a) The first visible slip systems developed at a triple
point (decorated persistent slip steps) after 500 load cycles. 225×. (b) Increased density of
multiple slip systems after 29,500 cycles. 275×. (c) Short cracks that developed in a zig-zag
pattern between glide systems after 40,700 cycles. Loading axis is horizontal to the
micrograph. 110×. (d) Major cracks that were partially developed through coalescence of
short cracks after 60,000 cycles. Loading axis is vertical to the micrograph. 90×. The
specimen failed after 69,113 cycles.
The slip bands created by fatigue often have the character of extrusions that are accompanied by intrusions. These
intrusions can act as micronotches and initiate cracks. On retrieved broken stainless steel implants, the fatigue damage
structure described above is preserved on the surface in the vicinity of the fracture edge.
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From the systematic evaluation of test specimens during the fatigue process, S-N curves of early fatigue damage were
generated (Ref 20). As shown in Fig. 21(b) for the cold-worked stainless steel, curves for the number of cycles to visible
slip system formation and crack initiation are similar to the S-N curve for the number of cycles to failure. The curves
indicate that the lower the load, the longer the time spent in the initiation stage.
Micrographs of failed fatigue specimens of the cold-worked stainless steel show that the intensity of fatigue-surface
damage adjacent to the fracture edge depends on the load (Fig. 24a to c). At low stress levels, few glide systems develop.
This surface morphology can be used to estimate if an implant was loaded in the high or low cyclic fatigue range.

Fig. 24 Cold-worked type 316LR stainless steel that was fatigued in air at different stress
levels. Surfaces of broken specimens at fracture edge are shown. (a) Failure at an applied
stress of 330 MPa (47.8 ksi) after 7,682,434 load cycles. Only a few glide systems adjacent
to the fracture edge are visible. 70×. (b) Failure at an applied stress of 600 MPa (87 ksi)
after 105,308 cycles. Multiple glide systems and additional cracks near the fracture edge
are shown. 55×. (c) Failure at an applied stress of 800 MPa (116 ksi) after 5308 cycles.
Heavy deformation structure and multiple additional cracks appear. 55×
On stainless steel implants, fatigue striations are abundant on the fracture surfaces, unless the surface has been subjected
to secondary mechanical damage. In addition to fatigue striations, crystallographic fracture structures are found. The latter
appears before a stable crack front forms. Secondary cracks, which run parallel to fatigue striations, do not indicate stress
corrosion or corrosion fatigue (Ref 19).
Wrought Type ASTM F563 Cobalt Alloy. The fatigue-crack initiation mechanism in wrought cobalt alloys was assessed
with the same type of tests described for stainless steel. Morphologically, the process is the same as that for stainless steel,
but all initiation steps are shifted to higher stress values because of the higher strength and fatigue resistance of alloy
ASTM F563.
Compared to stainless steels, the morphology of the fatigue-fracture surfaces is characterized by very dense patterns of
fatigue striations. These patterns superimpose the normally dominating crystallographic structures. It is sometimes
difficult to distinguish fatigue striations from glide or tearing structures. This is particularly true when the glide systems
have an orientation that accommodates the formation of striations (Fig. 25a to c). The toughness of these types of wrought
cobalt alloys is assumed to account for this behavior.
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Fig. 25 Fatigue-fracture structures on wrought type ASTM F563 cobalt-alloy test
specimens that fatigued in air. (a) Very fine fatigue striations are superimposed on
crystallographically oriented fracture structures. 2480×. (b) Crystallographically oriented
fracture morphology showing twin structures. 620×. (c) Close-up view of the twin
structure indicated by arrow in Fig. 25(b). The fine parallel lines within the twin structure
are slip (glide) bands, which are not easily distinguished from fatigue striations.
Commercially Pure Titanium. The morphology of fatigue initiation and propagation of titanium is more complex than that
of stainless steel. The limited number of glide systems of the hexagonal close-packed crystal structure of the titanium is
assisted by twinning processes to allow plastic deformation (Ref 22). Correspondingly, the range of ductile behavior of
titanium is more limited than that of stainless steel.
The corrosion resistance of titanium in the body and its tissue compatibility are excellent. There have been no reported
cases of allergies to titanium. Unfortunately, the wear properties of titanium and its alloys are poor; therefore, they are not
usually chosen as material for the articulation surfaces of prostheses.
The same fatigue experiments described for type 316LR stainless steels were performed on commercially pure titanium
specimens. For comparison, Fig. 26 shows the fatigue-surface damage on a broken titanium test specimen. The polarized
light reveals that twinning, wavy glide, and grain-boundary distortion contribute to the fatigue damage on the specimen
surface.

Fig. 26 Specimen surface of recrystallized titanium at fracture edge. Specimen was
fatigued at a stress of 600 MPa (87 ksi) in air. Twinning, wavy glide deformation, and
grain-boundary distortion are visible on this relatively heavily loaded specimen. Polarized
light. 330×
The fatigue-fracture surfaces of titanium can show very different features, depending on overall and local stress
conditions, crystallographic orientation, and material conditions. Figures 27(a) to (c) show fractographs of the surface of a
cold-worked titanium specimen fatigued at a stress level of 600 MPa (87 ksi). Depending on local stress distribution and
grain orientation at the crack front, extremely finely spaced fatigue striations (Fig. 27a) can form in the vicinity of very
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coarse striations (Fig. 27b), which appear to be in transition to glide formation. Figure 27(c) shows an area of overload
fracture with prismatic and dimple tearing structures. These fatigue structures indicate ductile behavior.
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Fig. 27 Fracture surface of commercially pure titanium test specimens that failed at an
applied stress level of 600 MPa (87 ksi) in air. (a) Very fine fatigue striations. (b) Coarse
fatigue striations probably in transition to glide bands. (c) Overload tearing structures
Figures 28(a) to (c) illustrate an area of the fracture surface of a titanium bone plate that suffered fatigue failure in an
unstable internal fixation situation. The bone plate showed mixed fracture structures, such as fatigue striations, tearing
structures, and terraces. Figure 28(a) shows an overview, and Fig. 28(b) shows ledges and tearing structures of the terrace.

Fig. 28 Fatigue-fracture surface of broken commercially pure titanium bone plate with
mixed fracture morphology. (a) Fracture surface shows fatigue striations, terraces, and
tearing ridges, depending on the local crystallographic orientation. 250×. (b) Higher
magnification view of the area indicated by arrow in (a) showing large and small ledges
with partial tearing configurations. 1250×
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Degradation of Orthopedic Implants
Metallic substance can be released from implants by such mechanisms as:
•

General corrosion

•
•
•
•
•
•
•
•
•

Galvanic corrosion
Intercrystalline corrosion
Maintenance of passive film of highly corrosion-resistant implant materials
Stress corrosion combined with fatigue
Corrosion fatigue
Crevice corrosion
Fretting corrosion
Fretting
Wear

Reports on in vivo and in vitro studies and discussions of the degradation and corrosion of implants are found in Ref 23,
24, and 25.
Implant degradation can lead to mechanical failure of the implant when severe disintegration takes place, as illustrated in
Example. However, with the use of improved implant materials and metallurgical processing, visible general corrosion,
intercrystalline corrosion, and galvanic corrosion are seldom observed today.
Combined attack of fatigue with stress corrosion, fretting, or fretting corrosion can also cause implant breakdown, but
these failure modes are rare. Slight branching of cracks found on broken implants may not indicate stress corrosion, but
can be explained by fatigue-propagation processes. In experiments with magnesium chloride solution, stress-corrosion
cracks in type 316L stainless steel are characterized by extensive branching. The fracture surfaces of these cracks exhibit
facets and multiple fine cracks that in most cases are crystallographically oriented (Ref 19, 23). The combination of
fatigue with stress corrosion has been observed in few cases on type 316L stainless steel. Very little metal is released into
the tissue by this form of attack.
The generation of wear, fretting, or corrosion products can evoke local physiological reactions that may necessitate
reoperation. This is, however, seldom experienced. Local reactions in relation to fracture-treatment implants are
occasionally reported, but usually cease after resting of the limb and after routine removal of the implant upon healing of
the fracture. The systemic effects of metals that are released from implants are the subject of much research and
speculation. Unambiguously diagnosed general allergies to implant metals are rarely reported. However, mere contact
with the metal is sufficient to create such reactions in patients susceptible to allergies. If implants remain in the passive
condition, the release of metal ions is very low, corresponding to the current density related to the corrosion potential of
the passive stage. These metal traces are usually below the concentrations that are detectable with modern analytical
techniques.
Crevice corrosion, fretting corrosion, fretting, and wear typically occur at the contact areas of multiple-component
implants. Wear is found on the articulation surfaces of prostheses. In a long-term study on total hip prostheses that were
in the body for about 8.3 years, up to 2.8 mm (0.11 in.) of material loss was found, amounting to a wear rate of 0.34
mm/year (0.013 in./year). These wear rates were measured on radiographs and involve the abrasion of the metal head and
the polymer acetabular cup, and the polymer creep.
The wear behavior of a prosthesis depends on the surface finish, the contact area, the loading, the loading directions, and
the wear properties of the material. Many improvements have been made to minimize the wear on artificial joints, and
researchers and producers have designed various wear simulators (Ref 26, 27). If prosthesis stems become loose, wear
and fretting or, sometimes, shallow fretting corrosion can take place at various areas of the stem (compare Fig. 33c and d
in Example).
The contact areas between screw heads and plate holes are usually susceptible to fretting and fretting corrosion when
relative motion occurs between the screw and the plate. Compared to artificial joint surfaces, the contact areas between
screws and plates are smaller and therefore are subject to higher surface pressures. Thus, it is difficult to prevent fretting
at screw-head/plate-hole junctions by using special surface treatments. Mechanical attack is found on all implant
materials at such junctions, but the degree of additional corrosion varies with the local condition and the type of material.
On commercially pure titanium, mechanical abrasion is found with oxidation of the wear particles (Example). On Ti-6Al4V alloys, wear and wear fatigue are found; in these cases, wear fatigue is indicated by cracking of the worn material
surface layers. Because fretting easily destroys the passive film, stainless steel can develop pitting corrosion in connection
with fretting. In addition, the geometry between the plate hole and the screw head provides crevices. The intensity of
pitting corrosion in connection with fretting depends on the quality of the steel. For example, type 304 stainless steel or
steel with a high inclusion content is prone to more severe pitting than a type 316LR steel (compare Examples and ). On
high-quality stainless steels, mechanical attack and shallow pitting corrosion are observed. On screw-plate combinations
m wrought cobalt alloys, pitting is observable only with SEM. Also, on cast cobalt-chromium-molybdenum alloys,
fretting and slight corrosive attack have been observed.
On two-component hip-screw plates, fretting and fretting corrosion can also be observed. Reference 23 provides the
results of analyses of fretting and fretting corrosion conditions on retrieved implants made from various materials. The
following examples illustrate fretting and fretting corrosion conditions on screw-plate junctions for stainless steel and
titanium.
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Example 10: Heavy Pitting Corrosion on a Type 304 Stainless Steel Screw. Figure 29 shows a screw head that exhibits
heavy pitting corrosion attack. Deep tunnels penetrated the screw head (Fig. 29a) and followed the inclusion lines (Fig.
29b). This screw was inserted in a plate made of type 316LR stainless steel that showed some mechanical fretting and
very few corrosion pits.

Fig. 29 Heavy pitting corrosion on type 304 stainless steel bone screw. (a) Longitudinal
section through head of bone screw showing corrosion tunnels. (b) Etched longitudinal
section showing the many primary inclusion lines and corrosion tunnels that follow the
inclusions. (c) SEM overview of corrosion attack on screw head
This is another example where type 304 stainless steel is not satisfactory as an implant material and where inclusion lines
contribute to corrosion, which is also observed on steels of higher quality but with larger amounts of primary inclusions.
Example 11: Screw Hole With Fretting and Fretting Corrosion of a Type 316LR Stainless Steel Plate. Figure 30 shows a
plate hole with the area that was in contact with the screw head. In contrast to Example, the attack on this high-quality
type 316LR stainless steel was only shallow. Figure 30(a) shows an overview indicating that a large portion of the contact
area exhibited only mechanical grinding and polishing structures. The fine corrosion pits in the periphery are shown at a
higher magnification in Fig. 30(b). The intense mechanical material transfer that can take place during fretting is visible
in Fig. 30(c) and (d). In front of this structure is a corrosion pit that is surrounded by a burnished surface texture. The
burnished surface may have broken open at this point. Observation of other implant specimens confirms that material
layers are smeared over each other during wear and can be attacked by pitting corrosion. These pits are then covered by a
new burnished material film that can break open again. Thus, the material is worn and degradated.

The file is downloaded from www.bzfxw.com

Fig. 30 Fretting and fretting corrosion at the contact area between the screw hole of a
type 316LR stainless steel bone plate and the corresponding screw head. (a) Overview of
wear on plate hole showing mechanical and pitting corrosion attack. 15×. (b) Highermagnification view of shallow pitting corrosion attack from periphery of contact area.
355×. (c) Contact area showing the effects of mechanical material transport (material
tongue in right upper corner), fretting and wear (burnished areas), and corrosion
(shallow pitting). 355×. (d) Higher-magnification view of Fig. 30(c). 650×
Figure 31 illustrates how the corrosion and wear products are transported in the tissue. These products are found
extracellularly and phagocytized in the fibrocytes of the connective tissue in this example.

Fig. 31 Connective tissue near stainless steel bone plate with impregnation of corrosion
products. These products are found extracellularly and in the connective tissue cells. 230×
Example 12: Titanium Screw Head With Fretting Structure at Contact Area With Plate Hole. Figure 32(a) shows a portion
of a titanium screw head with a lip of material that was transported by fretting at a plate-hole edge. A flat fretting zone is
visible on the screw surface over the material lip which is magnified in Fig. 32(b). A cellular wear structure containing
wear debris is present. Figure 32(c) shows material destruction and the formation of thin flakes of wear debris.
Mechanical deformation is superimposed on wear structures in Fig. 32(d). No morphological signs of corrosion have been
observed in connection with fretting structures. This has been typically found on all contact areas of plate holes and screw
heads of titanium which were investigated.
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Fig. 32 Wear on head of titanium screw. (a) Material transport and fretting zone. (b)
Close-up view of wear structures showing fine wear products. 120×. (c) Wear structures
showing generation of small wear particles. 1200×. (d) Wear structures with additional
fretting structures. 305×
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Fractures of Total Hip Joint Prostheses
The hip joint prosthesis is the most common joint replacement. The function of the normal hip joint, the design of the hip
joint prosthesis, and the related complications have been extensively studied compared to other joints.
A retrospective multicenter study on the performance of 39,000 total hip replacements over a period of 10 years was
published in 1982 (Ref 28). A biomechanical concept of the total hip prosthesis based on clinical experience that gives a
background for the understanding of complications can be found in Ref 29.
One of the complications encountered in total hip replacements is the fracture of prosthesis stems. Lateral bending and
torsional forces act on the prosthesis stem when it is not supported. All fractures of the hip prosthesis stems are reportedly
caused by a fatigue-failure mechanism (Ref 27). The fracture of prosthesis stems is a secondary event that follows
loosening of the stem.
Different factors, which can also act in combination, promote stem loosening. These factors include bone resorption,
degradation of bone cement, and unfavorable positioning of the prosthesis. Blood clot inclusions, holes in the cement, and
overheating of the bone can also contribute to stem loosening.
Information on the performance and testing of hip stem material can be found in Ref 27, 30, 31, and 32. Standard
techniques for the cyclic bending test of hip prosthesis stems have also been developed (Ref 30) and an ISO standard is in
preparation. Figures 33, 34, 35, and 36 show an example of a failed prosthesis stem that involves fatigue and stem
loosening due to bone resorption and bone cement degradation.
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Fig. 33 Broken hip prosthesis of cast type ASTM F75 cobalt-chromium-molybdenum
alloy. (a) Radiograph of total hip prosthesis. Circular wire marks acetabulum component
made from plastics. Arrows (from top to bottom) indicate the area where the prosthesis
stem is loosening at the collar, a stem fracture, and a fracture of bone cement at the end of
the stem, respectively. (b) Fracture of prosthesis stem. Wear at end of stem (arrow)
indicates stem movement due to loosening. (c) Wear at end of stem. (d) Close-up view of
stem end showing material transfer and layering from wear. Corrosion signs are not
observed. See also Figures 34, 35, and 36.

Fig. 34 Metallographic sections of failed hip prosthesis shown in Fig. 33. (a) Longitudinal
section through fracture surface showing secondary fatigue crack parallel to fracture
surface. 35×. (b) Cross section through prosthesis stem showing gas pores and second
phase at grain boundaries and in grains. 105×
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Fig. 35 Optical fracture analysis of the failed hip prosthesis shown in Fig. 33. (a) Fracture
surface exhibiting large grains. The upper right grain is identical to grain A shown in Fig.
36(a). Crack originated at the lateral side of the stem. (b) Longitudinal section through
fracture surface with glide systems activated by the fatigue process. Two cracks, one of
which propagated through the grain, initiated along these glide systems. 195×. (c)
Longitudinal section through fracture surface at the upper left area in Fig. 35(a)
containing secondary cracks. Arrow indicates a gas pore. 270×

Fig. 36 SEM fracture-surface analysis of the failed hip prosthesis shown in Fig. 33. (a)
Fracture surface showing three distinct grains labeled A, B, and C. (b) Grain A has a
shallow crystallographically oriented fracture structure. (c) Grain B has a
crystallographically oriented fracture structure with slip traces. Note vertical cracks
running in the same direction as some of the fracture planes. (d) Grain C has a
crystallographically oriented fracture structure and small vertical cracks similar to those
shown in (c). A ruptured gas hole is visible at the center of the fractograph. 300×
Example 13: Broken Stem of Femoral Head Component of Total Hip Prosthesis Made From Cast Cobalt-Base Alloy. In a
65 year old male patient, radiotranslucency was visible around the collar of the femoral head prosthesis on radiographs
taken 5 months after implantation. One month later, the bone cement was broken at the distal end of the prosthesis stem,
and a small indentation on the lateral contour of the stem was visible where the stem had broken 2 weeks later.
Investigation. Figure 33(a) shows a radiograph illustrating the broken prosthesis. The dislocation of the fragment of the
prosthesis indicated the degree of loosening and implant loading.
Under weight beating, the proximal prosthesis fragment was pushed toward lateral, and the loosening in the medio-lateral
plane can be seen as a gap between the lateral stem contour and the bone or cement. The upper arrow in Fig. 33(a)
indicates the loosening at the collar. The bottom arrow marks the crack in the bone cement plug at the end of the stem.
Figure 33(b) shows an overview of the broken prosthesis component. Because of the loosening, the end of the stem was
heavily worn in contact with the bone cement (Fig. 33c to d).
In analyses of broken prosthesis stems, such wear or fretting traces are good indicators of the presence of motion and
loosening. In other investigated prostheses, flat fretting zones have also been found on other areas of the stem. On
stainless steel prostheses, this wear appears occasionally as slight fretting corrosion attack. One may, however, distinguish
wear that took place after fracture of the stem.
A metallographic specimen was taken parallel to the stem surface and perpendicular through the fracture surface of the
distal fragment. This section revealed a secondary crack that had originated at the lateral aspect of the stem. The top
contour in Fig. 34(a) represents the fracture edge, where two crack openings along slip planes can be observed. On a
transverse metallographic section (Fig. 34b), gas pores are apparent in the grain and at the grain boundaries.
Discussion. Figure 35(a) shows an overview of the fracture surface. The grain size is considerable. The plateau in the
upper right-hand corner represents a single grain, which is identical to grain A in Fig. 36(a). It is the same grain through
which the secondary crack shown in Fig. 34(a) runs, and it is where the fracture originated. Figure 35(b) shows a highermagnification view of the section through the fracture surface. The stresses created through the fatigue process activated
glide systems that serve the formation of secondary cracks along glide planes. On the section through the fracture surface,
another secondary crack formation is found (Fig. 35c). At these cracks, multiple slip bands also formed in connection
with the fracture surface, and the cracks follow along these structures. One of the cracks propagated through a larger gas
pore.
Figures 36(a) to (d) show details of the fracture morphology by SEM. In Fig. 36(a), three distinct grains are marked.
These grains are oriented differently with respect to the propagating crack and therefore exhibit different crystallographic
fracture patterns. Grain A (Fig. 36b) has a relatively flat texture, but also shows crystallographically oriented structures.
Grain B (Fig. 36c) is characterized by a staircase pattern. Material separation occurred on preferred slip planes. The fine
parallel line structures that run diagonally through the fractograph may be slip traces. Of special interest are the parallel
microcracks that appear black and are superimposed on the other structures. On grain C (Fig. 36d), identical microcracks
are found, although the grain is obviously oriented differently. A ruptured gas pore is visible in the center of Fig. 36(d).
Typical fatigue striations were not found on the fracture surface. Glide systems appear to be activated at relatively low
energies so that cracks can easily propagate along glide systems.
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Failures of Pipelines
R.J. Eiber and J.F. Kiefner, Battelle Columbus Laboratories

Introduction
PIPELINES have established the enviable record of having the fewest fatalities of any of the various modes of
transportation. Failures do occur, however, for a variety of reasons. In this article, the known failure causes and
failure characteristics of high-pressure long-distance pipelines will be summarized. In addition, the procedures
used to investigate pipeline failures will be described. Finally, uses of fracture mechanics in failure
investigations and in developing remedial measures will be described.

Characteristics of High-Pressure Long-Distance Pipelines
Three general types of pipelines exist: gathering lines, transmission lines, and distribution lines. Gas or crude
oil gathering lines exist between a well and a treatment plant or collection point. These are usually relatively
small-diameter lines (51 to 203 mm, or 2 to 8 in., in diameter) and operate at a variety of pressures, usually
from 3490 to 8376 kPa (500 to 1200 psi). Cross-country transmission pipelines of over 1600 km (1000 miles)
in length transport natural gas, natural gas liquids, liquid petroleum products, anhydrous ammonia, or crude oil.
These are continuous lengths of pipe interrupted only by valves at roughly 16-km (10-mile) spacings and
compression stations (gas lines) or pumping stations (liquid lines) at 80- to 160-km (50- to 100-mile) spacings.
High-pressure lines generally operate at pressures up to 6895 kPa (1000 psi) and are made of steel pipes welded
or mechanically coupled together. Since the 1940s, all of the lines have been assembled by welding. The third
type of pipeline is a gas-distribution line that mainly transports natural gas within cities at pressures that vary
from several tens of pounds per square inch to a few inches of water where a line enters a home. This article
will not discuss failures associated with these latter lines, but will address only the high-pressure gathering and
transmission lines.
The steels that have been used in the United States for line pipe range in yield strength from American
Petroleum Institute (API) grade A (207 MPa, or 30 ksi) to API 5L-X70 (483 MPa, or 70 ksi). Generally, API
5L Specification steels with yield strengths above 359 MPa (52 ksi) are microalloyed and controlled rolled to
achieve the desired strength and fracture properties. Pipeline wall thicknesses are based on the pressure in the
line and on the allowable hoop stress levels. The allowable stress levels for gas pipelines vary from 40 to 72%
of the specified minimum yield strength based on the population density in the area of the pipeline and are
regulated by the U.S. Department of Transportation (DOT) in Title 49 of the Code of Federal Regulations
(CFR) Part 192. Liquid petroleum pipelines are regulated by DOT in Title 49 CFR Part 195. Their maximum
allowable hoop stress level is 72% of the specified minimum yield strength.
One of the reasons for the excellent safety record of the pipeline industry is that pipelines are pressure tested
before being put into service. It is common to test pipelines hydrostatically to hoop stress levels of 90 to 105%
of their specified minimum yield strength. In addition, this pressure is maintained for 8 to 24 h. This ensures
that the pipeline, at the time it is put into service, contains no defects that might induce failure at its operating
stress level. The ability to preservice test a pipeline to a high stress level is a unique characteristic of a pipeline.
The lines are designed such that they can withstand this type of test without undergoing plastic deformation that
would induce residual stresses or damage the pipe.
One of the failure problems unique to gas pipelines was the potential length of a failure. Because the
pressurized gas contains an enormous amount of stored energy and because the energy-release rate upon
rupture is often slow relative to the speed of a propagating fracture, a fracture may propagate along the pipe
axis for a considerable distance. The longest fracture on record was brittle in nature and propagated for a
distance of 13.3 km (8.3 miles). Thus, pipelines are among the few structures for which the extent of fracture
propagation is of concern.
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Pipeline Failure Investigation Procedures
Location of the Fracture Origin. The general procedures used to investigate pipeline failures are no different from those
for other types of structures. The first step is to locate the fracture origin. This may be difficult when fractured pipe is
scattered along the line for several hundred feet or more, but it is not impossible.
A study of the fracture surface is necessary to locate the origin. Features of the fracture surface make it possible to trace
the fracture back to the origin. There are two basic modes of fracture propagation: brittle and ductile. Figure 1 shows a
brittle, or cleavage, fracture. As shown in Fig. 1(a), brittle fractures in pipelines exhibit herringbone or chevron markings
on the fracture surface. These markings are continuous and relatively uniform. This fracture pattern is produced because
the fracture initiates first at the midwall of the pipe, then extends out to the surface, causing the V-shaped markings. As
the result of stress-wave patterns established by the rupture event, brittle fractures in pipelines commonly exhibit a
sinusoidal fracture path along the pipe axis. More than one fracture can often be observed due to the excessive energy
available in the gas. If a brittle fracture propagates in a stress field that contains significant bending, the center of the
chevron may move off-center (Fig. 1b). Brittle fractures that result from bending moments exhibit the appearance shown
in Fig. 1(c).
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Fig. 1 Modes of propagation for brittle fractures. (a) Fracture resulting from primary
tensile loading. (b) Fracture resulting from combined tensile and through-thickness
bending load. The center of the chevron is offset from the pipe midwall. (c) Fracture from
bending load with schematic of resulting chevron pattern. Arrows indicate fracturepropagation direction.
A propagating ductile-fracture surface is shown in Fig. 2(a). Under gaseous pressurization due to the excessive stored
energy, these fractures can also propagate long distances. Under liquid pressurization, both brittle and ductile fractures are

usually short—of the order of a few feet. The fracture surface shown in Fig. 2(a) is typical of those found in API, grades
B to X60, pipe manufactured by conventional rolling processes. The fracture surface is produced in a manner similar to a
brittle fracture; that is, the fracture initiates first at midwall thickness and creates a deformation pattern on the fracture
surface that can be likened to the chevron pattern of a brittle fracture but is not as distinct. This pseudo chevron pattern
points toward the fracture origin and serves as a road map to locate the origin. Ductile fractures characteristically
propagate axially along the pipeline, and in general, there is only one fracture.

Fig. 2 Modes of propagation for ductile fractures. (a) Propagating ductile fracture. (b)
Ductile fracture in separated material. (c) Ductile fracture with arrowheads, and
illustration of chevron pattern. Arrows indicate fracture-propagation direction.
Other types of ductile-fracture surfaces may be encountered in a failure investigation. One type (Fig. 2b) exhibits
separations. Separations have been observed in the newer controlled-rolled X65 to X80 pipe steels due to crystallographic
texturing of the steel during processing. This causes the steel to exhibit secondary fractures in the plane of the plate in a
brittle mode under the influence of triaxial stress created as the primary ductile fracture propagates. One characteristic of
a separated fracture surface is that it is more difficult to determine the direction of crack propagation based on the
fracture-surface appearance. Another propagating ductile-fracture surface is the so-called arrowhead fracture surface
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shown in Fig. 2(c). The arrowheads on the fracture surface point away from the origin or in the direction of fracture
propagation.
A third fracture appearance, called a tearing shear fracture, is found in conjunction with the arrest of ductile or brittle
propagating fractures. Tearing shear fractures are pure shear fractures (Fig. 3), as opposed to the tensile fractures shown
in Fig. 1 and 2. Tearing shear fractures occur at the arrest point, where an axially propagating fracture turns and spirals in
a helical direction. Figure 4 shows an illustration of the location and configuration of tearing shear fractures. Tearing
shear fractures occur because of the kinetic energy of the fracturing pieces of pipe and are therefore secondary to the main
fracture.

Fig. 3 Fracture surface of a tearing shear ductile fracture.

Fig. 4 Tearing shear fractures. (a) In brittle material. (b) In ductile material
Characteristics of an Origin. The origin of a fracture is a point at which there is generally only one fracture. The origin
usually contains the defect that, in combination with the stress applied to the pipe steel, is responsible for the failure.
If the fracture propagation is brittle, it is possible that the fracture appearance will be brittle from the star-burst pattern at
the origin to the tearing shear fracture at the arrest. Occasionally, the fracture at the origin will be ductile and then change
to brittle as the fracture accelerates. The type of fracture that occurs is a function of the temperature of the pipe relative to
the transition temperature of the steel.
Sample Selection. In failure investigations, a reasonable guess as to the cause of the accident can frequently be
established in the field inspection. Based on the anticipated cause, it is possible to select samples logically for detailed
examination. Normally, there are two objectives in selecting samples. The first is to select samples that help to define the
cause of the failure, and the second is to select samples to investigate the mechanical and/or fracture-propagation
properties of the pipe steel.

In selecting samples of the origin, large samples should be selected such that in flame cutting the heat of burning will not
affect the fracture. Also, care should be taken to ensure that the fracture surface at the origin is not damaged during
removal or shipment. Wire brushing of the origin fracture surface should not be permitted, because this removes the fine
features of the fracture surfaces and eliminates the possibility of a fractographic examination in a scanning electron
microscope. If the origin is associated with a weld, samples of the intact weld remote from the origin in the same length
of pipe should be obtained to examine an unfractured section. If defects are associated with the weld, they may also be
noted in the remote location. If an environmentally caused failure is suspected, consideration should be given to selecting
and obtaining soil samples that are representative of the soil at pipe depth. Also, supplemental information regarding the
cathodic-protection levels imposed on the pipe may be useful.
Samples selected for fracture-propagation property determination should be representative of the material that failed and
should not be deformed or heated as a result of the failure. Samples measuring approximately 0.2 m2 (2 ft2) are usually
removed for material-property determination.
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Causes of Pipeline Failures
One of the significant observations that have been made as a result of numerous failure investigations is that failures
generally initiate at a defect, with the only exceptions being the few failures that have occurred from a gross overload,
such as secondary stresses, internal combustion, or sabotage.
Table 1 lists the defects that have caused pipeline failures. The description of defects has been divided into two
categories: those that cause failures in the preservice test and those that cause failures in service. The reason for the
division is that the defects present in the pipe before the preservice test can generally be removed or detected by the
preservice test if the test pressure is high enough.
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Table 1 Types of defects that can cause pipeline failures
Causes of preservice test failures
•

Defects in the pipe body
o Mechanical damage
o Fatigue cracks
o Material defects

Longitudinal weld defects
•

•

Submerged arc welds
o Weld-area cracks
o Incomplete fusion
o Porosity
o Slag inclusions
o Inclusions at skelp edge
o Off seam
o Repair welds
o Incomplete penetration
Electric welds(a)
o Upturned fiber cracks
o Weld-line inclusions
o Cold weld
o Excessive trim
o Contact burns

Field weld defects

Causes of service failures
•

Defects in the pipe body
o Mechanical damage
o Environmental causes
§ Corrosion (external or internal)
§ Hydrogen-stress cracking
§ External stress corrosion cracking
§ Internal sulfide-stress cracking
§ Hydrogen blistering
o Fatigue
o Miscellaneous causes
§ Secondary loads
§ Weldments to pipe surface
§ Wrinkle bends
§ Internal combustion
§ Sabotage

Longitudinal weld defects
•

High-hardness region(b)

(a) Electric flash welding, electric-resistance welding, or electric-induction welding without the addition of extraneous
metals.
(b) These arc a problem in gathering lines carrying sour gas (gas containing H2S).

Causes of Preservice Test Failures

As shown in Table 1, the defects that cause failures in line pipe in the preservice test can be broken down into three types,
according to location: defects in the body of the pipe, longitudinal weld defects, or field girth weld defects.
Causes Associated With the Pipe Body. The three general causes of failure associated with the body of the pipe are
mechanical damage, fatigue cracks, and material defects.
Mechanical damage consists of gouges or gouges and dents that have generally been produced by excavation or handling
equipment during construction. The failure characteristics will be presented in the section “Causes of Service Failures” in
this article because this is the leading cause of service failures.
Material defects may be laminations, laps, seams, holes, hot tears, and so on. A few failures have resulted from foreign
material being rolled into the pipe skelp. This results in a local region where the wall thickness is reduced or completely
penetrated, which is generally detected as a leak during the preservice test.
Investigation of failures caused by material defects normally consists of one or two metallographic sections through the
defective area. These metallographic sections are examined in an optical (light) microscope to determine the nature of the
defect and the general features of the microstructure. When inclusions or foreign particles are present, examination in the
scanning electron microscope using an energy-dispersive x-ray analysis will usually identify the composition of the
microstructural constituents. Frequently, a deep etch will show the flow pattern of the steel grains during hot rolling,
which can help to identify the cause. Figure 5 shows a lamination that was inclined to the pipe wall, which effectively
reduced the wall thickness and resulted in a slant fracture in approximately one-half of the wall thickness.

Fig. 5 Failure from lamination inclined with respect to the pipe wall.
These types of failures are generally related to (1) insufficient cropping of an ingot in the case of inclusions or a
lamination in the steel, (2) foreign objects, such as parts of rolls or rolling equipment, being pushed into the steel during
hot rolling, or (3) hot tears that form, particularly during piercing and rolling of relatively thin-wall large-diameter
seamless pipe. All of these problems can be controlled by careful mill practice and the application of adequate
nondestructive inspection.
Fatigue cracks have occurred in the body of the pipe and adjacent to longitudinal welds. Figure 6 shows an example of a
fatigue crack that occurred alongside the longitudinal weld. In this case, the cracks initiated at both the inside and outside
surfaces of the pipe at the edge of the longitudinal weld. These cracks were detected in the preservice test of the line.
Fatigue cracks have also been observed in the base metal. In these cases, the cracks have initiated from the outside surface
in a region of mechanical damage on the pipe surface, which is usually produced during rail shipment.

Fig. 6 Typical example of fatigue cracking adjacent to a longitudinal weld.
Because these cracks were detected in pipe that had not been in service, the shipping of the pipe was subjected to
investigation. The investigations have usually revealed that the fatigue cracks were associated with rail shipment over
distances of 1125 to 1600 km (700 to 1000 miles). In pipe with diameter-to-thickness ratios of 80 or greater, the cracks
were generally observed to be within 3 m (10 ft) of the end of a pipe length.
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The fatigue cracks had been produced during rail shipment of the pipe as a result of the combination of static stresses
produced in the lower layers of stacked pipe by the static weight of the pipe above and cyclic stresses produced by the
vertical acceleration of the rail car. When mechanical-damage regions were evident, the pipe had usually contacted the
rail car, frequently on a rivet head, which served as a stress concentrator.
A recommended practice for the loading of pipe in rail cars was developed by the API (Ref 1). This publication defines
loading practices for rail car shipment to protect pipe from this type of failure. Since the introduction of this
recommended practice, failures of this type have been significantly reduced.
Causes of Failures in Longitudinal Welds. Five types of longitudinal welds have been used to produce pipe. These are
single- and double-submerged arc welds, electric-resistance welds, furnace butt welds, flash welds, and lap welds.
Currently, only double-submerged arc welds and electric-resistance welds are used. The following are brief descriptions
of the welding processes and common causes of failures.
Double-Submerged Arc Welds. These welds are made with two passes (hence the term double): one on the inside and one
on the outside. Either the inside or outside pass can be made first, depending on the producer. The weld passes can be
made with one to four electrodes. The most common causes of failures in double-submerged arc welds are weld cracks,
toe cracks, and lack of penetration.
Cracks may appear in either the weld metal or the heat-affected zone (HAZ). In the weld metal, the cracks are typically in
the center of the weld metal parallel to the columnar structure of the weld metal, and they generally occur when the weld
metal is subjected to a high stress or restraint during solidification. Figure 7 shows cracks in the HAZ; these cracks are
usually referred to as toe cracks at the edge of the weld reinforcement. Generally, these result when the edges of the plate
are not adequately curved when the plate is formed into pipe. As the pipe is pressurized or cold expanded during
manufacture, high strains occur at the edge of the weld reinforcement, causing cracks similar to those shown in Fig. 7. An
excessive number of inclusions in the steel at the edge of the weld reinforcement have been observed to assist the
formation of toe cracks.

Fig. 7 Toe cracks in the HAZ of a double-submerged arc weld.
Another type of defect in double-submerged arc welds results from lack of penetration, in which the inside and outside
beads are too shallow and do not overlap. This leaves a nonfused portion, thereby reducing the effective wall thickness.
Electric-Resistance Welds and Flash Welds. These welding processes locally heat the edges of the plate to a suitable
forging temperature; the edges are then pushed together, upsetting the wall thickness and forming a bond. In an electricresistance welded seam, the weld is formed as the pipe passes through the welding station, with the edges making a vee
before welding. In the flash-welding process, a complete length of pipe is welded at one time as the edges of the plate are
pushed together (flash welds are no longer used to produce pipe). In either type, after welding, the upset material is
trimmed off.
Causes of failures common to both electric-resistance and flash welds are upturned fiber cracks, cold welds, and
insufficient upset. Figure 8 shows the appearance of a metallographic section through an electric-resistance weld that
contains a hook crack, or upturned fiber crack. Although it is somewhat difficult to see in Fig. 8, the steel has been upset
such that the original plane of the pipe wall thickness extends through the thickness at the bond line. If inclusions (usually
manganese sulfide inclusions) exist in the wall thickness before the upsetting, they may crack during the upsetting
process, creating the upturned fiber defect. In this weld, it can also be observed that the upset removal on the inside of the
weld was not uniform and that a notch was thereby created.

Fig. 8 Appearance of a hook crack in an electric-resistance weld. The thin white layer is a
nickel coating that was applied to the fracture surface.
Figure 9 shows the origin fracture surface of one cause of failure in electric-resistance welded pipe. The smooth region is
the result of inadequate upsetting and/or heating of the pipe edges (a cold weld). A stitched surface, or alternately bonded
region, may also be observed at fracture origins associated with inadequate upsetting or too little heat.

Fig. 9 Appearance of an unwelded section in electric-resistance welded line pipe.
Lap Welds. These welds are made by forging a weld between overlapped plate edges. The weld is made using forging
rolls that form a low-angle weld through the thickness. Causes of failure in this type of weld are oxides on the bond line
and lack of fusion due to too low a temperature or too little upsetting pressure. These defects reduce the effective
thickness of the weld.
Regardless of the welding process used, the investigation of weld failures usually involves use of low-power (2 to 30×)
magnification in either the optical microscope or the scanning electron microscope to locate the origin. Advantages of the
optical microscope are that the sample orientation is not lost and that a relatively long length of weld fracture can be
examined. Once an origin is identified, scanning electron microscopy (SEM) examination may be helpful in identifying
fracture features. Once the origin is identified, metallographic sections across the weld are prepared. In addition, sections
across the intact weld from other locations in the same pipe length can be helpful. Intact weld sections can be used to:
•
•
•

Identify whether repairs have been made to the weld
Determine whether a heat treatment has been adequate at the origin
Determine the general configuration of the weld and bond lines before the failure occurred

The cause of failure can generally be determined if the manufacturing process is understood and the origin is properly
identified and examined.
Causes of Failure in Field Girth Welds. Relatively few girth welds have failed either in service or in the preservice
hydrostatic test. One of the main reasons for this is that girth welds are not subjected to high stress due to internal
pressure. Girth welds may, on occasion, experience high stresses from such sources as soil movement, subsidence, or
severe thermal fluctuations. Except for such unusual sources, the longitudinal stress in a pipeline is about 30% of the hoop
stress or about 22% of the specified minimum yield stress (SMYS) for a line operating at 72% SMYS.
Typical manual metal arc weld defects, such as lack of penetration, hollow bead, porosity, alignment problems (highlow), weld-metal cracks, and underbead cracks, have caused leaks or ruptures in welds. Because the failure modes and
investigation procedures are similar for all cases, only underbead cracks will be discussed.
Underbead Cracks. One situation that can cause a failure is an underbead crack. Underbead cracks occur when regions of
high hardness form because of rapid cooling of the HAZ. High-hardness regions may result from welding pipes of two
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different wall thicknesses or a pipe and a heavy wall thickness fitting without adequate preheating. On occasion, due to
fit-up or alignment problems, it is necessary to add a weld bead to the internal surface to provide a complete weld.
Because this requires a welder inside the pipe, it is difficult to preheat the weld area. Weld beads deposited under these
conditions with cellulosic electrodes may result in rapid cooling of the HAZ with a tendency to produce untempered
martensite. The untempered martensite is highly susceptible to cracks from hydrogen-stress cracking, producing
underbead cracks. The same condition can result if welds are made with cellulosic electrodes between pipes that are at
low temperatures, providing high-hardness HAZs due to the rapid cooling.
Figure 10 shows a metallographic section through a girth weld between a pipe and a heavy flange. The backup bead on
the inside surface produced an HAZ with a maximum Knoop hardness of 405. A semicircular crack (underbead crack)
occurred roughly parallel to the weld bond line. This crack caused the weld to fail during pressure testing.

Fig. 10 Underbead cracks (hydrogen cracking) in a girth weld.
Causes of Service Failures
Table 1 also lists the causes of service failures. Each category will be discussed to identify its characteristics, and
investigative steps will be presented for selected causes.
Defects in the Pipe Body. Mechanical damage is the leading cause of failure in pipelines, accounting for more than onehalf of all service failures. Generally, mechanical damage occurs from excavation equipment that accidentally contacts
the pipe. The damage usually consists of a gouge and dent in the pipe surface. After a failure, the dent is usually difficult
to detect because the pressure in the pipe tends to remove it. Mechanical damage has resulted in penetration of the pipe
wall thickness, producing an immediate leak, or in damage to the pipe, creating a potential for future failure as the dented
area continues to deform due to creep from increased pressure. Frequently, the gouge appears to be relatively shallow.
However, because of the strain imposed by the outward deflection of the dent, cracks may form in the cold-worked layer
that are not visible on the gouged surface because of the smeared metal.
Figure 11 shows a photograph of a 406-mm (16-in.) diam API, grade X46, pipe that has been mechanically damaged. The
damage is located in regions 1, 2, and 3. The chevron markings on the fracture surface locate the fracture origin between
regions 2 and 3. The pipe surface was indented approximately 6 mm (0.25 in.) after the failure. In all probability, a much
deeper dent existed at the time the damage was created.

Fig. 11 Mechanical damage in a 406-mm (16-in.) diam API, grade X52, pipe. S, shear- or
ductile-fracture surface; C, cleavage- or brittle-fracture surface. See also Fig. 12, 13, and
14.
The presence of a gouged surface will usually immediately identify the primary cause. Metallographic sections through
the mechanical damage are necessary to identify the extent of the cold-worked steel, the depth of the gouges, the extent of
cracking (if any), the hardness of the cold-worked steel, and whether or not foreign particles are attached. The
identification of foreign particles, if they exist on the gouged surface, may be useful in identifying the source of the
mechanical damage through chemical analysis of the foreign material (the authors, however, have not been successful in
identifying the specific damaging equipment). Examination of the fracture surface in a scanning electron microscope may
be helpful in identifying the nature of the fracture, that is, transgranular versus intergranular and whether or not any
evidence of fatigue can be observed. Most of the mechanical-damage failures have had transgranular fractures, but
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intergranular fracture surfaces have been observed and are believed to have resulted from hydrogen-stress cracking, with
the hydrogen resulting from the cathodic potential applied to the pipeline for corrosion control. A problem in attempting
to use the scanning electron microscope is that the fracture surfaces are often too corroded to permit examination.
Figure 12 shows a macrograph of one side of the fracture at region 3. It shows the fracture edge and the outside pipe
surface (cracked surface). It should be noted that the section has been nickel coated, which is the white coating. The
overall fracture in this region is a slant or ductile fracture, as evidenced by the deformation along the fracture edge. The
slant cracks evident on the outside surface are believed to have formed as a result of the cold-worked region on the
surface having been subjected to high strains by the outward deformation of the dent from the pressure in the pipe. These
cracks are very significant the depth of the gouge measured by the reduced wall thickness is approximately 0.2 mm (0.008
in.), while the maximum crack depth is 0.85 mm (0.033 in.). The crack that initiated the fracture was estimated to be 1.47
mm (0.058 in.) deep. Figure 13 shows a micrograph of the cold-worked outside pipe surface that illustrates the normal
ferrite-pearlite microstructure of the carbon steel. Also shown is the cold-worked surface with a highly elongated grain
structure, which has resulted from the mechanical damage.

Fig. 12 Macrograph of region 3 from Fig. 11. 5×. See also Fig. 13 and 14.

Fig. 13 Micrograph of cold-worked pipe surface at region 3 in Fig. 11. Etched with nital.
500×. See also Fig. 12 and 14.
Figure 14 illustrates another area of the surface in region 3 that shows a crack and the cold-worked structure. Near the
surface in Fig. 14, there is evidence that, in addition to the cold work, the steel was heated to a temperature above the Ac1
temperature (707 °C, or 1305 °F) and cooled at a fast rate. This layer of material has a metallurgical structure different
from that of the severely cold-worked layer and different from that in the pipe. This structure is probably a bainitic
structure, which is intermediate in hardness between ferrite and martensite. The heating was produced by friction between
the pipe wall and the object that made the gouge. The rapid cooling is produced by the surrounding pipe steel. In some
instances of mechanical damage, untempered martensite has been observed on the gouged surface.
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Fig. 14 Micrograph showing foreign material and secondary surface crack at region 3 in
Fig. 11. Etched with nital. 100×. See also Fig. 12 and 13.
An additional feature that is sometimes observed can be seen in Fig. 14. The light gray area just beneath the white nickel
plating to the left of the crack is an area of extremely hard steel that is foreign to the pipe wall. The hardness is 870 HK
and probably came from the hard surfacing materials used for construction equipment bucket and blade edges. This
apparently became friction welded to the gouged surface during the damage process.
Failure of mechanically damaged areas can occur from a number of causes and may or may not occur at the time damage
is done. The possible causes of failure are:
•
•
•

The damaged area may crack due to the high strains imposed by the dent
The pressure fluctuations in the pipeline may cause a low-cycle high-stress fatigue failure
The normal cathodic protection applied to the pipe to prevent corrosion may charge the highly stressed steel with
sufficient hydrogen to cause a hydrogen-stress crack

When a region of mechanical damage is detected, action should be taken to remove it or to reinforce it through the
application of a sleeve. If a sleeve is applied, the gap between the sleeve and pipe should be filled with a compound, such
as epoxy or polyester, that will prevent further outward deformation of the dent.
Environmental Causes of Pipeline Failures. There are a number of environmental causes of pipeline failures. The major
causes are general corrosion, hydrogen-stress cracking in hard areas, external stress-corrosion cracking (SCC), internal
sulfide-stress cracking, and hydrogen blistering. The failures break down into two general classes: those occurring from
the inside surface of the pipe and those occurring from the outside surface of the pipe. Generally, the failures initiating on
the inside pipe surface are associated with gathering lines containing moisture, hydrogen sulfide, carbon dioxide, or other
corrosive impurities. The causes associated with the inside pipe surface are internal corrosion, sulfide-stress cracking, and
hydrogen blistering. The remaining causes are associated with the external pipe surface. Investigation of this general
category of failures is similar; therefore, only selected examples of these failure causes will be described.
Hydrogen-Stress Cracking. Figure 15 shows the surface of a fracture that was initiated from a hydrogen-stress crack in
line pipe. The features of the fracture surface are:

•
•
•

Extremely brittle fracture surface with very fine grains
Fracture origin generally at the outside pipe surface or subsurface
No out-of-plane deformation of the pipe wall thickness at the origin

Fig. 15 Appearance of hydrogen-stress cracks in line pipe. (a) Fracture surface. 0.5×. (b)
Results of Rockwell C hardness traverse of pipe
The investigation consists of examining the fracture at low-power magnification to locate the origin. It hydrogen-stress
cracking is suspected, hardness impressions are made on the surface to determine if a region of high hardness is
associated with the origin area. The surface-hardness impressions generally identify the extent of the high-hardness
region, which assists in the selection of metallographic specimens. In one failure, no region of high hardness was found
on the surface, but alloy segregation at midwall thickness created a region of high hardness. Usually, two metallographic
sections are prepared: one section through the fracture origin and one outside of the high-hardness region. The section
outside of the suspected region of high hardness is taken for comparison purposes to determine the normal microstructure
of the pipe steel.
Examination of the origin metallographic section usually reveals that this is a region of the plate that contains
transformation products that may range from bainite to untempered martensite. These local regions of high hardness are
believed to have been quenched during hot rolling. They generally exhibit a hardness gradient from the ferritic-pearlitic
structure to the region of high hardness. Microhardness readings should be taken to determine hardness level. Failures
have occurred with hardnesses from 30 to 50 HRC in API, grade X52, steels. Generally, no secondary cracks have been
observed on the fracture surfaces of these failures. Also, the fracture is usually partly intergranular and partly
transgranular.
If hydrogen-stress cracking is suspected, information on the cathodic potential applied to the pipe for corrosion protection
should be obtained as well as information on the coating condition. The atomic hydrogen necessary to cause the fracture
is believed to result from the cathodic potential applied for corrosion control, which reaches the pipe surface through
pores (commonly termed holidays in the pipeline industry) in the coating.
Hydrogen-stress cracks are caused by the combined factors of a very high-strength high-hardness steel, an applied hoop
tensile stress from the pressure in the pipe, and atomic hydrogen in the steel from the cathodic-protection current applied
to the pipe. Failures of this type may be prevented in several ways if the hard spots can be located. Success has been
achieved by using internal nondestructive inspection devices based on the magnetic flux-leakage principle to locate hard
spots. Once the hard spots are located, they can be removed, shielded to prevent the cathodic current from reaching them,
or tempered to reduce the hardness. To date, failures have been observed only in areas with hardnesses exceeding 30
HRC. Also, hard spots are now prohibited by the API (Ref 2) and must be inspected for during the production of pipe.
One of the best inspection techniques is to examine the pipe surface visually for flat spots.
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Stress-Corrosion Cracking. Figure 16 shows the fracture surface of a stress-corrosion crack in line pipe. Failures of this
type have primarily occurred on gas-transmission pipelines immediately downstream of compressor stations, where the
pipe temperatures are the highest. The characteristic feature is a series of elliptical crack shapes, which initiated from the
outside surface. Normally, a black oxide layer can be observed on the elliptical crack surfaces. Also, the cracks frequently
overlap in the axial direction and link together. Figure 17 shows secondary cracks on the pipe surface. Information on the
pipe-to-soil cathodic-potential level, pipe temperature, pressure, and pressure fluctuations in the pipeline should be
obtained.

Fig. 16 Appearance of fracture surface of line pipe that failed by SCC. Actual size. See
also Fig. 17, 18, and 19.

Fig. 17 Secondary cracking in pipe surface adjacent to stress-corrosion cracks shown in
Fig. 16. Actual size. See also Fig. 18 and 19.
The investigation should begin with a low-power examination of the fracture surface to select locations for
metallographic sections. The nature of the cracks can be determined by preparing several matched metallographic
sections across the fracture surface. Also, analysis of any corrosion product on the elliptical crack surface using an
energy-dispersive x-ray spectrometer may be helpful in defining the corrosive medium. In a high percentage of the
failures, iron carbonate or bicarbonate has been detected on the crack surface (this environment is produced at a pore in
the pipe coating as the hydroxide created by the cathodic potential is converted by the CO2 in the soil to a carbonatebicarbonate environment). Scanning electron microscopy examination of the fracture surface can also be helpful in
identifying whether the fracture is transgranular or intergranular.

Usually, the fracture surfaces are primarily intergranular, and a number of branched secondary fractures are often evident
in the metallographic sections (Fig. 18). Figure 19 shows an unetched section of a stress-corrosion crack that illustrates
the branching and intergranular nature of the fracture.

Fig. 18 Macrograph of unetched section through stress-corrosion cracks in line pipe. See
also Fig. 16, 17, and 19.
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Fig. 19 Polished section through stress-corrosion cracks showing branching and
intergranular cracking. See also Fig. 16, 17, and 18.
The conditions that have been responsible for a high percentage of the stress-corrosion cracks in line pipe are the
carbonate-bicarbonate environment, the pipe surface in the critical potential range for cracking (-0.6 to -0.7 V versus the
saturated calomel electrode, SCE, for a carbonate-bicarbonate environment), and the applied tensile stress.
The carbonate-bicarbonate environment is believed to be formed by the cathodic potential at pores in the coating where
the current penetrates to the pipe surface. The cathodic potential also creates the critical potential for SCC. The hoop
stress in the circumferential direction of the pipe is created by the internal pressure in the pipe.
There is no simple control for external SCC, because one of the three conditions necessary for cracking must be
prevented. This means keeping the cathodic potential outside of the critical range for cracking, which is difficult, if not
impossible, at all points on a long pipeline.
Keeping the temperature as low as possible slows the reaction rate, which helps to prevent cracking. Many of the pipeline
failures have been located in the first 16 km (10 miles) downstream of a gas compressor station, which is the hightemperature region on a gas pipeline. Applying a good coating to the pipe surface is also a deterrent, as is shot peening the
pipe surface to remove mill scale and to provide a good surface for coating bonding. Small pressure fluctuations have
been found to promote cracking. Thus, pressure control is helpful, but is difficult to achieve in most situations.
Corrosion failures can initiate from either the inside or the outside surface of the pipe. Corrosion on the inside is generally
associated with water in the pipe, which most commonly occurs in gathering pipelines where H2S and CO2 may also be
present. Corrosion frequently takes place in the form of nonuniform metal loss whether it is on the internal or the external
surface of the pipe. Both external and internal corrosion tend to be concentrated on the pipe bottom. General corrosion
results in loss of metal over large areas, and pitting corrosion results in pits, which may be completely isolated or in
overlapping arrays.
At the origin of a corrosion failure, the goal is to determine the nature of the corrosion and to rule out other environmental
causes. In this discussion, rather than focusing on the investigation of the corrosion (which is covered in other
discussions), the emphasis will be on the use of fracture mechanics to estimate the failure pressure of the corrosion flaw to
verify that the failure resulted from the observed corrosion defect. This is also helpful in evaluating corrosion-defect
severity when corrosion is detected on an operating pipeline.
An example of a corrosion flaw in 610- × 9.5-mm (24- × 0.375-in.) API, grade B, pipe will be described. The measured
yield strength of the pipe was 336 MPa (49 ksi).
The corrosion defect that caused the failure is shown in Fig. 20. This defect occurred on the outside bottom surface of the
pipe. The hoop stress in the pipe at the time the corroded area failed was 173 MPa (25 ksi). The failure was a rupture,
with the fracture propagating a total axial distance of 5 m (17 ft).

Fig. 20 Corroded area in 610-mm (24-in.) outside-diameter × 9.5-mm (0.375-in.) wallthickness API, grade B, line pipe. See also Fig. 21 and 22.
The predicted failure pressure for the corroded area is based on treating the loss of metal as a part-through or surface flaw
in the pipe (Ref 3). A grid is drawn on the corroded area, and remaining wall-thickness measurements are made from
which a contour map of remaining wall thickness can be developed (Fig. 21). The next step is to develop a profile of the
remaining wall thickness along the fracture edge (if this were a prediction being made for a non-failed corroded area, the
minimum remaining thickness path through the corroded region would establish the flaw profile). Figure 22 shows the
measured profile in an exaggerated view.
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Fig. 21 Contour map of remaining wall thickness in corroded areas shown in Fig. 20.
Dimensions are remaining wall thickness in mils. Fracture path is indicated by the heavy
line. See also Fig. 22.

Fig. 22 Exaggerated depth profile of corroded area shown in Fig. 20 and 21.
Once the profile is available, the failure pressure can be predicted from Eq 1 (Ref 3):
σ hp = σ

1 − A / Ao
= σ M p−1
1 − ( A / Ao ) M T−1

(Eq 1)

where σhp is the failure stress of the part-through flaw; σis the flow stress of the steel, which has been taken as the yield
strength plus 70 MPa (10 ksi); A is the area of the longitudinal profile of missing wall thickness; Ao is the area of full wall
thickness for the length of the corrosion flaw; MT is the bulging correction for an axial through-wall flaw in pressurized
pipe; and Mp is the bulging factor for the part-through flaw.
Because corroded areas generally exhibit gradual transformation to full wall thickness along the critical axial profile, it is
often difficult to preselect the axial length of the corroded region, which is termed the effective 2c length. By making
several calculations of strength based on various trial values of crack length, one can usually obtain a minimum predicted
failure stress level representing the effective crack length. This was done for the corroded region shown in Fig. 22. Using
the trial lengths of 228.6, 171.5, and 120.65 mm (9, 6.75, and 4.75 in.), the values shown in Table 2 predict failure
stresses for the three assumed flaw lengths.

Table 2 Controlling parameters and predicted failure modes for three assumed defect
lengths
M T−1 (a)

Defect
2c length
mm

in.

M p−1 (b)

A
cm2

in.2

σhp

MPa

Predicted

ksi

failure
mode
Rupture
Leak
Leak

228.6
9.0
0.390
13.5
2.09
0.503
204
29.6
171.5
6.75
0.485
11.2
1.74
0.456
185
26.8
120.65
4.75
0.610
8.6
1.34
0.455
184
26.7
(a) MT, bulging correction for an axial through-wall flaw.
(b) Mp, bulging factor for part-through flaw
The minimum of these three values is a predicted failure stress level, σhp, of 184 MPa (26.7 ksi) corresponding to the
assumed 120.65-mm (4.75-in.) defect length. This value is 6% higher than the failure hoop stress of 174 MPa (25.2 ksi).
The mode of failure predicted for the 120.65-mm (4.75-in.) flaw in the 9.5-mm (0.375-in.) wall-thickness pipe is a leak. A
leak is predicted because M p−1 < M T−1 (0.455 versus 0.610). These M factors can be thought of as stress-concentration
factors. When a part-through flaw fails, it becomes a through-wall flaw. Thus, if the failure stress, which is proportional
to M p−1 , for a part-through flaw is higher than for that same length through-wall flaw, the part-through flaw would be

predicted to rupture. The reverse would predict a leak. Thus, if M p−1 > M T−1 , a rupture is predicted, and if the reverse, a
leak. In the present case, the prediction is a leak, but a rupture occurred. In this case, however, the effective 120.65-mm
(4.75-in.) flaw is in a region of much less than full wall thickness, as can be seen in Fig. 22. Computing the failure
conditions for the 120.65-mm (4.75-in.) flaw length in a 5.1-mm (0.2-in.) average wall thickness results in an M T−1 = 0.8
as contrasted with an M p−1 = 0.503, which predicts a rupture.
The severity of a corrosion defect can be predicted using a fracture mechanics approach for line-pipe steels. This can be
used to make sure the origin identified is the origin responsible for the failure, because the predicted failure pressure
should be within ±15% of service pressure at the time of failure, and to help in assessing the remaining strength of
corroded pipe before failure.
The chances of this type of failure can be minimized by monitoring loss of wall thickness through nondestructive
inspections from the inside of the pipe, using magnetic flux leakage devices as a means of detecting corroded areas.
Monitoring the pipe-to-soil potential level can also identify areas of probable corrosion as areas of low potential levels.
Fatigue cracks resulting from service loadings are unusual in gas-transmission pipelines remote from compressor stations.
This is because there are few pressure cycles and no mechanical vibration that would produce them. Pressure cycles on
gaseous pipelines are usually a maximum of approximately 10% of the line pressure and may occur once or twice a day.
Thus, in 40 years, this would represent only 14,400 to 28,800 cycles.
At compressor stations on gas pipelines, fatigue cracks have developed due to mechanical vibrations of the piping system.
These are typical of the problems associated with rotating equipment.
On liquid pipelines, problems have been experienced from the relatively large and frequent pressure cycles often
associated with liquid pipelines. Large pressure cycles can occur a number of times each day, and smaller cycles can
occur more frequently, depending on how the line is operated and where deliveries are being made. The most common
fatigue-crack problem occurs at the longitudinal weld—especially if there is a weld reinforcement, such as at a doublesubmerged arc weld. The appearance of these fatigue cracks is similar to the fatigue cracks due to shipping shown in Fig.
6. On liquid lines, the pumping stations also experience fatigue cracks due to mechanical vibrations and high-frequency
pressure cycles similar to the potential problems at gas compressor stations.
Miscellaneous Failure Causes. A number of unusual failures have occurred. Many of these have been observed only once
or twice, but can cause problems. Other causes observed are described below.
Secondary Loads. Soil instabilities, land slides, and mine subsidence have caused failures from excessive overloads in
bending or tension.
Weldments to the Pipe. A few failures have been attributed to attachments that were improperly welded to the pipe.
Before 1940, weldments to the pipe were common. Currently, no attachments are made to the pipe without careful design
to minimize stress concentrations.
Wrinkles, Bends, or Buckles. At one time, it was not possible to obtain high-bend angles without wrinkling the pipe wall
on the compressive side of the bend. Many of these are in service, and a number have cracked after years of service due to
a low-cycle fatigue mechanism. This has been largely solved by the use of bending machines with internal mandrels.
Also, because problems have developed, bends are carefully inspected for wrinkles and are rejected if any are present.
Internal Combustion. Several failures have occurred in new gas pipelines being tested with gas that were not adequately
purged of air. The ignition source is unknown but may be static electricity. The characteristic of the fracture is that a
detonation wave propagates along the inside of the pipe. The wave builds up a pressure front that causes pipe ruptures
intermittently along the pipe and at major changes in direction. In between the points of rupture, the pipe is frequently
expanded.
Sabotage. Several failures have occurred where the integrity of the pipeline was purposely breached. The suspected
method is through the use of an explosive charge. The characteristic feature of the cause is that the pipe is usually
severely fragmented at the origin area. Also, severe inward denting or deformation of the pipe is common, and multiple
randomly oriented origins have been observed.
Longitudinal Weld Defects. The causes in this category are similar to those described previously, with the exception of
the following two causes. First, selective corrosion of the weld bond line has been observed in electric-resistance welds.
This forms an axial V-shaped groove centered on the bond line. This generally occurs because the bond line is ferritic.
The ferritic region becomes anodic to the surrounding pearlite, creating a local corrosion cell.
Second, in the late 1940s and early 1950s, a limited quantity of electric-resistance weld pipe was produced with a
martensitic weld region. It was believed that this high-strength region would be less prone to failure because it was higher
in strength. Unfortunately, this region is also much more susceptible to failure from atomic hydrogen created by the
cathodic potential applied to pipelines for corrosion control. The fracture surface near the origin exhibits an extremely
brittle appearance.
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Failures of Pipelines
R.J. Eiber and J.F. Kiefner, Battelle Columbus Laboratories

Arrest of Pipeline Fractures
A propagating fracture in a gas pipeline can be extensive because of the relatively slow pressure decay associated with the
compressed natural gas. Historically, in the early 1950s in the gas testing of pipelines, there were several cleavage
fractures that propagated to distances of 914 m (3000 ft). Other than the length of the fracture, the unusual aspect of the
failure was that there was no reduction in thickness at the fracture edge, and the fractures propagated along the pipe in a
sinusoidal pattern.
A failure occurred in the early 1960s in which a cleavage fracture initiated from a fatigue crack alongside a longitudinal
weld. The fatigue crack formed during rail shipment of the pipe. The pipe material was 762-mm (30-in.) diam × 9.5-mm
(0.375-in.) wall-thickness API, grade X56, pipe. The fracture initiated when this section of line was being used to transfer
gas to the next section to be tested. The pressure at the time of failure was equivalent to a hoop stress of 63% SMYS. This
was reported to be the highest pressure that this section of pipe had experienced. The fracture extended from the origin as
a cleavage fracture and propagated for a total distance of 13.3 km (8.3 miles). The origin was 5.1 km (3.2 miles) from one
end. The fracture propagated in a sinusoidal pattern, with the number of simultaneous fractures varying from one to six,
depending on the transition temperatures of the pipe steel. On one end, the fracture arrested as a ductile fracture in a pipe
length with a low transition temperature, and on the other end, the fracture arrested at the transition from the 9.5-mm
(0.375-in.) line pipe to a heavy-wall forged tee. The fracture did not penetrate the forged tee, but stopped at the girth
weld.
Figure 23 shows Charpy V-notch impact curves from 19 random samples taken from pipe lengths through which the
fracture propagated. The fracture appearance of the Charpy specimens at the failure temperature ranged from
approximately 10 to 40% shear. Figure 24 shows the Charpy V-notch impact curve for the end in which the fracture
turned to a shear fracture, spiraled around the pipe, and arrested. At the failure temperature, the Charpy V-notch shear
appearance was 100% shear. Thus, in this failure, the fracture arrested on one end because it encountered a length of pipe
with a low transition temperature, and it arrested on the other end because it encountered a reduced stress level.

Fig. 23 Scatter bands for Charpy V-notch impact specimens from 19 random pipe lengths
through which a fracture propagated in a 762-mm (30-in.) outside-diameter × 9.5-mm
(0.375-in.) wall-thickness API, grade X56, pipe. Data are for two-thirds thickness
transverse specimens.

Fig. 24 Charpy V-notch curve for 762-mm (30-in.) outside-diameter × 9.5-mm (0.375-in.)
wall-thickness API, grade X56, pipe in which a ductile fracture propagated and arrested.
Data are for two-thirds thickness transverse specimens.
Another failure that occurred in 915-mm (36-in.) outside-diameter × 10-mm (0.406-in) wall-thickness API, grade X52,
pipe was initiated by sabotage. The fracture propagated through 2.5 pipe lengths in one direction as a cleavage fracture
and, upon crossing a girth weld, turned to shear and arrested. In the other direction, the fracture propagated through
portions of three lengths as a cleavage fracture. It suddenly turned to tearing shear in the middle of a pipe length and
arrested by spiraling around the circumference. Figure 25 shows the Charpy V-notch and drop-weight tear test (DWTT)
curves for two pipe lengths through which cleavage fractures propagated and for the length in which a ductile fracture
arrested. The DWTT results clearly show the arrest length as having an 85% shear-area transition temperature (SATT)
below the failure temperatures thus, the shear fracture would be expected (SATT is used to identify the ductile-to-brittle
transition temperature for pipeline steels). It should be noted that the transition temperature predicted by the DWTT (85%
shear) is slightly above that predicted by the Charpy (85% shear) due to the 10-mm (0.406-in.) thickness of the DWTT.
The two lengths through which the cleavage fracture propagated exhibited DWTT shear areas of 10 and 17%. This is
consistent with the fracture appearance of 12 and 25% shear, respectively, for the two pipe lengths.
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Fig. 25 Charpy V-notch impact energy and DWTT data for a failure in 915-mm (36-in.)
outside-diameter × 10-mm (0.406-in.) wall-thickness API, grade X52, pipe. A length,
ductile-fracture arrest; B and C lengths, cleavage-fracture propagation
In the opposite direction, the fracture propagated through parts of three lengths as a cleavage fracture and arrested in the
middle of a pipe length as a tearing shear fracture. The Charpy and DWTT curves for the three pipe lengths are shown in
Fig. 26. The DWTT predicts that the fracture appearance in all three lengths would be cleavage, as observed. The Charpy
curves are in agreement, with the exception of length B, which exhibits an 85% SATT below the failure temperature. This
discrepancy is probably due to thickness effects.

Fig. 26 Charpy V-notch and DWTT test data for failure in a 915-mm (36-in.) outsidediameter × 10-mm (0.406-in.) wall-thickness API, grade X52, pipe. A length, cleavage
arrest; B and C lengths, cleavage-fracture propagation
Comparing the energy available to drive the cleavage fracture with the energy absorbed in the fracture process, it is
apparent that the cleavage-fracture arrest is to be expected. The energy U available to drive the fracture in length A (the
cleavage-fracture arrest length) is determined by (Ref 4):
U=

σ 2π R (33250) 2 π 1.5
=
= 174 ft.lb / in ²
E
30 x 106

(Eq 2)

where σ = 750(18)/0.406 = 33.25 ksi hoop stress (229.3 MPa), E = 3 × 104 ksi (2.07 × 105 MPa), and R is the pipe radius
(457 mm, or 18 in.). The energy absorbed in the fracturing process can be determined from the Charpy energy at the shear
area equivalent to the fracture appearance of the failed pipe (Ref 4). The average fracture appearance of the failed pipe
was 22% shear. The Charpy energy at 22% shear is 19 J (14 ft · lb); converting this to Joules per square centimeter by
dividing by the Charpy specimen area, the energy per unit area is 36 J/cm2 (169 ft · lb/in.2). Thus, the energy available to
drive the cleavage fracture is very close to the energy absorbed in the fracture process, and the fracture arrest is highly
probable.
Cleavage fractures have been observed to arrest in several ways. In pipe lengths with low transition temperatures,
cleavage fractures turn to ductile fractures and arrest. Cleavage fractures have also arrested at an abrupt change in cross
section, such as the transition to a forged tee or flange or at a road crossing casing, and by encountering a pipe length with
sufficient energy-absorption capacity so that there is insufficient energy to drive the fracture.
A second mode of fracture propagation and arrest is ductile-fracture propagation and arrest. There have been several
service failures in which ductile fractures have propagated up to 305-m (1000-ft) total length and then have arrested. In
these failures, a single fracture propagated axially along the pipe. The fractures that have propagated unstably have
generally propagated on the top of the pipe. The scatterband of the Charpy V-notch curves for one failure involving 914mm (36-in.) diam pipe is shown in Fig. 27. The Charpy curves from the two lengths in which the fracture arrested are also
shown. This fracture occurred at a hoop stress level of 307.6 MPa (44.6 ksi), and the total fracture length was 259 m (850
ft). All of the transition temperatures were below the operating temperature; therefore, the fractures were all ductile.
Because the Charpy plateau energy was relatively low in the propagate lengths, unstable ductile-fracture propagation
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occurred. The fracture arrested in the end lengths. The two-thirds thickness Charpy data indicate that ductile fractures
propagated through lengths having 15- to 17-J (11- to 12.5-ft · lb) upper plateaus and arrested in pipe lengths with 19- and
30-J (14- and 22-ft · lb) plateaus. This type of failure indicates that material with a low transition temperature may not
provide fracture control unless consideration is also given to the toughness level of the material. Equation 3 (Ref 5)
provides an approximate relationship for estimating the Charpy V-notch plateau energy required for ductile-fracture arrest
in various diameters, wall thicknesses, and stress levels between 60 and 80% of the specified minimum yield stress in gastransmission pipelines:
CVN = 0.0108 σ2 (Rt)1/3

(Eq 3)

where CVN is the Charpy V-notch plateau energy (in foot-pounds) for a 10- × 10-mm (0.4- × 0.4-in.) specimen, σ is the
hoop stress (in kips per square inch), R is the pipe radius (in inches), and t is the pipe wall thickness (in inches).

Fig. 27 Charpy V-notch impact data for pipe lengths in which ductile fracture
propagated and arrested. End A, fracture arrest; End B, fracture arrest
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Failures of Bridge Components
John W. Fisher, Fritz Engineering Laboratory, Lehigh University

Introduction
FROM 1960 TO 1986, a number of localized failures developed in steel bridge components due to fatiguecrack propagation. which resulted in some instances in brittle fracture from crack instability. More than 200
bridge sites have developed one or more types of cracking. Several types of cracking have often developed at a
single site because of the existence of different details on several types of structures (Ref 1, 2).
The largest category of cracking is a result of out-of-plane distortion in a small gap, which is usually a segment
of a girder web. When distortion-induced cracking develops in a bridge component, large numbers of cracks
usually form nearly simultaneously in the structural system because the cyclic stress is high and the number of
cycles needed to produce cracking is relatively small. Displacement-induced fatigue cracking has developed in
a wide variety of bridge structures, including suspension, two-girder floor-beam, multiple-beam, tied-arch, and
box-girder bridges. In general, the cracks formed in planes parallel to the stresses from loading and were not
detrimental to the performance of the structure provided they were discovered and retrofitted before turning
perpendicular to the applied stresses.
The next largest category of cracked members and components comprises large initial defects and cracks. In
several cases, the defects in this category resulted from poor-quality welds that were produced before
nondestructive test methods were well developed. However, the largest number of this type of crack resulted
because the groove-welded component was considered a secondary member or attachment; consequently, weldquality criteria were not established, and nondestructive test requirements were not imposed.
Most of the remaining cracks resulted from the use of low fatigue strength details that were not anticipated to
have such low fatigue resistance at the time of the original design.
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Details and Defects
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Low Fatigue Strength Details. The possibility of fatigue cracks forming at the ends of welded cover plates was
demonstrated at the American Association of State Highway Officials (AASHO) Road Test in the 1960s (Ref 3).
Multiple-beam bridges subjected to relatively high stress-range cycles ( ; 83 MPa, or 12 ksi) under controlled truck
traffic experienced cracking after 500,000 vehicle crossings. In general, few cracked details were known to exist until a
cracked beam was discovered in Span 11 of the Yellow Mill Pond Bridge in 1970 (Fig. 1). Between 1970 and 1981, the
Yellow Mill Pond multibeam structures located at Bridgeport, CT, developed extensive numbers of fatigue cracks at the
ends of cover plates (Ref 1). These cracks resulted from the large volume of truck traffic and the unanticipated low
fatigue resistance of the large cover-plated beam members (Category E′) (Ref 4).

Fig. 1 Cracked girder at the end of the cover plate.
Several other Category E or E′ details have experienced fatigue cracking at weld termination (Ref 1). The crack shown in
Fig. 2 typifies these structures and this type of cracking. It originated at the end of a longitudinal fillet weld that was used
to attach a 0.9-m (3-ft) long lateral connection plate to the edge of a flange.

Fig. 2 Crack at the end of the lateral connection plate.
The Yellow Mill Pond Bridge was constructed in 1956–1957 and was opened to traffic in January 1958. In OctoberNovember 1970, the steel superstructure of the Yellow Mill Pond Bridge was inspected after cleaning and repainting. On
November 2, 1970, during a routine inspection of the repainting, it was discovered that a crack had developed in the

eastbound roadway in Span 11. The crack started at the end of the cover-plated beam; it propagated through the flange
and up to 400 mm (16 in.) into the web of one of the main girders (Fig. 1).
Additional cracks, such as that shown in Fig. 3, were detected between 1970 and 1981. The entire structural complex was
retrofitted in 1981 by peening the weld toe at small cracks or uncracked details and by installing bolted splices at large
cracks.

Fig. 3 Typical large crack at the weld toe at the end of the cover plate.
The eastbound and westbound bridges of Span 10 were selected for two major stress-history studies. The state of
Connecticut and the Federal Highway Administration (FHWA) conducted both studies, the first in July 1971 (Ref 5) and
the second between April 1973 and April 1974 (Ref 6). Figure 4 shows a typical stress histogram for the westbound lanes.
The truck distribution and its position in the lanes were also concurrently recorded, and their weights were sampled. Some
additional measurements were made in 1976 (Ref 7). The composition of the average daily truck traffic (ADTT) at the
Yellow Mill Pond Bridge was about the same as the gross vehicle weight distribution developed from the 1970 FHWA
nationwide Loadometer survey. From January 1958 to June 1976, approximately 259 million vehicles crossed the
structure. Approximately 13.5% of this total flow was truck traffic. Therefore, approximately 35 million trucks crossed
the eastbound and westbound bridges between 1958 and 1976.

Fig. 4 Stress-range histograms.
The measurements acquired in June 1971, from April 1973 to April 1974, and in June 1976 were used to construct
composite stress-range response spectra. Miner effective stress-range values SrMiner were determined for the gage locations
(Ref 7):
SrMiner = [Σαi Sri3 ]1/3 = 13.6 MPa (1.98 ksi)
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where αi is the frequency of occurrence of stress-range level sri. The measurements indicated that the effective stress range
in other girders varied from 7.6 to 13.6 MPa (1.1 to 1.98 ksi). Those beams located under the outside lane tended to
provide the higher stress-range values.
An examination of the stress response to the passage of a truck also indicated that more than one stress cycle occurred.
The variable stress spectrum appeared to correspond to about 1.8 events per truck. This corresponded to 62.8 × 106 cycles
if it were applied to each vehicle passage.
During 1981, cores were removed from several of the beams to examine the crack surfaces and the retrofit conditions
conducted in 1976. Figure 5 shows the center of a polished-and-etched core, and the crack at the weld toe can be seen to
extend more than halfway through the beam flange. The crack surface of the core was exposed and examined with the
electron microscope. Because the surface was relatively clean and not extensively corroded, the crack-surface features
were not destroyed. Figure 6 shows a transmission electron microscopy (TEM) fractograph at a magnification of 56,000×
at the crack tip, which was 16 mm (0.63 in.) deep. Striationlike features are visible on the crack surface at various
locations. The random variable loading produced striations of variable height and spacing.

Fig. 5 Polished-and-etched core showing a fatigue crack in the beam flange.

Fig. 6 TEM fractograph showing fatigue-crack growth striations. 39,000×
The cracks forming at the cover-plate weld toes were modeled as semielliptical surface cracks in the flange (Ref 1). The
stress intensity K was defined as (Ref 7):
K = FeFsFwFgσ π a
where

With z = 16 mm (0.63 in.), tf = 32 mm (1.26 in.), tcp = 32 mm (1.26 in.), ai = 0.75 mm (0.03 in.), and ΔσMiner = 13 MPa
(1.9 ksi), the number of cycles N required to grow a fatigue crack 25 min (1 in.) deep was estimated at:

This is in reasonable agreement with the larger fatigue cracks that formed between 1958 and 1976 when an estimated 35
million trucks crossed the bridges. It is also compatible with the experimental data on full-scale cover-plate beams (Ref 4,
8).
Large initial defects and cracks constitute the second largest category of cracked members and components. In several
cases, the defects resulted because of poor-quality welds that were produced before nondestructive test methods were well
developed. A larger number of these cracks resulted because the groove-welded component was considered a secondary
member or attachment; therefore, weld-quality criteria were not established, and nondestructive test requirements were
not imposed on the affected weldment. Splices in continuous longitudinal stiffeners represent a common condition that
falls into this category. A related condition has occurred when backing bars were used to make a groove weld between
transverse stiffeners and a lateral gusset plate. Lack of fusion often exists adjacent to the girder web in the transverse
groove welds. If the transverse welds intersect with the longitudinal welds, they provide a path for a crack to enter the
girder web.
Cracks were discovered at the vertical buttweld detail at haunch inserts (Fig. 7a). One of these cracks extended 1.1 m (44
in.) into the girder web along a diagonal line starting from the vertical butt-weld detail.
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Fig. 7 Crack at a vertical butt weld. (a) Schematic showing insert and crack location. (b)
Typical crack at a vertical groove weld. Source: Ref 9
The fatigue cracks that developed propagated from large initial weld imperfections or inclusions in the short transverse
groove welds at the ends of the parabolic haunch inserts in the main girders (Fig. 7b). Of 24 welded details, 7 had cracked
by 1973.
In November 1973, a large crack was discovered in the south facia girder of the suspended span in the center portion of
the Quinnipiac River Bridge (Ref 10). The bridge had experienced approximately 9 years of service life before discovery
of the crack. Figure 8(a) shows the crack that developed in the south facia girder web. The crack propagated
approximately to mid-depth of the girder and penetrated into the bottom flange of the girder before it was discovered. A
second crack was detected toward the midspan about 9 m (29 ft) from the cracked section. This crack severed the stiffener
but did not propagate through the web. Figure 8(b) shows this crack at the time it was detected.

Fig. 8 Cracks in the Quinnipiac River Bridge after 9 years of service. (a) Crack in the
girder web at the longitudinal stiffener groove weld. (b) Crack in the longitudinal stiffener
weld
A detailed study of the fracture surface was made on pieces that were removed from the section (Ref 10). This indicated
that the fracture initiated at the unfused butt weld in the longitudinal stiffener.

Cracks that have developed in the web at lateral connection plates have generally occurred as a result of intersecting
welds. The lateral connection plate is often framed around a transverse stiffener. It was used to connect diaphragms and
lateral bracing members to the longitudinal girders of bridges.
One of the first bridge structures to exhibit this cracking was the Lafayette Street Bridge over the Mississippi River at St.
Paul, MN (Ref 11). Figure 9 shows the cracked girder at the detail attached to the web. The primary problem was the
large defect in the weld attaching the lateral connection plate to the transverse stiffener. Because this weld was
perpendicular to the cyclic stresses and because the weld intersected with the vertical welds attaching the stiffener to the
web and the longitudinal welds of the connection plate, a path was provided into the girder web. A detailed study
indicated that the crack originated in the weld between the gusset plate and the transverse stiffener as a consequence of a
large lack-of-fusion discontinuity in the welded connection. Figure 10 shows a schematic of the crack surface. The
intersecting welds at the corner permitted the transverse crack to penetrate into the girder web.

Fig. 9 Cracked girder at the Lafayette Street Bridge.
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Fig. 10 Schematic of crack-growth stages.
Typical of the cracks that have developed in flange groove welds is the splice in the cover plate at thickness transitions
(Fig. 11). Numerous cracks caused by lack of fusion have been detected in groove welds (Fig. 12). In general, these
cracks formed because of lack of fusion at the root (land) of the groove weld. Regarding Fig. 11, it is probable that the
single-U groove weld was made using the beam flange as a backup. Figures 12 and 13 show a double-V groove weld
made in the same era with lack of fusion at the root.

Fig. 11 Cracked groove weld in the cover plate.

Fig. 12 Lack-of-fusion defect in the flange groove.

Fig. 13 Polished-and-etched section showing lack of fusion.
The design stress range at the cracked groove welds like that shown in Fig. 11 varied between 58.6 and 78.6 MPa (8.5 and
11.4 ksi). Total truck traffic crossing the structure was estimated at 15.7 million vehicles.
The actual service stresses were not available. However, the effective stress range can be estimated by assuming that the
daily truck traffic corresponds to the nationwide distribution (Ref 12). The effective stress range becomes:

An effective stress range of 14 to 21 MPa (2 to 3 ksi) is probable, because the factor γi is between 0.25 and 0.4. Assuming
one stress cycle for each vehicle passage and no significant changes in total truck traffic between 1958 and 1980, the
result would be 15.7 × 106 random variable stress cycles corresponding to the Miner effective stress range.
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The probable size of the initial crack ai is likely to be about 6 mm (0.25 in.). Because the cover plate is connected to the
flange only along the edges, the applicable stress-intensity factor for an edge crack is:

where tf is the thickness of the thinner plate at the groove-weld splice. The predicted cycles of stress are given by:

With ai = 6 mm (0.25 in.), SrMiner = 14 MPa (2 ksi), and af = 12.5 mm (0.5 in.), a predicted life of 16 × 106 cycles results.
Penetrations Through Box-Girder Webs. A related lack-of-fusion type of defect and crack among the most severe that has
been encountered has occurred at details where a plate component was inserted through an opening cut into girder webs.
The resulting detail was usually welded into place with either fillet or groove welds. In either case, large cracks resulted at
the edge of the flange plate where short vertical weld lengths resulted with large unfused areas.
A large crack in one of the steel box bents (rigid frames) supporting the elevated track of Chicago's Mass Transit Dan
Ryan Line was discovered on January 4, 1978 (Ref 13). Subsequent inspection showed that two adjacent bents were also
cracked.
The bents have a box-shaped cross section consisting of two column legs and a horizontal box member (Fig. 14). The top
flanges of the plate girders pass over the top flanges of the boxes. The bottom flanges pierce the boxes through flame-cut
slots near the bottom of the box side plates. In the cracked bents, the bottom flanges were welded to the box-girder web.

Fig. 14 Section of box-girder bent showing the location of the crack.
The initial field examination of the fracture indicated that all of the cracks started at the welded junction of the plate
girder flange tip to the box side plate (Fig. 15). All three cracks completely severed the bottom flange of the box girders
and the webs.

Fig. 15 Cracked box girder.
The crack surfaces of the side plates of the box girders adjacent to the flange tip were examined. Chevron markings found
on the fracture surface indicated that the crack originated near the tip of the girder flange. Figure 16 shows a photograph
of one fracture surface. The overall crack surface shows that the weldment connecting the flange tip to the box had a large
lack-of-fusion area. Paint that had penetrated from the inside of the box was found in some of these areas. The largest
lack-of-fusion area was about 18 × 83 mm (0.70 × 3.27 in.) and was approximately elliptical. Fatigue-crack propagation
was detected at the inside and outside web surfaces (Ref 14).
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Fig. 16 Fracture surface of the web plate.
Reaction diaphragm plates were also passed through box-girder webs (Fig. 17). Backup bars were used to make the
groove welds between the girder webs and the insert plate (Fig. 18). Figure 19 shows a core removed from the box-girder
web and reveals the crack that propagated from the initial flaw condition provided by the backup bar and slag at the root.
Several bridges with these types of details have experienced fatigue-crack growth that was visible after 1 or 2 years of
service.

Fig. 17 Steel pier-cap section showing reaction brackets passing through the web.

Fig. 18 Schematic of the lack-of-fusion crack from the backup bar.

Fig. 19 Investigation of cracking of a box-girder web. (a) Hole resulting from removal of
the core. (b) Polished-and-etched surface showing crack, slag, and lack of fusion
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Out-Of-Plane Distortion
At least 100 bridge sites have developed fatigue cracks as a result of out-of-plane distortion in a small gap (Ref 1). Most
often, this was a segment of a girder web. When distortion-induced cracking develops in a bridge, large numbers of
cracks usually form before corrective action is taken because the cyclic stresses are often very high. As a result, many
cracks form simultaneously in the structural system. Other types of cracking, such as a low fatigue strength detail or a
large built-in detect, often result only in a single significant crack at a given bridge. Other potential crack locations can be
identified and retrofitted before significant damage develops elsewhere.
Displacement-induced fatigue cracking has developed in such diverse structures as suspension bridges, two-girder floorbeam bridges, multiple-beam bridges, tied-arch bridges, and box-girder bridges. Cracks have formed mainly in planes
parallel to the stresses from loading; therefore, these cracks have not been detrimental to the performance of the structure
provided they were discovered and retrofitted before turning perpendicular to the applied stresses from loads. In some

structures, the cracks have arrested when located in low-stress areas, and the crack has served to relieve the restraint
condition.
Floor-Beam-Girder Connection Plates. One of the earliest and most common sources of fatigue cracks from distortion is
the cracking in the web gaps at the ends of floor-beam connection plates (Ref 15, 16). These cracks have occurred in the
web gap near the end reactions (Fig. 20) when the floor-beam connection plate was not welded to the bottom tension
flange. However, the most extensive cracking is in the negative-moment regions of continuous bridges where the
connection plate was not welded to the top flange of the girder.

Fig. 20 Crack along the web-flange weld toe at the end reaction.
The cracking illustrated in Fig. 20 and 21 has occurred in skewed, curved, and right bridges. Generally, it is more severe
and occurs earlier in skewed and curved structures.

Fig. 21 Cracking in floor-beam-girder connection plates. (a) Cracks in the outside web
surface. (b) Cracks from the inside web surface
Strain measurements have verified that the primary cause of the cracking is the out-of-plane movement at the end of the
connection plate (Fig. 22). Figure 23 shows the stress gradient that was observed in one bridge structure (Ref 15, 16). The
end rotation of the floor beam develops from bending of the floor beam and differential vertical movement between its
two ends. The end rotation forces the web out-of-plane in the gap between the end of the connection plate and the webflange weld.
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Fig. 22 Distortion in the web gap. M, bending moment; L, gap between surface of flange
and weld to web

Fig. 23 Measured street gradient in the web gap.
Retrofit procedures for existing structures (Ref 1) have included removing a segment of the connection plate to increase
the length of the web gap and welding or bolting the connection plate to the tension flange. Drilling holes to arrest the
crack has provided only a temporary solution.

Multiple-Girder Diaphragm Connection Plates. Diaphragms and cross-frames in multiple-beam bridges often provide
conditions at the transverse connection plates on the longitudinal girders to which they are connected that are similar to
those of the floor-beam-girder connection plate. Generally, the diaphragms and cross-frames are connected to transverse
stiffeners that are welded to the girder web. No connection has been provided between the stiffener and the girder tension
flange. Sometimes, these stiffeners are not attached to either flange. Because adjacent beams deflect differing amounts,
the differential vertical movement produces an out-of-plane deformation in the web gap at the stiffener ends that are not
attached to the beam flange. The magnitude of this out-of-plane movement depends on the girder spacing, skew, and type
of diaphragm or cross-frame. In general, skewed bridges undergo larger relative vertical movement of adjacent girders,
which results in larger out-of-plane movement in the web gap.
Various types of diaphragms and girder spacings have resulted in this type of cracking. The diaphragms have ranged from
simple X-bracing using angles to more rigid rolled sections.
Figure 24 shows a five-girder bridge with relatively stiff diaphragms composed of a blocked rolled beam with haunched
ends. Cracks formed in the web gap along the web-flange weld toe (Fig. 25). In all but one highway bridge, these cracks
have been confined to the negative-moment region where the top flange is in tension. The slab has provided greater fixity
to the top flange, and the adjacent web has experienced more deformation and has cracked first.

Fig. 24 Diaphragms and girders in a continuous-span structure.
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Fig. 25 Crack along the web-flange weld.
A more flexible diaphragm has been the X-type cross-frame shown in Fig. 26. Cracking has developed in the negativemoment region (top flange in tension) of continuous-span structures in the web gap (Fig. 27). The transverse stiffener to
which the X-bracing was attached was not welded to the tension flange. This permitted the occurrence of out-of-plane
displacement in the web gap and the formation of cracks along the web-flange weld and at the end of the connection
plate.

Fig. 26 View of bracing and girders.

Fig. 27 Fatigue cracks along the web-flange weld and at the end of the connection plate.
Several simple-span railroad and mass-transit bridges with relatively rigid diaphragms have developed cracks in the web
gap adjacent to the bottom flange (Fig. 28). These structures were usually skewed, with the diaphragms placed
perpendicular to the longitudinal girders. Cracking was initially observed at the ends of the transverse connection plate,
which was cut short of the tension flange by 25 to 50 mm (1 to 2 in.). Cracking has since developed along the web-flange
weld.

Fig. 28 Crack in the girder web at the bottom of the transverse connection plate.
Tied-Arch Floor Beams. A number of tied-arch structures have been built with the floor beams framed into the tie girder
with web shear connection alone. The tie girder is a bending tie that is deeper than the floor beams. No direct connection
was provided between the floor-beam flange and the tie girder. In several older structures, the floor-beam end connections
were riveted double angles attached to the floor-beam web, with the outstanding legs riveted to the tie girder. More
recently, constructed arches have utilized welded transverse connection plates on the tie-girder webs. The floor beams
have been bolted to the welded transverse connection plate.
Cracks have formed in the floor beams of structures with either riveted end connections or welded transverse connection
plates. The cracks have formed in the floor-beam web along the web-flange connection at the floor-beam web gap
between the end of the connection angles or at the end of the welded connection plates. These cracks extended parallel to
the floor-beam flange along the length of the web gap, then began to turn and propagate toward the bottom flange.
Figure 29 shows a crack that formed in the floor-beam web above the end of the riveted angle end connection. Visual
observation showed that a horizontal displacement in the direction of the bridge developed between the tie girder and the
top flange of the floor beam at the end connection. This relative movement produces out-of-plane deformation in the
small web gap between the end of the floor-beam angle end connection and the top flange of the floor beam.
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Fig. 29 Cracking in a floor-beam web above the end of the riveted angle end connection.
(a) Floor beam/tie girder connection. (b) Crack along the web-flange weld above the end
connection
At least eight tied-arch structures have experienced cracking in the floor beams along the web-flange connection of the
top flange. In some of these structures, the stringers rested on the top of the floor-beam flange; in others, the stringers
framed into the floor beam.
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Failures of Locomotive Axles
George F. Vander Voort, Carpenter Technology Corporation

Introduction
FAILURES OF LOCOMOTIVE AXLES caused by overheated traction-motor support bearings are discussed
in this article. These failures are of interest because the analysis shows an example of what can be done when
the fracture face and origin are destroyed during the failure incident. In most failure analyses of broken
components, it is generally assumed that conclusive results cannot be obtained if the fracture and the fracture
origin cannot be identified and examined. In many failures this is true. However, the failures described in this
article possess some unique characteristics that permit successful analysis despite the lack of a preserved
fracture face and origin.
Failures of locomotive axles due to overheated friction bearings are rather common in the railroad industry and
have been observed for more than 100 years. Because of this, such failures are usually diagnosed merely by
visual inspection of the damage. Comprehensive metallographic studies, therefore, are not done and have not
been accurately documented in the open literature for many years. However, detailed analysis of such failures
reveals a number of significant features.
Failures of Locomotive Axles
George F. Vander Voort, Carpenter Technology Corporation

Background
Friction bearings have been used for many years and are perfectly adequate if they are lubricated. The bearing
is essentially a bronze cylinder lined with babbitt metal. Typically, the bronze alloy composition is close to Cu16Pb-6Sn-3.5Zn, while the babbitt composition is usually Pb-3.5Sn-8-11.5Sb. A window is cut into the bearing
and packed with cotton waste, which trails down to an oil reservoir. Oil is drawn up the wick during service to
lubricate the contacting surfaces.
Friction-bearing failures due to overheating have been examined by the metallurgist for many years. Perhaps
the earliest example, documented in 1914, involved a failed Krupp railroad axle (Ref 1). The study revealed a
rather complex crack pattern, evidence of exposure to very high temperatures, and ruptures in the overheated
region. Bronze bearing metal was observed in the cracked surface region located beneath the support bearing.
The bearing metal was molten when it penetrated the axle. In addition, the railroad that submitted the failed

axle had tried to remove surface evidence of overheating. Also mentioned was earlier work that had been done
on broken axles that were overheated. In each of these cases, small particles of bearing metal had penetrated the
axle in the overheated region.
In 1944, a review was published of railroad-car axle failures due to the absorption of molten copper (Ref 2).
Most axle-journal failures occurred near the wheel hub, an area of high stress and temperature. A broken axle
was shown in which the fracture was not destroyed after breakage had occurred. From the surface inward, the
fracture surface was rough, indicating the depth of copper penetration. The central portion was smooth,
indicative of a fatigue fracture that ultimately led to failure. Color photomicrographs revealed a yellow grainboundary copper phase. It was pointed out that adequate lubrication is required to keep the operating
temperature of the contacting surface below the melting point of the bearing materials.
Two reports were issued—one in 1947, the other in 1954—concerning copper-penetration axle failures and the
use of nondestructive testing to detect surface cracks in such failures (Ref 3, 4). The 1947 paper (Ref 3)
discusses twist-off failures due to overheated bearings. This failure mode is referred to as a hot-box in railroad
terminology. Almost all axle-journal failures were claimed to be attributed to intergranular embrittlement of the
steel by molten brass or copper. The steel in contact with the bearing must be heated to a temperature above the
melting point of the brass journal bearing and must be under a stressed condition. Experiments were performed
1
2

with 13-mm ( -in.) diam medium-carbon steel, loaded as cantilever beams. Samples heated to 925 °C (1700
°F) ran for hours without failure at 1750 rpm. However, the instant they were wetted with molten brass,
catastrophic failure occurred. These samples were loaded above the yield point of the steel at 925 °C (1700 °F).
Samples were also treated in the same manner, but the load was removed before complete rupture occurred.
Microscopic analysis showed that molten brass entered the steel in a narrow canyon at the surface, then spread
out in a delta pattern.
The 1954 report (Ref 4) studied two failed railroad axles (from the Macon, Dublin & Savannah and the Chicago
& Northwestern Railroads) with evidence of copper penetration. The axle from the Macon, Dublin & Savannah
Railroad had gross cracking with visible copper-colored material in the cracks. Spectrographic analysis of
samples from both axles containing copper penetration revealed that the major constituents were copper and
lead with a minor amount of tin. These elements are the major constituents of the bronze friction bearing. The
copper-penetration failure occurred in the following sequence:
•
•
•
•

The bearing surface was heated by friction because of loss of lubrication
The babbitt metal lining melts between about 240 and 315 °C (465 and 600 °F) and wets the surface, but
penetration does not occur
The babbitt metal is displaced, possibly by mechanical action or volatization
The bronze backing is heated to its melting point (900 to 925 °C, or 1650 to 1700 °F) and penetrates the
axle, causing failure

In 1959, the New York Central Railroad Company studied copper penetration in overheated journals (Ref 5).
Two types of failures were observed. The first type, referred to as a burn-off, is indicative of a single
continuous heating to failure due to penetration of bearing metals into journals at elevated temperatures. The
second type, referred to as a cold break, also results from overheating, but is a two-stage failure process. These
fractures exhibit an outer circumferential zone of irregular detail with evidence of thermal checks and
intergranular separation and an inner fracture zone typical of a progressive-type fatigue fracture. In both cases,
copper from the bronze-backed journal bearings was absorbed intergranularly into the hot steel journal. A
surface analysis for copper indicated that the copper content exceeded the residual copper content of the steel to
a depth of 1 mm (0.040 in.). A metallographic study confirmed the presence of grain-boundary copper
penetration in the affected surface layer. This work was subsequently published (Ref 6).
An important source of information on copper-penetration failures is the reports of the Committee on Axle and
Crank Pin Research, formed at the 1949 annual meeting of the Association of American Railroads (AAR). A
major problem faced by this group concerned the decision to scrap or to recondition overheated axles.
Overheating can result from loss of lubrication of either friction or roller bearings and possibly from other
mechanical problems. Because the number of overheated axles per year was considerable, outright scrapping of
all overheated axles represented a significant expense.
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In the 1951 proceedings of the AAR, two types of overheating failures were described (Ref 7). One type of
burn-off failure exhibited a necked-down, elongated fracture that generally displayed large surface ruptures.
The diameter may be necked down to half its original size before the axle twists off. Copper penetration is not
observed in these failures. In the second type of overheating failure, the fracture is flat across the section with
no reduction in diameter. Copper penetration and thermal cracks are usually found to be present in this type of
failure. The Union Pacific Railroad reported that when hot steel and copper are in contact, the steel is affected
by the copper and breaks sharply without a reduction in diameter. The Atcheson, Topeka & Santa Fe Railroad
reported that when an axle that is necked down and elongated is inspected, the brass is usually broken, and most
of the journal brass is usually intact in the box.
In 1951 and in 1953, the Delaware, Lackawana & Western Railroad reported a revealing test (Ref 7, 8). A noncopper-containing (cast iron) bearing that was not lubricated was placed on one side of the axle, while a
lubricated copper-base bearing was put on the other side. The car (a hopper car with a 63,500-kg, or 140,000-lb,
load) was run for 108 km (67 miles) without burning off the journal, although it was red hot. The lubrication
was then removed from the bronze bearing at the other end of the axle. The car traveled 55 km (34 miles)
before the journal broke under the bronze bearing due to copper penetration (Ref 7). The journal under the
nonlubricated cast iron bearing was still red hot, but had not broken.
The 1952 AAR proceedings discussed stress measurements made on a new 140- × 250-mm (5

1
2

× 10-in.)

standard black-collar freight-car axle fabricated from AAR M-126-49, grade F, steel (Ref 9). Strain gages were
placed at five locations, and the journal loads were 69 to 138 MPa (10 to 20 ksi), with speeds from 65 to 135
km/h (40 to 84 mph). Results showed that the dynamic stresses on the journals were very low, in most cases
less than one-half the level of stress at the wheel seat.
In this meeting, there was considerable discussion on the reuse of overheated axles. It was thought that if the
bearing lining were melted out but surface cracks were not observed, the axle could be safely returned to
service. However, when cracks were detected, it was thought that the axle surface could not be turned down to
remove the crack without going below the minimum allowable diameter.
The Pennsylvania Railroad favored the scrapping of overheated axles when the babbitt metal was melted out.
Experience indicated that about 90% of the overheated axles contained cracks that could not be turned out
within the minimum diameter tolerance permitted. The expense of turning down all overheated axles when only
10% could be salvaged was concluded to be unjustifiable. The Southern Railway reported that 85% of its
broken axles had been turned down previously, indicating that they had been overheated in earlier service.
Removal of the cracking was concluded to be insufficient to guarantee that the axle was safe for additional
service. The Atcheson, Topeka & Santa Fe Railroad reported on tests conducted using 19- to 25-mm (

3
4

to 1-

in.) diam miniature journals that were heated, loaded, and subjected to melted bearing metal. The tests resulted
in the type of break that 99 out of 100 burn-off journals show, and 99% of the journals exhibited copper
penetration.
The 1952 proceedings (Ref 10) contained additional information on the Laudig iron-backed journal bearing that
was developed to overcome the copper-penetration problem encountered with bronze-backed bearings. The
Laudig journal bearing was recommended as an alternative to the bronze-backed journal (AAR M-501-48). In
1950, six railroads applied 600 test bearings successfully.
In the 1956 AAR proceedings (Ref 11), the Baltimore & Ohio Railroad stated that at least three factors must
exist to cause copper-penetration fractures:
•
•
•

A bearing that contains a metal or metals that will diffuse into the axle material in the grain boundaries
Heat of the proper range
Stress

Wetting of the axle surface was considered to be a possible fourth prerequisite. A comprehensive, cooperative
study was suggested to solve the problem of copper-penetration fractures. The Chesapeake & Ohio Railroad
reported on an investigation that began in 1952 to determine what could be done to reduce or eliminate wrecks
and hot-boxes due to defective journals. The railroad developed a journal-inspection car that used ultrasonic
inspection. During preliminary testing of this device, a cracked axle was found under a loaded car that was
ready to be dispatched. The axle was removed and broken open. The crack had penetrated about an inch from

the surface of the journal around approximately one-half of the axle circumference. Subsequent use of this
inspection car showed that about one defective axle was found for every 580 cars inspected, based on
inspection of about 70,000 cars. Testing of cars owned by other railroads revealed that about 40% of the axles
tested were defective.
As a result of axle failures due to copper penetration, the AAR conducted a study to determine the effects of
refined copper or alloyed copper on axles under hot-box conditions (Ref 12). The study attempted to answer the
often raised question of whether the copper is a precursor of axle failure or is a post-fracture phenomenon, that
is, does the molten copper flow into the grain boundaries and cause failure or does the molten copper flow into
3
4

stress cracks after failure. In these tests, 19-mm ( -in.) diam centerless-ground AISI 1045 carbon steel samples
were left bare or wrapped with 0.13-mm (0.005-in.) thick copper foil and held in place with fine copper wire. In
some tests, wrapping was done with 70Cu-30Zn. Specimens that fractured in the presence of brass failed
suddenly and had sharp fracture faces; that is, no neckdown resulted. Copper penetration was found in these
samples. The temperature above which failures occurred decreased as the applied bending stress increased. As
the temperature increased, the probability of fracture increased.
Two distinct fracture modes were observed in these tests. When the failed samples exhibited reduced diameters
(necking), evidence of twisting and the presence of cavernous cracks and fissures were due to high-temperature
fatigue in an oxidizing atmosphere. When a brittle failure occurred, that is, a sharp, well-defined fracture,
microscopic examination showed copper or brass in the grain boundaries. This type of fracture occurred at
temperatures above the melting point of the penetrating metal. The penetration followed grain-boundary paths,
as in stress-corrosion cracking (SCC). Branching of the penetration was found in the grain structure of several
specimens. Copper penetration was as deep as 10 mm (0.4 in.) below the surface.
There is a considerable body of published information that shows that steels will fail by grain-boundary
penetration of molten copper. The following conditions are required:
•
•
•

Presence of applied tensile stress
Wetting of the steel surface by molten copper
Heating of the steel substrate to temperatures high enough to austenitize the steel

The failure of railroad axles due to the overheating of bronze-backed bearings has been well documented. It is
well recognized that the steel used in these axles is sensitive to liquid-metal embrittlement (LME) by molten
copper when the steel surface is heated above the austenitizing temperature by frictional heat due to loss of
lubrication. Stress is present in the axle at this location due to the weight of the traction motor, but the stress
level is less than one-half that at the gear seat.
Overheating of friction bearings results in LME and failure of the axle. Liquid-metal embrittlement is a
complex phenomenon; the example described in this article is only one form of LME. Because of the different
forms of LME that can occur, a brief review of the nature of LME is presented.
Liquid-metal embrittlement is a phenomenon in which the ductility or fracture stress of a solid metal is reduced
by exposure of the surface to a liquid metal (Ref 13). The subject has been extensively reviewed (Ref 13, 14,
15, 16, 17, 18), and specific aspects have been reported in numerous scientific papers. The first recorded
recognition of the problem was made in 1914 by Huntington, who observed the embrittlement of α-brass by
mercury (Ref 19). Since then, LME has been identified in numerous failure analyses that include some notable
cases: damage to aircraft by liquid-gallium embrittlement of aluminum and the embrittlement of stainless steel
piping by molten zinc.
References 13, 14, 15, 16, 17, 18, and 19 have helped to eliminate some of the confusion in the literature
regarding LME. This confusion is partly due to the existence of several different forms of LME. Four distinct
forms have been identified (Ref 13):
•
•

Instantaneous fracture of a particular metal under an applied or residual tensile stress when in contact
with particular liquid metals. This is the most common type of LME
Delayed failure of a particular metal in contact with a specific liquid metal after a certain time interval at
a static load below the ultimate tensile stress of the metal. This form of LME is related to grainboundary penetration by the liquid metal and is less common than the first form
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•
•

Grain-boundary penetration of a particular solid metal by a particular liquid metal such that the solid
metal eventually disintegrates. Stress is not a prerequisite of this form of LME in all observed cases
High-temperature corrosion of a solid metal by a liquid metal, causing embrittlement. This problem is
entirely different from the others

In some respects, LME is similar to SCC. However, SCC always requires a measurable incubation period
before fracture occurs. Hence, SCC is more similar to the second form of LME than to any of the other types.
Like SCC, LME is a rather perplexing subject since embrittlement is restricted to only certain combinations of
solid and liquid metals.
The following observations have been made regarding liquid metal/solid metal interactions (Ref 15):
•
•
•
•
•
•

•

No apparent interaction
Simple dissolution of the solid metal into the liquid metal
Simple diffusion of the liquid metal into the solid metal
Formation of intermetallic compounds at the liquid/solid interface
Intergranular penetration of the liquid metal into the solid metal without the presence of applied or
residual stress
Brittle, premature failure of the solid metal due to intergranular penetration of the liquid metal into the
solid metal under the influence of applied or residual tensile stress. Failure occurs after a finite
incubation period
Brittle, instantaneous failure of a stressed metal when a particular liquid metal is applied. Grainboundary penetration is not necessarily observed

The last three types of interactions are the prime forms of LME. Most studies of LME discuss the last type, the
instantaneous form of embrittlement, which is the most common form. Several authors refer to this form as
adsorption-induced embrittlement. Other authors prefer to consider LME as merely a special type of brittle
fracture and view the subject from a fracture mechanics approach.
A large number of metals and alloys can fail in this manner. Only specific liquid metals are known to embrittle
each specific metal or alloy. Indeed, this is one of the more perplexing aspects of LME, and some investigators
refer to this as specificity. Many of the studies of LME couples have involved tests consisting of only one
temperature and fixed conditions regarding stress, grain size, and so on (Ref 19). Until all possible couples have
been thoroughly studied using a wider range of test conditions, the specificity feature is of questionable validity
(Ref 20). In addition, the LME tests have generally been “go, no-go” type tests rather than quantitative
measurements of the degree of embrittlement.
The following conditions are required but are not necessarily sufficient to cause embrittlement (Ref 13):
•
•
•

Wetting of the solid metal substrate by a liquid metal must be adequate
An applied or residual tensile stress must be present in the solid metal
A barrier to plastic flow must exist in the solid metal at some point in contact with the liquid metal

Obviously, for failure to occur the liquid metal must be of the correct composition to cause LME of the
particular solid metal.
If the solid metal being embrittled is not notch sensitive, as in the case of face-centered cubic (fcc) metals, the
crack will propagate only when the liquid metal feeds the crack. In a notch-sensitive metal—for example, in a
body-centered cubic (bcc) metal, such as iron—the nucleated crack may become unstable and propagate ahead
of the liquid metal.
In cases of LME, crack-propagation rates can be extremely rapid. Indeed, crack-propagation rates between 50
and 500 cm/s2 (20 and 200 in./s2) have been measured. In most cases, the crack paths are intergranular;
however, instances of transgranular crack paths have been observed.
Factors influencing the fracture stress and ductility of metals subject to LME include:
•
•
•

Composition of the solid metal
Composition of the liquid metal
Temperature

•
•
•

Strain rate
Grain size
Thermal-mechanical history of the solid metal

Studies of specific LME couples have empirically identified certain trends that are usually, but not always,
obeyed. For example, most embrittlement couples have very little mutual solid solubility. Solid metals that are
highly soluble in the liquid metal and solid/liquid metal combinations that form intermetallic compounds are
usually immune to LME. These studies have also demonstrated that good wetting of the substrate is required in
LME. Interestingly, the factors that promote the lowest interfacial energy and therefore the best wetting are
high mutual solid solubility or intermetallic-compound formation, both of which are generally related to a low
degree of LME.
The presence of notches or stress concentrators increases the severity of LME, and many current investigators
have used a fracture mechanics approach to understand LME. Since stress raisers are known to influence brittle
failure detrimentally under ordinary (dry) situations, the effect on LME is understandable.
In the previously discussed adsorption-induced mode of LME, grain-boundary penetration is not a prerequisite.
There are a few well-known cases in which LME occurs by the rapid penetration of a particular liquid metal
along grain boundaries. Examples of this form of LME are much less common and not as well studied as the
previously described form. Known examples include the wetting of aluminum by gallium (Ref 15), carbon steel
by copper (Ref 15), and copper by bismuth (Ref 21).
Failures Caused by LME of Steel. The first reported case of LME of steel, in this instance by molten brass, was
documented in 1927 (Ref 22). In 1931, tests were conducted on the influence of certain liquid metals on plain
carbon steel, silicon steel, and chromium steel (Ref 23). These steels were embrittled at 1000 to 1200 °C (1830
to 2190 °F) by liquid tin, zinc, antimony, copper, 5% tin-bronze, and 10% zinc-brass. Liquid bismuth,
cadmium, lead, and silver caused little or no embrittlement. In 1935, the bend strength of steel coated with a
lead-tin solder at 250 °C (480 °F) and with a bearing metal at 350 °C (660 °F) was determined (Ref 24).
Penetration of the liquid metals was observed on the tension side only of the bend specimens. In a similar study
(Ref 25), the influence of liquid zinc at 425 to 500 °C (795 to 930 °F) on various steels was tested using bend,
tensile, and creep-rupture specimens. Grain-boundary penetration of the zinc into the steels was observed.
Another study investigated intercrystalline failures of a nickel-chromium steel airplane axle (Ref 26). The
fracture occurred in the middle of the tubular axle where a brass number plate was attached by soft solder.
When 50Pb-50Sn solder was applied to stressed rings cut from the axle, the specimen ruptured rapidly. The
intergranular crack paths exhibited some solder penetration. The same results were observed when liquid tin,
lead, zinc, cadmium, or Lipowitz alloy (a tin-lead-bismuth-cadmium alloy sometimes containing indium) was
used.
In 1968, studies were conducted on the influence of cold work on the LME of pure iron and Fe-2Si (Ref 27).
Sheet samples were tested in the annealed state and after 10, 25, 50, and 75% reduction in thickness. The
degree of embrittlement increased with a small amount of cold work, but further working reduced the degree of
embrittlement. For pure iron, maximum embrittlement occurred with the sample reduced 10% in thickness,
while LME did not occur with the sample reduced 75%. For the Fe-2Si alloy, maximum embrittlement occurred
with 25% reduction in thickness, and LME did not occur for either 50 or 75% reduction. The lack of LME at
high levels of cold work was attributed to the fragmentation of the grain boundaries.
From 1970 to 1974, a series of studies was performed on the LME of iron (Ref 28, 29, 30, 31 ). These tests
were made under nonoxidizing conditions using notched tensile-creep test specimens. A thin copper coating
(8.5 μm thick) was plated onto the notched surface using a cyanide bath. The amount of copper was increased
by wrapping pure copper wire (0.18 mm, or 0.007 in., in diameter) around the notch. Testing was done at 1100
and 1130 °C (2010 and 2065 °F) under stresses of 8.3 and 11 MPa (1.2 and 1.6 ksi). Copper significantly
altered the creep behavior of pure iron and caused premature failure. An increase in applied stress or
temperature reduced the time for LME failure. Embrittlement was of the delayed type and occurred by
diffusion-controlled grain-boundary penetration of copper. The liquid copper appeared to be ahead of the
growing surface cracks. The depth of surface cracking was found to be controlled by the depth of copper
penetration. Dihedral-angle measurements (Ref 30) for liquid copper in steel at 1100 and 1130 °C (2010 and
2065 °F) revealed that the most frequent angle was 34° for both temperatures. The liquid copper/austenite
interfacial energy was calculated as 444 ergs/cm2 at 1100 and 1130 °C (2010 and 2065 °F). Sessile drop
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measurements of the contact angle between liquid copper and steel revealed similar results: 35° at 1100 °C
(2010 °F) and 28° at 1130 °C (2065 °F).
Five earlier studies regarding the dihedral angle are significant. In the first, the dihedral angle of copper in steel
was measured at 30° (Ref 32). In the second, a minimum value was observed for the dihedral angle in the
region of the melting point of copper (Ref 33). The third study claimed that stress had little effect on the
dihedral angle; however, stress was observed to promote spreading of the liquid metal along the grain
boundaries (Ref 34). The fourth study maintained that the dihedral angle decreased with increasing applied
stress (Ref 35). In the last study, it was found that in the presence of molten copper, the surface energy that
must be applied to drive a crack along austenite grain boundaries is reduced by about a factor of 100, and the
corresponding stress required is about one-tenth that required without the presence of copper (Ref 36).
There have been numerous studies of LME by copper occurring during welding and joining processes applied
to steel. One such study involved the influence of copper deposition by welding of austenitic and ferritic
stainless steels (Ref 37). In stainless steels with mixed ferritic-austenitic structures, the presence of the stable
ferrite phase in austenite reduced the penetration of copper. When the stable ferrite content was greater than
30%, penetration of copper was not observed. When a wholly ferritic stainless steel was deposited with copper,
cracking did not occur. The wettability of molten copper on austenitic and ferritic stainless steel was measured.
The contact angle was 92 to 100° for the ferritic stainless (no wetting) and 22 to 28° for the austenitic stainless
steel (wetting) at 1100 °C (2010 °F).
A series of reports has been published regarding the embrittlement of iron-base alloys by copper during welding
(Ref 38, 39, 40, 41). In a study of HY-80 steel welded with or without copper-nickel filter metal (Ref 38),
infiltration of the grain boundaries by the copper-nickel deposit under an applied strain field was observed. The
attack occurred in the heat-affected zone (HAZ) while the steel in this area was austenitic. In heated areas that
remained bcc, penetration did not occur.
In another study involving copper deposition using a gas metal welding arc (Ref 39), alloy steels, such as AISI
4340 and 4140, and type 304 stainless steel were found to be extremely sensitive to copper penetration. In
comparison, the penetration depths of AISI 1340, 1050, Armco iron, and carburized Armco iron were only
about one-third those of the heat-treated alloy steels. A ferritic stainless steel, AISI 430, was almost completely
immune to copper penetration. When stresses are absent, the ease of penetration by molten copper was
concluded to be a function of the alloy content of the steel. When grain-boundary copper penetration occurs
under an applied stress, partially filled or open cracks are formed in the steel. Notch-sensitive heat-treated steels
lose much of their strength and ductility when copper penetration occurs. Steels that remain ferritic at the
melting point of copper do not lose strength as a result of exposure to molten copper.
In a subsequent study (Ref 41), the Gleeble high strain rate hot-tensile test machine was used to determine the
influence of temperature, atmosphere, stress, grain size, strain rate, and amount of copper on LME of iron- and
cobalt-base superalloys. A copper contamination of only 0.08-mm (0.003-in.) thickness was found to be
sufficient to cause hot cracking. Susceptibility to LME decreased with increasing temperature above some
transition temperature in the HAZ. The intergranular LME cracks were oriented perpendicular to the direction
of the principal stress. The hot cracks grew at high velocities after a critical amount of plastic strain was
introduced in the HAZ.
It is well recognized that copper, as well as certain other elements in steel, can detrimentally influence hot
workability (Ref 42, 43, 44, 45, 46). These studies have generally employed hot-torsion, bend, or cupping tests
to assess the influence of the concentration of certain elements on hot workability. Much of the early work on
the influence of copper on hot workability can be summarized (Ref 42):
•
•

Because the solubility of copper in iron is low, the concentration of copper appears as a layer of nearly
pure copper between the metal and the scale
If the rolling or forging temperature is above the melting point of copper, the molten copper on the
surface of the steel will penetrate the steel along the grain boundaries

Elements such as tin, arsenic, and antimony decrease the melting point of copper and increase the sensitivity of
steel to surface cracking. Tin reduces the solubility of copper in austenite by a factor as high as three (Ref 43).
Hence, tin additions can cause the precipitation of a molten copper phase at a much lower level of copper
enrichment than in the absence of tin.

It is quite clear that molten copper, or copper alloys, will embrittle steels under the proper conditions. The steel
must be austenitic with tensile stresses present. Carbon steels contacting liquid copper will be heated into the
fully austenitic range. Liquid copper will penetrate the austenitic grain boundaries. The speed of penetration
depends on the magnitude of the applied tensile stresses. The depth of cracking depends on the depth of copper
penetration. Thus, if the elements present in the friction-bearing sleeve are observed in the prior-austenite grain
boundaries in failed axles, it can be safely concluded that the axle was intact and under normal loading when
the bearing over-heated and that frictional heating due to loss of lubrication heated the axle and the bearing to a
temperature at which the axle surface was austenitic and the bearing surface was molten. If the axle was broken
before the bearing overheated, it would not be stressed in tension at the failure location, and penetration of
bearing elements would not occur, irrespective of the crystallographic structure of the axle.
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Failures of Locomotive Axles
George F. Vander Voort, Carpenter Technology Corporation

Results of Axle Studies
Three axles were examined. Two, coded 1611 and 2028, were provided by the Seaboard Coast Line Railroad. Visual
examination of the failures indicated that overheating of the traction-motor support bearings, caused penetration of the
bronze bearing material and failure. The third axle was the cause of a train derailment (Ref 47); a limited study was
performed on this specimen.
Views of the fracture faces of axles 1611 and 2028 are shown in Fig. 1, 2, and 3. Both axles exhibit little, if any, necking
in agreement with the general fractures of such failures. Axle 1611 was used in a yard engine, and little damage was done
to the fracture after rupture. Axle 2028 experienced considerable deformation after fracture. Figures 1 and 2 of axle 1611
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show that the outer portion of the fracture face experienced considerable tearing and rupture, while the central portion
exhibits hot torsional rupture (note the swirl pattern of the fracture). This suggests that LME occurred to a depth of nearly
25 mm (1 in.). The axle, which was heated to at least 925 °C (1700 °F), then ruptured to failure by twisting under the
applied loads. The fracture features of axle 2028 are less distinct because of the rubbing action after fracture (Fig. 3). The
outside-diameter surface of each of these axles in the area in contact with the traction-motor support bearing exhibited
scale, and some of the friction-bearing material was present, as identified by x-ray fluorescence and diffraction.

Fig. 1 Fracture surface at the drive-wheel side of axle 1611.

Fig. 2 Fracture surface at the commutator side of axle 1611.
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Fig. 3 Fracture surface at the commutator side of axle 2028.
Figures 4, 5, 6, and 7 show longitudinal sections cut from each side of the axle fractures after hot-acid etching (1:1 HCl in
water at 70 °C, or 160 °F). This etching revealed a number of secondary cracks propagating from the outside-diameter
surface inward along the portion of the axle that was in contact with the overheated bearing. The regions near the
centerline of each axle behind the fracture face reveal evidence of the high temperatures and the metal flow from twisting
to rupture.

Fig. 4 Hot acid etched longitudinal centerline section from the drive-wheel side of axle
1611.

Fig. 5 Hot acid etched longitudinal centerline section from the commutator side of axle
1611.
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Fig. 6 Hot acid etched longitudinal centerline section from the drive-wheel side of axle
2028.

Fig. 7 Hot acid etched longitudinal centerline section from the commutator side of axle
2028.
Examination of the microstructure along the surface of the axle from the fracture face outward reveals extensive
penetration of the bearing elements. Macrographs of two of the microsamples are shown in Fig. 8, which illustrates some
of the gross crack patterns. Figure 9 shows electron microprobe views of three typical regions from axle 1611. Specimen
current images and scans for copper and tin are illustrated. The three indicated areas were analyzed quantitatively; results
appear under the appropriate dot maps. Minor amounts of lead, zinc, and antimony were also detected, but were not
analyzed quantitatively.

Fig. 8 Macrographs of two polished sections from the failed axles. (a) Axle 1611. (b) Axle
2028. Each was positioned along the fracture at the outside-diameter surface.

Fig. 9 X-ray elemental dot maps for copper and tin taken at three typical areas exhibiting
penetration of the bearing elements. The three regions shown in the specimen current
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images (left) were quantitatively analyzed for copper and tin; results are given under the
concentration maps. All 320×
Figure 10 shows an etched section from the central region of axle 1611 and a montage of the microstructure. The
temperature in regions 1 and 2 was high enough to reaustenitize the steel. Region 3 was heated into the two-phase region,
while the lower portion of the sample, below region 3, was not heated above the lower critical temperature. The montage
shows that the original longitudinal fiber of the forged axis was removed by the high temperature. The twisting action
produced a metal-flow pattern perpendicular to the original hot-working axis and subsequent rupture. Around the larger
crack, recrystallization of the grain structure occurred.
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Fig. 10 Structure of a specimen cut from the area near the center of the fracture of axle
1611. (a) Macrograph of specimen. Actual size. (b) Montage showing the microstructure
from the fracture surface inward to just above region 3.9×
Figure 11 shows a similar microsample cut from along the centerline of axle 2028 at the fracture face. The microstructure
demonstrates the influence of the very high temperature and torsional rupture metal flow.
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Fig. 11 Structure of a specimen cut from the area near the center of the fracture of axle
2028. (a) Macrograph of specimen. Actual size. (b) Montage showing the microstructure
in regions 1 and 2. 14×
The influence of the high temperatures near the fracture and the rotational forces on axle 1611 are further illustrated in
Fig. 12, which shows views of the microstructure taken at three locations with respect to the fracture along the centerline.
All are oriented in the same manner; that is, the longitudinal axis is vertical in each illustration. At a distance of 38 mm
(1

1
in.) from the fracture face, the sulfide inclusions are parallel to the hot-working axis, as normally encountered.
2

However, at 6.4 mm (0.25 in.) from the fracture, the sulfides are perpendicular to the longitudinal axis. In addition, they
are much smaller, and many fine globular sulfides are observed. This indicates that the temperature was high enough at
this location to dissolve most of the sulfides, which precipitated upon cooling as small globules. Near the edge of the
fracture, only very fine spherical sulfides are observed, and considerable decarburization is evident.
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Fig. 12 Three views of the microstructure of axle 1611. The specimens were taken from
the area near the center at different distances from the fracture face. (a) Near the fracture
surface. (b) 6.4 mm (0.25 in.) from the fracture face. (c) 38 mm (1.5 in.) from the fracture
face. The longitudinal axle direction is vertically oriented in each micrograph. All 500×
Figure 13 shows similar micrographs from axle 2028 at regions 1 to 4 shown in Fig. 11. The microstructure in region D
shows that the temperature was in the correct range to spheroidize the pearlitic structure to some extent (near the lower
critical temperature). This same type of behavior was observed in samples from the third axle studied. Figure 14 shows
measurements of the average angle of the sulfides with respect to the longitudinal axis as a function of the distance from
the fracture face.

Fig. 13 Four views of the microstructure of axle 2028. The specimens were taken from the
area near the center at different distances from the fracture face. (a) At the fracture
surface. (b) At the boundary between the edge structure and the heat-affected structure.
(c) At the heat-affected area. Arrows in (b) and (c) show sulfide inclusions. (d) 25 mm (1
in.) from the fracture surface

Fig. 14 Average angle of sulfide inclusions relative to the longitudinal axle axis as a
function of distance from the fracture face. Specimen was taken from the area near the
centerline at the fracture face. Compare to the qualitative examples in Fig. 12 and 13.
Table 1 shows the results of chemical analysis of axles 1611 and 2028 taken in unaffected regions compared with the
specified range for M-126, grade F, axle steel. Figure 15 shows the normal microstructure of axles 1611 and 2028, taken
well away from the affected regions. These axles are double normalized and tempered. The microstructure is fine lamellar
pearlite with grain-boundary ferrite.
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Table 1 Chemical analysis of axles 1611 and 2028(a)
Axle
2028
1611
M-126-F

Element, %
C(b)
0.57
0.54
0.45–0.59

Mn(c)
0.70
0.79
0.60–0.90

P(d)
0.012
0.012
0.045

S(b)
0.042
0.026
0.050

Si(e)
0.16
0.19
>0.15

(a) Weight percent.
(b) Analysis by high-temperature combustion; infrared detection
(c) Peroxydisulfate-arsenite titrimetric analysis.
(d) Alkalimetric analysis.
(e) Gravimetric analysis.
(f) Atomic absorption spectrometric analysis
(g) Plate spectrographic analysis
(h) Neocuproine photometric analysis
(i) Analysis by inert gas fusion; thermal conductivity defection.
(j) Vacuum fusion analysis

Ni(f)
0.01
0.01
…

Cr(f)
0.08
0.09
…

Mo(f)
0.004
0.005
…

Al(a)
0.004
0.004
…

Sn(g)
0.002
0.002
…

Cu(h)
0.057
0.023
…

V(f)
0.003
0.003
…

Nb(g)
0.01
0.01
…

Ti(g)
0.007
0.007
…

N(i)
0.0045
0.0058
…

O(j)
0.0057
0.0056
…

Fig. 15 Examples of the normal microstructure of the axles. Specimens were taken well
away from the fracture surface. (a) Axle 2028. Etched with 2% nital. 100×. (b) Axle 2028.
Etched with 4% picral. 500×. (c) Axle 1611. Same etchant and magnification as (a). (d)
Axle 1611. Same etchant and magnification as (b)
Penetration of bearing elements in the third axle is shown in Fig. 16. Color metallography reveals the characteristic
copper color of the penetrating material. Figure 17 shows scanning electron microscope views of the area shown in Fig.
16, further confirming the presence of copper. More extensive elemental mapping of penetrating bearing material is
shown in Fig. 18. Again, all of the typical bearing elements are observed.
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Fig. 16 Optical micrograph of copper penetration (arrows) near the outside-diameter
surface of the third axle. Etched with 2% nital. 55×

Fig. 17 SEM micrographs of the area from the third axle shown in Fig. 16. (a) Secondary
electron image. (b) Backscattered electron image. (c) Copper x-ray dot map. All 55×

Fig. 18 X-ray elemental composition maps made with the electron microprobe using a
region of copper penetration shown in Fig. 16 and 17. All 270×
Simulation of LME Mechanism
To provide additional information on the embrittlement mechanism, laboratory tests were conducted using material from
one of the axles. Tensile specimens measuring 12.8 mm (0.505 in.) in diameter × 250 mm (10 in.) long were prepared. A
60° V-notch was machined into the periphery at midlength of each sample. The diameter at the root of the notch was 9.1
mm (0.357 in.). The notch surface, as well as some of the bar surface on each side, was electroplated with copper. The Vnotch region was then wound with fine copper wire. One tensile specimen was left bare to determine the tensile strength
of the steel at 1100 °C (2010 °F) without the influence of copper. All tests were performed using a Gleeble. The uncoated,
notched sample was heated to 1100 °C (2010 °F) and pulled in tension with a crosshead speed of 2.5 mm/s (6 in./min). A
maximum load of 259 kg (570 lb) was observed; that is, the ultimate tensile strength was 39 MPa (5.7 ksi).
Samples with copper in the notch were then heated to 1100 °C (2010 °F), high enough to melt pure copper, and held at
constant loads of 32, 65, 78, 97, and 129 kg (71, 143, 171, 214, and 285 lb), that is, 12.5, 25, 30, 37, and 50% of the 1100
°C (2010 °F) tensile strength without copper. If the liquid copper had no influence on the steel, the tensile samples should
have stayed intact for a long time.
The tests showed, however, that fracture occurred after 18 s when a 129-kg (285-lb) load was applied; this corresponds to
a crack-growth rate of 907 mm/h (35.7 in./h). At a load of 97 kg (214 lb, or 37% of the normal tensile strength), complete
rupture occurred in 24 s; this is a crack-growth rate of 680 mm/h (26.8 in./h). At 30% of the normal tensile strength (78
kg, or 171 lb), rupture occurred in 79 s. A number of tests were conducted at 32 kg (71 lb) and 65 kg (143 lb). These
samples were held for different lengths of time, cooled to room temperature, sectioned, and examined to measure the
crack depths. All of the test data are plotted in Fig. 19, which reveals a consistent relationship between the test load and
crack-growth rate.
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Fig. 19 Graph showing the influence of load on the LME crack-growth rate for the
experimental conditions described in text. Copper-free tensile strength at 1100 °C (2010
°F), %
The microstructure of the sample that was not coated with copper when tested at 1100 °C (2010 °F) is shown in Fig. 20.
The spherical cavities found at the grain boundaries are indicative of ductile overload rupture. Figure 21 shows examples
of the fracture surface of a specimen tested to rupture when copper was present at 1100 °C (2010 °F). The intergranular
fracture pattern is indicative of LME. Two views of the microstructure of a partially broken specimen tested at 65-kg
(143-lb) load (25% of normal tensile strength) are also shown. The white grain-boundary films are copper, showing the
intergranular nature of the penetration, also shown by the crack path.

Fig. 20 Micrograph of the fractured end of the specimen tested with the Gleeble at 1100
°C (2010 °F) without copper present. The fracture is transgranular. Etched with 4%
picral. 55×
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Fig. 21 Examples of axle steel tensile specimens tested at 1100 °C (2010 °F) with the
Gleeble, with copper present. The liquid copper has penetrated prior-austenite grain
boundaries, producing intergranular fracture. (a) Bottom of notch of a specimen held for
10 min at temperature at 65 kg, or 143 lb, load (25% of the normal tensile strength). 70×.
(b) Below crack in the same specimen as (a). 70×. (c) Fracture surface of a specimen tested
to rupture. 35×
For comparison, a similar copper-filled V-notch specimen was heated to 1100 °C (2010 °F) in a laboratory furnace
without any applied load. Figure 22 shows that no cracking occurred at the root of the V-notch. The high-magnification
micrograph shows some dark-etching grain boundaries at the extreme surface where copper diffused into the specimen.
As predicted by the literature, no evidence of LME was detected because there was no applied stress.

Fig. 22 Two views of a notched specimen that was electroplated with copper, wrapped
with copper wire, and tested for 3 h at 1100 °C (2010 °F) without application of a load. No
grain-boundary penetration of copper or intergranular cracking is evident, but there is
evidence of minor bulk and grain-boundary diffusion [dark-etching lines in (b)]. (a) Root
of notch. 55×. (b) Edge of specimen etched with 2% nital. 275×
Conclusions
The carbon steel railroad axles examined failed because of LME due to friction-bearing overheating. After the babbitt
metal had melted away, the bronze sleeve rubbed against the steel surface. Both overheated because of the frictional
stresses, to a point where the bearing melted and the contacting steel surface became austenitic. In this region the axle is
under stress because of the weight of the traction motor; hence, the liquid bearing material penetrated the axle. Further
heating of the axle in the contact region continued while the copper penetrated the axle. Cracking around the periphery
reduced the effective cross-sectional area of the axle. Because the axle was quite hot, its strength decreased substantially,
and twisting began under the action of the rotational forces. Thus, fracture was initiated by LME and propagated to final
rupture by torsion. This is consistent with the observed depth of copper penetration and the observed metal flow in the
central region of the axle.
Although the fracture face and origins were destroyed, there was evidence of LME along the entire surface in contact with
the bearing surface. Fracture occurred in the axle under the approximate center of the bearing, where temperatures and
stresses were highest.
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